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ABSTRACT

I

ABSTRACT

This thesis is concerned with failure analysis of high strength steel bridge roller 
bearings.

Paper A describes how the commonly used Hertz formulas for contact stresses 
underestimate the actual stresses in practice due to temperature differences, 
misalignments and other construction-related conditions. In this paper, finite 
element analyses of bridge roller bearings were carried out to investigate the 
accuracy of the traditional roller bearing design rules in view of issues such as 
girder deformability, misalignment imperfections and material nonlinearity. 
The results first indicated that roller bearings develop contact stress 
concentrations at the outer edges of the rollers. Second, it was shown that the 
contact stresses are very sensitive to misalignment imperfections between the 
bridge girder and the abutment. Third, it was shown that the roller bearings 
develop inelastic deformation at relatively low loads in relation to the design 
load.

In Paper B, the finite element method was employed to gain an understanding 
of the behaviour of a cracked bridge roller bearing in service. The cracked 
roller was considered as a two-dimensional edge-cracked disk subjected to a 
diametrical compressive line load. The crack parameters, stress intensity factor 
Mode I, KI and Mode II, KII were calculated for the relevant load configuration 
and angle of disk rotation. The calculated data for KI were also used to check 
the accuracy of approximate stress intensity factor solutions reported earlier for 
Mode I. For plain Mode I loading very good agreement was found between the 
obtained results and data presented in Schindler and Morf (1994).
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Paper C is aimed at finding the likely failure mechanism of a bridge roller 
bearing made of high strength martensitic stainless steel. Spectroscopy and 
finite element stress analysis of the roller indicated that an initial radial surface 
crack, found at an end face of the roller and close to the contact region, was 
induced by stress corrosion cracking (SCC). The initial crack subsequently 
changed shape and increased in size under growth through fatigue and finally 
formed a quarter-circle radial crack centred on the end face corner of the roller. 
Numerically computed stress intensity factors for the final crack showed that 
crack loading was predominantly in Mode II. For a crack size as observed on 
the fracture surface, the maximum service load, as specified by the 
manufacturer, enhanced by a certain roller bearing misalignment effect, was 
sufficient for failure through fracture.

In Paper D, after a brief summary of the history of high strength stainless steel 
bearings, the paper reviews service experience of failed bearings in Sweden 
and elsewhere. Accompanying finite element analyses were performed in order 
to gain better insight into the likely failure mechanism. Finally, this
comprehensive review leads to a conclusion that identifies the causes of the 
failures occurred and makes some recommendations.



ABSTRACT IN SWEDISH

III

ABSTRACT IN SWEDISH

Avhandlingen behandlar analys av haverier i stödrullar av höghållfasta stål som 
används i broar.

Artikel A beskriver hur traditionella analytiska Hertzska kontaktspänningar 
underskattar verkliga kontaktspänningar på grund av temperaturskillnader, 
vinkelfel i en rulles uppläggning och andra konstruktiva omständigheter. 
Analys av stödrullar genomfördes med Finita-Element-Metoden för att 
undersöka noggrannheten hos traditionella dimensioneringsmetoder då 
deformation hos angränsande brodelar, vinkelfel i uppläggning, materiella 
olinjäriteter, mm, förekommer. Resultaten av beräkningarna visar att a) 
spänningskoncentration uppträder vid en stödrulles ändar, b) verkliga 
kontaktspänningar beror starkt av vinkelfel mellan stödrulle och dess stödplatta 
och c) stödrullen deformeras plastiskt redan vid relativt låga laster jämfört med 
tillåten last.

I Artikel B analyseras en sprucken stödrulles egenskaper och beteende i drift 
med FEM. Den spruckna rullen modellerades som en rund skiva med en radiell 
kantspricka, belastad diametralt i tryck. För aktuell belastning beräknades
spänningsintensitetsfaktorerna KI och KII som funktion av rullens 
rotationsvinkel. Resultaten av de numeriska beräkningarna för KI jämförs även 
med tidigare approximativta analytiska lösningar för Modus I. Överens-
stämmelsen mellan numeriska resultat och de tidigare resultaten är mycket god.

Artikel C:s syfte är att identifiera den sannolika haverimekanismen i stödrullar 
av höghållfast martensitiskt stål som används i broar. Spektroskopi och 
spänningsberäkningar med FEM visade att en initial radiell ytspricka vid änden 
av en rulle och nära kontaktområdet, sannolikt inducerats genom 
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spänningskorrosion (SCC). Den initiala sprickan ändrar efter hand form och 
växer i storlek under utmattningsbelastning för att resultera i en 
kvartscirkelformad kant- spricka med centrum vid ett hörn av rulländen 
omedelbart före brott.  Numeriskt beräknade spänningsintensitetsfaktorer visar 
att sprickan i slutlig form var huvudsakligen belastad i Modus II. För en 
spricka av den storlek som observerats på brottytan var maximal last på en 
rulle, enligt tillverkarens anvisningar, i kombination med ett visst vinkelfel, 
tillräckligt för haveri genom brott.

I Artikel D följs en kort historik om rullar av höghållfasta rostfria stål av en 
sammanfattning av erfarenheter från fall med rullar som havererat i drift i broar 
i Sverige och annorstädes. Tillhörande beräkningar med FEM genomfördes för 
att vinna djupare insikt i sannolika haverimekanismer. Avslutningsvis 
sammanställs orsakerna till beskrivna haverifall och rekommendationer 
lämnas.
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1 INTRODUCTION 

Bridge bearings transfer the loads on a bridge and of its superstructure to the 
supporting underground. The history of bridge bearings reflects an important 
branch of technological advances during the last two centuries, Fig 1-1. Timber 
bearings (simple wood logs), forming the first generation of such bearings, 
were widely used in the beginning of the nineteenth century. Members of the 
second generation of bearings were made of iron and steel, first used in early 
railroad bridges about 150 years ago. In the 1840s, through advances in bridge 
engineering and the introduction of wrought iron as a building material, timber 
bearings, which were costly, became obsolete. The introduction of cast iron 
bearings allowed for increasing demands in bridge bearing technology. Some 
decades later steel casting was established as the dominant mode of production 
and steel bearings were extensively used in bridges. Despite numerous 
innovations in the iron and steel bearings era, see Fig 1-1, including e.g. 
armoured concrete roller bearings from the 1930s to the roller bearings made 
of stainless steel or with welded applications in the 1960s, none survived. 
However, regardless of the techniques used in these intermediate solutions, 
they are classified as second generation bearings. Beginning in the mid-1950s, 
with the introduction and application of elastomers, the third and current 
generation of bridge bearings were developed, which proved to represent a
revolutionary step forward in bearing technology. 
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Fig 1-1. Development of bridge bearings through years.

1.1 Background

It is well-known that bridge bearings have occupied a major part of the 
maintenance budget of bridges. In theory, bearings should last for the entire 
design life of a bridge. However in practice, replacement has often been found 
necessary after around 30 years. Rollers made of high strength stainless steels 
may crack even after only a few years in service thus giving rise to serious 
maintenance problems, often involving complicated jacking procedures in 
bearing replacement work and concomitant interruption of traffic. The cost for 
the replacement of bearings, which is in general higher than for the original 
installation, may become excessive if the design does not envisage and 
facilitate possible replacement operations (through accessibility, extra jacking 
areas, etc.) [1.4].

Roller bearings are perhaps the simplest type of movable bearings. They have a 
long history and are a convenient option for bridges or roof trusses [1.1]. Roller 
bearings in a bridge, besides transferring the superstructure loading to the 
supports, permit longitudinal deformation of the superstructure due to 
temperature variations and traffic loading. Cast iron and structural steel were 
extensively used for manufacturing of roller bearings between 1850 and 1950.
A comprehensive review of the evolution of cast iron and steel bridge bearings
in this period in the countries of Central Europe where German was spoken is
given by Wetzk [1.2]. 

Kreutz Company in Germany is well-known as the inventor of high strength 
stainless steel and surface hardened roller bearings [1.3]. At the end of 1950s, 
the Kreutz Company introduced the expensive chromium electroplating 



3

technique to provide corrosion resistance and to increase surface hardness for 
bridge rollers. One of the first applications of such bearings was the 
Norderelbe Bridge in Hamburg in 1958. The rollers were made of C45 
(1.0721) or C15 (1.0401) chromium plated steel. It was found that corrosion 
and accumulation of corrosion products in the contact areas was often the 
cause of failure of chromium plated rollers.

High local compressive stresses occur generally along the roller contact lines. 
To reduce roller diameter, the use of stainless steel roller bearings with a high 
surface hardness and low friction began in Germany and Switzerland in the 
1970s. X90CrMoV18 (1.4112), the earliest stainless steel grade, also 
introduced by the Kreutz Company, however often failed in a brittle manner
that was attributed to the 0.95%. This steel grade 
was therefore replaced by X40Cr13 (1.4034), a quenched and tempered high 
strength stainless steel. The Kreutz stainless steel roller bearings made of 
X40Cr13 quickly superseded the chromium plated bearings. 

As business ran so well for Kreutz stainless steel bearings, the 
Maschinenfabrik Esslingen (ME) Company, considering the high cost of 
stainless steel, tried to reduce the bearing price by using the mating surface 
method in which the rollers were made of structural steel on which a stainless 
steel weld metal of X40Cr13 was deposited and then machined to the required 
dimensions. The rollers were called Corroweld roller bearings. Thanks to the 
high hardness level of weld layers made from X40Cr13, Corroweld rollers 
allowed a length of up to 12 times the roller diameter. These bearings behaved 
in more ductile manner compared to the Kreutz stainless steel bearings due to 
the ductile bulk material.

Gutehoffnungshütte Company improved the Corroweld bearings. In their 
application rollers were made of steel X40CrI3 and stainless steel welds 
deposited only on the bearing plates of structural steel. However, both the 
original and the improved Corroweld types of bearings were found to fail after 
only a few years in service. The failures were attributed to incisions and bore 
holes at the end face of rollers, intended for guiding purposes, Fig 1-2(a,b).

In 1967, at the end of the roller bearing era, the Kreutz Company, realizing that 
an incision results in stress concentration, modified the design of the stainless 
steel bearings. The incisions at the end face of the roller were abandoned and in 
later design replaced by an appropriate rack and pinion gear system, Fig 1-2(c). 
The roller and the roller plates were made of steel X40Cr13. Both roller and 
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plates were double tempered in order to facilitate transformation of retained 
austenite to martensite.

(a) (b) (c)

Fig 1-2. Guiding mechanisms for roller bearings: (a) incision, (b) bolted plate and (c) rack and 
pinion gear system.

In the late 1970s and early 1980s, failures of the modified Kreutz stainless steel 
roller bearings were first reported in Germany.

In 1976, failures of roller bearings in the Öland Bridge in Sweden were 
reported [1.5]. The bearings were loaded just by the bridge superstructure since 
installation in 1970. Later, in 1972, the bridge was opened to traffic. The 
bearings were inspected in 1974 and no failures were reported. In November 
1976, some of the rollers were found failed, Fig 1-3(a). 

In Switzerland in the late 1980s and early to mid-1990s, failures of many road, 
highway and railway high strength stainless steel bridge roller bearings were 
reported by Schindler and Morf [1.6], Fig 1-3(b). 

In the UK in 2002, failures of martensitic stainless steel roller bearings on the 
Thelwall viaduct, a major bridge over the Manchester ship canal and the river 
Mersey near to Warrington, was reported by Edwards et al. [1.7]. The viaduct 
was originally erected between 1959 and 1963. In the early 1990s the viaduct 
was no longer considered adequate for the then traffic flow. A new and 
separate viaduct was erected alongside the old one, the work being completed 
in 1996. After some 6 years in service, a total of 52 out of 136 of the bearings 
were found to contain cracks, Fig 1-3(c). 

In Turkey in 1994, the renovation and widening project of the Golden Horn 
Bridge in Istanbul started in order to reduce traffic congestion by the 
construction of two new bridges and repair of the existing bridge, erected in 
1974 [1.8]. A preliminary inspection of the existing bearings made of stainless 
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steel showed that one of the rollers had split in half along a longitudinal plane 
and that another roller was cracked. All the bridge bearings were therefore 
replaced because they were all of the same design and material. 

Recently in Sweden, failure of stainless steel roller bearings has been reported 
in many bridges from the north, in the Skellefteå Bridge, to the south, in the 
Öland Bridge, Fig 1-3(d).

(a) (b)

(c) (d)

Fig 1-3. Roller bearings failed on (a) the Öland Bridge in Sweden [1.5], (b) a bridge in 
Switzerland [1.6], (c) the Thelwall viaduct in the UK [1.7] and (d) the Skellefteå Bridge in 
Sweden.

1.2 Significance of study

With the innovation of elastomeric bearings in the mid-1950s steel bearings 
lost their interest and significance both in research and development and 
subsequently even in application. Steel bearings were gradually abandoned in 
bridges, followed by the technical literature and design standards. However, a
great number of steel bearings remain today in service world-wide and will 
pose their particular challenges in the future. 

Accurate assessment of steel bearings presently in service for renovation, 
widening, maintenance and strengthening of existing bridges is possible only if
reliable fundamental knowledge of related issues is maintained. To the author’s 
knowledge, just in Sweden stainless steel bearings still exist in no less than 
some 650 bridges. It has been reported that failures of such bearings occur with 
an alarmingly high frequency which makes them a serious maintenance cost 
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issue. However, previous investigations of the stainless steel bearings have not
been able to clearly identify the causes of the failures occurred. Although 
replacing bearings of a previous generation with those of a new one may 
appear a straight forward solution, in practice such a replacement often proves 
to be expensive, complicated and impractical. 

In view of the above, a research project was funded by the Luleå Section of the
Swedish Transport Administration, Sweden, in 2014, in order to investigate the 
main cause(s) of the observed failure in stainless steel roller bearings, in
particular as regards domestic bridges. 

1.3 Aim and scope

Bridge bearings made of steel are re-entering the focus of structural 
engineering because of ageing, service exposure and growing demands on 
durability and sustainability of present bridge structures. The main incentive of 
this thesis is the lack of reliable data due to historical reasons for structural 
assessment of steel bearings. The thesis focuses on steel bridge roller bearings: 
A technical survey of steel bridge roller bearings from their historical 
beginning to the present time is conducted and experience of high strength 
stainless steel bridge roller bearings failed in Sweden and elsewhere is
reviewed. Further, it is described how the commonly used Hertz formulas for 
contact stresses underestimate actual stresses in practice due to temperature 
differences, misalignments and other construction-related defects. Finally, a 
failure investigation is conducted aimed at identifying the likely failure 
mechanism of bridge roller bearings made of high strength stainless steel.

1.4 Limitations

The limitations in the present work are presented as below:

The wedge imperfections were essentially assumed. It is possible to
calculate more accurate contact stresses by measuring actual wedge
imperfections in-situ and repeating the finite element analyses with
those values.

If both fracture toughness Mode II, KIIc and Mode III, KIIIc for the roller
material had been known, it would have been possible to calculate the
mixed-mode effective fracture toughness and to obtain a more accurate
roller failure criterion. However, there exist no standard procedure for
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fracture toughness testing of metallic materials in Mode II and Mode 
III.

It was assumed that a fatigue crack (quarter-circle corner crack) formed
after a certain number of cycles. However, due to the complex multi-
axial loading no attempt to model fatigue crack growth was made.

SCC tests could be performed to determine the susceptibility of the
roller material to SCC in which a stressed sample of the roller material
is exposed to the environment of interest. However, simulating the
environment the roller exposed was not an easy and straightforward
task.

1.5 Outline of the thesis

The thesis is composed of five chapters providing the reader an extensive 
summary of the work further described in four appended papers. A brief 
summary of the content of each chapter is presented below: 

Chapter 1 presents a brief introduction of the subject’s background 
including significance, objectives, scope and limitations of the 
work. 

Chapter 2 describes the general procedures and techniques employed in the 
investigation and analysis of failures that occur in service. 

Chapter 3 describes (i) the stress intensity concept of linear elastic fracture 
mechanics, (ii) calculations of J and K in ABAQUS for a 
cracked specimen or structure under linear-elastic condition, and 
(iii) determination of Mode I fracture toughness of metallic
materials according to current standard, using the compact
specimen.

Chapter 4 is a brief summary of the main results and discussion presented 
in Papers A D. 

Chapter 5 sums up the conclusions achieved in D and gives a 
summary of the thesis work. 

Paper A describes how the commonly used Hertz formulas for contact 
stresses underestimate the actual stresses in practice due to 
temperature differences, misalignments and other construction-
related conditions. 
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Paper B calculates the crack parameters KI and KII for the relevant load 
configuration and angle of rotation of a roller using two-
dimensional finite element analyses. The calculated data were 
also used to check the accuracy of approximate stress intensity 
factor solutions reported earlier. 

Paper C concerns a failure investigation aimed at identifying the likely 
failure mechanism of bridge roller bearings made of martensitic 
stainless steel in Sweden. 

Paper D gives a brief summary of the history of high strength stainless 
steel bearings and reviews service experience of such bearings in 
Sweden and elsewhere.
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2 GENERAL PROCEDURES FOR FAILURE 
ANALYSIS 

This chapter describes the general procedures and techniques employed in the 
investigation and analysis of failures that occur in service.

2.1 Stages of a failure analysis 

The aim of failure analysis is to determine not only the failure mechanism but 
also the primary cause of the failure, which subjects may be related to any of 
the following factors or combinations of factors [2.2]: 

Improper design
- Underestimation of service stress
- Unfavourable geometry (e.g. stress concentrators, inadequate radii at corners,

inaccessibility for inspection, etc.)
- Improper choice of materials
- Improper choice of heat treatment

Defective manufacture
- Materials
- Castings
- Forgings
- Welds
- Machined parts
- Heat treatment
- Surface treatment

Overloading and other service abuses
- Inadequate lubrication
- Improper cleaning
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- Unexpected service conditions
- Temperature and stress distributions
- Vibrations
- Changes in environment

Improper maintenance and inspection
- Wrong replacement
- Wrong tools and techniques
- Inadequate inspection
- Inadequate condition monitoring and preventive maintenance
- Deviations from approved tolerances
- Deviations from acceptance standards
- Non-adherence to schedules of inspection and calibration of inspection tools

Environmental effects
- Various types of chemical corrosion
- Stress corrosion
- Corrosion fatigue
- Erosion

Sabotage
- Deliberate damage by antisocial acts
- Mechanical damages
- Explosive sabotage

When a failure has occurred or damage, e.g. a critical crack, is observed in a 
member of a structure, attention must in general be taken to prevent similar 
failures. A first step in this process is investigating and analysing the failure
and its reason(s). Generally, a large number of factors, frequently interrelated, 
must be taken into account. Although the nature of a failure, the availability of 
physical evidence and background information may vary from failure to 
failure, there still are certain stages that are common to all failure analyses 
[2.1]. The successful combination of these stages comprises the total 
investigation and analysis. The sequence in which these stages are performed is 
not necessarily always the same and not all stages may or can be used in every 
failure analysis.

The sequence of stages begins first with the preliminary steps of information 
gathering such as:

Collection of background data and selection of samples
Preliminary examination of the failed components
Non-destructive testing of relevant components
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These preliminary steps may then be followed by an assessment of the 
conditions leading to failure. In the analysis of a fracture, the following steps 
are considered: 

Selection, identification, preservation and cleaning of material samples
Macroscopic examination of fracture surfaces
Microscopic examination of fracture surfaces
Determination of the failure mode
Stress analysis
Fracture mechanics applied to failure analysis

In addition, investigations of a failure may utilize various techniques to 
characterize the condition of a material:

Metallographic examination
Mechanical testing
Chemical analysis
Testing under simulated service conditions

Failure investigation can be an iterative process of discovery and include re-
examination of the above mentioned stages. The investigation can also be a 
multidisciplinary process which may require consulting with experts in other 
disciplines throughout the analysis. Finally, the investigation concludes with an 
interpretation and synthesis of all the evidence and results.

2.2 Collection of background data and samples

Collecting the available information regarding the design, manufacture, 
processing, and service histories of the failed component and the failure itself 
is an essential part of every failure investigation. This stage begins with 
obtaining specifications, drawings, and design aspects of the failed component 
as well as all manufacturing details. Extraction of material samples for 
laboratory examination has to be done judiciously. The fracture surfaces must 
be handled carefully because they provide useful information regarding the 
mode and mechanism of fracture.

2.3 Preliminary examination 
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Preliminary examination of the topographic features of a failed component 
starts with an unaided visual examination and proceeds to examinations under 
stepwise higher magnifications using e.g. a hand magnifier or a low-power 
stereoscopic light microscope. Visual examination of the failed component and 
its fracture surface(s) immediately reveals the presence of possibly adhering 
debris and corrosion products which may provide useful evidence in 
establishing the cause of failure. The visual examination also indicates the 
quality of workmanship in the manufacture of the component and any abuses 
the component might have experienced during service.

2.4 Nondestructive testing

Nondestructive testing allows assessment of a component or a structure
without compromising its integrity. Failures are often caused by cracks in a 
component initiated at a preexisting flaw or flaws formed during service. 
Nondestructive inspection of flaws in a component is employed to detect their 
type, size, orientation, and location. Among nondestructive tests, magnetic-
particle inspection of ferrous metals, liquid-penetrant inspection, ultrasonic 
inspection, and eddy-current inspection are extensively used in investigation of 
failures.

2.5 Selection and preservation of fracture surfaces

The proper selection, preservation, and cleaning of fracture surfaces prevent 
important evidence from being destroyed or obscured by either mechanical or 
chemical damage. Mechanical damage may occur during actual fracture in 
service or transporting a fractured component for analysis. Touching the 
fracture surface and any attempt in order to fit together the sections of a 
fractured part by placing them in contact must be avoided. Cleaning of fracture 
surfaces should be avoided in general. However, it is often necessary for 
scanning electron microscope examination in order to reveal fractographic 
features.

2.6 Macroscopic examination of fracture surfaces

Macroscopic examination of fracture surfaces may be conducted by the 
unaided eye, a hand lens or magnifier, a low-power stereoscopic light 
microscope, or a scanning electron microscope. The amount of information 
that may be obtained from examination of a fracture surface at low-power 
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magnification is extensive. It may reveal the mode of failure, the character of 
the applied load, the direction of crack growth and hence the origin of the 
failure.

2.7 Microscopic examination of fracture surfaces

Microscopic examination of fracture surfaces is typically carried out at various 
levels of magnification and resolution using scanning electron microscopy. The 
microscopic examination of fracture surfaces may reveal features that are 
associated with particular failure modes, e.g. dimple rupture typical of 
overstress failures of ductile metals, cleavage or quasi-cleavage facets typical 
of brittle ferrite steels, inter-granular fracture due to segregation of impurities 
to grain boundaries, inter-granular stress corrosion cracking or hydrogen 
embrittlement. In addition, scanning electron microscopes are often equipped 
with micro-analytical capabilities like energy-dispersive x-ray spectroscopes 
(EDS) which can be used for chemical analysis of microstructural features. The 
information obtained from these tests is phenomenal and is extremely useful to 
determine the cause, mechanism, and sequences of the failure event.

2.8 Stress analysis 

An accurate stress analysis is always required to calculate the stresses and 
strains and related topics in a structure. The stress analysis of a structure
consists of an engineering review of the structure design and service conditions 
to determine the loads, displacements, temperatures, vibrations and other 
service-related parameters that the structure experiences. Stress analysis may 
be performed through classical mathematical techniques, analytical modelling, 
computational simulation, experimental testing or a combination of methods 
that are available to assist in a structural failure analysis. A closed-form 
analytical model such as elementary beam or plate theory is usually the first 
step employed in both the design of a component and in the stress analysis of a 
failed component. Such models simplifies engineering structures to more basic 
and idealized structures and allows analysing such structures using simplified 
loading and materials property assumptions. Experimental stress analysis is 
another technique which normally involves attachment of strain gauges to 
critical areas or areas where the failure has occurred. Finite element analysis is 
a computational technique that provides considerable assistance in design 
analysis as well as failure analysis when complex designs, transient loadings, 
and nonlinear material behaviour need to be evaluated. 
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2.9 Failure mode

A failure mode may be described as the physical processes that occur or that 
combine their effects to cause a failure. Identifying the failure mode is a key 
step in a failure analysis, and it is the essential part of determining the primary
failure cause. More than twenty different recognizable failure modes, including 
the most common forms: fracture, fatigue, wear, and corrosion are identified 
[2.4]. 

2.10 Fracture mechanics applied to failure analysis

The causes of most failures in engineering structures belong to one of two 
categories [2.5]: (i) Net-section instability where a failure mechanism such as 
corrosion or wear reduces the effective net area of a structural section so that it 
can no longer support the applied load, (ii) The critical flaw size ac is exceeded 
by some preexisting discontinuity subject to some failure mechanism such as 
fatigue, stress corrosion cracking or creep. 

Failures due to net-section instability can be evaluated using traditional 
methods involving conventional stress analysis, analytical or computational, in 
order to determine the distribution of stress and strain in a structure. However, 
at the presence of a flaw, analytic fracture mechanics or finite element analysis,
involving special element formulations in which the shape functions contain 
certain singular crack-specific functions, are then used to calculate stress 
intensity factors K which characterize the stress state around a crack tip. 

2.11 Metallographic examination 

Metallographic examination of polished and polished-and-etched sections, both 
macroscopic and microscopic, are vital parts of a failure analysis.
Metallographic examination can reveal material imperfections from processing 
and the results of a variety of in-service operating conditions and environments 
that may have contributed to failure. Microstructural examination may also 
provide information regarding microstructural parameters such as grain size, 
shape and distribution of various phases, inclusion content, etc., which all 
affect mechanical properties of a material.

2.12 Mechanical testing
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Mechanical testing and evaluation of mechanical properties of a component 
plays a major role in any failure analysis. The successful employment of 
materials in engineering structures relies on the ability of the material to meet 
design and service requirements and to be capable of withstanding the service 
stresses. A mechanical property can be described as the relationship between 
forces (or stresses) acting on a material and its deformation (i.e. strains) and 
fracture [2.3]. A variety of tests are employed to measure properties such as 
elastic modulus, yield strength, hardness, fatigue resistance, and fracture 
toughness. 

2.13 Chemical analysis 

Chemical analysis is essential for manufacturers to ensure their materials or 
products have been manufactured to the correct alloy grade and conform to 
national or international codes and standards. It is also used to determine the 
alloys used to manufacture a component and in failure analyses to establish 
whether the correct alloy was used. It also provides information regarding the 
nature of corrosion products, coatings and external debris. Chemical analysis at 
microscopic levels identifies the nature of inclusions, phases, and surface 
layers.

2.14 Simulated service testing

It is helpful to conduct tests that simulate the service conditions during the 
concluding stages of a failure investigation. Such tests often require complex 
equipment and it is possible that not all of the service conditions are fully 
known or understood. As an example, in the case of corrosion related failures,
attempts to reproduce service conditions through reducing the testing time by 
increasing the severity of the corrosive medium and/or the operating 
temperature results in general in misleading results. On the other hand, many
of the metallurgical phenomena involved in component failure may be 
satisfactorily reproduced on a laboratory scale, and the results obtained from 
such experiments can be useful for investigation of the failure.
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3 LINEAR ELASTIC FRACTURE MECHANICS

Linear elastic fracture mechanics is concerned with methods for predicting the 
load-carrying capabilities of structures containing cracks. The approach is 
based on a mathematical description of the characteristic stress field 
surrounding a crack in a loaded body. Stresses, strains and deformation in the 
vicinity of a crack tip depend on the loading of the body. A crack can 
experience three different basic types of loading, Fig 3-1. In Mode I loading 
the principal load acts perpendicular to the crack plane and tends to open the 
crack symmetrically with respect to the crack plane. In Mode II, the two
fracture surfaces tend to slide in opposite directions with respect to each other, 
perpendicular to the crack front and parallel to the plane of the crack. Mode III, 
is associated with local displacement of the two fracture surfaces with respect 
to each other in a direction parallel to the crack front. A cracked body can be 
loaded in any one mode or combination of two or three modes. 

Fig 3-1. The three modes of loading that can be applied to a crack.
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Westergaard [3.2], Irwin [3.3] and Williams [3.4] presented closed-form 
asymptotic expressions for the stress distribution around a crack tip in a body
of an isotropic linear elastic material and subjected to external forces, of the 
form: 

0

( )
2ij ij

r

K f
r 1

w ij is the stress tensor, r and are polar coordinates centred on the crack 
tip and fij are individual dimensionless functions of for each stress 
component, Fig 3-2 r singularity as whose 
intensity is given by the parameter K, the stress intensity factor. 

Fig 3-2. Definition of the coordinate axis centred on the crack tip [3.1].

The stress intensity factor allows formulation of a fracture criterion. Fracture is 
assumed to occur as the stress intensity factor equals or exceed a critical value
Kc denoted the fracture toughness of the material concerned. When the fracture 
criterion is fulfilled, unstable and uncontrollable crack growth ensues. 

Griffith [3.5] proposed an energy criterion for fracture in a linear elastic 
material stating that fracture occurs as the rate of change of potential energy 
per unit crack extension, denoted the energy release rate or crack extension
force G, equals or exceeds a critical value Gc, the critical crack extension force,
which is also a measure of the fracture toughness of a material.

For linear elastic material the relationship between G and KI is

2
IKG

E
2
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where 
21 plane strain

plane stress
E

E
E

, E and are Young’s modulus and 

Poisson’s ratio, respectively. 

There are several methods available for determination of stress intensity 
factors. They may be categorized as follows:

Analytical methods
- Conformal transformation [3.21]
- Body force method [3.22]

Numerical methods
- The alternating method [3.23]
- The Compounding method [3.24]
- The transform method of Sneddon and Lowengrub [3.25]
- The Laurent series expansion [3.26, 3.27]
- The boundary collocation method
- The weight function method. A very large number of solutions for two

dimensional problems can be found in the books by Fett and Munz [3.28] and Wu
and Carlsson [3.29]

- The finite element method

Experimental methods
- Compliance methods [3.30]
- Photoelastic determination of mode I stress intensity factors [3.31]
- The caustics method (shadow-spot method) [3.32,3.33]
- Strain gauges used to measure local values of strains, from which the stresses are

then inferred [3.34]
- Moire patterns [3.35]
- Thermo-elasticity [3.36], in which the small change in temperature measured at

the crack tip region of a loaded specimen can be used to evaluate the stress levels.

Among all above mentioned methods, the compact specimen test for 
determination of fracture toughness and the finite element method applied to 
crack analysis in linear elastic structures for determination of stress intensity 
factors are discussed in the following. 

3.1 Determination of fracture toughness 

As Mode I fracture is the most common mode for engineering structures, most 
experimental methods have been designed for this mode. The fracture 
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toughness of a material, or resistance to crack extension, is measured through 
testing. In fracture toughness testing a cracked specimen is loaded to failure, 
usually under quasi-static conditions. If the global behavior of the specimen is 
linear elastic and crack tip plastic deformation negligible up to and including 
fracture, the critical value of the stress intensity factor at maximum specimen 
load, KIc, can be considered as the fracture toughness value of the material.

Fig 3-3. Standardized fracture mechanics test specimens: (a) compact specimen, (b) disk-
shaped compact specimen, (c) single-edge-notched bend (SENB) specimen, (d) middle tension 
(MT) specimen, and (e) arc-shaped specimen [3.1].

The first standard for fracture toughness testing was developed by the 
American Society for Testing and Materials (ASTM) in 1970. This section
focuses on the present ASTM E 399 standard [3.6], which is widely used 
worldwide to measure KIc of metallic materials. The compact specimen, the 
single edge notched bend (SENB) specimen, the arc-shaped specimen, the 
disk-shaped compact specimen and the middle tension (MT) panel are the 
specimen types permitted in the ASTM standard, Fig 3-3. Of all specimen 
types and test methods, the compact specimen is discussed in the following 
section.
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3.1.1 Compact specimen testing

The standard compact specimen is single edge notched and fatigue pre-cracked 
at the notch tip with the crack length a (crack starter notch plus fatigue crack),
the thickness B and the width W: it is loaded in tension perpendicularly to the 
plane of the crack. The general proportions of this specimen geometry are 
shown in Fig 3-4. W and a are measured from the vertical plane through the 
centrelines of the loading holes and a at least at three central positions equally 
distributed over the specimen thickness, and an average is calculated.

Fig 3-4: Specimen design.

Fig 3-5 shows three forms of machined notch. The purpose of notching a test 
specimen and introducing a fatigue pre-crack is to simulate as accurately as 
possible an infinitely sharp crack as assumed in fracture mechanics theory.
However, experience has shown that it is impractical through machining only 
to produce a sharp and narrow notch that will simulate a natural crack well 
enough to provide a satisfactory KIc test result. To facilitate fatigue cracking at 
sufficiently low stress intensity, the dimensions of the notch and its sharpness 
must meet certain conditions. The tip radius of a chevron notch and a straight-

slot with a hole at the tip a sharp stress raiser is needed at the hole. Care should 
be taken to ensure that this stress raiser is so located that the plane of the crack 
be parallel to the plane spanned by the specimen width and thickness direction 
within ± 10°. 
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(a)

(b)

(c)

Fig 3-5. Machined notches: (a) chevron notch, (b) straight through notch and (c) slot ending in 
drilled hole.

A fatigue pre-crack starting from the tip of the machined notch is produced by 
1 and + 0.1 for a 

number of cycles usually between about 104 and 106 depending on specimen 
size, notch preparation, and stress intensity level. The length of the fatigue 
crack ahead of the maximum length of the machined notch should be at least 
0.05 W to eliminate any effect of the machined notch geometry. The final crack 
length (total length of machined notch plus fatigue crack) should be between 
0.45 and 0.55 W. 

The selection of an initial specimen size which would permit valid KIc values 
to be obtained is generally based on an estimation of KIc for the material to be 
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tested. It is recommended to overestimate KIc, in order to secure a 
conservatively large specimen for initial testing. A valid KIc result obtained 
allows modification of the specimen to an appropriate size for subsequent 
testing.

The crack length a is nominally equal to the thickness, B, and the ratio a/W is
limited to

0.45 0.55a
W 3

The ratio W/B is nominally equal to two for standard specimens, and 
W/B 

proportions. 

In order to calculate a fracture toughness value, a specimen is loaded to failure 
and the corresponding load-displacement is monitored. The appropriate type of 
load-displacement curve is then selected and used to determine the critical 
load, PQ, Fig 3-6. The ratio Pmax/PQ is calculated, where Pmax is the maximum 
load at failure. If this ratio satisfies Eq 4

max 1.10
Q

P
P 4

a preliminary fracture toughness value KQ is computed with the following 
expression: 

.Q
Q

P
B W

aK f
W 5

where

2 3 4

3 2

2
0.886 4.64 13.32 14.72 5.6

1

a
a a a a aWf

W W W W Wa
W
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Finally, the validity requirements of the preliminary fracture toughness value 
KQ as computed by means of Eq 5, is checked with Eq 7. According to ASTM 
standards, it is required that the specimen thickness B, the crack length a
and specimen ligament W – a exceed

2

2.5 Ic

y

B Ka
W a

7

where y is the 0.2% offset yield strength of the material for the temperature 
and loading rate of the test. 

Fig 3-6. Principle types of load-displacement behaviour [3.6].

3.2 The J-integral

Rice [3.7] was the first to introduce path-independent integrals into fracture 
mechanics. The J-integral is a crack parameter for linear or nonlinear elastic 
materials. J is the energy available at the crack tip per unit crack extension and 
is thus identical to the crack extension force (or the energy release rate)

UJ G
A

8

for a plane crack extension, dA.
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Rice [3.7] considered a plane homogeneous body, of linear or nonlinear elastic 
material and free of body forces, containing a straight through-thickness edge 
crack. The body is subjected to a two-dimensional deformation field so that all 
stresses ij and strains ij depend only on two Cartesian coordinates x1 and x2,
Fig 3-7. The J-integral can be found from an energy balance of an arbitrary 
region of the body containing the tip of the crack 

1
1

 di
i

uJ Wn T s
x

9

The J-
taken positive counter-clockwise and generally starting from the lower crack 
surface and ending on the upper. The strain energy per unit volume or the 
strain energy density W is defined as

0
dkl

kl ij ijW 10

and nj is the Ti is the traction vector according to 
Cauchy’s formula 

i ij jT n 11

ui the displacement vector and ds

Fig 3-7. Contour for evaluation of the J-integral.
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An important property of the J-integral is its path independence, that is, the J-
integral takes on the same value on any closed path surrounding the crack tip. 
To prove path independence, it is assumed that the closed curve 
enclose the crack tip, or, more specifically, that the area, A, inside is regular 
and does not contain any singularity. Application of Green's theorem to Eq 9
gives

1
1 1 1

  d  di i
j ij j ijA

j

u uWJ W n s A
x x x x

12

Assume that there exists a strain energy density function W = W( ij) with the 
property 

ij
ij

W
13

Spatial differentiation of W( ij) and substitution of Eq 13 give

1 1 1

ij ij
ij

ij

W W
x x x
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Since

1
2
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ij

j i

uu
x x
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one finds that 

1 1 1 1 1

1 1 1
2 2 2

ji i i i
ij ij ji ij

j i j j j

uu u u uW
x x x x x x x x x x  16 

The second term is obtained through swapping indices i and j and the third on 
account of symmetry of the stress tensor

ij ji 17
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Further, because of equilibrium 

0ij

jx
18

it follows that 

1 1 1 1 1

iji i i i
ij ij ij

j j j j

u u u uW
x x x x x x x x x

19

Substitution of Eq 19 in Eq 12 yields

1
1

  d 0i
j ij j

uW n s
x

20

for any closed curve not enclosing any singularity. 

3.3 Determination of the J-integral using FEM

Calculation of the J-contour-integral with FEM is cumbersome as the integrand 
in Eq 9 refers to nodal points while stresses and strains are obtained at 
Gaussian integration points of the FEM mesh. 

Stress is generally discontinuous over element boundaries and extrapolation of 
stresses and strains at nodes require additional assumptions. 

By using the divergence theorem the J-contour-integral can be re-formulated as 
a surface integral in two dimensions, or a volume integral in three dimensions, 
over a finite domain surrounding the crack front, permitting calculation of J
directly from stresses and strains at element integration points. Hence, a
domain integral method is preferred to evaluate contour integrals. 

3.3.1 The domain integral or virtual crack extension method

The domain integral method was first developed by Parks ], Hellen 
[3.11] and further elaborated by deLorenzi [3.12,3.13]. Li et al. [3.14] and Shih 
et al. [3.15] derived surface integral and volume integral expressions using a 
virtual-work-type identity involving Eshelby’s energy momentum tensor for 
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calculation of the energy released during quasi-static crack advance. This 
method for two and three dimensional crack problems is presented as follows. 

3.3.2 The J-integral in two dimensions

Consider any two paths  and C surrounding the crack tip, as shown in Fig 3-8.
The annular region A between paths and C does not contain the crack tip 
singularity. Starting from the lower crack surface where the path intersects 
the crack, traverse counter-clockwise around the crack tip, continue along the 
upper crack surface along C to where C intersects the crack, traverse C
clockwise, and then continue along the lower crack surface C+ back to the 
starting point where intersects the crack. This path describes a closed contour 
C + C+ C  around A, on which the integral in Eq 9 vanishes according to 
Eq 20. However, Ti = 0 and dx2 = 0 along the crack surfaces, that is, on the 
paths C+ and C . Thus, the sum of the integrals along the paths C is zero. 
The integral along C thus equals minus the integral along 
direction. By reversing the direction of integration on C, the integral on this 
curve becomes equal to that on . This condition proves path independence of 
the J-integral: it has the same value for any path enclosing the crack tip. 

Fig 3-8. Closed contour C + C+ C enclosing a domain A.

To obtain the domain integral formulation in two dimensions, we first re-write 
Eq 9 on the form 

1 1
1

  d  di
j ij j j j

uJ W n s P n s
x

21
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Here P1j is the x1 component of Eshelby’s energy momentum tensor 
[3.16,3.17], with the property Pij,i = 0. In Fig 3-8, m is the outward normal of 
C. Hence, m = n on , and m = n on C. Since both ijmj = 0 and m1 = 0 on the
unloaded crack surfaces (C+ and C ) we can write Eq 21 on the form

1 1 1 1
1

 d  di
ij j j j jC C C C C C

uJ W q m s P q m s
x

22

where q1 is a sufficiently smooth weight function within the region enclosed by 
the closed contour C + C+ C C.

By applying the divergence theorem and noting that the divergence of the 
Eshelby tensor vanishes, the contour integral in Eq 22 is transformed into a 
domain integral (assuming that W is a function of strain only, with no explicit 
dependence on xi)

1 1
1 1

1

 d  di
ij j jA A

j j

u q qJ W A P A
x x x
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where A is the area inside contour C + C+ C , which surrounds but does 
not include the crack tip.

3.3.3 The J-integral in three dimensions

Li et al. [3.14] considered a planar section of an elastic solid associated with 
the material contained within the surfaces S2 and St, for which the external 
surface St, a traction-free surface, is assumed translated with velocity j, as 
shown in Fig 3-9.Without changing the boundary conditions of St, contemplate 
the continuously varying sequence of static solutions for the displacements ui
generated as the spatial specification of St is varied with a time-like parameter 
t. Assume loadings are by surface tractions Ti on a portion of the boundary ST,
and by imposed displacements ui on a portion of boundary SU.

The potential energy of the system at any time, according to [3.18] is

( )
 d  d

T
i iV t S

W V Tu S 24
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where V(t) is the volume enclosed by S2 + St and  d
T

i iS
Tu S is the potential of

the loading specified on ST. At each point in V(t), W is a function of the time-
varying strains compatible with ui. Then, the rate of change of the potential 
energy is given by [3.19]

( ) ( )

d  d  d  d
d T t

i i j jV t S S t
W V Tu S W m S

t
25

where mj is the outward unit normal on St and iT are the prescribed tractions on 
ST. Considering the principle of virtual work 

( ) ( )
 d  d  d

T
ij ij i iV t V t S

W V V Tu S 26

Thus, the first two terms in Eq 25 cancel each other (assuming that dui/dt is an 
admissible function in V(t)), so that [3.19]

( )

d  d
d t

j jS t
W m S

t
27

This result has been derived, less concisely, by Rice and Drucker [3.20]. 

Fig 3-9. Schematic of planar section of body containing a notch. The surfaces St and S2 enclose 
a simply connected volume VI.

Li et al. [3.14] presumed that along the traction-free surface St, the notch 
a lj per unit time in the xj direction and lj will vary along 

St as shown in Fig 3-9. Because of this physical interpretation, the domain 
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integral method is also known as the virtual crack extension method. Here, j =
a lj/dt, where lj is taken in the direction of the inward normal to St at each 

point. The energy released during notch advance is 

( )
 d

t
j jS t

J a a Wl m S 28

where J is the total energy decrease per unit notch advance. Since the surface 
St is traction free, Eq 28 can be rewritten in the form

  d  d
t t

i
ik jk j k jk j kS S

j
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x

29

The functions qj are introduced in order to define a volume integral expression 
for the energy released equivalent to the one given for the two-dimensional J-
integral,

2

  on , 
  on ,0

tj
j

Sl
q

S
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assuming that qj be sufficiently smooth in the volume enclosed by St and S2.

Using Eq 30, the energy released when the notch advances a lj can be written 
as

2 2

  d  d
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i
ik kj j k jk j kS S S S

j

uJ a a W q m S a P q m S
x
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We now focus attention on a notch with thickness h, as depicted in Fig 3-10.
We will pass (heuristically) to the limiting case of the notch becoming a sharp 
crack, i.e. h . The surface of the notch consists of faces SA and SB, with 
normals along x2, and a face with a normal in the x1-x3 plane, St.
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Fig 3-10. Schematic of section of body in x1-x2 plane containing a notch of thickness h.

We restrict lj to lie along St and to be a function of x1 and x3 only. For this 
special case l2 = 0 and q2 = 0 in Eq 30. The path of integration is taken along 
some surface surrounding the notch front and not enclosing any other notch or 
void, such as the path S = S2 + S3 - St + S4 in Fig 3-10. We can rewrite Eq 31 in 
the form of an integral over the closed surface S 
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Note that the positive direction of integration in Eq 32 is opposite to that in Eq
31 (Eqs 3.11 and 3.10 in Li et. al. [3.14]). 

We apply the divergence theorem to Eq 32. Noting that m3 = 0 everywhere and 
that the divergence of the Eshelby tensor vanishes we get

  d  d
I I

j ji
ik jk jkV V

j k k

q quJ W V P V
x x x
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We now let h to obtain the desired expression for the energy decrease when 
a portion of a surface crack front advances by a lj in its plane. Eq 32 and Eq
33 are equivalent for any arbitrary (sufficiently smooth) function qj [3.14].
Considering qj independent of position in VI, the gradient in Eq 33 vanishes, 
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consequently, the Jj integrals vanish around closed contours enclosing simply 
connected, or crack-free regions. In Fig 3-10, when lj corresponds to a 
translation, the region of integration can be shifted away from the crack tip. To 
do that, we assume qj = lj, where lj is a constant, in the region between St and 
S1. Then, invoking path independence of the Jj integrals or, equivalently, from 
Eqs 32 and 33, we can replace the path along St by the path along S1 in Eqs 30
and 31. This results in the other volume of integration in Eq 33, the region 
between S1 and S2, Fig 3-10. In general, the computation of the energy decrease 
for lj varying along the crack front requires integration over the surface St, or 
the volume between St and S2 in Fig 3-10. 

3.3.4 Calculation of the J-integral with ABAQUS

To evaluate the J-integral in Eqs 23 and 33, ABAQUS, the finite element code 
used in this thesis, defines domains built up by rings of mesh elements around 
the crack tip. The inner contour of the first domain is identical to the outer 
contour of a closed region of elements directly connected to the crack-tip 
nodes. The inner contour of a subsequent domain is identical to the outer 
contour of the previous domain, and so on. q1 is prescribed to vanish at the 
nodes on the outside contour of a domain and to take unit value (in the 
direction of the crack) at the nodes on the inside contour.  Element mid-side 
nodes inside a domain (if they exist) are assigned a value between zero and 
unit, according to position. 

The J-integral should ideally be independent of the domain considered 
provided that the crack faces are parallel to each other. However, J-integral 
estimates for different mesh rings may vary because of the approximate nature 
of the finite element solution. Strong variation in these estimates, denoted 
domain dependence or contour dependence, typically indicates an error in the 
contour integral definition. Gradual variation in the estimates may indicate that 
a finer mesh is needed.

If a first contour integral is calculated for the region of elements directly 
connected to the crack-tip nodes, then this integral and those for a few 
subsequent ring contours may be different and thus inaccurate. If so, contour 
integrals for additional ring contours should be calculated until convergence of 
the contour integral values is approached or obtained. The limit value may be 
used as an approximation of the value of the J-integral of sufficient accuracy in 
practice. In linear elastic problems the first and second contours typically 
should be ignored as inaccurate.
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Stress intensity is a central concept in linear elastic fracture mechanics, and 
stress intensity factors are widely used in the study of brittle fracture, fatigue 
and stress corrosion cracking. In practice stress intensity factors are needed to 
determine the fracture toughness and similar parameters of a material in 
laboratory testing, to be applied to e.g. structural design and analysis of failed 
structures.

3.4 Interaction integral to extract stress intensity factors

The J-integral is conveniently calculated with FEM, but not stress intensity 
factors. Therefore a common procedure in practice, when analytical stress 
intensity factors do not exist or are impracticable to obtain analytically or 
otherwise, is to calculate J with FEM and then convert to a corresponding 
stress intensity factor using established expressions. 

To determine stress intensity factors, numerous techniques have been 
developed, such as the displacement extrapolation method, the virtual crack 
extension method, and the interaction integral method. ABAQUS employs the 
interaction integral method presented by Shih and Asaro [3-39]. This method is 
motivated by Eshelby's [3-40,3-41] notion of interaction forces and this means 
an interaction energy release rate, Jint in [3-39]. The method is applicable to 
cracks in isotropic or anisotropic material and is formulated on the basis of 
conservation laws, which lead to the establishment of a conservation integral 
for two admissible states of an elastic solid: actual and auxiliary. A linear 
combination of actual fields (finite element fields) with auxiliary fields (field 
expressions as functions of SIFs) results in a third, superimposed, equilibrium 
state defined by 

sup act aux intJ J J J 34

where Jact is the energy release rate of the actual field and Jaux is the energy
release rate of the auxiliary field. It follows from Eqs 21 and 34 for a two-
dimensional crack tip contour integral that

aux
int aux

1
1 1

  di i
j ij ij j

u uJ W n s
x x

35



35

where aux aux1 2 ij ij ij ijW  provides two solutions for the same elastic 
solid with the same constitutive tensor. Using the reciprocal theorem 

aux aux
ij ij ij ijW , the contour integral in Eq 35 is given by 

aux
int aux aux

1
1 1

  di i
ij ij j ij ij j

u uJ n s
x x
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For each crack loading Mode there is a corresponding J-integral, JI, JII and JIII,
which are related to J as follows, (Hutchinson [3.37], Rice and Rosengren 
[3.38]) 

2 2 21 1
2I II III I II IIIJ J J J K K K

E G
37

where 
21 plane strain

plane stress
E

E
E

 and 
2 1

EG

Using Eq 37 the energy release rate for the superimposed state in terms of SIFs 
will be

2 2 2aux aux aux
sup act aux int

2
I I II II III IIIK K K K K K

J J J J
E G
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where KI, KII and KIII are the SIFs due to the actual state, and aux
IK , aux

IIK  and 
aux
IIIK are the SIFs due to the auxiliary states. The Jint integral is then developed 

in terms of SIFs as

int aux aux aux1 1
2I I II II III IIIJ K K K K K K

E G
39

Considering three equilibrium auxiliary states of pure mode I 
aux aux aux 1,0,0I II IIIK K K , pure mode II aux aux aux 0,1,0I II IIIK K K and 

pure mode III aux aux aux 0,0,1I II IIIK K K , three corresponding interaction 
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integral values int
IJ , int

IIJ and int
IIIJ are determined from Eq 36 and the SIFs are 

extracted from the following expressions: 

int int int,  ,
2 2I I II II III III
E EK J K J K GJ 40
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4 RESULTS AND DISCUSSION 

This chapter is a brief summary of the main results and discussions presented 
in Papers A D. The aim is to relate the results of each paper to the overall 
research and put them into a common context. Furthermore, the findings and
results are discussed. 

4.1 Results

The results are divided into three sections: Design aspects and stress analysis, 
experiments and fracture mechanics.

4.1.1 Design aspects and stress analysis 

In Paper D, the most common national standards and codes for roller bearings 
were presented and design aspects of roller bearings including design 
resistance, tolerances and materials of roller bearings were discussed.

In Paper A, an effective wedge imperfection magnitude of 1/600 for designing 
of roller bearings was calculated and the influence of applying this 
imperfection to traditionally designed roller bearings was studied. Three-
dimensional FE analyses of bridge roller bearings were carried out to address: 
(a) the contact stress concentration at the roller ends and (b) the influence of
the wedge imperfection on the contact stress. Linear elastic FE analyses
demonstrated the shortcomings of the Hertz approach to account for the finite
length of the roller as well as for the effect of the imperfections. The results
under linear elastic condition indicated that roller bearings develop contact
stress concentrations at the rollers ends and the Hertz formulas appear to
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underestimate the contact stresses in these areas. Increasing the wedge 
imperfection increases the deviation of the FE-computed contact stresses at the 
end face of the roller from the contact stresses calculated by Hertz solution as 
well as the degree of violation of the allowable contact stress limit. Nonlinear 
FE analyses showed that the non-linearity of the material has a remedying 
effect on the contact stresses. As a consequence, the reduction in the maximum 
contact stress was associated with inelastic material deformation in the interior 
of the roller.

The investigations of the failed bearing in the Skellefteå Bridge in Paper C
showed that the allowable load as specified by the manufacturer was some 
15% greater than the maximum applied load in service, as calculated in the 
bridge design. Therefore, it is unlikely that the bearings should fail due to static
overload solely. A three-dimensional nonlinear finite element analysis of the 
Skellefteå Bridge roller bearing was performed in order to clarify the 
mechanisms causing the roller failures. The purpose of this analysis was both 
to explore the effect of a free end of a roller upon the stress distribution and to 
check whether the magnitude or range of some tensile stress field is sufficient 
to support a SCC failure mechanism. At the maximum service load per unit 
length of 7085 N/mm specified by the manufacturer, finite element results 
showed that the horizontal stress (S11), perpendicular to and along the vertical 
loading line, was compressive within the first 3 mm above the contact surface 
and tensile thereafter. A maximum value of the tensile stress, about 150 MPa, 
occurs in a range some 5
then decreases slowly with distance from the contact surface to 41 MPa at the 
centre of the end face. The tensile stress in the range mentioned becomes 

wn that the maximum shear 

stresses (S12) act in vertical and horizontal planes and in opposite directions on 
each side of the loading line. In other words, the shear stress distributions on 
each side of the loading line are mirror images of each other and the shear 
stress along the loading line vanishes. The extreme values of the shear stress 

ccur at ± 
tation.

A three-dimensional nonlinear elastic-plastic finite element analysis of the 
Skellefteå Bridge showed that the maximum contact stress attains a global 
maximum value at the centre of the contact area some 2 mm away from the 
roller end face, in the axial direction of the roller. Due to plastic deformation in 
a small region extending from the roller ends and within the contact area, the 
contact stress was reduced and redistributed in this region, Paper D. 
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4.1.2 Experiments

In Paper C, a failure investigation was carried out to provide a reasonable 
explanation of recent roller bearing failures in two bridges in Sweden, the 
Skellefteå and the Öland bridges. The visual examination of the rollers fracture 
surfaces showed that a crack appears to have started at an end face of the roller 
just below the contact interface and extended in a radial plane longitudinally 
along the axis of the roller, so that just each half of the roller on either side of 
the crack will carry the total load alternatingly as the roller rotates. The 
chemical composition of both failed rollers conformed to a 0.4% C % Cr 
martensitic stainless steel (X40Cr13). The microstructure of the rollers was
tempered martensitic with finely dispersed carbides. The hardness testing 
revealed a hardness some 10% higher than specification requirement in the 
vicinity of the most probable fracture origin of the roller. The mechanical 
testing of the failed rollers showed a very small fracture elongation in tensile 
testing, a Charpy V-notch toughness of about 
fracture toughness  KIc = 792.6 N/mm3/2 SEM examination of the 
fracture surface at high magnification showed a mixture of micro-voids, quasi-
cleavage and secondary cracking revealing a failure mechanism of very low 
ductility. Extensive EDS analyses of the fracture surface and the secondary 
cracks in areas recognized as possible initiation sites of the failure in the Öland 
roller showed the presence of chloride, as a first indication of the corrosive 
nature of the environment in those regions. EDS analysis of carbides in the 
microstructure showed further that the chromium content of the carbides was 
about 55% which is much higher than the mean chromium content of the 
material, 13%. Paper D reviews experience of high strength stainless steel 
bridge roller bearings which have failed in Sweden and elsewhere. The 
experimental results reported for the failed rollers agreed with the results 
obtained for the Swedish roller bearings in Paper C.

4.1.3 Fracture mechanics 

In Paper B, the KI and KII of the cracked roller for the relevant load 
configuration and degree of rotations were computed using linear elastic 
fracture mechanics finite element analysis. The results were also compared 
with approximate solutions reported earlier to check the agreement of the 
numerical solutions. The results showed that for degree of rotation = 0, a 
crack is subjected to pure Mode I loading and relative sliding of the crack faces 
does not occur. For increasing , crack opening in general decreases. The 
closure effect was most pronounced for small cracks (e.g. a/(2R) = 0.05): due 
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to the compression zone along the contact region between the roller and a 
plate. For larger cracks, of length ratios 0.2, 0.5 and 0.9, the crack was open for 

= 0, giving a maximum to KI. It was found that the peak value of KII indicates 
the most unfavourable orientation of the crack in which position one side only 
of the crack-mouth was loaded by the roller plate and the other side was free to 
slide. A very good agreement was obtained between the FE and Schindler [4.1]
results for all crack length ratios.

In Paper C, a three-dimensional finite element model was established in order 
to compute stress intensity factors of an initial quarter-circle radial corner crack 
of 20 mm radius for a perfectly aligned bearing, and a bearing with an effective 
wedge imperfection of 1/600 included. The shape and size of the crack was 
chosen according to observations on the fracture surface. For = 0, KII = KIII =
0 and the only remaining component of Keff was KI. A maximum Keff = 363 
N/mm3/2 was computed at the crack front node on the roller end which far from 
exceeds KIc of the material, 792.6 N/mm3/2. This means that KI alone cannot be 
responsible for fracture and therefore mixed-mode conditions should be taken 
into account. For all values of , KII at the crack front node on the roller end, 
was greater than at the embedded nodes considered, KIII at the most embedded 
node considered was greater than the other nodes. It was found that none of the 
KII, nor Keff at the nodes considered exceed KIIc for any in the range 
considered, in the absence of wedge imperfection. A significant increase in the 
stress intensity factors occurred when the influence of an effective wedge 
imperfection of 1/600 was included. Now KI
sufficient for fracture. KII exceeded KIIc for 

Keff and even KII alone was in this 
region so much greater than KIIc that a mixed-mode fracture condition would 
most likely be satisfied, or alternatively, fracture might ensue for a much 
smaller crack.

In Paper D, residual stresses over the diameter of a roller measured by 
Schindler et al. [4.2] were described. The residual stresses were measured by 
determining the SIF of a crack cut along a diameter of a cross-section using the 
cut compliance (CC) method. The maximum tensile residual stress was about 
170 MPa, or about 10% of the yield stress, and occurred near the contact 
interfaces. The residual stresses alone may cause the SIF to exceed KIc, thereby 
resulting in unstable crack extension. Considering the SIF due to the residual 
stresses, a region of unstable crack growth was determined for crack depths 
from a = 0.05 D to about a = 0.35 D, depending on the crack orientations with 
respect to the applied load. 
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4.2 Discussion

A very small fracture elongation of 1 to 5% in uniaxial tensile testing, a
Charpy V-notch toughness of about 4
toughness  KIc = 792.6 N/mm3/2 3/2 at room 
temperature for the roller materials considered indicate all a rather brittle 
material. Considering the stainless steel rollers as class D in EN 1337 4 Table 
A.1, neither fracture elongation nor impact toughness complied with the
corresponding requirements.

The hardness measured over the thickness of the Skellefteå roller complied 
with the specification requirements. However, the hardness measured in the 
vicinity of the most probable fracture origin of this roller was some 10% higher 
than the specification requirements. The increased hardness may be induced by 
plastic deformation.

Visually observed beach-marks on the fracture surfaces revealed progressive 
crack growth, but SEM examination of fracture surfaces showed no evidence 
of fatigue striations. This may be related to the very hard and/or brittle roller 
material.

Initial multiple cracking at the end face of the roller was in agreement with a 
high stress concentration in this region.

EDS analysis of carbides in the microstructure showed the precipitation of 
chromium-rich carbides with a chromium content of up to 55%. Heat treatment 
during manufacturing of the rollers and/or local friction heating due to sliding 
of crack faces relative to one another in service affect the material hardness and 
results in chromium-depleted regions in the microstructure. Exposure of such 
regions to an environment sufficiently aggressive to cause corrosion creates a 
risk of SCC. Road de-icing salt, salt aerosol from the coastal environment and 
hydrogen chloride gas from industrial plants also most likely contribute to a 
corrosive atmospheric environment. 

The fractographic examination of the fractured rollers indicated that the 
initiation of the failures were associated with SCC or intergranular corrosion 
cracking typical of hydrogen-assisted SCC (HASCC). EDS analysis of the 
failed Öland bridge roller showed the presence of chloride ions in the 
microstructure. Intergranular corrosion cracking may be promoted by chloride 
ions: the roller of a high strength and high hardness martensitic stainless steel 
was embrittled due to presence of atomic hydrogen generated by intergranular 
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corrosion. Then, the roller embrittled by atomic hydrogen is susceptible to 
stress corrosion cracking (SCC) when subjected to the hoop tensile stress 

and the residual stress distribution over the roller diameter, with a maximum 
value of about 10% of the yield stress. The hoop and residual stresses are 
assumed sufficient for crack initiation through SSC in an aggressive 
environment. The associated initial crack is assumed to be a surface crack 
along the load line at mean ambient temperature and of size sufficient for 
further growth through foremost fatigue. 

The analysis of the original dimensioning of the bearings showed that both the 
allowable load and the design resistance were greater than the applied load 
(permanent + transient) in service. Therefore, it was unlikely that the bearings 
failed due to static overloading. It should also be noted that even for the 
misalignment considered, the contact stresses alone are not sufficient for 
failure.

Perhaps the most likely failure scenario of a roller is that crack initiation in a 
tensile hoop stress region at the end face of the roller is facilitated by an 
aggressive environment and a susceptible microstructure. Due to daily and 
seasonal temperature differences within a bridge superstructure, the roller 
rotates somewhat and the initial crack travels back and forth about a mean 
position, leading to growth of the crack through fatigue. The hoop stress 
governs crack growth in the roller both radially and longitudinally in Mode I 
and Mode III, respectively, but the shear stress governs growth only radially in 
Mode II. After a certain number of load cycles and for a certain misalignment, 
failure through sudden fracture occurs as the crack attains such a size that the 
Keff at some point along the crack front exceeds the effective fracture toughness 
of the roller material. Failure is expected to occur for the angle in the range 
of about 0.05 D to 0.35 D depending upon the influence of residual stresses. 
However, very low fracture toughness of the material and misalignment allows 
failure to occur for even smaller than 0.05 D cracks.
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5 CONCLUSIONS AND SUMMARY

The present investigation concerns the mechanics and failure mechanism of 
bridge roller bearings made of high strength stainless steel. The mechanisms 
involved in the roller failure scenario can be described as the following:

The initiation of the failures was associated with SCC or HASCC due
to exposure of the susceptible material of the roller to a sufficiently
aggressive environment.

The susceptible microstructure of the roller material was subjected to

on the end face of the roller and the residual stress distribution over the
roller diameter. The hoop stress range and the residual stress are
assumed sufficient for crack initiation through SSC in an aggressive
environment.

Once initiated, the crack grows in a radial plane through fatigue under
multiaxial loading mainly by longitudinal thermal deformation of the
bridge.

Finally, the service loading in conjunction with certain (or a critical)
roller misalignment is sufficient for sudden fracture.

In summary, the primary cause of the failure is considered to be due to 
inadequate attention of the material specifications to corrosion resistance of the
high strength stainless steel rollers. The failure is primarily assumed related to 
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SCC: the SCC susceptible material of the roller exposed to a sufficiently 
aggressive environment was subjected to the hoop tensile stress region some 

act interface on the end face of the roller and residual 
tensile stresses. Then, the cracks caused by SCC, grew in multi-axial fatigue. 
Finally, due to thermal deformation of the bridge superstructure, the fatigue 
crack combined with certain wedge imperfection was sufficient for final 
failure. However, in the absence of the wedge imperfection, roller failures 
seem to be unlikely. Wedge imperfection causes inelastic deformation at the 
contact interface at the end edges of a roller, resulting in a hardness level in 
excess of the specification requirements.
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Abstract

The present paper addresses how the commonly used Hertz formulas for contact
stresses underestimate the actual stresses seen in practice due to temperature dif-
ferentials, misalignments and other contruction-related defects. First, two failure
cases of Swedish bridge roller bearings are analyzed and discussed; then, a
detailed finite element (FE) model is used to investigate the accuracy of the tradi-
tional roller bearing design rules in view of issues such as abutment and girder
deformability, misalignment imperfections and material nonlinearity. The bearing
capacity of the studied rollers as provided by the manufacturer is used as refer-
ence. A rigorous FE model that accurately models girder, roller assembly and
abutment provides the necessary information for the assessment of the related
contact stresses, which were traditionally calculated by means of the Hertz analyti-
cal formulas. Numerical results first establish that roller bearings develop contact
stress concentrations at the outer edges of the cylindrical drums. Second, it is
established that the contact stresses are very sensitive to misalignment imperfec-
tions between the bridge girder and the abutment. Last, it is shown that the roller
bearings develop inelastic deformation at relatively low loads in relation to the
design load. These reasons, combined with the unlikelihood for roller bearings to
shake-down, constitute the basis of the observed roller bearing failures.

Keywords: bridge maintenance, roller bearings, hertz contact, imperfections,
edelstahl.

Introduction

Frequent fractures of roller-type bea-
rings are a well-known maintenance
problem of old bridges.1–3 Roller
bearings were the usual support
option accommodating the thermal
expansion of bridge girders with sig-
nificant spans until the beginning of
the 1960s, when elastomeric bearings
emerged. However, roller bearings
were used in new bridges until the
end of the 1970s and, to the authors’
knowledge, still remain in service in
650 bridges in Sweden.

The majority of the roller bearings
still in service in Sweden and a signifi-
cant fraction of those in Germany are
made of a corrosion- and wear-resist-
ant steel alloy (e.g. X40Cr13) with
high chromium content, resulting,
unfortunately, in a very brittle mate-
rial. Moreover, traditional design
recommendations4,5 required roller

bearings to be designed according to
Hertzian contact theory, on the basis
of which admissible bearing loads
were determined.

Recent investigations6 have shown
that this approach fails to take into
account certain stress concentrations
that were found to be closely associ-
ated with the observed fractures. In
addition, actual loading conditions are
far from the assumed ideal conditions
and this point is neglected in the tradi-
tional design approach.

In the present work, laboratory tests
of two fractured roller bearings sup-
plied by the Swedish Transport
Administration from the bridges of
Skellefteå and Öland were performed.
Further, three-dimensional finite
element modelling demonstrated that
the yield stress of the roller material is
exceeded under the manufacturer-
prescribed bearing capacity. This fact
remains true in both the case of a
roller designed following contempo-
rary regulations7,8 and of one
designed by means of the traditional,
allowable contact stress,4,5 approach.
The most severe and therefore most
failure-prone cases were found to be

those where the roller loading is
applied non-symmetrically owing to
assembly imperfections.

In summary, the structural reasons
behind the observed roller failures are
investigated and an approximate
method to recalculate the bearing capac-
ity of the roller is proposed so as to
avoid future failures of the kind studied.

Laboratory Investigation

Fractured parts of roller bearings ori-
ginating from the Skellefteå and
Öland bridges (Sweden) were submit-
ted to the Luleå University of Tech-
nology (LTU) laboratory by the
Swedish Transport Administration
(Trafikverket) for investigation of the
failures. The fractured parts were sub-
jected to fractographic and material
properties testing. The results are
summarized in the next paragraphs.

Visual Examination
of Fracture Surfaces

First, it is noted that no apparent signs
of corrosion other than some surface
oxidization were found on the outer
unloaded surfaces of the specimens.

The visual examination intended to
establish the precise locations of crack
initiation and the direction of subse-
quent crack propagation. A photo-
graph of the fractured roller bearing
from the Skellefteå bridge is shown in
Fig. 1. Two cracks appear to have ori-
ginated at points A1 and A2 respec-
tively, both situated at the exterior
edge of the fractured roller drum.
Beachmarks are found along the
arrows marked 1 and 2 showing the
direction of crack propagation until
final fracture in the area C near the
middle part close to the other end of
the drum. The beachmarks are
characteristic of fatigue crack propa-
gation from the initial sites to the
location of the final fracture. It was
observed that the protective paint
layers on the contact surfaces of the
roller were missing along the contact
lines of the roller (D).

Peer-reviewed by international ex-
perts and accepted for publication
by SEI Editorial Board

Paper received: August 5, 2015
Paper accepted: March 2, 2016

Structural Engineering International Nr. 3/2016 Scientific Paper 207



Mechanical PropertiesTesting

The material used in the fractured
bridge roller bearings is the X40Cr13
alloy (designated also by the numeri-
cal code 1.4034), a quenched and tem-
pered steel, as prescribed in the
certificate.5 Owing to its high rigidity,
wire electrical discharge machining
(w-EDM) was used to manufacture
tensile specimens. Two standard ten-
sile test specimens were extracted
from each roller. The stress–strain
curves obtained from the tensile tests
are shown in Fig. 2. The correspond-
ing mechanical properties are listed in
Table 1. In specimen Skellefteå-2 pre-
mature failure occurred and this is an
indication of the uneven distribution
of the properties of the material
at hand.

The modulus of elasticity for all roller
specimens, as obtained from the slope
of the stress–strain curves, was deter-
mined to 190 GPa.

Design Approaches for
Roller Bearings

Traditionally4,5 roller bearings were
designed by observing an upper limit
for the contact stress between the
roller drum and the contact plate.
Other design checks concerned the
bending capacity of the support plate
and the crushing resistance of the sup-
porting concrete. The upper limit of
the contact stress was referred to as
allowable contact stress and was pre-
scribed in the regulations.

To determine the actual contact stress
for a certain roller geometry and load-
ing, the closed-form solution for con-
tact between cylindrical bodies
developed by Hertz in 1882, was used.
The general form of the Hertz contact
theory formulas9 for the case of two
cylinders of radii R1 and R2 and of dif-
ferent materials with elasticity moduli
E1, E2 and Poisson ratios ν1 and ν2

respectively, reads:

b=

ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
4F

1−v2
1

E1
+ 1−v2

2
E2

h i

πL 1
R1

+ 1
R2

� �
vuuut ð1Þ

and

pmax =
2F
πbL

ð2Þ

where b is the contact zone half-width
perpendicular to the contact line, F is
the total force applied to the roller
bearing, L is the length of the contact
line and pmax is the maximum contact
pressure.

In the case of contact between a cylin-
der and an elastic half-space, R2 is
infinite. Also, if the materials of the
roller bearing and the contact plate
are the same and, in particular, steel
(ν1 = ν2 = 0.30), the Hertz formulas
assume the simpler form that is used
in the design:

Rmin = 0:175
FE

Lp2
max

ð3Þ

or

pmax = 0:418

ffiffiffiffiffiffiffi
FE
LR

r
ð4Þ

Relation (3) can be used to estimate a
minimum roller radius that is obvi-
ously arrived at when the maximum
contact stress of the material is fully
exploited. Relation (4) is helpful to
check that the maximum allowable
contact stress is not exceeded for a
given roller material, roller drum
length and load combination.

In Table 2 values of allowable contact
stresses are given for a number of
materials (from Refs. [4,5]). The H
and HZ symbols, respectively, denote
the “predominant only” and “predomi-
nant plus transient load” loading con-
ditions as per the old DIN4100
regulation.

For the X40Cr13 roller-specific mate-
rial no bending stress limit is specified
in Ref. [5] as the roller drum and the
contact plates are not supposed to be
subjected to any such stresses.
According to Table 1, the yield
strength of this material varies
between 1250 MPa and 1470 MPa
(except for the prematurely failed
specimen #2), and the minimum ulti-
mate strength is 1580 MPa.

The current standard for design of
roller bearings in Europe is EN
1337-4,8 enacted around 2004. Therein,
the bearing capacity per unit of length
of a roller is prescribed by the relation:

N 0
Rd = 23×R×

f 2
u

Ed

1
γ2
m

ð5Þ

where, R is the radius of the roller
drum, fu is the ultimate strength of the
roller material, Ed the elastic modulus
and γm the partial safety factor of the
material as given in EN1992 to
EN1999 (recommended value γm = 1).
Possible loading eccentricities are
dealt with in EN1337-1, §6.10.3.

Comparing the bearing capacity (per
mm of contact line) for a roller of diam-
eter D = 130 mm (as those of the Skel-
lefteå and Öland bridges) made of
X40Cr13, by solving Eq. (3) for the
load per unit length F0 and directly
applying to Eq. (5) one obtains,
respectively,

F 0 =
R×L×p2

max

0:175×E
=

130=2ð Þ× 1× 25002

0:175× 190000

= 12:218kN=mm

ð6Þ

Fig. 1: Photograph of the fractured
surface of the Skellefteå roller
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Fig. 2: Results of stress-strain one-
dimensional test for the roller material

Sample Yield
strength (MPa)

Ultimate
strength (MPa)

Fracture elongation
(%) v

#1 Skellefteå-1 1478 1586 1.11

#2 Skellefteå-2 1194 1194 0.65

#3 Ölandsbron-1 1266 1828 3.63

#4 Ölandsbron-2 1254 1738 2.39

Table 1: Mechanical properties of fractured specimens
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N 0
Rd = 23×R×

f 2
u

Ed

1
γ2

m
= 23× 130=2ð Þ

×
15002

190000
= 17:702kN=mm

ð7Þ

The corresponding value used by the
manufacturer was 8.52 kN/mm (the
contact line length of both fractured
rollers was 541 mm and they were
guaranteed by the manufacturer for
4610 kN). This value indicates a safety
factor of 1.434 in relation to the Hert-
zian calculation.

A remarkable discrepancy arises
when the bearing strength is calcu-
lated according to the AASHTO
standard.10 The respective equations
read as follows:

F 0 =
fy−13000

20000
600D forD≤ 25 in

ð8Þ

F 0 =
fy−13000

20000
3000

ffiffiffiffi
D

p

for 25≤D≤ 125 in

ð9Þ

Here fy is the minimum yield strength
in tension of either the roller or the
bearing plate material (in psi). The
quantity F0 is the allowable contact
load linear density along the contact
line of the roller (in lb/inch). Applying
Eq. (8) in the studied case and using
the minimum of the yield strengths
from Table 1 we get (1 MPa = 145.037
psi and 1 inch = 25.4 mm).

F 0 =
1254× 145:04−13000

20000
×600

×
130
25:4

= 25930:42 lb=in
ð10Þ

or 4.541 kN/mm which is 37% of the
allowable load per unit length accord-
ing to Eq. (6) and 52% of the manu-
facturer’s stated allowable load.

The Hertzian formula is essentially a
closed-form elasticity solution and as
such it remains accurate as long as the
real structure conforms to the mathe-
matical assumptions. Major discrepan-
cies between the real roller of a
bearing and that of the Hertzian con-
tact mathematical model could be
mentioned as follows:

a. the length of a real roller is finite
and not infinite as the mathemati-
cal model assumes;

b. the underlying elastic half-space
supporting a roller is not homoge-
neous, instead there exists a sup-
port plate resting upon the
concrete abutment with signifi-
cantly different elastic properties.

Neither issue lends itself to analytical
treatment; in particular, the second
one clearly calls for three-dimensional
FE analyses in order to assess the
effect of the abutment and support
plate stiffness.

The first issue indicates that a finite-
length cylinder is similar to another
well-known contact mechanics loading
case: a rigid indenter pressed against
an elastic half-space by a linear load
P per unit length as depicted in Fig. 3.
The roller–base-plate assembly,
arranged with the cylinder axis along
the x axis of Fig. 3, can be visualized
as similar to the rigid block depicted
in Eq. (11).

For this case the contact stress σc is
given by the relation5

σc =
P

π
ffiffiffiffiffiffiffiffiffiffiffiffiffi
b2−x2

p ð11Þ

where σc is clearly infinite at the edges
of the indenter as the denominator
becomes zero for x = b. Obviously the
roller is not infinitely rigid but, given
the fact that the observed failures
initiated precisely at the roller edges, a
three dimensional analysis of the
complete roller assembly appears to be
necessary in order to address the edge
contact stress concentration issue.

Imperfections Affecting the
Roller

According to §6.7.1 of EN 1337-4,
eccentricities and moments should be
taken into account in the design of a
roller bearing. In addition, a maximum
deviation of up to 1/1000 from ideal
parallelism of the upper and lower
contact plates is allowed in §7.4 of the
same norm; this misalignment margin
of a contact plate is understood in the
roller axis sense. This particular imper-
fection will, henceforth be referred to
as “wedge imperfection”. Other wedge
imperfection sources related to the
observed failure patterns that are
regarded as relevant, in particular, for
old bridges are the following:

a. the out-of-squareness “functional”
manufacturing tolerance of the
lower girder flange at the points of
the structural bearings according to
Table D.2.1(4) of EN1090-2, giving
rise to a wedge imperfection of
1/200 over the full length of the
roller axis;

b. the out-of-flatness “functional”
manufacturing tolerance of the
flanges according to Table D.2.1
(5) of EN1090-2, giving rise to a
1/200 wedge imperfection angle

Material Bending-induced tension Bending-induced
compression

Axial compression Contact stresses

H HZ H HZ H HZ H HZ

GG-14 45 50 90 100 100 110 500 600

GS-52.1 180 200 180 200 180 200 850 1100

C35 200 220 200 220 200 220 950 1200

St37 140 160 160 180 160 180 650 800

St52-3 210 240 210 240 210 240

X40Cr13 2300 2500

Table 2: Allowable values for internal and contact stresses (MPa)

P

b b

X

Fig. 3: Rigid indenter pressed against an
elastic half-space.
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over each half-width of the lower
flange of the bridge girder;

c. temperature differences during
erection according to DIN 4141-1.7

It can be argued that the out of
squareness imperfection can be
greatly reduced by means of an
appropriate installation procedure
involving the injection of mortar bed-
ding underneath the bottom support
plate before lowering the bridge on
the support, as described in Ref. [11]
The 1/1000 wedge imperfection pre-
scribed in §7.4 of EN1337-4 can only
be achieved by in situ adjustments
during the construction operation.
However, the correct execution of
these in situ procedures is not easily
verifiable because execution records
are non-existent or hard to come by
for old bridges.

The effect of the out-of-flatness
imperfection of the girder’s lower
flange (as stated in point (b) earlier)
is not relieved by the mortar bedding
injection technique and, combined
with frequent presence of a web stiff-
ener over the roller, can lead to either
severe contact stress concentration at
the roller edges or bending along the
axis of the roller. The latter can lead
to failure in the middle, weaker part
of the roller as shown in Fig. 4. The
only alleviating measure is to use
support plates with a thickness com-
parable to the roller diameter.

Finally, temperature differences have
to be taken into account for the
design of bearings irrespective of the
temperature loads prescribed in other
codes. Temperature loads are given in
Table 3 of DIN 4141-17 where it is
also stated (§5.2.2.3), that the girders’
rotation caused by temperature differ-
ences between the upper and lower
parts of the bridge should be taken
into account regarding the bearing,
obviously due to the inevitable pres-
ence of a transverse truss at the sup-
port position.

Applying this requirement to a typical
double girder bridge, one can obtain
the twisting rotation angle ω of each
of the girders as:

ω=
ΔS
2h

=
α×S×ΔTd1,2

2h
ð12Þ

where α is the thermal expansion coef-
ficient of steel, S the distance between
the girders, h the girder depth (see
Fig. 5), ΔS the temperature-induced
variation of S between the top and
bottom positions of the girder due
to ΔTd1,2.

ΔTd1,2 = γT ×ΔTk1,2 ð13Þ

where γT is 1.35 and ΔTk1,2 is the char-
acteristic value of temperature differ-
ence between the upper and lower
parts of the bridge that may reach a
value up to 20�C (ΔTk1 = 15, ΔTk2 = 5
as per ). The factor of 2 in
the denominator of Eq. (12) is due to
the thermal expansion of the trans-verse
truss that is assumed to develop
symmetrically with respect to the verti-
cal middle axis of the bridge cross-sec-
tion. For a typical case with S = 8 m
and h = 2 m the rotation angle ω is
1/1500. The resulting twisting of the
girder effectively becomes a wedge
imperfection affecting the roller as the
presence of the web stiffeners at pre-
cisely the support position does not
allow any relative rotation between
the web and the flange.

Now adding the temperature-induced
wedge imperfection to that of the
allowable misalignment (as per Ref.
[8] §7.4) gives 1/1500 + 1/1000, yield-
ing 1/600. This is a wedge imperfec-
tion magnitude that should not be
neglected in the design of a roller
bearing. The next two sections are
dedicated to studying the effects of
applying this imperfection to tradi-
tionally designed roller bearings.

The Finite Element
Modelling

For the FE analyses, a commercial
code was used. The geometry of the
FE model of the roller bearing is
depicted in Fig. 6a and b, and shows
the roller cylinder (blue), the four
contact plates (red), the support
plates (green) as well as part of the
bridge girder (orange) and the abut-
ment (gray). Each roller consists of
two roller drums separated by a
reduced diameter part in the middle;
the sideways motion control rib is
accommodated here (yellow). The
rotary motion of the roller is con-
trolled by tooth-edged wheels and
corresponding rulers at either end
(visible in Fig. 4), which are not
included in the FE model.

Fig. 4: Roller broken as a result of out-of-
flatness imperfection of contact plate

Geometric
parameter

Symbol Roller A (short) Roller B (long)

Drum diameter D 130 130

Drum length LD 136.5 276.5

Contact line length* LC 261 541

Total roller length LT 334 594

LT/D ratio ρ 2.57 4.57

Central notch
diameter

DN 86 102

Central notch
length

LN 61 41

Plate extension
beyond roller

Sx 78 38

Web stiffener
thickness

tws 16 26

Manufacturer
maximum load

NZ 2380 kN 4610 kN

Contact force linear
density

9.11 kN/mm 8.52 kN/mm

In service since 1968 1973

*LC = 2 × LD − 12 as there exist 3 mm fillets at the drum edges.

Table 3: Geometric characteristics (in mm) of the studied roller bearings
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The contact plates are of the same
material as the roller (X40Cr13) in
order to prevent wear and are tightly
fitted to the two support plates which
are made of St52-3. For the roller and
contact plate material, the tensile test
results of Ölandsbron-1 (see Table 1)
were used whereas for the support
plates and the girder a bilinear elastic-
plastic S355 material was assumed
(as a rough equivalent to St-52-3).
Isotropic hardening von-Mises plastic-
ity was assumed for both materials.

The upper support plate is attached to
the flange of the girder and the lower
support plate is lying on a mass of
concrete: full mechanical locking was
assumed in these two interfaces. The
analyses presented hereafter were
performed for a stiffener position
directly above the roller.

All parts of the assembly were
modelled using the element type
C3D8R, which is a continuum eight-
node, first order, reduced-integration
volume element. Fig. 6c shows the FE
mesh of the roller assembly. To study

the nature of the problem a very fine
mesh is required at the contact sur-
faces of the roller so that the distribu-
tion of the contact stresses is
accurately captured. In fact 20 nodes
across the width of the contact zone
were included in the model, which are
of the order of 3 to 4 mm. To this
end, separate geometrical sub-objects,
where a much finer mesh is generated,
are defined along the contact lines,
i.e. at the top and bottom regions of
the drums as well as at the corre-
sponding areas of the contact plates.
Care was taken for the size of these
finely meshed sub-objects to be large
enough so that the coupling with the
rest of the mesh happens in an area
with low gradient of the stress field.

A general surface-to-surface smooth
contact (no friction) is assumed to
simulate the interface behaviour. The
finite sliding contact formulation was
used for the modelling of the interac-
tion between contact surfaces. The
manufacturer-prescribed loads were
introduced by way of applying an
appropriate value of vertical imposed
displacement to the nodes of the
extreme web cross-section towards
the bulk of the girder.

The intersection nodes between the
web and the lower flange were
restrained with respect to sideways
translation (i.e. in the sense of the y
axis of the girder). The nodes of the
top web surface (i.e. those where the
web meets the upper flange), were
also sideways restrained; these nodes
were given a sideways imposed dis-
placement so as to introduce the
wedge-type imperfection to the

model. The top flange of the girder
was not included in the model. The
bottom nodes of the concrete abut-
ment were fully restrained. Appropri-
ate boundary conditions were
introduced so as to exclude rigid body
motion of the roller drum.

Geometry of the Roller
Assembly

The FE analyses addressed two issues
of the roller bearing behaviour: (a)
the contact stress concentration at the
roller edges and (b) the influence of
the support plates’ misalignment
(wedge imperfection). The roller
bearing geometry is rather compli-
cated involving several geometrical
parameters defining the actual config-
uration of the bearing along with the
girder and the abutment. Owing to
space limitations, the present investi-
gation was limited to two rollers cur-
rently in service in bridges in Sweden
that differ mainly in their length. Both
rollers comply with the revised condi-
tions of the Kreutz Edelstahl Lager
certificate.5 Their geometric character-
istics are given in Table 3.

Discussion of FE Results

Three-dimensional FE analyses pro-
duce an accurate representation of the
contact stresses field enabling the
assessment of the Hertz approach. The
distribution of the maximum contact
stress along the contact line of the
roller was chosen to characterize the
contact stress state. The said maximum
develops along the middle line of the
contact zone width and in the context
of the Hertzian contact can be calcu-
lated by applying Eq. (4). Using the
manufacturer-prescribed maximum
loads and the geometric characteristics
of the rollers described in Table 3, the
Hertzian maximum contact stresses
are calculated and the resulting values
are given in Table 4. Two elasticity
moduli are used for the analyses
throughout: the somewhat lower mod-
ulus of X40Cr13 (190 GPa) and the
usual steel modulus of 210 GPa.

The values inside parentheses in
Table 4 are the quotients of the
respective contact stresses divided by
the allowable contact stress value for
the X40Cr13 material (2500 MPa)
and therefore can be interpreted as
the contact stress utilization factors of
the roller. The respective values for a
normal steel E = 210 GPa material

ω

h

s

Fig. 5: Top–bottom temperature
differential effect on bridge cross-section.

(a) (b)

(c)

Fig. 6: Geometric objects of the FE model and meshing.
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are not realistic as the 2500 MPa
allowable contact stress is characteris-
tic only of X40Cr13.

In Fig. 7, the respective FE-derived
maximum contact stress distributions
along the contact line are depicted;
again the manufacturer-prescribed
load was applied. The choice of an
elastic material for presenting the
results aims to capture the influence
of the true geometry of the roller
bearing assembly on the contact stress
state so that a comparison with the
Hertz solution may be possible.

The vertical axis plotted in Fig. 7 gives
the quotient η of the maximum con-
tact stress that develops for the
manufacturer-prescribed load, by the
allowable contact stress σAL

c of the
X40Cr13 material (2500 MPa). The
horizontal axis represents the normal-
ized position ξ along the contact line
of the roller drum i.e. the distance

from the innermost drum point
divided by half the contact line length
LC/2 (see Table 3) so that results con-
cerning the short and the long rollers
may be easily compared. In the FE
models used for the generation of
these curves, a linear elastic material
for the roller and the contact plates
was assumed. Computing the contact
problem with a linear elastic material
demonstrates the shortcomings of the
Hertz approach to account for the
finite length of the roller drum as well
as for the effect of the imperfections.
The resulting maximum contact stres-
ses should be compared with the max-
imum allowable contact stress. In this
way, it can be assessed whether the
contact stress induced by the
manufacturer-prescribed maximum
load exceeds the allowable contact
stress limit in a point-wise sense; a
local violation of the allowable con-
tact stress is liable to cause defects
that subsequently may lead to the
development of cracks. The FE mod-
els were run for two values of the
elasticity modulus namely 210 GPa
(for ordinary steel) and 190 GPa (for
the X40Cr13 material).

Observation of the plots in Fig. 7
shows that there exist two different
ways by which the allowable contact
stress is exceeded:

• localized edge contact stress
concentrations;

• contact stresses exceeding the
allowable limit in a continuous
manner, apparently due to wedge
imperfection.

In Table 5, numerical data related to
the contact stress distributions
depicted in Fig. 7 are given. The value
of the contact stress peak at the roller
drum edges is denoted by σpkc . The
quantity σavc is the linear extrapolation
to the boundary of the contact stress
in the middle part of the drum. A lin-
ear regression function is computed
for the contact stress distribution
between ξ = LD/30 and ξ = 29LD/
30 which is then extrapolated to the
edge of the contact line to yield σavc .
The quantity ρP expresses the edge
contact stress concentration intensity:
it is calculated as the quotient of σpkc
divided by σavc .

The coefficient μP is the ratio of edge
contact stress σpkc over the allowable
contact stress σAL

c (from Table 2) that
gives a measure of the local allowable
contact stress violation at the roller
edge. Values for μP are shown only
for the X40Cr13 material (E = 190
GPa) as there exist no σAL

c data for a
steel material with E = 210 GPa com-
bined with a manufacturer-prescribed
load that would make the comparison
possible. Last, the coefficient EH gives
the ratio of FE-computed edge con-
tact stress divided by the Hertz con-
tact stress (from Table 4), i.e. it
provides a measure of the error of the
classical design approach in a practi-
cal situation.

A first conclusion from the data of
Table 5 is that the Hertz formulas
appear to underestimate the contact
stress value in a local sense: this fact
can be deduced by the values of the
EH coefficient which has values
between 1.23 and 1.89.

The second major conclusion con-
cerns the values of μP which indicate
that the manufacturer-prescribed load
indeed leads to local violation of the
allowable contact stress as provided
in the certificate of the roller.5 Given
that the observed failures discussed in
the Laboratory Investigation section
initiated at precisely these edge points
of the contact line, it is believed that
the two facts are correlated and
therefore the local violation of the
allowable contact stress is an

Case E = 190
GPa

E = 210
GPa

Short roller 2158.1
(0.86)

2268.8
(0.91)

Long roller 2086.2
(0.83)

2193.2
(0.88)

Table 4: Values of maximum contact stress
following the Hertz formulas (in MPa)
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Fig. 7: Normalized maximum contact stress η over normalized contact line position ξ;
elastic materials with E = 210 and 190 GPa.
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important element behind the failures
of the roller bearings.

Other aspects of the contact stress dis-
tribution that can be deduced from
Table 5 are the following.

• Shorter rollers develop higher edge
contact stress concentration (ρP
values).

• The edge contact stress concentra-
tion (ρP values) ranges roughly
around 1.3 � 0.07 but drops when
uplift is imminent due to the wedge
imperfection magnitude.

• Increasing the wedge imperfection
increases the deviation from the
Hertz solution (EH values in
Table 5) as well as the degree of
violation of the allowable contact
stress limit (μP values).

• It can also be observed in Fig. 7
that increasing the wedge imperfec-
tion causes the maximum allowable
contact stress to be exceeded along
substantial parts of the contact line.

Table 6 gives the factor ρM calculated
as the ratio of the maximum von-Mises
stress observed in the interior of the
roller and the average contact stress σavc
introduced earlier. The values of ρM
are indicative of the material situation
in the interior of the roller. Taking for
example the case of the long roller
made of X40Cr13 where σavc is
2039 MPa for the manufacturer-
prescribed load (see Table 4), the ρM
value of 1.104 would require the
material to sustain a von-Mises stress
level of 2251 MPa under the elasticity

assumption. The yield strength fy of
X40Cr13 is however much lower,
between 1254 MPa and 1478 MPa
(see Table 1). It follows that the roller
undergoes plastic deformation at very
low values of the contact stress. In
order to retain the roller’s elasticity,
the following condition

σavc <
σAL
c

ρL
where ρL = ρM

σAL
c

fy
ð14Þ

must be fulfilled. Here σAL
c is the

allowable contact stress and fy is the
yield strength of the roller material
(the 1266 MPa value was used for the
generation of the ρL values in Table 6).
The result would be a substantial
reduction of σAL

c in order to keep the
roller material in the elastic regime.

E = 210 GPa E = 190 GPa

Short roller

Wedge σpkc σavc ρP EH σpkc σavc ρP μP EH

1/∞ 3175 2382 1.332 1.40 2760 2150 1.283 1.10 1.28

1/1600 max 3341 2543 1.313 1.47 3042 2326 1.307 1.22 1.41

min 2866 2186 1.310 2468 1974 1.250

1/800 max 3607 2742 1.315 1.60 3353 2528 1.325 1.34 1.55

min 2485 1943 1.278 2094 1721 1.216

1/400 max 4195 3213 1.305 1.85 3843 2811 1.367 1.54 1.78

min 2289 2115 1.082 2082 1995 1.043

Long roller

1/∞ 2695 2154 1.251 1.23 2575 2039 1.263 1.03 1.23

1/1600 max 2941 2302 1.277 1.34 2785 2180 1.277 1.11 1.34

min 2424 1975 1.227 2331 1905 1.223

1/800 max 3244 2509 1.292 1.47 3013 2320 1.299 1.21 1.44

min 2261 2165 1.044 2168 1734 1.250

1/400 max 4154 3154 1.317 1.89 3423 2570 1.332 1.40 1.64

min uplift 2188 2081 1.051

Table 5: Edge contact stress concentration factors and comparison with the Hertz formula results

Wedge σM σavc ρM ρL σM σavc ρM ρL

E = 210 GPa E = 190 GPa

Short roller

1/∞ 2821 2382 1.184 2.338 2414 2150 1.122 2.216

1/1600 3029 2186 1.385 2.735 2674 1974 1.354 2.674

1/800 3264 1943 1.679 3.316 2965 1721 1.722 3.400

1/400 4115 2115 1.945 3.841 3428 1995 1.717 3.391

Long roller

1/∞ 2361 2154 1.096 2.164 2253 2039 1.104 2.180

1/1600 2580 1975 1.306 2.579 2444 1905 1.282 2.532

1/800 2862 2165 1.322 2.611 2659 1734 1.533 3.027

1/400 3705 2291 1.616 3.191 3049 2081 1.465 2.893

Table 6: Ratio of von-Mises σM to average contact stress σc
av (elastic material)
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Values for ρL can be easily calculated
from ρM, the yield strength of the
roller material and σAL

c , and are given
in Table 6. It can be mentioned here
that applying the coefficient ρL as a
reduction factor of the allowable con-
tact stress, gives roller results using
Hertz formulas that are quite close to
that of the AASHTO method:
dividing the resulting maximum linear
contact pressure densities calculated
by the Hertz and the AASHTO
formulas (respectively relations
(6) and (10)) yields 2.691 which is
around the average value of ρL for
small wedge imperfection values.
Figure 8 presents the effect of
material non-linearity on the

maximum contact stress value. The
values of the maximum contact stress
σc are plotted over the position xcl
along the contact line.
It is apparent that the non-linearity of
the material has a remedying effect on
the contact stress. As a consequence,
the reduction in the maximum contact
stress is obviously associated with ine-
lastic material deformation in the inte-
rior of the roller. This redistribution is
also evident in the linear load density
along the contact line of the roller
depicted in Fig. 9. The effect is more
prominent for the short roller.

Finally, the maximum contact stress σc
distribution along the contact lines of

the roller drums for the X40Cr13
material is given in Fig. 10. Except for
the rather singular case of the 1/400
imperfection in the short roller, the
contact stresses appear well below the
allowable level shown with the hori-
zontal red dashed line in the figure.

However one must not disregard the
fact that considerable inelastic defor-
mation has occurred in the interior of
the roller material in order to reach
this contact stress distribution.

Conclusions

The aim of the paper was to make a
critical approach to the traditional
Hertzian contact design methodology
of roller bearings and their failure
cases by means of analyses based on
an accurate and comprehensive FE
model. The results showed two major
issues that appear to be connected to
the observed failures: contact stress
concentrations at the outer edges of
the roller cylinders and the sensitivity
of the rollers to misalignment of the
upper and lower contact plates due to
either manufacturing imperfections or
thermal differences in the bridge.

As discussed in Laboratory Investiga-
tion section, the fractographic examina-
tion showed initiation of the cracks at
the outer points of the contact lines.
The linear FE analyses results of the
two studied models that correspond to
rollers currently in service in Sweden
showed a severe contact stress concen-
tration at precisely the same point under
the linear elastic roller material assump-
tion. Also, the element of misalignment
between the upper and lower contact
plates of the bearing was investigated.

The magnitude of these edge contact
stress concentrations is summarized in
Table 5. The deviation of the Hertz
formula-derived contact stress from the
FE model result was as high as 1.28 for
the case of a perfectly aligned roller
made of the X40Cr13 material without
misalignment. This deviation rises up to
1.55 for a conservative value of roller
misalignment of 1/800. Even higher
values were found for classical steel
(E = 210 GPa) and higher roller misa-
lignment. Longer rollers behaved bet-
ter than short ones. These deviations
from the Hertz formulas have the con-
sequence that, a traditionally designed
roller may develop contact stresses that
are 55% higher than the maximum
allowable contact stress under the lin-
ear elastic material assumption.
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The association between contact stres-
ses and the development of plastic
deformations in the roller material was
also investigated. It was found that
keeping the roller material in the elastic
regime requires a drastic reduction in
the allowable contact stress. The results
are summarized in Table 6 and the
respective necessary reduction is
around 2.2 times for the X40Cr13 mate-
rial with the absence of misalignment
imperfections. A conservative misalign-
ment imperfection of 1/800 increases
the values to 3.40 and 3.03 for a short
and a long roller respectively. Taking
into account the edge stress concentra-
tions requires a further reduction of the
allowable contact stress by the coeffi-
cient ρP given in Table 5, whose values
range between 1.2 and 1.3 for the
majority of the studied cases. Finally, it
was found that the AASHTO roller
bearing design methodology gives
results that are close to the requirement
that the roller operates elastically.

Non-linear FE analyses showed a sig-
nificant re-distribution of the contact
stresses associated with roller material
non-linearity. This fact explains the
frequent failures in the context of a
fatigue associated fracture.
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a b s t r a c t

In this work, the finite element method is employed to gain an understanding of the beha-
viour of a cracked bridge roller bearing in service. The cracked roller is considered as a two-
dimensional edge-cracked disk subjected to a radial compressive line load. The crack
parameters KI and KII are calculated for the relevant load configuration and angle of disk
rotation. The calculated data are also used to check the accuracy of approximate SIF solu-
tions reported earlier (Schindler, 1990; Schindler and Morf, 1994). For plain Mode I loading
very good agreement is found between the obtained results and data presented in
Schindler and Morf (1994).

� 2016 Elsevier Ltd. All rights reserved.

1. Introduction

In recent years several large cracks were detected and some sudden failures occurred in Swedish bridge roller bearings
made of martensitic stainless steel. Rollers may crack after only a few years in service thus giving rise to serious maintenance
problems, often involving complicated jacking procedures in bearing replacement work. Typically, cracking starts at a roller
end face just beyond the compressive contact zone and extends in a radial plane [3].

The rollers were designed in the 70s or earlier according to the Hertz solution of the contact problem rigid cylinder and
elastic half-space. The behaviour of the cracks observed appears to be somewhat unusual, in that initiation occurs in a region
of tensile stress beyond the contact surface [3] and the nominally compressive stresses in the Hertzian contact region do not
exceed certain maximum allowable values as defined in pertinent regulations [5].

Perhaps the best approach towards an explanation of fractures observed in practice is that by Schindler [1,2] introducing
the idea of a swinging Hertzian stress-field: due to daily and seasonal thermal deformation of a bridge girder (superstruc-
ture), a radial crack rotates around a mean position under predominantly Mode II loading.

Stress intensity factors (SIF) for an edge-cracked disk subjected to crack surface loading have been obtained by several
authors using the weight function method and ad hoc manipulations [6–9], while solutions for compressive radial loading,
which occurs in practice, have not been found in the literature. However, none of the weight function method solutions
appear to give satisfactory results for the cracked roller.

Considering the resultant of compressive stresses acting on a disk as a point load on one side of the crack-mouth in an
edge-cracked disk, Schindler presented approximate closed form solutions for the Mode I SIF using the principle of super-
position [1,2]. The KI solution by Schindler in [1] has been re-derived by the authors and the results are compared.

http://dx.doi.org/10.1016/j.engfracmech.2016.10.018
0013-7944/� 2016 Elsevier Ltd. All rights reserved.
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For KII, Schindler [1,2] suggested the SIF of an edge crack in a strip of width 2R, where R is disk radius, Fig. 1, loaded by two
coplanar opposite forces acting on each side of the crack-mouth [10].

In the present work, linear elastic fracture mechanics finite element analyses (FEA) are performed in order to compute the
SIFs KI and KII of the cracked roller for the relevant load configuration and degree of rotations. The results are also compared
with approximate solutions reported by Schindler [1,2] to check the agreement of the numerical solutions.

2. Analytical solutions

Schindler [1,2] considered the resultant of the compressive stresses, rc, as a point-load P acting on one side of the crack-
mouth (system A) for cracks of length a� e/2 and a� s, where e and s are shown in Fig. 1(a). He decomposed this load con-
figuration using the superposition principle into the systems B and C, Fig. 1(b).

He assumed that the system B crack behaves approximately like an edge crack in a strip of width 2R, loaded by two copla-
nar opposite forces acting on each side of the crack-mouth, according to Tada et al. [10].

KII ¼ Pffiffiffiffi
D
p

1:30� 0:65Aþ 0:37A2 þ 0:28A3
� �

ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
p � Að1� AÞp ð1Þ

where A ¼ a
2R

In the symmetric system C, the crack-mouth region subjected to the two point-loads deforms elastically, closes the crack,
and a horizontal contact force Q develops. The magnitude of Q can be calculated from the displacement d of a crack edge free
to move across the symmetry-axis and the compliance of the crack-mouth region. For cracks a 6 R, the displacement d can be
calculated approximately by modelling a triangular region between a crack surface and the outer surface of the disk as a
clamped cantilever beam, here OAA0, with linearly increasing cross-section, Fig. 2.

Assuming the x–axis as the centreline of the cantilever beam, which is assumed rigidly attached to the reminder of the
specimen along the line AA0, the bending moment acting on the beam cross-section BB0 is given

MðxÞ ¼ T � x ð2Þ
The height of this beam cross-section, given by the line BB0 is 2x. According to elementary beam theory the deformation

energy per unit length of a beam is given by:

dU
dx
¼ M2

2EI
ð3Þ

where I = bh3/12, in which b is taken as unit and h = 2x.
The deformation energy of the beam per unit thickness is given by

U ¼
Z l

0

MðxÞ2
2EI

dx ¼ 1
2E

Z l

0

T � xð Þ2
ð2xÞ3=12

dx ¼ 3T2

4E

Z l

0

dx
x

ð4Þ

Fig. 1. Schematic sketch of: (a) the crack load and (b) decomposition of the load.
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The displacement of the load T along its direction is given by theorem of Castigliano. Since y ¼
ffiffiffi
2
p

x and y = a when x = l,
we get for the upper limit of the integral l ¼ a=

ffiffiffi
2
p

,

dT ¼ @U
@T
¼ @

@T
3T2

4E

Z l

0

dx
x

 !
¼ 3

4
@

@T
T2

E

Z a=
ffiffi
2
p

e=2

dx
x

 !
¼ 3

2
T
E
ln

ffiffiffi
2
p

a
e

ð5Þ

The integrand is singular at x = 0 and the lower limit, following Schindler [1], is instead chosen as e/2, see Eq. (5). The
displacement perpendicular to the y-axis is given by

d ¼ dTffiffiffi
2
p ¼ 3

2
ffiffiffi
2
p T

E
ln

ffiffiffi
2
p

a
e

ð6Þ

where T, the transverse component of P/2, i.e. T ¼ P=ð2
ffiffiffi
2
p
Þ and the width e of the contact area due to a contact force P,

according to Roark [12] is given by e ¼ 2:15
ffiffiffiffiffiffiffiffiffiffiffiffiffiffi
2PR=E

p
. The displacement perpendicular to the y-axis is

d ¼ 3
8
P
E
ln 0:465a

ffiffiffiffiffiffi
E
PR

r !
ð7Þ

In order to find the compliance of the system, the crack-mouth opening 2D due to the horizontal forces Q is calculated. For
relatively short cracks (a� R) this can be done by using the basic solution [10]

KI ¼ 2:60
Qffiffiffiffiffiffi
pa
p ð8Þ

For the system C shown in Fig. 1(b), by considering the energy in a cracked body as a function of the SIF and applying
Castigliano’s theorem, is obtained

D ¼ @

@Q
1
E

Z a

a0

K2
I ðaÞ da ð9Þ

Inserting Eq. (8) in Eq. (9) yields

D ¼ @

@Q
1
E

Z a

a0

2:60
Qffiffiffiffiffiffi
pa
p

� �2

da ¼ @

@Q
1
E

Z a

e=2
6:76

Q2

pa
da ¼ 13:52

Ep
Q ln 0:658a

ffiffiffiffiffiffi
E
PR

r !
ð10Þ

Fig. 2. Schematic sketch for calculating displacement d.
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The condition of physical contact between the two opposite edges of the crack requires d = D. By using Eqs. (7) and (10)
one finds

Q ¼ 0:028 � p � P
ln 0:465a

ffiffiffiffi
E
PR

q� �
ln 0:658a

ffiffiffiffi
E
PR

q� � ð11Þ

Inserting Eq. (11) in Eq. (8)

KI ¼ 0:229
Pffiffiffiffiffiffi
pa
p

ln 0:465a
ffiffiffiffi
E
PR

q� �
ln 0:658a

ffiffiffiffi
E
PR

q� � ð12Þ

Through a similar though simplified procedure Schindler [1] arrived at

KI ¼ 0:201
Pffiffiffiffiffiffi
pa
p ð13Þ

The solution is only valid for crack lengths in the range e� a 6 R. For short cracks, i.e. cracks comparable in size with e
and smaller, and for cracks greater than R, the KI solution is not valid, according to [1].

In [2], Schindler presented a closed form solution for the Mode I SIF, for which the derivation was not found in the
literature:

KI ¼ 1:2656
Pffiffiffiffiffiffi
2R
p

ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
A

1� A3
� �

vuut � 2:5935þ 4:4533 � Affiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
Að1� A3Þ

q � Z

2
64

3
75 ð14Þ

where

Z ¼ 2:5935 � I1 þ 4:4533 � I2
23:0993 � I1 þ 19:8319 � I2 þ 6:7262 � I3 ð15Þ

in which I1, I2 and I3 are given by

I1 ¼ 1� ð1� AÞ2
2 � ð1� AÞ2

I2 ¼ A2

2 � ð1� AÞ2

I3 ¼ ln
A

A0 � ð1� AÞ þ
2 � A
1� A

þ A2

2 � ð1� AÞ2

ð16Þ

where A0 ¼ a0
2R

a0 is the width of the contact area of the crack faces near the crack-mouth. It can be assumed to be approximately the
width of the Hertzian contact area. A0 = 0.02 is considered, according to [2].

SIFs according to Eqs. (12)–(14) are compared below with FEM results.

3. Finite element modelling

The case study concerns a roller bearing of the Skellefteå bridge in Sweden [3,4]. The roller is made of martensitic stain-
less steel (X40Cr13) with a Mode I plane strain fracture toughness of KIc = 792.6 N/mm3/2. The diameter is 130 mm and the
total length of the gross contact area is 553 mm. The design load (allowable load) of the Skellefteå Bridge is 7085 N/mm. Due
to the thermal deformation of the bridge superstructure, the top plate undergoes a horizontal displacement of ±13.3 mm cor-
responding to a roller rotation of approximately ±12� [3].

The cracked roller can be considered as a circular disk of radius R containing a radial edge crack of length a and subjected
to a compressive load P acting along a diameter (see Fig. 3). Due to the daily thermal deformation of the bridge, an existing
radial crack rotates an angle a with respect to the loading line. When a is zero, the crack is subjected to Mode I loading only
and for non-zero a values mixed KI and KII loading occurs.

The Mode I and Mode II SIFs due to the contact stress distribution strongly depend on two parameters: the crack length
ratio a/(2R) and the angle of rotation a. A two-dimensional plane strain model of a roller is considered in order to examine
the effect of these two parameters on the Mode I and Mode II SIFs.

The model consists of a 130 mm diameter circular disk held in contact between two parallel rigid plates. The roller mate-
rial is assumed to be linear elastic, with Young’s modulus 210 GPa and Poisson’s ratio 0.3. The bottom plate is fixed and the
disk is compressed by application of the allowable load of 7085 N/mm to the top plate.
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Fig. 4 shows the mesh pattern generated using the quadratic-reduced integration plane strain elements CPE8 [11] for
modelling the cracked roller. To capture the square root singularity of the stress-strain field at the crack tip, the mid-side
nodes on concerned element sides connected to the crack tip are displaced to the quarter point nearest to the crack tip. A
general surface-to-surface smooth contact condition with no friction is assumed to simulate the contact behaviour between
the crack faces under conditions of crack closure.

Fig. 3. Cracked roller loaded by compressive radial force.

Fig. 4. Finite element mesh used for the roller containing a crack length ratio of a/2R = 0.2.
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4. Results and discussion

The crack length a was varied such that the crack length ratios a/(2R) = 0.05, 0.2, 0.5 and 0.9 were obtained. The range of
the crack angle was 0 6 a 6 12� and the increment of a for successive calculations was 1�. Fig. 5 shows dimensionless KI and
KII SIFs as functions of a. For a = 0, a crack is subjected to pure Mode I loading and relative sliding of the crack faces does not
occur. For increasing a, crack opening in general decreases.

The closure effect is most pronounced for small cracks (e.g. a/(2R) = 0.05): due to the compression zone along the contact
region between the roller and a plate, the entire crack is always fully closed, resulting in a vanishing KI except for a = 0. For
larger cracks, of length ratios 0.2, 0.5 and 0.9, the crack is open for a = 0, giving a maximum to KI. As a increases, KI for a/(2R)
= 0.2 decreases to zero at about 11 degrees rotation and larger for longer cracks. For small a, KII increases initially with a and
a peak occurs at 3 and 4 degrees rotation for a/(2R) = 0.05 and 0.2, respectively, with a steady decrease for further rotation.
For a/(2R) = 0.5, KII increases up to 4 degrees rotation and remains almost constant for further rotation. For a/(2R) = 0.9, KII

increases significantly up to 6 degrees rotation, with a smaller increase for further rotation. The peak value of KII indicates the

Fig. 5. Variation of stress intensity factors: (a) KI and (b) KII.

Fig. 6. KI calculated using FE compared with Schindler [1,2] and the authors results.
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most unfavourable orientation of the crack in which position one side only of the crack-mouth is loaded by the support plate
and the other side is free to slide.

Fig. 6 shows the results calculated by FE analyses and the numerical results given by Eqs. (12)–(14). Inserting the perti-
nent values of P and R (7085 N/mm and 130 mm, respectively) in Eqs. (12)–(14), a very good agreement was obtained
between the FE and Eq. (14) results for all crack length ratios. The FE results are derived under plane strain conditions, which
are assumed to prevail in a roller in service, while the stress state in Eq. (14), although not stated in [2], is here assumed to be
plane stress, as Poisson’s number does not appear in Eq. (14). Hence we do not expect the respective results to be identical.
Eqs. (12) and (13), which are derived under plane stress conditions, seem to be applicable only for values of 0.1 < a/(2R) �
0.2. For larger values of a/(2R), KI was found to decrease with crack-length and did not come close to the FE results.

Comparing Eqs. (12) and (13), both result in almost the same values for a/(2R)P 0.2, but they diverge gradually from each
other for a/(2R) 6 0.2.

5. Conclusions

The KI and KII SIFs of the cracked roller for the relevant load configuration and angle of rotation were calculated using
finite element analyses. It was found that Mode II dominates and that the KI and KII SIFs are strongly influenced by crack
length ratio a/(2R) and the angle of rotation a. The calculated data were also used to check accuracy of previous approximate
SIF solutions [1,2]. It was found that the closed form solution by Schindler [2] can be used with sufficient engineering accu-
racy to calculate KI for a crack subjected to purely Mode I loading.
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A B S T R A C T

The paper is aimed at finding the likely failure mechanism of a bridge roller bearing made of high
strength martensitic stainless steel. Spectroscopy and finite element stress analysis of the roller
indicated that an initial radial surface crack, found at an end face of the roller and close to the
contact region, was induced by stress corrosion cracking (SCC). The initial crack subsequently
changed shape and increased in size under growth through fatigue and finally formed a quarter-
circle radial crack centred on the end face corner of the roller. Numerically computed stress
intensity factors for the final crack showed that crack loading was predominantly in Mode II. For
a crack size as observed on the fracture surface, the maximum service load, as specified by the
manufacturer, enhanced by a certain roller bearing misalignment effect, was sufficient for failure
through fracture.

1. Introduction

Roller bearings in a bridge transfer the superstructure loading to the supports, without restraining the longitudinal deformation of
the superstructure due to temperature variations and traffic loading. In theory, bearings should last for the entire design life of a
bridge. However in practice, replacement has often been found necessary after around 30 years. Rollers made of martensitic stainless
steels may even crack after only a few years in service thus giving rise to serious maintenance problems, often involving complicated
jacking procedures in bearing replacement work. Typically, cracking starts at a roller end face just beyond the compressive contact
zone and extends in a radial plane. The behaviour of such a crack appears to be somewhat unusual, in that after initiation in a region
of tensile stress (see Fig. 11(a)) beyond the contact surface, extension occurs in a nominally compressive stress field.

Perhaps the best approach towards an explanation of fractures observed in practice is that by Schindler [1,2] where the idea of a
swinging Hertzian stress-field is presented: due to daily and seasonal thermal deformation of a bridge girder (superstructure), a radial
crack in a roller rotates around a mean position under predominantly Mode II loading. In this work, a three-dimensional material
nonlinear finite element analysis was performed to gain insight into the bearing behaviour of a roller in a structure subjected to
temperature cycles, or more specifically the stress state of the roller in service.

In a recent paper by Koltsakis and Noury [3], the effect of wedge imperfections, that is, the horizontal misalignment between the
roller loading line of the bridge girder and of the abutment, on the observed failure was studied. It was found that the roller contact
stresses indeed depend very strongly on wedge imperfections. Therefore, the effect of wedge imperfections on stress intensity factors
might be significant.

Stress intensity factors for an edge-cracked circular disk subjected to crack face loading have been obtained by several authors
using the weight function method and ad hoc manipulations [5–8], while solutions for compressive radial loading has not been found
in the literature. However, none of the weight function method solutions appear to give satisfactory results for the cracked roller. To

http://dx.doi.org/10.1016/j.engfailanal.2017.06.035
Received 14 April 2016; Received in revised form 8 June 2017; Accepted 8 June 2017

⁎ Corresponding author.
E-mail address: pourya.noury@ltu.se (P. Noury).



this end, three-dimensional finite element analyses of a quarter-circle radial corner crack in a diametrically compressed roller, which
are observed in practise, were performed in order to calculate stress intensity factors for both a perfectly aligned and a misaligned
roller. A significant increase in stress intensity factors was observed when the effect of a wedge imperfection of realistic magnitude
was included.

In the literature, several reasons have been suggested for crack initiation in bridge roller bearings. Metallurgical investigations
[4,22] indicated inadequate corrosion resistance of the roller material and hydrogen-assisted stress corrosion cracking; in addition,
the material hardness greatly exceeded the specification requirement. In the present work, a failure investigation is carried out to
provide a reasonable explanation of recent roller bearing failures in two bridges in Sweden, the Skellefteå and the Öland bridges. The
results of both experiments and computations were used to propose a possible crack growth scenario resulting in the observed failure.

2. Visual examination of roller fracture surface

Fig. 1(a) shows an example of a fractured roller.
A crack appears to have started at an end face of the roller just below the contact interface and extended in a radial plane

longitudinally along the axis of the roller, so that just each half of the roller on either side of the crack will carry the total load
alternatingly as the roller rotates. The beach markings on the fracture surface indicate progressive crack extension with alternating
periods of growth and arrest. Fig. 1(b) shows the most probable fracture origin situated on the diameter through the 12 and 6 o'clock
positions at the end face (A1 and A2), further beach-marks (B1 and B2) and location of the final fracture with a heavily corroded
fracture surface (C) and finally the area along the contact surface of the roller where the paint coating layers were removed by wear in
service (D).

3. Chemical composition

The chemical composition of both failed rollers was analysed and the results are shown in Table 1. The materials, which conform
to a 0.4% C–13% Cr martensitic stainless steel (X40Cr13), combine high tensile strength and moderate corrosion resistance.

4. Mechanical properties

Due to the high hardness of the roller material, wire electrical discharge machining (w-EDM) was used to manufacture test
specimens. Specimen types and their orientation in the fractured rollers are illustrated in Fig. 2. The notch planes of the compact
tension (CT) and of the Charpy V-notch specimens were oriented parallel to the fracture surface.

Uniaxial tensile tests were performed for each roller. As shown in Table 2, elongation is only a few per cent and one of the

Fig. 1. Visual examination of the fracture: (a) the Skellefteå roller bearing failed in service, (b) the fracture surface and (c) crack initiation site A1; the dashed line
indicates the initial crack boundary.

Table 1
Chemical composition (wt%) of the bearings.

Sample C Si Mn P S Cr Cu Mo Al Ni V N

Skellefteå 0.434 0.44 0.36 0.02 0.011 14.05 0.072 0.09 0.009 0.26 0.013 0.034
Öland 0.441 0.35 0.31 0.014 0.004 13.78 0.038 0.02 0.077 0.08 0.016 0.022
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specimens failed prematurely. It was concluded that the material is rather brittle.
Standard Charpy-V notch toughness testing was performed in order to determine the notch toughness of the material. The notch

toughness at −20 °C was 2.8–4.8 J (see Table 3).
Three CT tests were performed for each roller material in order to determine the Mode I fracture toughness of the failed rollers at a

temperature of −30 °C. A common feature was that all specimens failed suddenly and catastrophically under globally linear be-
haviour at a well-defined ultimate load, PQ (see Fig. 3).

One of the Skellefteå specimens failed during fatigue pre-cracking. The brittle behaviour permitted application of linear elastic
fracture mechanics (LEFM) to determine Mode I fracture toughness values, according to [9]. Once the maximum load, PQ and crack
length a were determined, a provisional fracture toughness, KQ was calculated for each specimen using the equation

= ⎛
⎝

⎞
⎠

K
P

B W
f a
WQ

Q

where B and W are specimen thickness and characteristic width, respectively. f(a/W) is a dimensionless specimen geometry function
of a/W. The results are summarized in Table 4. All specimens satisfied plane strain conditions [9] and an average Mode I plane strain
fracture toughness of KIc = 792.6 N/mm3/2 was obtained for the roller materials.

The hardness was measured across a cross-section surface far away from the end face of a roller. As shown in Table 5, the hardness
varies very little. An average hardness of 640 HV across the contact line was obtained in the vicinity of the most probable fracture
origin A1 (see Fig. 1(c)). The average hardness was some 10% greater than the specification requirement [14] of 580 HV.

5. Microscopy and fractography

A cross-sectional surface, cut across the diameter of the Öland bridge roller bearing, and a Charpy specimen fracture surface were
studied using optical and scanning electron microscopes, respectively. The cut surface was after grinding polished and etched in
Villela's reagent (1 g picric acid + 5 ml HCl + 100 ml ethanol). Fig. 4 shows the microstructure of the roller material, which is
characterized by finely dispersed carbides in a martensitic matrix.

The microscopic examination of the secondary cracks in areas recognized as possible initiation sites of the failure in the Öland
roller confirmed that the roller experienced SCC, Fig. 5(a). SEM examination of the fracture surface in the vicinity of the initiation
sites revealed beach marks indicating fatigue crack growth. However, no evidence of fatigue striations was observed at high mag-
nifications, Fig. 5(b), a feature not uncommon in very hard and brittle materials.

The fracture surface of a Charpy impact test specimen is shown in Fig. 6(a). The globally flat fracture surface, absence of shear lips
and lateral contraction indicate a brittle fracture mechanism. However, at high magnification a mixture of micro-voids, quasi-
cleavage and secondary cracking reveal a failure mechanism of very low ductility, Fig. 6.

Fig. 2. Specimen design: Charpy (yellow), CT (green), tensile (blue) and chemical composition (red) specimens. (For interpretation of the references to colour in this
figure legend, the reader is referred to the web version of this article.)

Table 2
Room temperature tensile properties.

Sample Yield strength [MPa] Ultimate strength [MPa] Elongation [%]

Skellefteå 1 1478 1586 1.11
2 – – –

Öland 1 1266 1828 3.63
2 1254 1738 2.39

P. Noury, K. Eriksson



6. EDS analyses

Extensive energy dispersive spectroscopy (EDS) mapping analysis was carried out on the fracture surface as well as EDS line
spectrum analysis on some secondary cracks, Fig. 7. The results show the presence of chloride in those regions. The presence of
chloride ions is a first indication of the corrosive nature of the environment. The Öland bridge crosses the strait between the Swedish
mainland and the island Öland in the Baltic Sea. Also, some 600 de-icing events between 2002 and 2007 have been reported for the
Öland Bridge [12]. Therefore, chloride ions from both sea and road de-icing salts most likely contribute to a corrosive environment in
the area of the Öland Bridge.

EDS analysis of carbides in the microstructure showed further that the chromium content of the carbides was about 55% which is
much higher than the mean chromium content, Fig. 8. The precipitation of chromium-rich carbides during heat treatment under
certain time-temperature conditions is accompanied by chromium-depleted regions. Heat treatment of rollers [11,13] with such a
large mass and even local friction heating due to sliding of crack faces one relative to the other in service might result in formation of
such chromium depleted regions. Chromium depleted regions are known to be susceptible to SCC in an aggressive environment.

7. Design aspects of Skellefteå bridge roller bearing

The rollers, which were manufactured by the Kreutz Company in Germany, to the specifications of a certificate [14] issued in
1967, are widely known as Kreutz stainless steel roller bearings [15]. The total length of the gross contact area of the Skellefteå roller
is 553 mm. A maximum service load of 4610 kN was specified by the manufacturer. The permanent load (self-weight) of 2403 kN and
the transient load of 1501 kN were calculated for the Skellefteå Bridge by the designer [16]. Considering that in the allowable stress
calculation safety coefficients were already included in the stress limits of the material, these two load values can be added without
introduction of further load safety factors. The resultant 3904 kN is still smaller than the maximum service load of the roller,
4610 kN. The pertinent utility coefficient is 3904 / 4610 = 0.85 and the design load (allowable load) for the Skellefteå roller is
(4610.103 / 553) × 0.85 = 7085 N/mm.

An estimate of the thermal deformation of the bridge superstructure can be made by calculating its change of length as a function
of temperature change

= ⋅ ⋅L α T LΔ Δ N b

where Lb = 111 m is the length of the superstructure, α = 1.2 × 10−5 °C−1 the thermal expansion coefficient for steel and
ΔTN = 20 °C the daily temperature difference according to the Swedish Bridge Code [17], yielding a horizontal displacement of
ΔL = 26.6 mm, or± 13.3 mm of the superstructure, corresponding to a roller rotation of approximately± 11.7°.

As wedge imperfections may affect the contact stress field significantly, an attempt was made to estimate the magnitude allowed
in standards. Wedge imperfections may have several reasons and the two most important are: (i) essentially manufacturing and
structure erection imperfections, the magnitude of which are allowed up to 1/1000, according to [18], and (ii) the temperature

Table 3
–20 °C Notch toughness.

Sample 1 2 3 4 5 Average

Cv [J]

Skellefteå 2.83 3.14 3.46 2.83 3.46 3.14
Öland 3.78 4.11 4.79 4.45 4.11 4.25
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Fig. 3. Load-displacement curves obtained for the rollers at −30 °C.
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difference between the upper and lower parts of the bridge, some 20 °C as per [19]. The temperature difference enforces rotation of
the two main girders of a bridge in the cross-section plane of the bridge due to the different thermal deformation of the transverse
bracings, including those at the support cross-sections. With typically 8 m distance between girders and 2 m girder web height, the
resulting rotation of a girder cross section is 1/1500. A reasonable scenario in practice is the combination of the two aforementioned
imperfections resulting in an effective 1/600 wedge imperfection.

8. Stress analysis

Since the design capacity of the Skellefteå bearing was much greater than the sum total of the permanent and transient loads, a
Hertzian stress solution appears unsuitable in explaining the observed failure. Therefore a three-dimensional finite element analysis
was performed in order to clarify the mechanisms causing the roller failures. The purpose of this analysis was both to explore the
effect of a free end of a roller upon the stress distribution and to check whether the magnitude or range of some tensile stress field is
sufficient to support a SCC failure mechanism. Fig. 9(a), (b) show the three-dimensional model of the Skellefteå bearing which
includes a roller of 130 mm diameter in direct contact with two lower and two upper plates. The roller is made up by two end
segments, or drums, each 276.5 mm long, with a 41 mm wide groove of depth 14 mm between the drums. The contact plates are
pairwise situated between an upper and a lower support plate. The upper support plate is attached to a flange, web and web
stiffeners. The lower support plate is lying on a mass of concrete. A lateral movement control rib enters the groove between the roller
drums. All parts are modelled using realistic dimensions except that fillets at groove inner corners and chamfers at roller end faces are
neglected. The corresponding dimensions are summarized in Table 6.

All parts of the assembly are modelled using the element type C3D8R in ABAQUS [10]. Fig. 9(c) shows the meshing of the
different parts of the model. For both roller drums and plates, geometrical sub–regions are defined with a finer mesh to obtain more
accurate results regarding the distribution of the contact stresses. Lateral displacement of the top cross-section of the web is pre-
vented. This cross-section is vertically displaced downwards to obtain the maximum load specified by the manufacture on the roller.

The FE analysis is performed using an isotropic material model. The plates in contact with the roller are of the same material as
the roller, X40Cr13·The non-linear stress-strain relationship of the Öland-1 specimen is used for the roller and the plates, since its
elongation at fracture was greater than for the other specimens. Fig. 10 shows the Öland-1 specimen stress-strain curves. For the
support plates and the girder an elastic-plastic S355 material, roughly equivalent to St52, is assumed. Young's modulus of the
concrete material is 24 GPa and its Poisson's ratio 0.35.

At the maximum service load of 4610 kN specified by the manufacturer, finite element results show that the horizontal stress
(S11), perpendicular to and along the vertical loading line, is compressive within the first 3 mm above the contact surface and tensile
thereafter, Fig. 11(a). A maximum value of the tensile stress, about 150 MPa, occurs in a range some 5–6 mm above the contact
surface. The tensile stress then decreases slowly with distance from the contact surface to 41 MPa at the centre of the end face. The
tensile stress in the range mentioned becomes compressive outside± 3° roller rotation.

Fig. 11(b) shows the maximum shear stress distribution along lines± 45° from the loading line. The shear stresses (S12) act in
vertical and horizontal planes and in opposite directions on each side of the loading line. In other words, the shear stress distributions
on each side of the loading line are mirror images of each other and the shear stress along the loading line vanishes. The extreme
values of the shear stress 5–6 mm above the contact surface are of the order± 440 MPa and occur at± 4.5° roller rotation.

Table 4
Fracture toughness results.

Sample W B a f(a/W) PQ KQ

mm mm mm [−] kN [N/mm3/2]

Skellefteå 1 – – – – – –
2 45 15 23 9.96 8.10 802
3 45 15 22.5 9.66 7.81 750

Öland 1 44.5 15 22.5 9.81 8.12 796
2 45 15 24 10.71 7.34 781
3 45 15 23.5 10.36 8.10 834

Average 792.6

Table 5
Hardness values.

Distance from the surface [mm] Hardness [HV] Average [HV]

0 580 592 592 588
5 577 571 580 576
10 606 577 566 583

P. Noury, K. Eriksson



9. Fracture mechanics

A three-dimensional finite element model (see Fig. 12(a)), was established in order to compute stress intensity factors of an initial
quarter-circle radial corner crack of 20 mm radius for a perfectly aligned bearing, and a bearing with an effective wedge imperfection
of 1/600 included. The shape and size of the crack was chosen according to observations on the fracture surface.

Fig. 4. Optical micrograph of the microstructure.

Fig. 5. (a) Optical micrograph of the secondary cracks on the roller failed on the Öland Bridge, and (b) Fracture surface of the failed roller on the Öland Bridge: No
evidence of fatigue striations was found.

P. Noury, K. Eriksson



The model consists of a 130 mm diameter roller held in contact between two parallel rigid plates. To reduce computational
expenditure, only a single drum of the roller with length of 276.5 mm was considered. The range of the crack angle α was
0≤ α≤ 13°, and the increment for successive calculations was 1°. The roller material was assumed to be linear elastic, with Young's
modulus 210 GPa and Poisson's ratio 0.3. The bottom plate was fixed and the roller was compressed by application of the allowable
load of 7085 N/mm to the top plate.

A surface to surface contact condition between the roller and the plates was adopted, with a friction coefficient of 0.015 according
to [14]. In order to avoid crack face inter-penetration upon crack closure under Mode II and Mode III loading, a smooth contact
condition between the crack faces, using a standard ABAQUS [10] routine, was considered. The quadratic brick elements C3D20R
were used in the contour integral region in order to allow location of concerned mid-side nodes at element quarter points (see
Fig. 12(b)).

Generally under mixed-mode loading, propagation of a crack is governed by an effective crack driving force Keff, which results
from an energy equilibrium consideration of a cracked body [20]. The effective crack driving force is

= + +
−

K K K K
1 νeff I II

III2 2

and fracture ensues as the effective crack driving force exceeds the effective fracture toughness.
Stress intensity factors at the nodes 1, 11 and 16 in Fig. 12(b) are plotted versus roller rotation for a perfectly aligned top support

plate along the roller axis in Fig. 13. The stress intensity factors calculated in the vicinity of the outer surface of the crack, node 21,
are disregarded from; since the two first crack tip elements from the outer surface, along the crack front, are highly distorted, and
results in low accuracy of the results.

For α= 0, KII = KIII = 0 and the only remaining component of Keff is KI. Inserting the pertinent values of P and R (7085 N/mm
and 65 mm, respectively), in the expression Keff = 0.585 P / (2R)½, (see Fig. 13(a)), results in a maximum Keff = 363 N/mm3/2 at
node 1 which far from exceeds KIc of the material, 792.6 N/mm3/2. This means that KI alone cannot be responsible for fracture and
therefore mixed-mode conditions should be taken into account.

Fig. 6. (a) Charpy specimen fracture surface, and (b) the fracture surface of the Öland Bridge.
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A value of KIIc / KIc = 1.85 is determined in [21] for X42Cr13, a similar martensitic stainless steel used for bridge roller bearings.
Using this value, an estimation of the Mode II fracture toughness KIIc = 1466 N/mm3/2 is obtained. As shown in Fig. 13(b), for all
values of α, KII at node 1 (the crack front node on the roller end), is greater than at the embedded nodes 11 and 16 and as shown in
Fig. 13(c), KIII at node 16 is greater than at nodes 1 and 11. In Fig. 13(d), Keff at the nodes 1, 11 and 16 increases initially with α and a
peak occurs at 6°, 4° and 3° rotation, respectively, with a steady decrease for further rotation. The peak value of Keff at node 16 is
about 13% and 32% greater than the Keff peak values at nodes 1 and 11, respectively. It is concluded that none of the Mode II stress
intensity factors, nor Keff (at nodes 1, 11 and 16) exceed KIIc for any α in the range considered, in the absence of wedge imperfection.

As shown in Fig. 14, a significant increase in the stress intensity factors occurs when the influence of an effective wedge im-
perfection of 1/600 is included. Now KI alone in the range 0≤ α < 1° is sufficient for fracture. KII exceeds KIIc for α ≥ 2.8° roller
rotation and maximum occurs at some 4° rotation. Keff and even KII alone is in this α region so much greater than KIIc that a mixed-
mode fracture condition would most likely be satisfied, or alternatively, fracture might ensue for a much smaller crack.

10. Discussion

The investigations of the failed bearing in the Skellefteå Bridge showed that the allowable load as specified by the manufacturer is

Fig. 8. SEM micrograph of the chromium carbides.

Fig. 9. (a) Arrangement of the bearing, (b) single roller bearing, and (c) mesh details.
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some 15% greater than the maximum applied load in service, as calculated in the bridge design. Therefore, it is unlikely that the
bearings should fail due to static overload solely.

The mechanical testing of the failed rollers revealed a hardness some 10% higher than required in the specification [14], a very
small elongation to fracture, a Charpy notch toughness of a few Joules at −20 °C and a low fracture toughness at −30 °C, all being
features indicating and typical of a rather brittle material.

Three cracking mechanisms might be suggested for the failure of the bearings: first, SCC due to an aggressive environment, a
susceptible microstructure and an applied tensile stress. Second, fatigue crack growth requiring a certain stress range and a sufficient
number of cycles. Third, final failure through sudden fracture after fatigue growth to a critical crack size occurs.

To initiate a crack, a certain stress range is required, although a constant stress might be sufficient in a corrosive environment,
given enough time. The stress analysis of the Skellefteå roller shows that an end face region of the roller some 5–6 mm above the
contact surface, at the mean position experiences a horizontal stress (S11) of the order 150 MPa and a vanishing shear stress (S12),
Fig. 11.

On account of roller rotation the region experiences both varying normal and shear stresses. The normal and shear stress ranges
are of the order 150 and 880 MPa, respectively. The normal stress range is assumed sufficient for crack initiation through SSC in an
aggressive environment. The associated initial crack is assumed to be a surface crack along the mean ambient temperature load line
and of sufficient size for further growth through foremost fatigue. The growing crack is thus loaded in Mode I by the normal stress and
Mode II by the shear stress. The varying normal stress governs crack growth in the roller both radially and longitudinally but the
varying shear stress governs growth only radially. Normal and shear stress cycles are however out of phase; due to the complex
loading no attempt to model fatigue crack growth has therefore been made. After a certain number of load cycles the observed
quarter-circle corner crack A1 in Fig. 1(c) is formed.

Catastrophic crack growth follows when the crack attains such a size that the effective stress intensity factor, including wedge
imperfection effects, exceeds the effective fracture toughness of the roller material. As shown in Fig. 14, for an effective wedge
imperfection of 1/600, KI alone in the range 0≤ α < 1° is sufficient for fracture and Keff and even KII alone exceed KIIc for α≥ 2.8°
roller rotation.

The maximum of the mixed-mode stress intensity factor of the corner crack occurs at some 4° roller rotation, which is much
smaller than rotations observed in service. Therefore the most dangerous loading orientation occurs in every load cycle and the
maximum possible damage accumulates during fatigue. If further both KIIc and KIIIc for the present material had been known, it would

Table 6
Dimensions.

Parts Colour Material Dimensions (X × Y × Z) [mm]

Lower plate Red X40Cr13 292 × 26 × 190
Upper plate Red X40Cr13 297 × 26 × 190
Abutment Grey Concrete 1890 × 1000 × 720
Flange Orange St52–3 750 × 40 × 1000
Stiffener Orange St52–3 750 × 2500 × 12
Web plate Orange St52–3 12 × 2500 × 1000
Upper support plate Green St52–3 670 × 105 × 410
Lower support plate Green St52–3 670 × 115 × 500

Fig. 10. Stress-strain curves of Öland-1 specimen.
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Fig. 13. Variation of stress intensity factors at node 1, 11 and 16 for a perfectly aligned roller: (a) KI, (b) KII, (c) KIII and (d) Keff.

Fig. 14. Variation of KI, KII, KIII and Keff on the end face crack front position for a misaligned top plate (imperfection = 1/600) along the roller axis.
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have been possible to calculate the mixed-mode effective fracture toughness and to obtain a more accurate roller failure criterion.

11. Summary and conclusions

Two recent bridge roller bearing failures through fracture have been examined.
Three mechanisms are proposed involved in the roller failure scenario: (i) crack initiation through stress corrosion cracking, (ii)

stable crack extension through fatigue crack growth, and (iii) final failure through sudden fracture.
It was assumed that initial cracking was induced or at least assisted by stress corrosion cracking related to chromium depletion

and an aggressive environment.
The finite element stress analysis showed that a Mode I surface crack may initiate at the end of the roller, along a diameter in a

tensile stress region 5–6 mm above the contact region. Once initiated, the crack grows in a radial plane through fatigue under mixed
out-of-phase Mode I, and Mode II loading.

The fatigue loading is related to alternating roller rotation movement induced mainly by longitudinal thermal deformation of the
bridge superstructure.

The growing crack changes shape to form a quarter-circle corner crack in the roller for which shape Mode II loading is pre-
dominant. The final crack size was chosen according to observations on a roller fracture surface (see Fig. 1(c)). Service loading plus a
certain roller bearing misalignment was found sufficient for fracture.

In the absence of bearing misalignment roller failures are unlikely. In fact, wedge imperfections of a certain magnitude are
essential in order to satisfy a criterion for failure through fracture for cracks of shape and size observed on fracture surfaces in rollers
failed in service. In summary, crack initiation was due to a corrosive environment and certain wedge imperfection was necessary for
final failure.
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a b s t r a c t

With the innovation of elastomeric bearings in the mid-1950s steel bearings lost their
interest and significance both in research and development and subsequently even in
application. Steel bearings were gradually abandoned in bridges, followed by the technical
literature and design standards. However, a great number of steel bearings remain today in
service world-wide and will pose their particular challenges in the future. To the author’s
knowledge, just in Sweden, high strength stainless steel bearings still exist in no less than
some 650 bridges. In recent years, a large number of such bearings have failed with an
alarmingly high frequency in Sweden during a period of six to twenty years after installa-
tion making them a serious maintenance cost issue.
After a brief summary of the history of high strength stainless steel bearings, the paper

reviews service experience of such bearings in Sweden and elsewhere. Accompanying
finite element analyses were performed in order to gain insight into the likely failure
mechanism. Finally, this comprehensive review leads to a conclusion that identifies the
causes of the failures occurred and makes some recommendations.
Although previous investigations of the stainless steel bearings have not been able to

clearly identify the cause(s) of the failures occurred, it is found that the failures primarily
occurred due to initiation of cracks through stress corrosion cracking followed by fatigue
crack growth requiring a certain stress range and a sufficiently large number of cycles until
final failure ensued through sudden and instable fracture after fatigue growth to a critical
crack size.

� 2017 Elsevier Ltd. All rights reserved.

1. Introduction

It is well-known that bridge bearings have occupied a major part of the maintenance budget of bridges. In theory, bear-
ings should last for the entire design life of a bridge. However in practice, replacement has often been found necessary after
around 30 years. Rollers made of high strength stainless steels may crack even after only a few years in service thus giving
rise to serious maintenance problems, often involving complicated jacking procedures in bearing replacement work and con-
comitant interruption of traffic. The cost for the replacement of bearings, which is in general higher than for the original
installation, may become excessive if the design does not envisage and facilitate possible replacement operations (through
accessibility, extra jacking areas, etc.) [1].

http://dx.doi.org/10.1016/j.engfracmech.2017.06.004
0013-7944/� 2017 Elsevier Ltd. All rights reserved.
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Roller bearings are perhaps the simplest type of movable bearings. They have a long history and are a convenient option
for bridges or roof trusses [2]. Roller bearings in a bridge, besides transferring the superstructure loading to the supports,
permit longitudinal deformation of the superstructure due to temperature variations and traffic loading. Cast iron and struc-
tural steel were extensively used for manufacturing of roller bearings between 1850 and 1950. A comprehensive review of
the evolution of cast iron and steel bridge bearings in this period in the countries of Central Europe where German was spo-
ken is given by Wetzk [3].

Kreutz Company in Germany is well-known as the inventor of high strength stainless steel and surface hardened roller
bearings [4]. At the end of the 1950s, the Kreutz Company introduced the expensive chromium electroplating technique
to provide corrosion resistance and to increase surface hardness for bridge rollers. One of the first applications of such bear-
ings was the Norderelbe Bridge in Hamburg in 1958. The rollers were made of C45 (1.0721) or C15 (1.0401) chromium plated
steel. It was however found that corrosion and accumulation of corrosion products in the contact areas was often the cause of
failure of chromium plated rollers.

High local compressive stresses occur generally along the roller contact lines. To reduce roller diameter, the use of stain-
less steel roller bearings with a high surface hardness and low friction began in Germany and Switzerland in the 1970s.
X90CrMoV18 (1.4112), the earliest stainless steel grade, also introduced by the Kreutz Company, however often failed in
a brittle manner that was attributed to a high carbon content of 0.85–0.95%. This steel grade was therefore replaced by
X40Cr13 (1.4034), a quenched and tempered high strength stainless steel. The Kreutz stainless steel roller bearings made
of X40Cr13 quickly superseded the chrome plated bearings.

As business ran so well for Kreutz stainless steel bearings, the Maschinenfabrik Esslingen (ME) Company, considering the
high cost of stainless steel, tried to reduce the cost by using the mating surface method in which the rollers were made of
structural steel on which a stainless steel weld metal of X40Cr13 was deposited and then machined to the required dimen-
sions. The rollers were called Corroweld roller bearings. Thanks to the high hardness level of weld layers made from
X40Cr13, Corroweld rollers allowed a length of up to 12 times the roller diameter. These bearings behaved in more ductile
manner compared to the Kreutz stainless steel bearings due to the ductile bulk material.

Gutehoffnungshütte Company improved the Corroweld bearings. In their application rollers were made of steel X40CrI3
and stainless steel welds deposited only on the bearing plates of structural steel. However, both the original and the
improved Corroweld types of bearings were found to fail after only a few years in service. The failures were attributed to
incisions and bore holes at the end face of rollers, intended for guiding purposes Fig. 1(a,b).

In 1967, at the end of the roller bearing era, the Kreutz Company, realizing that an incision results in stress concentration,
modified the design of the stainless steel bearings. The incisions at the end face of the roller were abandoned and in later
design replaced by an appropriate rack and pinion gear system Fig. 1(c). The roller and the roller plates were made of steel
X40Cr13 and were double tempered in order to facilitate transformation of retained austenite to martensite.

In the late 1970 s and early 1980 s, failures of the modified Kreutz stainless steel roller bearings were first reported in
Germany.

Nomenclature

a crack depth
Cv charpy impact energy
D roller diameter
E modulus of elasticity
fu ultimate strength of material
Keff effective crack driving force
KI mode I linear elastic stress intensity factor
KII mode II linear elastic stress intensity factor
KIII mode III linear elastic stress intensity factor
KIc critical value of KI at onset of brittle fracture in Mode I
KIIc critical value of KII at onset of brittle fracture in Mode II
L effective length of roller
N’Rd design resistance per unit length
R radius of roller
RP0.2 0.2% proof strength
Rm tensile strength
a roller rotation in degrees
cm partial material safety factor
m Poisson’s ratio
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In 1976, failures of such bearings in the Öland Bridge in Sweden were reported [5]. The bearings were installed and loaded
just by the bridge superstructure in 1970. Later, in 1972, the bridge was opened to traffic. The bearings were inspected in
1974 and no failures were reported. In November 1976, some of the rollers were found failed.

In Switzerland in the late 1980s and early to mid-1990s, failures of many road, highway and railway high strength stain-
less steel bridge roller bearings were reported by Schindler and Morf [6].

In the UK in 2002, failures of high strength stainless steel roller bearings on the Thelwall viaduct, a major bridge over the
Manchester ship canal and the river Mersey near to Warrington, was reported by Edwards et al. [7]. The viaduct was orig-
inally erected between 1959 and 1963. In the early 1990s the viaduct was no longer considered adequate for the then traffic
flow. A new and separate viaduct was erected alongside the old one, the work being completed in 1996. After some 6 years in
service, a total of 52 out of 136 of the bearings were found to contain cracks.

In Turkey in 1994, the renovation and widening project of the Golden Horn Bridge in Istanbul started in order to reduce
traffic congestion by the construction of two new bridges and repair of the existing bridge, erected in 1974 [8]. A preliminary
inspection of the existing bearings made of stainless steel showed that one of the rollers had split in half along a longitudinal
plane and that another roller was cracked. All the bridge bearings were therefore replaced because they were all of the same
design and material.

Recently in Sweden, failure of stainless steel roller bearings has been reported in many bridges from the north, in the Skel-
lefteå Bridge, to the south, in the Öland Bridge [9–11]

In the following, the referred failures have been reviewed and a possible failure scenario is proposed.

2. Design aspects of roller bearings

2.1. Standards and codes

The most common national standards and codes for roller bearings are listed in Table 1.
The current standard in Europe for roller bearings is EN 1337-4. This standard specifies the requirements for the design

and manufacture of single and multiple roller bearings, in which the roller axis is horizontal. The AASHTO-LRFD is the cur-
rent standard in the US for bridge design and Section 14 of this standard contains requirements for the design of roller
bearings.

2.2. Design resistance

The design resistance of a roller bearing per unit length N’Rd as a function of roller length L, radius R and ultimate strength
fu, according to EN 1337-4, is given by

N0Rd ¼ 23 � R � f
2
u

E
1
c2m

Fig. 1. Guiding mechanisms for roller bearings: (a) incision, (b) bolted plate and (c) rack and pinion gear system.

Table 1
Standards for bridge roller bearings.

Standard/Code Region

EN 1337-4 Structural bearings-Roller bearings. Europe
DIN 4141 Lager im Bauwesen, Teil 1 bis 14. Germany
BS 5400 Steel, Concrete and Composite Bridges. United Kingdom
AASHTO-LRFD American Association of State Highway Officials, Bridge Design Specifications. United States
TRVK BRO 11 Trafikverkets tekniska krav bro, G.6.2 och G.6.3. Sweden
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where cm = 1 is recommended. The design resistance of the roller bearings failed is calculated and listed in Table 2. Analo-
gous approaches are also followed by other standards. The allowable load recommended by the roller manufactures and the
permanent and transient loads calculated by the designers of the bridges [6,7,9,10,16] are also shown in Table 2 for compar-
ison. The design resistance values of the rollers are well in excess of the total of the corresponding permanent and transient
loads.

2.3. Tolerances

According to EN 1337-4, flatness, surface profile, surface roughness and parallelism of the contact surfaces must be con-
sidered for the design of a roller bearing. Among those tolerances, flatness and parallelism of the contact surfaces are mainly
affected by

(a) out-of-squareness of the lower girder flange at a structural bearing,
(b) out-of-flatness of the flanges, and
(c) temperature differences during erection of the bridge superstructure.

The out-of-squareness imperfection can cause severe stress concentration at a roller end sufficient for failure, Fig. 2(a).
The out-of-flatness imperfection results in either severe contact stress concentration at the roller ends or bending along
the axis of the roller. The latter can cause failure at the middle, weaker part, of the roller, Fig. 2(b). Finally, the deflection
of the girder due to temperature differences between primary and secondary structural parts can also result in out-of-
squareness imperfection, Fig. 2(c).

2.4. Material

Only ferrous materials as specified in Table 3 shall be used in the manufacture of rollers and roller plates, according to EN
1337-4. Stainless steel shall be in accordance with EN 10 088-2 and the minimum tensile strength shall be 490 N/mm2 for
any component. According to AASHTO, roller bearings shall be made of stainless steel conforming to ASTM A240.

The rollers failed were manufactured from a quenched and tempered martensitic stainless steel which is similar in com-
position to X40Cr13 (1.4034) or AISI 420. The chemical composition, uniaxial tensile test and hardness requirements for
these materials are given in Table 4 and Table 5, respectively.

3. Experiments

3.1. Preliminary examination of the failed rollers

The fractures of the rollers appeared most likely to have initially started at the end face of the rollers close to a contact
interface and extended in a radial plane through the roller centre and longitudinally along the axis of the roller (see Fig. 3).
However, in some cases multiple cracks were found at the end face of a roller (e.g. see Fig. 3(b) RH), which subsequently

Table 2
Bearings design resistance, allowable load and service loads.

Bridge (Region) Ea GPa fu MPa R mm L mm N’Rd N/mm Allowable load N/mm Permanent load N/mm Transient load N/mm

Unknown (Switzerland) 210 3000 70 500 69000 7960 – –
Thelwall (The UK) 210 1778 85 490 29429 – 13204 5530
Öland (Sweden) 210 1828 65 523 23789 9063 – –
Skellefteå (Sweden) 210 1586 65 553 17907 8336 4345 2714

a E = 210 GPa for steels is recommended in EC EN 1993.

Fig. 2. Bearing failure as a result of (a) out-of-squareness, (b) out-of-flatness [9] and (c) temperature differences [9].
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merged into a main crack. The most probable fracture origin is assumed situated on the diameter through the 6 and 12
o’clock positions at the end face (see Fig. 3(a,c), and A1 and A2 in Fig. 3(d)). This assumption was confirmed by performing
magnetic particle inspection [7]. Fig. 3(a,c) and B1 and B2 in Fig. 3(d) show further beach-marks on the fracture surface indi-
cating progressive crack extension with alternating periods of growth and arrest. Fig. 3(d) shows the final fracture surface C
and also the area along the contact surface of the roller where the paint coating layer was removed by wear in service D.

3.2. Chemical composition

The chemical composition of the failed rollers conformed to a 0.40–0.45% carbon and 13–14% chromium martensitic
stainless steel. The failed rollers were manufactured of two different materials, denoted X40Cr13 (1.4034) and AISI 420,
but almost similar in composition.

3.3. Mechanical testing

Mechanical properties of the rollers are summarized in Table 6.
As shown in Table 6, the hardness measured through the thickness of the rollers varies very little. However, in the vicinity

of the most probable fracture origin A1 (see Fig. 3(d)) the average hardness across the loading contact line was 640 HV and
some 10% greater than the specification requirement [15] of 580 HV.

Table 3
Ferrous material classes.

Material
class

Tensile strength
(minimum) [N/mm2]

Yield strength
(minimum) [N/mm2]

Impact/at
temperature
(minimum) [J]

Surface hardness
(maximum) [HV 10]

Elongation
(minimum) [%]

Friction
coefficient
(maximum)

A 340 240 27/0 �C 150 25 0.05
B 490 335 27/�20 �C 250 21 0.05
C 600 420 27/�20 �C 450 14 0.02
D 1350 1200 11/�20 �C 480 12 0.02

Table 4
Chemical composition requirements.

Standard Number % by mass (maximum values)

C Si Mn P S Cr Ni Mo

EN 10088-2 1.4034 0.43 to 0.50 1.00 1.50 0.040 0.015 12.5 to 14.5 – –
ASTM A240 420 0.15 min 1.00 1.50 0.040 0.030 12 to 14 0.75 0.50

Table 5
Uniaxial tensile test and hardness requirements.

Standard Number Heat treatment Hardness Yield strength MPa, min. Tensile strength MPa Elongation in 50 mm%, min.

EN 10088-2 1.4034 Q & T 510 to 610 (HV) – – –
ASTM A240 420 Q & T 217 (HBW) 690 – 15

Fig. 3. Roller bearings failed on (a) the Öland Bridge in Sweden [5], (b) a bridge in Switzerland [6], (c) the Thelwall viaduct in the UK [7] and (d) the
Skellefteå Bridge in Sweden [9,10].
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3.4. Metallurgical and fractographic examinations

The microstructure of the rollers was tempered martensitic with finely dispersed carbides [5–11], Fig. 4.
The globally flat lustrous fracture surface, neither shear lips nor lateral contraction on an Öland Bridge Charpy impact test

specimen at the testing temperature �20 �C indicated a brittle fracture mechanism, Fig. 5(a). However, at high magnification
a mixture of micro-voids, quasi-cleavage and secondary cracking revealed a failure mechanism of very low ductility in [6,10],
Fig. 5(a,b).

The metallurgical examination of the fractured rollers in [7] indicated that the failures were associated with intergranular
corrosion typical of hydrogen-assisted stress corrosion cracking (HASCC), Fig. 6(a). The microstructural examination of the
secondary cracks, on a cross-section perpendicular to the fracture surface, in the failed roller of the Öland Bridge also showed
a crack pattern typical of stress corrosion cracking (SCC), Fig. 6(b).

Extensive SEM examination of fracture surfaces of the failed roller bearings on the Thelwall viaduct [7] and the Öland
Bridge [10] at high magnifications showed no evidence of fatigue striations. However, beach-marks were observed on the
fracture surface, Fig. 7.

A stress corrosion test was carried out in [7] in order to examine the susceptibility of the roller material to HASCC. After
several weeks the sample loaded in bending failed and the fracture surface showed the presence of beach-marks, even
though the loading on the sample was static, not cyclic.

Energy dispersive spectroscopy (EDS) analysis on the cross-section surface across the cavity and at the final crack front on
the fracture surface indicated the presence of chloride ions in those regions, Fig. 8. The results revealed the presence of some
4.5 (wt%) chloride inside the cavity at C and at the crack front shown in Fig. 8.

EDS analysis of the carbides in Fig. 9 indicated precipitation of chromium-rich carbides with up to 55% chromiumwhich is
much greater than the matrix mean chromium content of 13%.

Table 6
Mechanical properties.

Bridge Region Hardness RP0.2 Rm Elongation% KIc KIIc Cv Ref.
HV N/mm2 N/mm2 – N/mm3/2 N/mm3/2 J

Öland Sweden 570–600 – – – – – – [5]
Unknown Switzerland 460–500 1750 a >3000a,b >5a,b 1150c 2500c – [6,12]
Thelwall The UK 491–610 1385 1778 3 – – – [7]
Öland Sweden 576–588f 1266 1828 3.63 792.6d – 4.25e [10]
Skellefteå Sweden – 1478 1586 1.11 792.6d – 3.14e [10]

a The uniaxial stress-strain curve has been determined from strain-gauge instrumented four-point bend tests following an experimental procedure
described in [13].

b The strain gauge failed at a strain level of approximately 2.5%. The Rm was calculated from the measured ultimate load and the elongation% was
determined from the elongation of the aligned specimen parts after fracture.

c The KIc and KIIc were determined at room temperature following the procedure described in [12].
d The KIc was determined according to [14] at �30 �C.
e Standard Charpy V-notch toughness testing was at �20 �C.
f The hardness was measured across a cross-section surface far away from the end face of the roller.

Fig. 4. Optical micrograph of the microstructure [10].
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Fig. 5. (a) Charpy specimen fracture surface of the Öland Bridge and (b) the fracture surface of the Öland Bridge [10].

Fig. 6. Optical micrograph of (a) HASCC of the roller failed on the Thelwall viaduct [7] and (b) the secondary cracks on the roller failed on the Öland Bridge
[10].

Fig. 7. Fracture surface of the failed roller on the Öland Bridge: No evidence of fatigue striations was found [10].

Fig. 8. (a) Line spectrum EDS analysis across a cavity and (b) EDS analysis at the crack tip on the fracture surface [10].
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4. Stress analysis

As a curiosity, the first attempt of roller stress analysis was made by Martson and Carandall [17] already in 1893 using the
photoelastic method, Fig. 10.

Using present day methods Bushell and Prinja [18] performed a two-dimensional plane strain finite element analysis of a
section of the bearing away from the roller ends consisting of a roller held in contact with two plates, with a further base
plate beneath the roller, Fig. 11(a).

The results showed that along a roller radius through the centre of the contact interface, the roller is under pure compres-
sion both in the vertical and the hoop directions, Fig. 11(b). S11 and S22 are normal stresses in the vertical and the hoop
directions, respectively. Off the radius through the centre, a shear stress, S12, in the vertical-hoop plane, develops in the tran-
sition regions towards unloaded material. It was also found that the material begun to yield in radial compression around the
centre of the contact interface followed by shearing of the surrounding material.

Noury and Eriksson [10] performed a three-dimensional finite element analysis in order to clarify the mechanism causing
the Skellefteå Bridge bearing failure, Fig. 12. The results showed that the hoop stress is compressive within the first 3 mm
from the contact interface, Fig. 13(a), but becomes tensile at greater distances from the contact interface. At the allowable
applied load, a maximum tensile value of the hoop stress, of about 150 MPa, occurs in a region some 5–6 mm above the con-
tact interface. The maximum shear stress appear along lines ± 45� from the loading line, also some 5–6 mm above the con-
tact interface, with the extreme values of ±440 MPa, Fig. 13(b). As the roller rotates on the contact plate with expansion and
contraction of the bridge, the region at 5–6 mm above the contact interface where experiences the maximum tensile value of
the hoop stress, of about 150 MPa, moves through the shear stress area. Since, the shear stresses reverse on either side of the
contact area, the maximum shear stress range experienced as the roller moves through the position immediately under the
instantaneous contact zone is of the order of 880 MPa.

Koltsakis et al. [9] used three-dimensional finite element models to investigate the accuracy of the traditional roller bear-
ing design rules regarding abutment and girder deformation and misalignment. Here, the same finite element model of the
Skellefteå Bridge as used in [9] has been employed in order to address the influence of misalignment of contact surfaces,
Fig. 12. A misalignment (deviation from ideal parallelism) of maximum 1/1000 of the contact surfaces along the roller axis
is allowed in EN 1337-4, and this condition can only be met through careful adjustments during the construction work.
Therefore, a perfectly aligned roller and with misalignment of 1/1600, 1/800 and 1/400 are considered. Fig. 14 shows the

Fig. 9. SEM micrograph of the chromium carbides [10].

Fig. 10. Stress pattern for a roller with increasing load (1 lbs � 4.45 N) [13].
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Fig. 11. (a) Model mesh and (b) stress system associated with contact interface [18].

Fig. 12. (a) Arrangement of the bearing: roller (blue), roller plates (red), outer plates (green), shear keys (yellow), flange, web stiffeners and web (orange)
and abutment (grey) (b) single roller bearing, and (c) mesh detail [10]. (For interpretation of the references to colour in this figure legend, the reader is
referred to the web version of this article.)

Fig. 13. Stresses associated with the contact region: (a) hoop stresses, and (b) shear stresses [10].
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maximum contact stress, which appears along the centre of the contact interface between the roller and the upper roller
plate, over the length of the roller at the allowable roller load, see Table 2. A linear elastic material with elastic modulus
E = 210 GPa and Poisson’s number m = 0.3 has been assumed, as well as a nonlinear elastic-plastic material model, for the
Skellefteå Bridge bearing. The dashed line indicates the allowable contact stress of 2500 MPa defined in [15] for the roller
bearings made of X40Cr13 loaded by permanent plus transient loads.

The maximum contact stress distribution along the contact line of the roller for the linear elastic material is shown in
Fig. 14(a). It is noted that due to stress concentration at the roller ends the maximum contact stress exceeds the allowable
contact stress for all misalignments considered. Also, stress concentration increases with misalignment. The corresponding
stress distribution for the elastic-plastic material is shown in Fig. 14(b). In this case, the maximum contact stresses is signif-
icantly smaller than the allowable contact stress, even at the roller ends.

The maximum contact stress attains a global maximum at the centre of the contact area some 2 mm away from the roller
end face, in the axial direction of the roller, Fig. 15(a). Due to plastic deformation in a small region extending from the roller
ends and within the contact area (see Fig. 15(b)) the contact stress was reduced and redistributed in this region, Fig. 14(b).

5. Fracture mechanics

Perhaps the best approach towards an explanation of fractures observed in practice is that by Schindler [19,20] introduc-
ing the idea of a swinging Hertzian stress-field: due to daily and seasonal thermal deformation of a bridge girder (superstruc-
ture), a radial crack rotates around a mean position under predominantly Mode II loading.

Stress intensity factors (SIF) for an edge-cracked disk subjected to crack surface loading have been obtained by several
authors using the weight function method and ad hoc manipulations [26–29], while solutions for compressive radial loading,

Fig. 14. Maximum contact stress distribution along the contact interface between the roller and the upper roller plates for (a) elastic material and (b)
elastic-plastic material.

Fig. 15. (a) Contact stress distribution and (b) equivalent plastic strain distribution for the perfectly aligned roller.
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which occurs in practice, have not been found in the literature. However, none of the weight function method solutions
appear to give satisfactory results for the cracked roller.

Considering a cracked roller bearing as an edge-cracked disk and the resultant of compressive stresses acting on the disk
as a point load along a diameter, relative to which the crack is rotating, Schindler derived an approximate closed form solu-
tion for KI using the principle of superposition [19,20]. Using a similar procedure Noury and Eriksson [11] re-derived a some-
what less approximate solution for KI in [19]. For KII, Schindler [19,20] suggested the SIF for an edge crack in a strip of width
2R, where R is disk radius, loaded by two coplanar opposite forces acting on each side of the crack-mouth [21]. However,
none of these solutions permits calculation of SIFs for the relevant angle of rotation. Recently, Noury and Eriksson [11] con-
sidered the cracked roller as a two-dimensional edge-cracked disk subjected to a radial compressive line load and deter-
mined KI and KII for the relevant load configuration and disk rotation angle using the finite element method, Fig. 16.

Fig. 17 shows dimensionless KI and KII as functions of the disk rotation angle a. For a = 0, the crack is subjected to pure
Mode I loading. As a increases, crack opening in general decreases. It was also found that Mode II SIF dominates with a max-
imum value at a certain rotation of the crack in which position, the most unfavourable, material on only one side of the crack
is loaded by the support plate and the other is free to slide.

Noury and Eriksson [10] further performed three-dimensional finite element analyses in order to gain an understanding
of the crack growth mechanism of a bridge roller bearing in service. Fig. 18 shows the finite element model used to compute
the SIFs of an initial quarter-circle radial corner crack of 20 mm radius for (i) a perfectly aligned bearing, and (ii) a bearing
with a misalignment of 1/600 applied. Koltsakis et al. [9] adding the maximum allowable misalignment, and the
temperature-induced misalignment, calculated 1/600 as the total misalignment for the Skellefteå Bridge. The shape and
the size of the crack were chosen in accordance to the preliminary examination of the fracture surface, see A1 in Fig. 3(d) RH.

Calculated SIFs showed that the crack loading for all values of a were predominantly in Mode II and Mode III at node 1
(the crack front node on the roller end face) and node 16, respectively, Fig. 19(b,c). However, the KI and KII for the perfectly
aligned roller did not exceed the corresponding fracture toughness values KIc and KIIc of the material, Fig. 19(a,b).

The stress intensity factors increased significantly for a misalignment of 1/600, Fig. 20. KI in the range 0 � a < 1� and KII for
a � 2.8� roller rotation exceeds KIc and KIIc, respectively, and are alone thought sufficient for fracture. Keff and KII, the predom-
inant SIF, are in the a � 2.8� region so much greater than KIIc that a mixed-mode fracture condition would most likely also be
satisfied, or alternatively, fracture might ensue for a much smaller crack and/or a larger misalignment.

Schindler et al. [22] measured residual stresses over the diameter of a roller (see Fig. 21(a)) by determining the SIF of a
crack cut along a diameter of a cross-section using the cut compliance (CC) method [23], Fig. 21(b). In short, the CC method is
destructive and the residual stress distribution is determined by making a narrow cut or slit of progressively increasing
length and measuring the corresponding strain change at a suitable location. Using linear elastic fracture mechanics (LEFM)
relations, the corresponding SIF for a certain crack length is obtained directly for the residual stress from the strain change at
the location of the strain gauge [22].

As shown in Fig. 21(a) the maximum tensile residual stress measured is about 170 MPa, or about 10% of the yield stress,
1750 MPa, and occurred near the contact interfaces. The residual stresses alone may cause the SIF to exceed KIc of the roller
material considered, thereby resulting in unstable crack extension, Fig. 21(b). Considering the SIF due to the residual stresses,
a region of unstable crack growth was determined for crack depths from a = 0.05 D to about a = 0.35 D, depending on the
crack orientations with respect to the applied load, Fig. 21(b).

Fig. 16. (a) Cracked roller loaded by compressive radial force and (b) finite element mesh used for the roller containing a crack depth ratio of a/(2R) = 0.2
[11].
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6. Discussion

A very small fracture elongation of 1 to 5% in uniaxial tensile testing, a Charpy V-notch toughness of about 4 Joules at
�20 �C, a very low fracture toughness KIc = 792.6 N/mm3/2 at �30 �C and 1150 N/mm3/2 at room temperature for the roller
materials considered, Table 1, indicate all a rather brittle material. Considering the stainless steel rollers as class D in Table 3,
neither fracture elongation nor impact toughness complied with the corresponding requirements.

The hardness measured over the thickness of the Skellefteå roller complied with the specification requirements [15].
However, the hardness measured in the vicinity of the most probable fracture origin of this roller, shown in Fig 1(d), was
some 10% higher than the specification requirements [15]. The increased hardness may be induced by plastic deformation,
Fig. 15(b).

Visually observed beach-marks on the fracture surfaces revealed progressive crack growth, Fig. 3(a, c, d), but SEM exam-
ination of fracture surfaces showed no evidence of fatigue striations. This may be related to the very hard and/or brittle roller
material.

Initial multiple cracking at the end face of the roller shown Fig. 3(b) RH, is in agreement with a high stress concentration
in this region.

EDS analysis of carbides in the microstructure showed the precipitation of chromium-rich carbides with a chromium con-
tent of up to 55%, Fig. 9. Heat treatment [24,25] during manufacturing of the rollers and/or local friction heating due to crack
faces sliding relative to one another in service affect the material hardness and results in chromium-depleted regions in the
microstructure. Exposure of such regions to an environment sufficiently aggressive to cause corrosion creates a risk of SCC.
Road de-icing salt, salt aerosol from the coastal environment and hydrogen chloride gas from nearby industrial plants also
most likely contribute to a corrosive atmospheric environment.

Fig. 17. Variation of SIFs: (a) KI and (b) KII [11].

Fig. 18. (a) Mesh detail and (b) node positions on the crack front [10].
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The fractographic examination of the fractured rollers indicated that the initiation of the failures were associated with
SCC or intergranular corrosion cracking typical of HASCC, Fig. 6. EDS analysis of the failed Öland Bridge roller in Fig. 8 showed
the presence of chloride ions in the microstructure. Intergranular corrosion cracking may be promoted by chloride ions: the
roller of a high strength and high hardness martensitic stainless steel, was embrittled due to presence of atomic hydrogen
generated by intergranular corrosion. Then, the roller embrittled by atomic hydrogen is susceptible to SCC when subjected to
the hoop tensile stress region some 5–6 mm above the contact interface on the end face of the roller, Fig. 13(a), and the resid-
ual stress distribution over the roller diameter, with a maximum value of about 10% of the yield stress, Fig. 21(a). The hoop
and residual stresses are assumed sufficient for crack initiation through SSC in an aggressive environment. The associated
initial crack is assumed to be a surface crack along the load line at mean ambient temperature and of size sufficient for fur-
ther growth through foremost fatigue.

The analysis of the original dimensioning of the bearings showed that both the allowable load and the design resistance
were greater than the applied load (permanent + transient) in service (e.g. see the Skellefteå Bridge and the Thelwall viaduct,
respectively, Table 2). Therefore, it was unlikely that the bearings failed due to static overloading. It should be noted that
even for the misalignment considered, the contact stresses alone are not sufficient for failure, Fig. 14(b).

Perhaps the most likely failure scenario of a roller is that crack initiation in a tensile hoop stress region at the end face of
the roller is facilitated by an aggressive environment and a susceptible microstructure. Due to daily and seasonal tempera-
ture differences within a bridge superstructure, the roller rotates somewhat and the initial crack travels back and forth

Fig. 19. Variation of SIFs at node 1, 11 and 16 for a perfectly aligned roller: (a) KI, (b) KII, (c) KIII and (d) Keff ¼ K2
I þ K2

II þ K2
III

1�m

� �1
2
[10].
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around a mean position, leading to growth of the crack through fatigue. The hoop stress governs crack growth in the roller
both radially and longitudinally in Mode I and Mode III, respectively, but the shear stress governs growth only radially in
Mode II, Fig. 13. After a certain number of load cycles and for a certain misalignment, failure through sudden fracture occurs
as the crack attains such a critical size that the Keff at some point along the crack front exceeds the effective fracture tough-
ness of the roller material, Fig. 20. Failure is expected to occur for the angle a in the range of about 0.05D to 0.35D depending
upon the influence of residual stresses, Fig. 21(b). However, very low fracture toughness of the material and misalignment
allows failure to occur for even smaller than 0.05 D cracks.

7. Conclusions

The present investigation concerns the mechanics and failure mechanism of single bridge roller bearings made of high
strength stainless steel. The mechanisms involved in the roller failure scenario can be described as the following:

	 The initiation of the failures was associated with SCC or HASCC due to exposure of the susceptible material of the roller to
an environment sufficiently aggressive.
	 The susceptible microstructure of the roller material was subjected to the hoop tensile stress region some 5–6 mm above
the contact interface on the end face of the roller and the residual stress distribution over the roller diameter. The hoop
stress range and the residual stress are assumed sufficient for crack initiation through SSC in an aggressive environment.
	 Once initiated, the crack grows in a radial plane through fatigue under multiaxial loading mainly by longitudinal thermal
deformation of the bridge.

Fig. 20. Variation of KI, KII, KIII and Keff at the end face crack front position (node 1) for a misaligned roller plate (imperfection = 1/600) along the roller axis
[10].

Fig. 21. (a) Residual stresses measured along a diameter and (b) the corresponding SIF of a crack emanating from the surface in comparison with fracture
toughness KIc. [22].

328 P. Noury, K. Eriksson / Engineering Fracture Mechanics 180 (2017) 315–329



	 Finally, the service loading in conjunction with certain (or a critical) roller misalignment can be sufficient for sudden
fracture.

In summary, the primary cause of the failure is considered to be due to inadequate attention of the material specifications
to corrosion resistance of the high strength stainless steel rollers. The failure is primarily assumed related to SCC: the SCC
susceptible material of the roller exposed to a sufficiently aggressive environment was subjected to the hoop tensile stress
region some 5–6 mm above the contact interface on the end face of the roller and residual tensile stresses. Then, the cracks
caused by SCC, grew in multiaxial fatigue. Finally, due to thermal deformation of the bridge superstructure, the fatigue crack
combined with certain wedge imperfection was sufficient for final failure. However, in the absence of the wedge imperfec-
tion, roller failures seem to be unlikely. Wedge imperfection causes inelastic deformation at the contact interface at the end
edges of a roller, resulting in a hardness level in excess of the specification requirements.

8. Recommendations

Accurate assessment of steel bearings presently in service for renovation, widening, maintenance, and strengthening of
existing bridges is possible only if reliable fundamental knowledge of related issues is maintained. Although replacing of
steel bearings may appear a straight forward solution, in practice such a procedure often proves to be expensive, complicated
and impractical. To prevent or delay roller failures, the parameters which are most suitably adjusted are the roller diameter
and the material properties, in particular the material strength and toughness. A larger roller diameter and a higher strength
allow larger contact stresses, but they result in a greater bearing which increases the risk of lateral instability and a lower
toughness, respectively. Using mating surface or some other surface modification methods which allow a material with high
strength and hardness at the surface and a high toughness bulk material can also increase susceptibility for failure. Signif-
icant improvement of high strength stainless steel bearings is relatively difficult to achieve. Therefore, if possible it is rec-
ommended to replace such bearings with a new type of bearing.
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