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ABSTRACT 
 

In this thesis, finite element (FE) simulations of additive manufacturing (AM) and physically based 

material modeling are presented. AM is a process where the component is built layer-wise. The 

material undergoes repeated heating and cooling cycles when layers are added, which may result in 

undesired deformation and residual stress in the built component. The choice of process parameters 

and scan strategy affect the resulting residual stress. Simulations can be used to support the 

experimental determination of process parameters and scan strategy. 

AM processes often comprise many added layers, and the passes are lengthy relative to their 

thicknesses and widths. This makes the FE simulations computationally expensive, with many 

elements and time steps. 

In this work, AM processes have been simulated with the FE-method using a lumping technique. 

This technique allows fewer time steps and a coarser mesh. Thermal behavior, deformation, and 

residual stresses have been simulated and compared with experiments. The simulations show that, 

by using the lumping technique, the computational effort can be reduced significantly with retained 

accuracy for the resulting temperature and deformations. The residual stresses become somewhat 

smaller. 

Alloy 625 is a nickel-based superalloy used in high-temperature applications owing to the high-

temperature strength. The material is difficult to manufacture by conventional machining owing to 

excessive tool wear and low material removal rates. Thus alloy 625 is a material appropriate for the 

AM technology with its near-net shape potential. An existing, physically based flow stress model has 

been further developed to fit the mechanisms typical for alloy 625. This model gives an accurate 

mechanical behavior and capture viscoplasticity, creep, and relaxation. The physically based model 

has been calibrated versus compression tests and validated with a stress relaxation test performed in 

a Gleeble 3800 machine. The predicted relaxation was in good agreement with the measured 

relaxation. 

The usage of this kind of material model is expected to improve the prediction of the material 

behavior during the AM process and, thereby, the overall prediction of the AM process. 
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Introduction 
 

This introductory chapter aims to clarify the motivation for the current work. Moreover, it gives a 

scientific background in AM simulations. The last section is the Scope that also includes the two 

research questions. 

1.1 Objective 

The objective of this thesis is to evaluate, develop, and improve approaches applied to FEM that 

captures the mechanical behavior during the AM process. The main focus lies on reducing the 

computational time and improve the modeling of the mechanical material properties. Time-efficient 

and accurate models may also contribute to increased knowledge of the AM process and faster 

process development. 

1.2 Background 

In conventional manufacturing methods, the parts are manufactured by subtracting material from a 

workpiece until the final shape is achieved. Additive Manufacturing is a process where the piece is 

built by adding material layer-wise. The method exhibits many advantages from the manufacturing 

and design point of view. AM gives the possibility to create more complex shapes and results in less 

material waste and shorter component lead-times.  

In the AM process, the material undergoes repeated heating and cooling cycles when adding more 

layers, which results in undesired distortions and residual stress in the component. This residual 

stress also increases the risk for crack propagation and reduces the fatigue life. The process 

parameters must be developed to minimize the residual stress, which today is done, mainly with trial 

and error experiment. Simulation support experimental works in the development of the process, 

which can save a lot of money and time. 

Alloy 625 is a nickel-based superalloy that is mainly used in high-temperature applications such as 

aerospace, petrochemical, marine and nuclear industries. The material exhibits high tensile, rupture, 

and creep strength as well as excellent corrosion resistance[1]. It is also difficult to manufacture by 

conventional machining, which makes the material appropriate for the AM technology[2]. 

1.3 Scientific background 

FE simulations of AM originate from simulations of welding. Welding and AM is the same physical 

process, but AM can be seen as a process consisting of many ‘welds’. The FE simulations developed 

for welding since the beginning of 1970 have subsequently been applied for the AM process. 

Simulations of AM offers some challenges. There are large gradients in temperature due to the rapid 

heating and cooling. Therefore the region of interest must utilize a fine mesh[3]. The added layers 

are thin, about 20 m in Powder Bed Fusion, which results in a high number of elements in the 

mesh. The AM process often lasts many hours, and the time steps must be small to obtain a reliable 
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heat input. The small timesteps and the large number of elements result in large models that are 

computationally expensive. 

Several works with AM simulations of deformations and residual stress have been published in 

recent years. Different techniques have been applied in FEM that reduces the computational effort. 

Spatial reduction can be used by remeshing, either layer-by-layer [4–6] or locally, near the heat 

source [7,8]. History reduction approaches where passes and layers are merged or lumped are other 

techniques. Lumping was used in the early era of computational welding mechanics (CWM) for 

multipass welding, as can be seen in reviews [9,10], and in later times, it has also been used for AM. 

Chiumenti et al. [11] investigated the thermal results when the material was added pass-by-pass and 

layer-by-layer. Prabhakar et al. [12] used a thermo-mechanical model, in which they added the 

material layer-by-layer, and Keller et al. [13,14] added several layers simultaneously. Another 

method for fast prediction of the resulting deformation and residual stress is the inherent strain 

method. A strain tensor is first decided through experiment or micro-scale simulation models, a step 

which often require calibrations. The process is then simulated by a macro scale mechanical model 

where the material is added layer-wise, and the inherent strain tensor is applied on each layer. The 

method was first proposed for welding by Ueda and coworkers [15–17]. Li et al. [18,19] used the 

inherent strain approach for AM. 

Although much work with AM simulations has been published in the literature, this is still a novel 

research area, which requires much effort for improvement. Models of AM often require calibration 

and are not very predictive. 

In FE analyses of AM, the material properties must be described. The current work will, in 

addition to techniques for efficient AM simulations, also focus on physically based flow stress 

modeling. The mechanical properties in FE models are often described in a simple way, where the 

flow stress is interpolated from experimental data. The most common is temperature-dependent, 

ideal plastic flow stress[5,20]. The flow stress can otherwise be described with a model, e.g., the 

empiric-based Johnson Cook [21] or the simple physically based Armstrong Zerilli [22]. These 

models capture viscoplastic behavior. Bergström [23] proposed a more advanced physically based 

material model. The model describes the evolution of the dislocation density, which is coupled to 

the yield stress. This model has been used in AM simulations[24][25]. However, to the author’s 

knowledge, this material model has not been adapted for alloy 625 before. 

1.4 Scope of the thesis 

The scope of the present thesis is to study and develop FE models for accurate and efficient AM 

simulations. The thesis also includes physical-based material modeling to improve the behavior of 

the material in the modeling. The model aims to predict deformation and residual stress in a 

component manufactured by AM. This work mainly focuses on alloy 625, which is a nickel-based 

superalloy. Two research questions are formulated as follows: 

 

Q1 How can FEM be used to efficiently predict the resulting deformation and residual stresses in 

an AM process? 

 

Q2 How should a material model for alloy 625 be formulated to be usable in simulation of AM? 
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FE simulation of additive manufacturing 
 

The simulations in this work are thermo-mechanical. The so-called staggered approach is used for 

the coupling between the thermal and mechanical analyses. The thermal problem is solved first, and 

the resulting thermal load is used as input in the mechanical problem. Subsequently, the mechanical 

problem is solved, and after that, the geometry is updated. Updating of the geometry in the thermal 

analysis is one step behind. Moreover, the heat generated from the plastic deformation is added to 

the thermal analysis in the next step. In the sections below, the finite element formulation for the 

nonlinear heat and nonlinear deformation is described. 

2.1 Finite element formulation of nonlinear heat transfer. 

 
The FE formulation for the thermal problem is derived from the heat equation, which is written as 

 

− (
∂qx

∂x
+

∂qy

∂y
+

∂qz

∂z
) + Q = ρc

∂T

∂t
 . (1) 

 

Applying galerkin’s method on Equation (1) gives 

 

∫ (
∂qx

∂x
+

∂qy

∂y
+

∂qz

∂z
− Q + ρc

∂T

∂t
) NidV

V

= 0 , (2) 

 

which can be rewritten to 

 

∫ (
∂qx

∂x
+

∂qy

∂y
+

∂qz

∂z
) NidV

V

− ∫QNidV
V

+ ∫ ρc
∂T

∂t
NidV

V

= 0. (3) 

 

The divergence theorem is applied on the first term in Equation (3) which result in, 

 

∫ ρc
∂T

∂t
NidV

V

− ∫ [
∂Ni

∂x
 
∂Ni

∂y
 
∂Ni

∂z
] qdV

V

= ∫ QNidV − ∫qTnNidS
SV

 (4) 

 

After insertion of boundary conditions Equation (4) becomes 

 

∫ ρc
∂T

∂t
NidV

V

− ∫ [
∂Ni

∂x
 
∂Ni

∂y
 
∂Ni

∂z
] qdV

V

= ∫ QNidV − ∫qTnNidS
SV

 

+ ∫ qsNidS
S2

− ∫ h(T − Te)NidS −
S3

∫ (σεT4 − αqr)NidS
S4

. 
(5) 
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This is the FE formulation of the thermal problem. It is more compact written like 

 

𝐜�̇� + 𝐤𝐓 = 𝒇 (6) 

 

The heat radiation, as well as temperature-dependent conductivity and specific heat capacity, makes 

the thermal problem nonlinear. Hence, it must be solved with an iterative technique, e.g., the 

Newton- Raphson approach. A residual is introduced as 

 

𝐑𝐭𝐡𝒊+𝟏
𝒏 = 𝐂�̇� + 𝐊𝐓 − 𝐅, (7) 

 

where the capital letters of the matrices 𝐂, 𝐊, and 𝐅 indicate that this is the assembled system for all 

elements, unlike Equation (6), which applies to one individual element. The subscript 𝑖 denotes the 

iteration number, and the superscript 𝑛 denotes the increment number. The time derivative of the 

temperature in Equation (7) can be approximated to 

 

�̇�𝐢 ≈
𝐓 − 𝐓𝐧𝐧+𝟏

∆𝐭
. (8) 

 

Taylor expansion of 𝑹𝑡ℎ in Equation (7) gives 

 

𝐑𝐭𝐡𝒊+𝟏
𝒏 ≈ 𝐑th𝑖

𝑛 +
𝛛 𝐑th𝑖

𝑛

𝛛𝐓
𝛅𝐓𝐢 = 𝟎 , (9) 

 

which is rewritten to 

 

−
𝛛 𝐑th𝑖

𝑛

𝛛𝐓
𝛅𝐓𝐢 = 𝐑th𝑖

𝑛 . (10) 

 

Equation (10) is thus solved in each iteration and subsequently the temperature is updated as 

 

 𝐓𝐢+𝟏
𝐧 =  𝐓𝐢

𝐧 + 𝛅𝐓𝐢 . (11) 

2.2 Finite element formulation of nonlinear deformation 

 

The derivation of the nonlinear solution procedure can be found in [9]. The principle of virtual 

work is used. The internal virtual work equals the external virtual work, gives  

 

𝛛𝐖𝐢𝐧𝐭 = 𝛛𝐖𝐞𝐱𝐭. (12) 

 

From Equation (12) it follows that 

 

𝛅𝐔𝐓𝐅𝐢𝐧𝐭 = 𝛅𝐔𝐓𝐅𝐞𝐱𝐭 , (13) 

 

and 

 

𝐅𝐢𝐧𝐭 = 𝐅𝐞𝐱𝐭 , (14) 
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where 𝐅𝐢𝐧𝐭 and 𝐅𝐞𝐱𝐭 is the internal and external forces respectively. 

 

𝐟𝐢𝐧𝐭 which holds for an individual element is assembled to 𝐅𝐢𝐧𝐭 which holds for the whole structure, 

 

𝐟𝐢𝐧𝐭 = ∫ 𝐁𝐓𝛔𝐝𝐯               ⟶
𝐚𝐬𝐬𝐞𝐦𝐛𝐥𝐢𝐧𝐠

𝐯𝐞

  𝐅𝐢𝐧𝐭 . (15) 

 

𝐁 has the first derivatives of the shape functions, 𝛔 is the Cauchy stress in vector form and 𝐯𝐞 is the 

volume of the element. 

 

Similarly, 𝐅𝐞𝐱𝐭 is assembled, 

 

𝐟𝐞𝐱𝐭 = ∫ 𝐍𝐓𝐪𝐝𝐯               ⟶
𝐚𝐬𝐬𝐞𝐦𝐛𝐥𝐢𝐧𝐠

𝐯𝐞

  𝐅𝐞𝐱𝐭. (16) 

 

For the nonlinear solution procedure, a residual is introduced, which is written 

 

𝐑𝐢+𝟏
𝐧+𝟏 = 𝐅𝐞𝐱𝐭𝐢+𝟏

𝐧+𝟏 − 𝐅𝐢𝐧𝐭𝐢+𝟏
𝐧+𝟏 = 𝟎 . (17) 

 

Like in the thermal problem i denotes the iteration number and n the increment number. The 

Taylor expansion is used, 

 

𝐑𝐢+𝟏
𝐧+𝟏 ≈ 𝐑𝐢

𝐧+𝟏 +
𝛛 𝐑𝐢

𝐧+𝟏

𝛛𝐔
𝛅𝐔𝐢  , (18) 

 

and the equation is rewritten to 

 

−
𝛛 𝐑𝐢

𝐧+𝟏

𝛛𝐔
𝛅𝐔𝐢 = 𝐑 .𝐢

𝐧+𝟏  (19) 

 

Equation (19) is thus solved in each iteration and subsequently, the displacement is updated as 

 

 𝐔𝐢+𝟏
𝐧 =  𝐔𝐢

𝐧 + 𝛅𝐔𝐢 . (20) 

2.3 Heat source model 

The physics of the interaction between the heat source and the material is complex in AM as the 

material undergoes melting and stirring may occur in the melt pool. In the simulation, a simplified 

heat source model replaces the physics. The model calculates the heat input to the material for each 

integration point and in each increment. AM has a laser or electron beam which melts the material. 

Denlinger et al. [26] measured the laser beam to have a Gaussian profile at the surface. In AM, the 

laser or electron beam is in convective mode.  

The double ellipsoidal heat source proposed by Goldak [27] has been used widely for arc and 

beam sources. The heat source can be described with Equation (21), 
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qf(x, y, z) =
6√3ffQ

abcfπ3/2
e

−3(
x′

a
)

2

e
−3(

y′

cf
)

2

e
−3(

z′

b
)

2

 , (21) 

  

and (22), 

 

qr(x, y, z) =
6√3frQ

abcrπ
3
2

e
−3(

x′

a )
2

e
−3(

y′

cr
)

2

e
−3(

z′

b )
2

. (22) 

 

The parameters 𝑎, 𝑏, 𝑐𝑓 and 𝑐𝑟 decide the size of the ellipsoid in the directions according to Figure 

1. The local coordinate system follows the heat source. 

 

 

 

Figure 1. Goldak’s double ellipsoidal heat source. 

 

The double ellipsoidal heat source can also be 2 dimensional, in which the heat is applied at the 

surface with no penetration in depth. 

The double ellipsoidal heat source is convenient for detailed models where the whole scan pattern 

is simulated. When a macro-scale model is used i.e., layer-by-layer or hatch-by-hatch approach, there 

are other heat sources that better describe the correct heat input. Chiumenti et al. [28] used a heat 

input model with constant flux. They studied the thermal behavior for a hatch-by-hatch and layer-

by-layer model. Another approach, used in Paper 2, is to use a gaussian heat distribution in the 

depth direction but constant in the plane, 

 

qr(x, y, z) =
2√3Qη

√π𝑏𝑑2
e

−3(
z′

b )
2

. (23) 

 

where 𝑧′ is according to Figure 1. 

2.4 Element activation 

In AM, new material is added continuously. The addition of material is modeled by activating new 

elements in the analysis. There are two basic approaches to model element activation in AM 

simulations, quiet element, and inactive element [29]. In the quiet element approach, the elements 

of the filler material are included in the problem definition. However, they are given material 
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properties that are scaled, such that they do not affect the surrounding structure. Subsequently, these 

elements are activated, and are then given the correct material properties. In the inactive element 

approach, the elements of the deposited material are not included in the problem definition before 

the elements of the filler material are activated. 

The inactive element approach has been used in the current work. In the thermal analysis, the 

position of the heat source determines which elements that is activated. A search algorithm is used 

to locate these elements. In thermomechanical analyzes, the subsequent mechanical activation is 

temperature controlled. The elements are activated when the temperature decreases below the 

materials solidification temperature (Tsolidus). 

2.5 Lumping approaches 

Lumping is a history reduction approach that reduces the computation time. In lumping, the passes 

are not simulated individually, but passes are merged and added simultaneously. This simplification 

reduces the number of time steps in the model.  

In this thesis, lumping has been performed in the different ways described in Figure 2. The figure 

shows the beginning of the seventh layer in the simulations, where each layer comprises three passes. 

Figure 2a shows a detailed model where all passes are simulated transiently. Figure 2b shows a 

lumped model where 6 passes are lumped. Then the added material of one pass has the same width 

as in Figure 2a but the height of 6 original layers. This lumping technique was studied in Paper B. 

In Figure 2c, the material is added hatch-by-hatch, which means that the material and heat input of 

an entire hatch are added at once. Figure 2d shows a layer-by-layer model in which the material and 

the heat input of an entire layer is added at once. The hatch-by-hatch and layer-by-layer techniques 

were used in Paper A.  

The lumping technique can also be used by adding many layers at the same time. 
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Figure 2. (a) Detailed model, (b) Lumping 6 passes, (c) Hatch-by-hatch model and (d) Layer-by-layer 

model. 

 

The approach when six passes are lumped, gave thermal and mechanical results according to  

Figure 3. The modeling approaches are shown in Figure 2a and Figure 2b, respectively. A more 

thorough description is found in Paper B.  

Figure 3 shows that the temperature and displacement curves for the lumped models give oscillations 

but follow the same trend as the detailed model. The final displacement, shown in  

Figure 3b, only differs a few percent for the lumped model. The more significant oscillations for the 

lumped models are owing to the more prolonged heating and cooling cycles. Longer heating cycles 

turn out in more supplied energy per cycle. The mechanical behavior during the heating and cooling 

sequences is shown in Figure 4. 

 

 

Figure 3. Computed temperatures and displacement when six passes are lumped. 
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Figure 4. Mechanical behavior during the AM process. The baseplate is bended downwards during 

heating (left figure) and upwards during the subsequent cooling (right figure). 

 

Thermal results from the hatch-by-hatch model (M2) and layer-by-layer model (M3) are shown in 

Figure 5. The results show the temperature history for a cooling sequence. Three different modeling 

approaches are compared, and the material is the amorphous alloy AMZ4. The temperature is 

shown for a material point four layers down in the build. The time is shifted to zero when the material 

reaches liquidus temperature from above. The curves for the hatch-by-hatch model and layer-by-

layer model overlap each other, indicating that they give the same cooling rate. 

 

 

Figure 5. Temperature history for a material point that is four layers down. The curves start at 

liquidus temperature. M1 is a detailed transient model whereas M2 and M3 is a hatch-by-hatch and 

layer-by-layer model respectively. 





 

 

13 

 

 

 

 

 

 

  
 

Material Modeling 
 

A FE model for simulation of additive manufacturing needs a description of the material’s 

mechanical properties. This chapter deal with modeling of the flow stress. In FE simulations of AM, 

the flow stress is commonly obtained by interpolation (e.g., piecewise-linear) of tabulated stress-strain 

data, without using any flow stress model. The most common is temperature-dependent yield stress 

[5,20,30,31], which gives an ideal plastic behavior. This way of modeling the yield stress may be 

appropriate since it is known that in AM processes, the plastic strains turn out to be fairly low. 

In Paper B, the flow stress is temperature and strain-dependent, like in Figure 6. Including strain-

dependency gives a more accurate model, which also captures the hardening behavior. However, 

viscoplasticity is still lacking. 

 

 

Figure 6. Temperature and strain dependent flow stress. 

 

The flow stress can also be described by a model. The models can be empirical based, also named 

engineering models, or they can be physically based. 

Empirical based models are determined by fitting mathematical equations to experimental data 

without considering the physical processes which result in the observed behavior. One of the 

simplest models is the Ludwik’s power law which is written 

 

σy = A + Bε̅𝑝𝑛 , (24) 

 

where 𝐴 is the initial yield strength of the material and 𝐵 and 𝑛 are other material constants. The 

Johnson-Cook model [21] is the most commonly used empirical model for representing rate-

dependent material behavior, 

 

σy = (A + Bε̅𝑝𝑛) (1 + 𝐶 ln (
휀̅̇𝑝

휀̇𝑟𝑒𝑓
)) (1 − (

𝑇 − 𝑇𝑟𝑜𝑜𝑚

𝑇𝑚𝑒𝑙𝑡 − 𝑇𝑟𝑜𝑜𝑚
)

𝑚

). (25) 



 
 

   

14 

 

 

The first factor represents the strain hardening of the yield stress, the second factor indicates the 

increase in yield stress at elevated strain rates and the third factor represents the decrease in yield 

stress due to local thermal effects [32]. A, B, C, n and m are constants. 

Physically based models are models where knowledge about the physical process is used to 

formulate the constitutive equations. One simple physically based material model is the Armstrong-

Zerilli model [33] written like 

 

σy = C0 + 𝐶1𝑒−𝐶3𝑇+𝐶4 ln �̇̅�𝑝
+ 𝐶5휀̅𝑝𝑛. (26) 

 

In this case, 𝐶1, 𝐶2, 𝐶3, and 𝐶4 are material parameters. 𝐶5 and 𝑛 are the same as 𝐵 and 𝑛 in the 

Johnson-Cook model. 

The dislocation density based model described in the next section is a more comprehensive 

physically based model. 

 

The division between empirical and physically based models is somewhat arbitrarily. Both types of 

models can be considered as engineering. Developing a physically based model requires more 

experiments and analyses on different scales compared to empirical based models [34]. 

3.1 Deformation mechanisms in metals 

Plastic deformation is mainly occurred by dislocation motion. Dislocations are defects or 

irregularities within the crystal structure. One of the main types of dislocations is the edge dislocation. 

An edge dislocation can be seen as an extra half atomic plane in the lattice. When a load is applied, 

the dislocation moves through the lattice until it enters a grain boundary or another obstacle. An 

edge dislocation and its motion are shown in Figure 7. 

 

Figure 7. Motion of an edge dislocation. 

 

Many different mechanisms affect the dislocation motion in the material. Hardening and softening 

is a result of the interaction between dislocations. An increase in the dislocation amount result in 

hardening. At deformation, the dislocations are piled up at grain boundaries and other obstacles, as 

shown in Figure 8. With more immobilized dislocations, the mobility of the remaining dislocations 

is reduced. Due to lattice distortion around the dislocations, elastic energy is stored in the material, 

which also hinders the motions of the dislocations contributing to isotropic hardening. But the 

internal stresses can also simplify dislocation motion in the opposite direction in the so-called 

Bauschinger effect, also known as kinematic hardening. 
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Figure 8. Dislocation pileups. 

 

3.2 Physically based dislocation density model 

The dislocation density model described here is built on the framework of Bergström [23] and Estrin 

and Mecking [35]. The model has been further developed by Lindgren et al. [36] and adapted to 

AISI 316 L. Fisk et al. [37] adapted it to alloy 718 and Babu [38] to Ti-6Al-4V. 

In alloys, many strengthening mechanisms are operative at the same time. It is assumed that the 

contribution from each mechanism can be summed [36,38]. The overall yield strength is written as 

 

𝜎𝑦 = 𝜎𝐺 + 𝜎𝐻𝑃 + 𝜎∗ + 𝜎𝑠. (27) 

 

where the contributions are the following: 𝜎𝐺 , is the effect of the long-range interactions with the 

substructure of the immobile dislocations. 𝜎𝐻𝑃  is the grain boundary strengthening (Hall-Petch 

effect). 𝜎∗ is the short-range contribution that prescribes the stress required to move dislocation past 

short-range obstacles, and 𝜎𝑠 is solid solution strengthening. 

At higher temperatures, the material model change, and Equation (27) is not valid. Some of the 

mechanisms are replaced with new dominating mechanisms that control the flow stress. Frost and 

Ashby found a relationship between flow stress and strain rate at temperatures above 0.6𝑇𝑚 and 

stresses above 10−3𝐺, which they call power-law breakdown, 𝜎𝑃𝐿𝐵. This contribution is described 

further at the end of this chapter. With 𝜎𝑃𝐿𝐵 included, the resulting flow stress, used in the current 

work, can be written 

 

𝜎𝑦 = min(𝜎∗ + 𝜎𝐻𝑃 + 𝜎𝑠𝑜𝑙 , 𝜎𝑃𝐿𝐵) + 𝜎𝐺 . (28) 

 

𝜎𝐺  is an athermal contribution, and it is assumed that this contribution is always active, thereby it is 

a separate term. The contributions 𝜎∗, 𝜎𝐻𝑃, and  𝜎𝑠𝑜𝑙 are mechanism controlling the flow stress at 

low temperatures. At low temperatures, 𝜎𝑃𝐿𝐵 is very high, and Equation (28), simply reduces to 

Equation (27). But at elevated temperatures, other weaker mechanisms starts to control the flow 

stress in the material. These mechanisms result in a flow stress behavior described by 𝜎𝑃𝐿𝐵, which 

becomes an active contribution when the temperature reach a certain level. For these increased 

temperatures the flow stress can be written 

 

𝜎𝑦 = 𝜎𝑃𝐿𝐵 + 𝜎𝐺 . (29) 

 

The different contributions are described in more detail in different subsections below. All the 

contributions in the material model is proportional to the temperature-dependent shear modulus. 
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3.2.1 Long range contribution- Strain hardening 

 

The long-range term 𝜎𝐺 , is an athermal stress contribution from the long-range interactions of the 

dislocation substructure. The relation between the immobile dislocation density, 𝜌𝑖 , and the yield 

strength is usually referred as Taylors equation [39] and is given as  

 

𝜎𝐺 = αMGb√𝜌𝑖 . (30) 

 

𝑀 is the Taylor factor that translates the effect of resolved shear stress in different slip systems into 

effective stress and strain quantities, 𝛼  is a proportionality factor measuring the efficiency of 

dislocation strengthening, 𝐺 is the temperature-dependent shear modulus, b is the Burgers vector, 

and 𝜌𝑖  is the effective immobile dislocation density. 𝜌𝑖  is an internal state variable in the model.  

The evolution of the immobile dislocation density, comprises of hardening and recovery 

processes, 

 

�̇�𝑖 = �̇�𝑖
(+)

− �̇�𝑖(𝑔𝑙𝑖𝑑𝑒)
(−)

− �̇�𝑖(𝑐𝑙𝑖𝑚𝑏)
(−)

. (31) 

 

�̇�𝒊
(+)

 describe the hardening and �̇�𝑖(𝑔𝑙𝑖𝑑𝑒)
(−)

 and �̇�𝑖(𝑐𝑙𝑖𝑚𝑏)
(−)

 describe the recovery by glide respective 

climb. The evolution modeling of the immobile dislocation density is described in the following 

subsections. 

 

Hardening 

 
It is assumed that the mobile dislocations move a distance before they are immobilized or 

annihilated. The mean distance they move is the mean free path, Λ. According to the Orowan 

equation, the density of mobile dislocations and their average velocity are proportional to the plastic 

strain rate. In the same way, it is assumed that the rate of increase in immobile dislocations is 

proportional to the dislocation velocity and the mobile dislocation density, and inversely 

proportional to the mean free path [40]. This leads to 

 

�̇�𝑖
(+)

=
𝑀

𝑏

1

Λ
휀 ̇̅𝑝, (32) 

 

The mean free path can be obtained from [36] 

 

1

Λ
= (

1

𝑔
+

1

𝑠
), (33) 

 

where 𝑔 is the grain size and 𝑠 is the dislocation cell or subgrain diameter. The grain size is taken as 

constant in the modeling. i.e., no grain growth or recrystallization is assumed. Holt [41] found out 

that the dislocation cell or subgrain size is proportional to 1/√𝜌𝑖 . The mean free path, thus 

decreases with increased immobile dislocation, described in Figure 8. Equation (32) can now be 

expressed as 
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�̇�𝑖
(+)

=
𝑀

𝑏
(

√𝜌𝑖

𝐾𝑐
+

1

𝑔
) 휀 ̇̅𝑝, (34) 

 

where 𝐾𝑐  is a material parameter that relates the subcell diameter to the immobile dislocation 

density. 

 

Softening 

 
The recovery can either be dynamic or static. Dynamic recovery occurs through dislocations glide, 

and static recovery is owing to the climb process. Nes [42] proposed a recovery proportional to 𝜌𝑖
𝑥 

where 𝑥 = 1 for glide and 𝑥 = 2 for climb. 

Recovery by dislocation glide occurs when a moving dislocation annihilates an existing immobile 

dislocation. An example of annihilations of dislocations is shown in Figure 9. 

 

Figure 9. Annihilation of dislocations by dislocation glide. 

 

The annihilation of immobile dislocations is proportional to the immobile dislocation density and 

the plastic strain rate, and can be written 

 

�̇�𝑖(𝑔𝑙𝑖𝑑𝑒)
(−)

= Ω𝜌𝑖휀 ̇̅𝑝, (35) 

 

where Ω is a recovery function that is temperature and strain rate dependent. Ω was derived by 

Bergström et al. [23,43] to 

 

Ω = Ω0 + Ωr0 (
1

휀�̇�

𝐷

𝑏2
)

1/3

= Ω0 + Ωr0 (
𝐷𝑣0

𝑏2
)

1/3

(
1

휀�̇�
𝑒

−
𝑄

𝑘𝐵𝑇)

1/3

, (36) 

 

where Ω0 and Ωr0 are calibration parameters and 𝐷 is a diffusivity. The coefficient 𝐷𝑣0 is not that 

important since it disappears in the calibration parameter Ωr0. Different activation energies have 

been used in the literature when dynamic recovery is modeled. Bergström et al. [23] used the 

activation energy for migration whereas Mecking et al. [44] used the activation energy for climb. 

Nes [42] and Sandström and Lagneborg [45] indicate that the static recovery should be 

proportional to 𝜌𝑖
2. Lindgren et al [36] used a model for the static recovery as 

 

�̇�𝑖(𝑐𝑙𝑖𝑚𝑏)
(−)

= c𝛾D𝑣

𝐺𝑏3

𝑘𝐵𝑇
(𝜌𝑖

2 − 𝜌𝑖0
2 ), (37) 

 

where cγ is a calibration parameter, 𝜌𝑖  is the instantaneous immobile dislocation density, 𝜌𝑖0 is the 

initial dislocation density and Dv is the temperature-dependent lattice diffusion. The static recovery 

has a strong temperature dependency through the diffusion parameter that is written 
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D𝑣 = D𝑣0𝑒
−

𝑄𝑣
𝑘𝐵𝑇 , (38) 

 

3.2.2 Hall-Petch effect  

 
The Hall-Petch equation describes the relationship between the grain size and the stress. The 

dislocations are piled-up at the grain boundaries during deformation and in order to continue into 

the adjacent grain, the dislocation must change direction that requires much energy. Smaller grains 

result in faster immobilization and thereby also faster strain hardening. The temperature-dependent 

Hall-Petch contribution can be written[36] 

 

𝜎𝐻𝑃 = kHP

G(T)

𝐺𝑅𝑇

1

√𝑔
 , (39) 

 

where kHP is the room temperature Hall-Petch coefficient and 𝑔 is the mean grain size. The Hall- 

Petch contribution accounts for temperature dependency by using the temperature-dependent shear 

modulus, G(T), which is divided with the shear modulus at room temperature, 𝐺𝑅𝑇. 

 

3.2.3 Short range dislocation glide 

 

The short-range term, 𝜎∗, is the stress needed to move dislocations past short-range obstacles. It is 

a thermal contribution, meaning that thermal vibrations can assist the dislocations to overcome the 

obstacles. 

The Orowan equation gives a relation between the dislocation velocity and the plastic strain rate 

as, 

 

휀 ̇̅𝑝 =
𝜌𝑚𝑏𝑣 ̅

𝑀
 , (40) 

 

where 𝑣 ̅ is the dislocation velocity, 𝜌𝑚 is the mobile dislocation density and 휀 ̇̅𝑝 is the plastic strain 

rate. Dislocation velocity is connected to the time it takes for a dislocation to overcome an obstacle 

and move to the next. This consists of a waiting time when the moving dislocation is in front of the 

obstacle, and a running time when the dislocation has passed the obstacle and moves to the next. It 

is assumed that the average velocity only depends on the waiting time as the running time is negligible 

in comparison. The dislocation velocity 𝑣 ̅ is defined as 

 

𝑣 ̅ = 𝜆𝑣𝑎exp (−
∆𝐺

𝑘𝑇
) , (41) 

 

where 𝜆 is the average obstacle spacing and 𝑣𝑎 is a frequency the dislocations attempt to pass the 

obstacle. ∆𝐺 is the Gibbs free energy of activation for cutting or bypassing of obstacles. ∆𝐺 is related 

to the distribution of obstacles and the shape of the barrier the dislocation must overcome. A general 

form of the activation energy can be written[46] 

 

∆𝐺 = ∆𝐹 (1 − (
𝜎∗

𝜏0𝐺
)

𝑝

)

𝑞

, (42) 

 



 

 

19 

 

where 𝜏0𝐺 is an athermal flow strength that must be exceeded to move dislocations through the 

lattice without aid from thermal energy. It is shown by the equation that when the short-range stress 

𝜎∗ is increased and becomes equal to 𝜏0𝐺, the Gibbs free energy reduces to zero. When that occurs, 

the dislocations are forced through the obstacles. The exponents 0 < 𝑝 < 1 and 1 < 𝑞 < 2 are 

calibration parameters. ∆𝐹 is the total free energy required for a dislocation to overcome lattice 

resistance or obstacles without aid from external stress. ∆𝐹 can be written[46] 

 

∆𝐹 = ∆𝑓0𝐺𝑏3, (43) 

 

where ∆𝑓0 describes the mean obstacle strength. The values of ∆𝑓0 and 𝜏0 for different obstacle 

types is given in Table 1. The values are rough estimates taken from Frost and Ashby [46]. 

Table 1. Obstacle characteristics for the short range term, 𝜎∗. 

Obstacle  

Strength 
∆𝑓0 𝜏0 Example 

Strong 2 >
𝑏

𝑙
 

Large or 

strong 

precipitates 

Medium 0.2 − 1.0 ≈
𝑏

𝑙
 

Small or 

weak 

precipitates 

Weak < 0.2 ≪
𝑏

𝑙
 

Lattice 

resistance 

and Solution 

hardening 

 

By introducing a constant,  

 

휀 ̇̅𝑟𝑒𝑓 =
𝜌𝑚𝜆𝑏𝑣𝑎

𝑀
, (44) 

 

and combine Equations (40) - (43) the short-range stress can be written as 

 

𝜎∗ = 𝜏0𝐺 (1 − (
𝑘𝑇

∆𝑓0𝐺𝑏3
𝑙𝑛 (

 휀 ̅̇ 𝑟𝑒𝑓

 휀 ̅̇ 𝑝
))

1/𝑞

)

1/𝑝

. (45) 

 

Solutes are obstacles that hinder the dislocation motion. However, the solid solution strengthening 

can also be modeled explicitly which is described in the next section. 

 

3.2.4 Solid solution strengthening 

 
Solid solution strengthening is the mechanism where alloying elements are added to the base metal 

causing local nonuniformity, which hinders dislocation motion. The model used is proposed by Kou 

et al. [47] and may be expressed as 
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𝜎𝑆𝑆(𝑇) = [∑(𝑍𝐿𝐺(𝑇))
3/2

(𝛼𝑠𝛿𝑖 + 𝜂′𝑖(𝑇))
2

𝑐𝑖

𝑖

]

2/3

. (46) 

 

Thus, the model is a summation over all solute atoms, 𝑖 , which contributes to solid solution 

strengthening. 𝑍𝐿 is a constant equal to 1/550 and 𝛼 is a dimensionless constant, where 3 < 𝛼𝑠 <
16 for screw dislocations and  𝛼𝑠 > 16 for edge dislocations. 𝛿𝑖 is the lattice misfit, 

 

𝛿𝑖 = 𝑎−1 (
𝑑𝑎

𝑑𝑐𝑖
) , (47) 

 

where 𝑎  is the cell parameter, 𝑐𝑖  is the atomic concentration. 𝜂′𝑖  in Equation (46) is calculated 

through 

𝜂′𝑖(𝑇) =
𝜂𝑖(𝑇)

1 +
|𝜂𝑖(𝑇)|

2

 , (48) 

 

where 𝜂𝑖(𝑇) is the temperature-dependent modulus misfit calculated as 

 

𝜂𝑖(𝑇) =
𝐺0(𝑇) − 𝐺𝐵(𝑇)

𝐺𝐵(𝑇)
 . (49) 

 

𝐺0(𝑇) and 𝐺𝐵(𝑇) is the shear modulus of the solute and the base metal, respectively. The model 

for solid solution strengthening described above is ideal plastic and temperature dependent. 

 

3.2.5  High temperature creep, Power law breakdown 

 

At high temperatures, above about 0.6𝑇𝑚, and at stresses higher than 10−3𝐺 Frost and Ashby [46] 

propose that the material follows a relation they call power-law breakdown, 

 

𝜎𝑃𝐿𝐵 =  
𝐺

𝛼′
 𝑎𝑠𝑖𝑛ℎ (

 휀 ̅̇ 𝑝𝑘𝑇

𝐴 𝐺 𝑏 𝐷𝑒𝑓𝑓

(𝛼′ asinh(1))𝑛)

1/𝑛

 . (50) 

 

When the stress reach above about 10−3𝐺, the flow goes from climb controlled to glide controlled. 

𝛼′, 𝑛 and 𝐴 are material parameters. The effective diffusion coefficient is 

 

 𝐷𝑒𝑓𝑓 = 𝐷𝑣 + 𝐷𝑝𝑖𝑝𝑒  . (51) 

 

where 𝐷𝑣  and 𝐷𝑝𝑖𝑝𝑒  is the lattice and core diffusion respectively. The core diffusion can be 

expressed as [46] 

 

 𝐷𝑝𝑖𝑝𝑒 = 𝜌𝑖𝑎𝑐𝐷𝑐0𝑒
−

𝑄𝑐
𝑘𝐵𝑇  . (52) 
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Summary of appended papers 
 

In this chapter a summary of the appended papers is given, and the author’s contribution is 

specified. 

4.1 Paper A 

The first appended paper deals with thermal FE modeling and set up a few approaches to reduce 

the computation time. Three different models are presented, called M1, M2 and M3 in the paper. 

M1 is detailed and each pass is simulated transiently. M2 is a hatch-by-hatch model. The heat is then 

applied momentarily for each hatch and the heat source moves across the layer with the scanning 

speed. M3 is a layer-by-layer model where the heat is applied momentarily to the entire layer. The 

thermal history has been compared for a material point four layers down in the build. M1 gives 

preheating and reheating when adjacent scans are laid whereas M2 and M3 gave similar results with 

a single temperature peak for each layer. 

 

Author contribution: The present author performed most of the modeling work. 

4.2 Paper B 

This paper study the history reduction approach lumping of passes with respect to efficiency and 

accuracy. One detailed model where all passes are simulated, is compared with three lumped models 

in which three, six and 14 passes are lumped. Lumping is merely performed across layers and not 

within the layers in this paper. Thermal and mechanical results are compared for all models. The 

models are validated with DED experiment with alloy 625, of two different cases, having different 

dwell times between the layers. The results show that this is a promising approach to efficiently 

predict deformation and residual stress for AM processes. 

 

Author contribution: The present author made all the modeling work and wrote the majority of the 

paper. 

4.3 Paper C 

This paper presents a physically based flow stress model. The model is adapted to alloy 625 and 

alloy 718. The model is first calibrated with stress vs strain curves from room temperature up to near 

melting point for a low strain rate. Then a stress relaxation test is simulated as a validation case. The 

model exhibits a good agreement with the stress vs strain data. This model thus gives an accurate 

described mechanical behavior and take strain rate dependence, stress relaxation and creep into 

account. 

 

Author contribution: The present author performed all modeling work for alloy 625 and wrote the 

majority of the paper. 
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Discussion and Conclusions 
 

This chapter discusses the methods and the results of this work and summarizes the most 

important conclusions. 

 

Simulations support trial and error experiments when the process parameters are developed in order 

to minimize the stress induced in the AM process. Using simulations can save a lot of money and 

time. The aim of the thesis work is to study and develop FE models for accurate and efficient AM 

simulations. This includes physically based material modeling to improve the behavior of the 

material in the modeling. In Paper A, an approach for more efficient simulations by lumping is 

presented. Thermal simulations were used to study hatch-by-hatch and layer-by-layer models. Paper 

B deals with a lumping approach where the passes are added transiently but lumped in the build 

direction. That study shows how the thermal and mechanical results are affected by the usage of 

lumping. The study concludes that lumping is a viable method to predict deformation and residual 

stress for an AM process. The local thermal history is not captured, which means that it is not 

convenient to combine this method with, e.g., a microstructure model where thermal behavior is 

very important. However, it is concluded that for an AM process with many thousands of layers, the 

approach studied in paper B is not efficient enough to be practically useful. 

The inherent strain method is another common approach, besides lumping, that was not studied 

in this thesis. Inherent strain is a method for computationally efficient prediction of deformation 

and residual stress in AM. The approach is based on a purely mechanical model and requires 

calibration. 

Paper A and Paper B is mainly associated to the first research question. The hatch-by-hatch and 

layer-by-layer approaches in Paper A are promising with respect to efficiency. However, it was only 

the thermal part that was simulated in Paper A and the deformation and residual stress could not be 

predicted. The lumping approach in Paper B was studied more thoroughly and worked well for the 

studied case. As mentioned above, this method is not practically useful for AM processes with many 

thousands of layers. Thus the first research question has been partly answered with the studied 

approaches. Lumping is an approach that can be used for efficient AM modeling. However, the 

hatch-by-hatch and layer-by-layer approach, that are the most efficient lumping approaches in the 

current work, must subsequently include the mechanical part in the modeling in order to evaluate 

how well the deformation and residual stress are predicted. 

 

In Paper B, the flow stress was temperature and strain-dependent and obtained from stress vs. 

strain curves. The mechanical properties of the material can also be modeled with a physically based 

material model. This may give an improved material behavior, if the model e.g. takes viscoplacticity 

and stress relaxation into account. This was shown in Paper C, where an existing dislocation density-

based flow stress model was further developed and adapted to alloy 625 and alloy 718. This model 

has a natural handshake with microstructural information such as grainsize and solutes. The model 

was calibrated with data from compression tests at temperatures ranging from room temperature up 

to temperatures close to the melting temperature. The model was validated with compression tests 
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at different strain rates and a stress relaxation test. In future work, the validation of the model with 

respect to various strain rates should be extended. The second research question is therefore partly 

answered by the results in Paper C. A physically based material model can be usable in simulation 

of AM, but the current model needs more validation. 
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Outlook 
 

The lumping approach studied in paper B reduced the computational effort and maintained good 

results for the deformation and residual stress. The work is an advance in terms of efficient models. 

However, simulations need to be even more efficient when the AM process consists of many 

thousands of layers. The inherent strain method is an efficient and interesting approach to predict 

deformation and residual stress from an AM process. However, this approach make use of a purely 

mechanical model and cannot be combined with a microstructure model or the physically based 

flow stress model in a direct manner. One alternative could be to combine a detailed thermo-

mechanical model with the inherent strain model. Implementing the physically based flow stress 

model in the FE model gives a more accurate modeling of the mechanical properties. However, 

there is a challenge to combine an efficient process model with the physically based flow stress 

model. In many approaches for efficient modeling, the temperature history is reduced in some way. 

This can deteriorate the physically based model, which is temperature dependent. Thus, the material 

model must be taken into account when the FE- model is developed. 

The accuracy of a model can only be stated if it is validated. In paper B, the simulations were 

validated with a DED experiment from literature. Powder bed fusion experiments, performed by 

project members in Uppsala, will be used for validation. Synchrotron light diffraction has been 

performed on an AM built component. There is ongoing work to calculate the resulting residual 

strain in the component. 

In the physically based flow stress model, there is one contribution called power-law breakdown. 

That is an empirical contribution proposed by Frost and Ashby[46] that becomes active at elevated 

temperatures and then replaces the short-range stress, solid solution strengthening, and Hall-Petch. 

The material model can be made more consistent if the power-law breakdown contribution is 

replaced with one that is physically based. Thus, a model for the mechanisms describing the 

significant decrease in strength at elevated temperatures (1000-1150°C) must be developed. 
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ADDITIVE MANUFACTURING: INTEGRATED COMPUTATIONAL AND EXPERIMENTAL METHODS

Efficiency and Accuracy in Thermal Simulation of Powder Bed
Fusion of Bulk Metallic Glass

J. LINDWALL,1 A. MALMELÖV,1 A. LUNDBÄCK,1

and L.-E. LINDGREN 1,2

1.—Luleå University of Technology, 971 87 Luleå, Sweden. 2.—e-mail: Lars-Erik.Lindgren@ltu.se

Additive manufacturing by powder bed fusion processes can be utilized to
create bulk metallic glass as the process yields considerably high cooling rates.
However, there is a risk that reheated material set in layers may become
devitrified, i.e., crystallize. Therefore, it is advantageous to simulate the
process to fully comprehend it and design it to avoid the aforementioned risk.
However, a detailed simulation is computationally demanding. It is necessary
to increase the computational speed while maintaining accuracy of the com-
puted temperature field in critical regions. The current study evaluates a few
approaches based on temporal reduction to achieve this. It is found that the
evaluated approaches save a lot of time and accurately predict the tempera-
ture history.

INTRODUCTION

This article summarizes the applicability of
approaches in computational welding mechanics
(CWM) to simulate additive manufacturing (AM)
and pinpoints the renewed necessity for performing
efficient simulations to manage extremely large
amounts of ‘welds’ in the case of additive
manufacturing.

The study has a special emphasis on efficiency
with retained accuracy for the powder bed fusion
(PBF) of amorphous powder in creating bulk metal-
lic glass (BMG). The rapid cooling of an appropriate
multicomponent system provides it with an amor-
phous structure. This metallic glass can have
special electric, magnetic, corrosion, and mechani-
cal properties.1 Powder bed fusion processes can be
used to produce BMGs, as they give substantially
high cooling rates of the solidifying material.2,3

However, there is a risk that this material, when
reheated at a temperature not sufficiently high to
cause melting, may crystallize, i.e., become devitri-
fied. Therefore, it is advantageous to simulate the
process to fully comprehend it and design it to avoid
the aforementioned risk. However, a detailed sim-
ulation is computationally demanding. Thus, sim-
plifications enabling faster simulations are
advantageous. The accuracy of these models in

critical regions is important to be able to predict
crystallization and devitrification. The studied
amorphous alloy is AMZ4, Zr59.3Cu28.8Al10.4Nb1.5,
and preliminary data are used to evaluate the
modelling approaches.

COMPUTATIONAL WELDING MECHANICS

The overall aim of CWM4 is to establish methods
and models that are usable for the control and
design of welding processes so as to obtain the
appropriate mechanical performance of the welded
component. It is focused on subjects ranging from
the modelling of heat generation, weld pool phe-
nomena, and heat flow to thermal stresses and
deformations. Models in CWM can be combined
with other models to obtain microstructure evolu-
tion and other features that enable the prediction of
microstructure cracking and other phenomena. The
centrepiece in modelling is the heat generation
process, which is very complex for fusion welding
processes. Some models may include fluid flow but
exclude the physics of heat generation. However,
the classical, i.e., common, approach is to also
exclude this flow. The introduced heat input model
must be calibrated with respect to experiments or
obtained from more detailed weld process models.
Initially, researchers applied various techniques for
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reducing computing time,4 whereas it is now possi-
ble to solve multipass welds in three dimensions
(3D). However, the necessity for efficiency remains
important when applying CWM to AM processes.5,6

APPROACHES FOR EFFICIENT
MACROSCALE SIMULATIONS OF PBF

Approaches for reducing the wall-clock time when
performing CWM simulations can be divided into
three groups: spatial and temporal reductions and
numerical techniques. The first two groups always
bring some degree of approximation into the prob-
lem, whereas it is easier to control the degree of
accuracy in the last group.

Spatial reduction explores the possibility of reduc-
ing a 3D problem to one that is two-dimensional.7

This also implies a type of temporal reduction
similar to the axisymmetric model of a circumfer-
ential pipe, and the use of a plane deformation
model for a weld in a plate corresponds to infinite
welding speed.

Temporal reduction ignores some of the history of
the process. The use of analytic solutions, as well as
solutions ignoring phase changes and similar sim-
plifications, are examples of temporal reduction.
One temporal reduction used in this study is the
lumping of several welds into one, which can be
combined with infinite welding speed. The latter
means that, at least, parts of the weld are laid
instantaneously. Ding et al.8 based the stress
calculation on peak stress during a cycle. This
appears to be similar to envelope methods used
early in CWM. Afazov et al.6 used a combination of
remeshing to group layers and an analytic temper-
ature field for increased speed. The inherent strain
approach replaces the weld process by an estimated
final residual strain field that is supposed to yield
the same residual stresses and deformations as the
weld. It was previously published in 19709 and
developed and promoted further by Ueda and co-
workers.10,11 This approach has recently been
applied to AM and is available in commercial
software.

The current study focuses on temporal reduction
techniques for accelerating simulations of the PBF
process (see Fig. 1). For each case shown, heating
advances according to the arrows. The case in

Fig. 1a has no temporal reduction, whereas the
whole width of a string is heated instantaneously
for the case in Fig. 1b, and the entire layer is heated
for the case in Fig. 1c.

COMPUTATIONAL SETUP

Thermal analyses were performed using
MSC.Marc with full Newton–Raphson iterations
solving the resulting non-linear system of coupled
equations. Adaptive time stepping was used to
adjust the length of the time step to the non-
linearity of the solution during cooling. A cylinder
with a diameter of 15 mm on a 10-mm-thick base
plate was modelled with eight-node solid brick
elements. The mesh size was such that one element
represents the thickness of a layer, i.e., 40 lm. Local
mesh refinement was used to resolve the heat
source, and coarsening was used to reduce the
computational domain where the temperature gra-
dient is small. A 5-s pause was included between
each added layer. The laser power was set to 340 W
at an efficiency of 30%. The spot diameter was
100 lm and scanning speed was 1000 mm/s. More
details pertaining to heating in different models are
provided in the following section.

The powder was not modelled explicitly. Instead,
elements were activated with bulk material proper-
ties at the position of the heat source. A face film
boundary condition with a film coefficient of 100 W/
m2 was used on all faces interacting with the
powder bed.

Heat Input Variants

A cylinder with a diameter of 15 mm is built on a
10-mm-thick base plate. Each added layer has a
thickness of 40 lm. The laser power, spot diameter,
and scanning speed are 340 W, 100 lm, and
1000 mm/s, respectively. The most detailed model,
denoted M1, simulates the moving heat source
along the actual scanning path, as shown in Fig. 1a.
The classical double ellipsoid heat input model with
Gaussian distribution proposed by Goldak et al.12 is
used in this case.

q x; y; zð Þ ¼ 6
ffiffi

3
p

Qg
abcp

ffiffi

p
p e�

3x2

a2 e�
3y2

b2 e�
3z2

c2 ð1Þ

Fig. 1. Basic principles for the simplification of heating, where the heating progresses according to the arrow. (a) The path of the heat source is
followed in detail. (b) Each string is laid at an infinite speed, and (c) corresponds to the instantaneous heating of the whole layer, progressing
layerwise. The simulated case has a cylindrical shape, but here is drawn as a box for simplicity.
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where Q and g are the laser power and its
efficiency, respectively. The variables a, b, and c
are geometrical dimensions limiting the region of
heat input in a local moving coordinate system.
The ellipsoid is a circle in the xz plane with the
parameters a and c replaced by the spot diameter
d, and b is the penetration depth of 0.16 mm.
Goldak et al.12 suggested that at least four
elements should be covering each semi-axis of
the ellipsoid. However, we were limited to four
elements over the heat source width after mesh
refinement because of limited computer memory.
Thus, the model does not experience a Gaussian
distribution, but the total heat acquired by the
model is controlled as described in Ref. 13. This
method makes the total heat input independent of
discretisation.

The first model with temporal reduction is denoted
M2, as shown in Fig. 1b. The entire length of a hatch
is briefly heated with a Gaussian distribution only in
the depth direction. The heat was applied as a box
with no overlap or spacing between hatches. The
power density Eq. 1 was then reduced to one dimen-
sion and rewritten using the above assumptions.

q yð Þ ¼ 2
ffiffi

3
p

Qg
ffiffi

p
p

bd2 e
�3y2

b2 : ð2Þ

Consequently, the power density becomes inde-
pendent of the scanning area.

The total supplied energy is the same for all cases.
Thus, the integral of the heat source along one scan
in model M1 is the energy supplied for each heating
line in model M2. The sum of all heating lines in
model M2 yields the amount of heating in model M3.

As described above, the net time spent on heating is
different for each model, but the total time spent on
one layer was set to 5 s for all models.

The total scanning time for each model is a result of
chosen process parameters and geometry as illus-
trated in Fig. 2. The characteristic heating time of
any point is the same for all models and is given by

t� ¼ d
v : ð3Þ

The time to sweep the entire area in model M1 is
t1= A/dv, as shown in Fig. 2a. The time to cover one
layer in this model then becomes 1.767 s. However,
the scanning path was limited to exclude the edge at
the beginning and end of each hatch. This approach
enabled numerical stability and avoided extremely
high temperatures at the contour. This reduced the
total scan time to 1.736 s. Model M2 has an infinite
speed for each hatch, and the heating line moves
across the area with the scanning speed to maintain
the characteristic heating time. Thereafter, the time
to cover the whole cross section is t2= D/dv. The
simplest model, M3, briefly heats the whole area with
the characteristic heating, t3= t*.

Thermal Properties

The glass-forming alloy AMZ4 is the focus of an
on-going research project. This alloy has the capa-
bility of becoming amorphous, provided the cooling
rate from the liquid state is greater than approxi-
mately 20�C/s. The material model is based on
thermal properties from the literature. The
required high cooling rate limits the possibility to
measure material properties at higher

Fig. 2. Different heat distributions for various models in Fig. 1. (a) Heat source followed in detail, (b) each string laid with infinite scanning speed,
and, (c) instantaneous heating of the entire layer. The heating times for each case are given by t1> t2> t3 and described in the text.
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temperatures for the amorphous state. However, a
complete transformation diagram for crystallization
is currently not available.

The thermal conductivity of a similar glass-forming
alloy, Zr55Al10Ni5Cu30,

14 is used because of the lack of
published data for AMZ4. Data are available at
temperatures of up to the crystallization temperature
and are extrapolated to higher temperatures using the
slope of available data. Above the liquidus tempera-
ture, the conductivity is assumed to increase linearly to
imitate convective heat transport. It is considered
constant in the superheated liquid state (see Fig. 3).

The heat capacity of AMZ4 has been measured by
Heinrich15 and fitted to Kubaschewski equations16

for the supercooled liquid region and solid glass
state,

Cliquid
p ¼ 3Rþ aT þ bT�2 ð4Þ

Cglass
p ¼ 3Rþ cT þ dT2 ð5Þ

where the fitting parameters are given as
a = 5.224 9 10�4 J1 mole�1 K�2, b = 1.031 9 107

J1 K1 mole�1, c = 0.00623 J1 mole�1 K�2, and d =
� 6.047 9 10�7 J1 mole�1 K�3 in Ref. 15. The tran-
sition region between these two equations is based
on measurements at a gradual heating rate, as
indicated in Fig. 3.

Finite Element Models

Simulations with M1–3 start with the same
initial state. The initial structure was built on the
base plate and consists of 16 layers, with a total
height of 0.64 mm. The simulation of the initial
state was performed on M3. The simulation time
between each layer is 5 s, including heating and
subsequent cooling. The mesh was coarsened at
the end of the analysis, leaving two layers of
elements corresponding to the previous 16 layers
(see Fig. 4). The model is cut in a plane perpen-
dicular to the building direction showing the
temperature profile.

The computational efficiency of each model was
evaluated according to the computer wall-clock time.
All models were solved on 16 multiple threads for
assembly, recovery, and matrix solving. Model M1
required 381,000 s (approximately 4.5 days) to build
one layer. Models M2 and M3 required 1660 s
(30 min) and 770 s (13 min), respectively. Thus, only
0.2% of the computational time of M1 is used by M3.
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Fig. 3. Heat capacity and conductivity used in simulations. The solid
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values in the transition region are indicated by crosses (9). The
dash-dot line denotes assumed properties of heat conductivity,
where symbols indicate experimentally determined data.

Fig. 4. A cross-sectional view of the temperature distribution used as initial state for comparison of the three different models.
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Furthermore, the time increments to heat the entire
surface were reduced from 34,700 for M1 to 150 for
M2 and only a few for M3.

RESULTS

The cooling rate of the molten material is in the
order of magnitudes greater than the critical cooling
rate of 20�C/s. Therefore, the material will remain
in an amorphous state with certainty. The critical
locations are at the lower layers that are merely
reheated but not molten. However, they run the risk
of devitrification, i.e., crystallization. The choice of
the critical location, four layers down, is based on
preliminary evaluations. The peak temperature
computed by the most detailed model is just above
900�C at this point. Figure 5 shows the temperature
history at the selected point versus time for the
three models. The cooling rate for the models is
evaluated and shown in Fig. 6.

DISCUSSIONS

Model M1 has no temporal reduction and is
considered as a reference with respect to simplified
cases because measured temperatures are lacking.
Its numerical accuracy has been evaluated by
changing the temporal and spatial discretisation.
Doubling the time step and/or mesh size affect the
temperature field near the heat source. However,
the effect is negligible at the evaluated critical
location, which is four layers down. The heat
conductivity used in the model had to be employed
for another BMG. Consequently, a numerical exper-
iment was conducted to evaluate whether changing
this property will affect the relative behaviour of the
models, thereby the conclusion below. Reducing the
value of the conductivity by ten times did not
change the relative performance of the models.

As further shown in Fig. 5, it is evident that the
number of cyclic heating sequences differs among
the models. The high temperature region also
differs but solutions approximate each other at
lower temperatures. However, this is unimportant
as they all exhibit extremely high cooling rates.
Therefore, this accuracy is not a problem. More
relevant for the current application are the pre-
dicted cooling rates (Fig. 6). It is possible to define a
quantitative error measurement on this rate, but
what certainly is important is whether crystalliza-
tion or devitrification occurs. However, this requires
a model that is currently not available. Therefore, a
sufficiently accurate model is employed as a conser-
vative model, i.e., one that has a lower cooling rate
than the real case. The simplified approaches are
conservative in this respect compared with M1.

The critical cooling rate for AMZ4 can be esti-
mated as approximately 20�C/s, with the nose at an
undercooling of approximately 80�C.15 The cooling
rates at higher temperatures (see Fig. 6) are in the
order of magnitudes greater than this critical value.
The risk for devitrification is for reheated layers
located further down that experience lower temper-
atures during the reheating cycle. Any thermal
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history of remelted material can be ignored. Accord-
ing to Fig. 7, all models predict temperatures at
these locations that seem to be away from the region
for the nucleation of a crystal structure. It should be
noted that the figure has no complete data set. The
solid line in the upper right corner is based on
differential scanning calorimetry measurements of
materials cooled at low cooling rates. The symbols at
the lower right are from heating experiments. Tem-
perature history lines for models M1 and M3 at the
selected point are well to the left of these symbols,
indicating a negligible risk of devitrification.

CONCLUSION

The presented work describes an approach to
significantly reduce the computational effort to
merely 0.2% of a fully detailed model, but one that
still ensures sufficient accuracy in the thermal
simulation of PBF. The approach includes the
temporal reduction of the heating sequence and
obtains a conservative estimate of the risk of
devitrification of bulk metallic glass.
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Abstract: Additive manufacturing is the process by which material is added layer by layer. In most
cases, many layers are added, and the passes are lengthy relative to their thicknesses and widths.
This makes finite element simulations of the process computationally demanding owing to the short
time steps and large number of elements. The classical lumping approach in computational welding
mechanics, popular in the 80s, is therefore, of renewed interest and is evaluated in this work. The
method of lumping means that welds are merged. This allows fewer time steps and a coarser mesh.
It was found that the computation time can be reduced considerably, with retained accuracy for the
resulting temperatures and deformations. The residual stresses become, to a certain degree, smaller.
The simulations were validated against a directed energy deposition (DED) experiment with alloy 625.

Keywords: finite element; thermo-mechanical analysis; additive manufacturing; alloy 625

1. Introduction

Additive manufacturing (AM) is a process by which a product is built by adding the material
layer by layer. This method provides new opportunities from the design and manufacturing points
of view. It is possible to create complex shapes, which can be utilized for the design of optimized
geometries with the possibility of saving weight. It can also be used to repair existing products. Other
advantages are the reduced material waste and shorter component lead-time [1]. However, a challenge
with AM is how to minimize the distortions and residual stresses of the final product.

The finite element method (FEM) can be used to predict the resulting distortion and residual
stresses. This leads to additional knowledge about the process and may also reduce the number of trial
and error experiments necessary to find the process parameters. There are a number of publications
about simulation of additive manufacturing; e.g., [2–6].

Finite element simulations of the AM process are computationally demanding owing to the short
time steps and large number of elements involved. This is one of the main reasons why simulation of
AM is not widely used. Several approaches are aimed at reducing the computational effort. Umer
et al. [7] make use of dimensional reduction in their thermo-mechanical model to study the effect of
different support structures in electron beam melting. A 2D model is not suitable for all geometries,
and it will always introduce a loss of details in the problem. Remeshing is a useful tool for spatial
reduction. Remeshing has been performed layer by layer [8–10] and locally, near the heat source [11,12].
Moreover, different techniques for merging or lumping layers and passes have been used. Lumping
is a history-reduction approach and was used in the early era of computational welding mechanics
(CWM) for multipass welding, as can be seen in reviews [13,14]. In additive manufacturing, Chiumenti
et al. [15] investigated the results of thermal simulations when the material was added hatch by
hatch or layer by layer in the simulation. The simulation time was reduced by up to 98% and the
average temperature history was captured, but not the local thermal history. Prabhakar et al. [16] used
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a thermo-mechanical model where whole layers were added simultaneously when a part with 50
layers was built. This model was validated against an experiment. Keller et al. [17,18] described a
model where several layers were added simultaneously. With their model they were able to predict
deformation and residual stresses at the macroscopic level. In the current work the temperature and
deformation evolution is studied when the passes are added transiently, and only lumped in the build
direction. To the authors’ knowledge there is no publication where the approach has been used in this
way. The inherent strain method is another approach for fast prediction of the resulting deformation
and residual stress in AM processes [19,20]. The method was first proposed for welding by Ueda and
coworkers [21–23]. Li et al. [24,25] used the inherent strain approach, but instead of using strain, a
residual stress tensor is added to each layer in the mechanical macro-scale model. The simulation was
performed with a multi-scale model in three different scales. A micro-scale model was used to predict
an equivalent heat source, which was the input to the meso-scale model. Because the AM process
is very fast, it was assumed that the heat could be added to the whole layer simultaneously. In the
thermo-mechanical meso-scale model, a residual stress tensor from one added layer was calculated.
Finally, the mechanical model on the macro-scale was computed, wherein the material was added
layer by layer and the pre-determined residual stress tensor was applied on each added layer. The
drawback with the inherent strain method is that it often requires calibration. The inherent strains are
in general sensitive to changes in the boundary conditions.

The main aim of this work was to study the method lumping of welds, described above, and
evaluate the error introduced in the modeling and the achieved reduction in computation time for
the simulations. A detailed thermo-mechanical FE model was validated with in situ temperature and
displacement measurements for directed energy deposition (DED) with alloy 625. All experimental
data and results that are used for comparison with the simulation model were derived from the
publication by Denlinger et al. [26]. In total, 42 layers were built with three passes per layer. Two cases
with different dwell times, 0 s and 20 s, between layers, were studied. This model acted as reference
when the accuracies of the lumped models were evaluated. The temperature, displacement, and
residual stress results were studied for the reduced models in which 3, 6, and 14 passes were lumped.

The material used in the present study was alloy 625. It is a nickel-based super alloy mainly used
in high-temperature applications, such as aerospace, petrochemical, marine, and nuclear industries,
owing to the high tensile, rupture, and creep strengths, and excellent corrosion resistance [27]. The
material is difficult to manufacture by conventional machining owing to excessive tool wear and low
material removal rates. Thus, alloy 625 is a material appropriate for the AM technology [28].

2. Materials and Methods

2.1. Experimental Set Up

The experiment used for validation was performed by Denlinger et al. [26]. In it, a wall was built
on a substrate plate using directed energy deposition (DED). Two cases of DED of alloy 625 presented
in that paper were selected for this work. They differed with respect to the dwell time between each
layer. One case had no dwell time and the other had a dwell time of 20 s between each layer. The
wall was 101.6 mm long, 38.1 mm high, and 6.7 mm wide, and the substrate plate was 152.4 mm long,
38.1 mm wide, and 12.7 mm thick. The deposit was made using a laser power of 2 kW and a scan
speed of 10.6 mm/s. The wall consisted of 42 layers, and each layer was comprised of three passes. The
layer thickness used in the simulations was 0.9 mm. Figure 1 shows the scan sequences during the
deposition. Figure 1a shows the sequence for odd-numbered layers and Figure 1b shows the case for
even-numbered layers.
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Figure 1. Laser scan sequences during the deposition for (a) odd-numbered layers and (b)
even-numbered layers. The arrows show the scanning direction, and the numbers, 1–3, show in
which order the passes are done.

The measurements of temperature, displacements, and residual stress were used to validate the
simulations. The temperature was measured by three thermocouples and the deflections by a laser
displacement sensor (LDS) at the positions shown in Figure 2a. The LDS measures the distortion of
the substrate along the z-direction, see Figure 2b. The residual stress was measured at the location of
TC2 using the hole drilling method defined in ASTM E837. The method has an accuracy of ±50 MPa
if all requirements are met. The method measures the absolute residual stress at a point, including
the residual stresses incurred when the material is prepared. The preparation of the substrate in the
experiment is not specified in [26].
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Figure 2. (a) Substrate and wall showing the location of the thermocouples (TC) and the laser
displacement sensor (LDS) measurement at the bottom side of the substrate. (b) Sketch showing the
position of the LDS distortion measurement.

2.2. Computational Set Up

The finite element software MSC.Marc was used in the simulations. It accounts for large strains
and deformations. A strong coupling between the thermal and mechanical analyses was obtained by
the so-called staggered approach. For each time step the thermal problem was first solved and the
resulting thermal load was used as an input to the mechanical problem. After the mechanical problem
was solved, the geometry was updated. Thus, updating of the geometry in the thermal analysis lags
one step behind. Moreover, the heat generation by the plastic deformation in the mechanical analysis
was added to the thermal analysis in the next time step. For an AM simulation, that contribution was
minimal. Eight-node hex elements, improved with the constant dilatation approach and assumed
strain formulation, were used for the spatial discretization. The constant dilatation approach forces
the volumetric strain to be constant throughout the element in order to avoid volume locking. With
the assumed strain formulation, the interpolation functions were modified such that the shear strain
variation could be better represented in the element. This improved the bending behavior compared to
conventional hex element. Fixed time steps of 0.1 s and 0.2 s were used for the heat input and cooling
phases respectively.

2.2.1. Material Models

The thermal and elastic properties versus temperature are listed in Table 1. A cut-off was used
for properties outside the given temperatures; i.e., the values were not extrapolated but instead the
last given value was used. The thermal expansion coefficient in the table is the tangent coefficient
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based on data in [29,30]. The density was 8.44 g/cm3 [30]. The latent heat for melting and solidification
was 150 kJ/kg in the temperature interval 1189–1336 ◦C [31]. This was obtained from an experiment
where the latent heat was measured during solidification with a cooling rate of 60–100 ◦C/s. The
solidus temperature was calculated as 1137 ◦C according to the Scheil module in Thermo-Calc [32].
The flow stress for the annealed state of the material was compiled from stress–strain curves from
various sources [33–35], as indicated in Table 2. The flow stress was tabulated versus plastic strain and
temperature, which was used to interpolate flow stress and hardening of the material. The accumulated
equivalent plastic strain was set to zero whenever the temperature was above 1137 ◦C. The removal of
the accumulated plastic strain corresponds to the reduction in dislocation density, owing to both the
melting and diffusion-controlled climb processes that annihilate dislocations, and thereby suppressed
the hardening at high temperatures.

The material properties in this work were taken from experimental data. Physically based flow stress
models and microstructure models were used to describe the physics in the material more accurately.
These models were coupled to FE models for AM. Murgau et al. [36] and Salsi et al. [37] used microstructure
models and were able to predict the amount of different phase fractions formed in the process. Babu
et al. [38] coupled a microstructure model and a physically based flow stress model to the mechanical
properties and applied it in a DED-process. They could thereby get a more accurate description of the
material behavior over the temperature, strain rate, and strain range during the process.

Table 1. Temperature dependent properties of alloy 625.

Temp (◦C) Conductivity
(W/mK) [39]

Expansion Coefficient
(×10−6/◦C)

Young’s Modulus
(GPa) [29] Temp (◦C) Specific Heat 1

(J/kg/◦C) [30]

20 9.80 12.7 208 −18 402
100 11.2 13.2 - 21 410
200 12.8 13.8 199 93 427
300 14.4 14.6 192 204 456
400 16.3 15.4 186 316 481
500 17.3 16.7 179 427 511
600 19.3 18.0 171 538 536
700 21.0 19.2 163 649 565
800 22.6 20.4 153 760 590
900 24.6 21.6 142 871 620
1000 26.7 22.9 126 982 645
1189 - 25.3 - 1093 670
1250 - - 10 1300 710
1300 32.0 - -
1350 230 - -

1 The additional heat of fusion is indicated in the text.

Table 2. Flow stress of alloy 625.

Temp (◦C) 20 400 650 950 1000 1100 1200 1260

Reference [33] [34] [33] [35] [35] [35] [35] -
Plastic strain (−) True stress (MPa)

0 490 402 370 116 75.0 37.0 15.0 1.0
0.005 510 460 373 178 100 50.4 23.2 1.2
0.01 529 490 380 222 115 63.8 31.4 1.4

0.015 548 514 388 250 137 76.3 39.3 1.6
0.02 568 532 401 270 151 88.7 46.1 1.8
0.03 610 568 432 290 171 102 52.6 2.0
0.05 684 627 489 320 207 113 58.4 2.2
0.08 777 697 576 340 223 119 62.4 2.4
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Table 2. Cont.

Temp (◦C) 20 400 650 950 1000 1100 1200 1260

Reference [33] [34] [33] [35] [35] [35] [35] -
Plastic strain (−) True stress (MPa)

0.12 891 789 665 350 226 122 60.2 2.6
0.2 1096 951 797 349 229 120 54.1 2.8
0.28 1272 1075 955 337 230 113 50.5 3.0

Bolded values: independent variables.

2.2.2. Addition of Material

There are two basic approaches to model the addition of the filler material in AM simulations,
quiet element and inactive element [14]. In the quiet element approach the elements of the filler
material are included in the problem definition when the analysis starts but is given material properties
that are scaled such that they do not affect the surrounding structure. When the filler material is added,
the corresponding elements obtain the correct material properties. In the inactive element approach,
the elements of the deposited material are not included in the problem definition before the material is
added and the elements are activated. Michaleris et al. [40] proposed a hybrid quiet/inactive element
approach. Initially all elements were set to inactive. Then, layer by layer, all elements in the current
layer were switched to quiet. The individual elements obtained the correct material properties when
the corresponding material was added in the process. In that approach, the system of equations is
recomputed only when each layer is activated.

The inactive element approach was used in the current work. The activation of elements is
performed in two steps. They are first activated in the thermal analysis in order to supply heat to the
elements. The position of the heat source determines which elements will be activated in the thermal
step. A search algorithm is used to locate these elements. The subsequent mechanical activation is
temperature controlled. When the temperature decreases below the solidification temperature (Tsolidus)
for the material, the element is activated in the mechanical analysis.

2.2.3. Heat Source Model

The heat source model prescribes the heat input. It should represent the resulting heat input
from the heat source, which in this case is a laser. Different models with different geometries and heat
distributions exist. Simpler models use constant heat applied in a certain geometry [41]. The intensity
of the beam at the surface in the simulated experiment was determined to have a Gaussian profile [26];
thus, a model with Gaussian heat distribution was appropriate. Pavelic et al. [42] proposed a model
with a planar Gaussian heat distribution at the surface. For more deep penetration processes a conical
heat source, or a combination of two heat sources proposed by Lundbäck et al. [43] can be preferred.
However, in this work the heat flux of the laser, which was in convective mode, was modeled by
the double ellipsoidal heat source model proposed by Goldak et al. [44]. This model has been used
extensively for modeling the heat input of both arc and beam heat sources. In the simulation of the
current case by Denlinger et al. [3] they also used this heat input model.

The double ellipsoidal heat source model is described by a moving local coordinate system. The
heat source is moving in the y′-direction according to Figure 3. The heat source consists of two elliptic
regions, one at the front of the origin, described by Equation (1),

q f (x, y, z) =
6
√

3 f f Q

abc fπ 3/2
e−3( x′

a )
2

e
−3( y′

c f
)

2

e−3( z′
b )

2

(1)
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and one behind the origin, described by Equation (2),

qr(x, y, z) =
6
√

3 frQ
abcrπ 3/2

e−3( x′
a )

2

e−3( y′
cr )

2

e−3( z′
b )

2

. (2)
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a, b, c f , and cr are shown in Figure 3. These parameters and the net heat input, Q, were determined
by calibration and the values are listed in Table 3. The parameters f f and fr must comply with

f f + fr = 2. (3)

Table 3. Calibrated and given parameters.

hfixture (W m−2 K−1) h (W m−2 K−1) E η a (m) b (m) cf (m) cr (m)

500 11 0.45 0.29 0.002 0.002 0.002 0.004

The heat flux should be continuous along y′ = 0 in Figure 3, which together with Equation (3)
gives Equations (4) and (5),

f f =
2c f

c f + cr
(4)

fr =
2cr

c f + cr
. (5)

The integration of the heat input Equations (1) and (2) gives the total heat input in a time step that
may vary as it is evaluated over the integration points in the elements of the mesh. Thus, the heat
input may fluctuate depending on where the heat source is located with respect to the mesh. These
fluctuations are avoided by controlling the heat input in every iteration in every time step, according
to Lindgren [14].

2.2.4. Simulation Models

All of the 126 weld passes were simulated individually in two more accurate models. The two
models differed with respect to the size of the elements. The results from the model with a finer mesh
acted as a reference, and they were compared with those from the experiments. Subsequently, the
results of the lumped models were compared with those reference results. The reference model is
shown in Figure 4, and it consists of 43,312 elements with 184 elements per weld pass. The motivation
for the model with the coarser mesh was to evaluate the efficiency gained owing to the lumping only,
excluding the reduction in number of elements. This model is shown in Figure 5b, and it consists of
7683 elements with 46 elements per weld pass.
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The mechanical boundary conditions used for all the models are shown in Figure 4. The nodes at
the bottom of the substrate in contact with the clamp are fixed in the z-direction. Two nodes at the
corner are fixed in the y-direction and one node in the x-direction, as seen in Figure 4, to prevent rigid
body motion. The thermal boundary conditions are convection and radiation, which were applied on
all free faces except at the top faces of the added material. The heat transfer at the interface between
the substrate and the fixture is explained in the next section.

2.2.5. Heat Transfer Through Fixture

The heat transfer at the interface between the substrate and the fixture (see Figure 5a) was modeled
by a large value of the heat transfer coefficient. The model shown in Figure 5a includes the fixture,
whereas the fixture is replaced by a boundary condition in the model in Figure 5b, in order to reduce
the size of the model. The heat loss to the fixture was modeled as a convective heat transfer with
a convection coefficient, hfixture, of 500 W/m2. This value was obtained by the calibration procedure
described below.

The total heat loss through the interfaces between the base plate and the fixture, and the
temperatures in thermocouples TC 1 and TC 3, were compared for the two models. The value of the
convective heat transfer coefficient was adjusted until the heat flux through the fixture interface and
the temperatures in TC1 and TC3 were in good agreement; see Figure 6.

2.2.6. Calibrated Parameters

The computed temperatures from the reference model with the fine mesh were compared with
those from the experiments to calibrate the parameters included in Table 3. These values were used
for all the models. The heat transfer between the substrate and the fixture, denoted as hfixture, has
been discussed earlier. The heat loss to the ambient air is described by the film coefficient h and
the emissivity is denoted by e. These values were calibrated with respect to the final cooling part
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of the temperature measurements and were in agreement with the general guidelines in the heat
transfer literature. The heat source efficiency η indicates how much of the total power of the laser is
absorbed by the material. The heat distribution is described by the estimated heat source dimension
parameters, a, b, and c, according to Figure 3. These parameters, together with the efficiency parameter,
are determinants for the obtained peak temperatures.Metals 2019, 9, x FOR PEER REVIEW 8 of 19 
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2.2.7. Lumping of Passes in AM Simulations

The coarse model shown in Figure 5b still requires considerable computing time. The effect of the
lumping of welds has been studied with respect to efficiency and accuracy. The lumping procedure is
explained with reference to the specific case of lumping six weld passes into one. The lumped model was
created by merging six passes in the height direction into one. A general sketch of the lumping procedure
can be seen in Figure 7. The largest element size in the height direction was determined by the layer
thickness. In this case, there was the possibility to coarsen the mesh when lumping was utilized.

Metals 2019, 9, x FOR PEER REVIEW 9 of 19 

 

Table 4. Changed time and velocity settings when lumping passes. 

 Detailed Model Lumping n Passes 
Time step Δt Δt* = Δt·n 

Heat source speed v v* = v/n 
Total Time for welding case tw tw* = tw·n 
Total Time for cooling case tc tc* = tc·n 

 
Figure 7. Sketch showing how the passes can be lumped. 

The principle of lumping is shown in Figure 8. As can be seen, the number of the elements 
representing the added layer can be reduced when lumping is applied. The number of elements for 
the various case models is listed in Table 5. 

 

Figure 8. The first pass added in the simulation. The legend is expressed in °C. (a) No lumping for the 
model with coarse mesh. The height corresponds to the real thickness of one DED layer. (b) Lumping 
of three layers. The height corresponds to the thickness of three DED layers. (c) Lumping of six layers. 
(d) Lumping of 14 layers. 

 

 

Figure 7. Sketch showing how the passes can be lumped.

The only parameters that needed to be changed were the heat source velocity v, time step length
∆t, and cooling time tc. All other parameters, such as heat source geometry and effect, were kept
unchanged. The changes of the three parameters were both physically sound and straight forward.
The velocity was divided by the number of lumped passes, n, and the time step length was multiplied
by n. The heat source then moved the same distance during each time step, regardless of how many
passes are lumped. The modified parameters are summarized in Table 4 for an arbitrary number of
lumped passes. This means that the energy per unit length of a weld was the sum of those for the
individual passes. The total energy supplied to the model was the same for all cases.

Table 4. Changed time and velocity settings when lumping passes.

Detailed Model Lumping n Passes

Time step ∆t ∆t* = ∆t·n
Heat source speed v v* = v/n

Total Time for welding case tw tw* = tw·n
Total Time for cooling case tc tc* = tc·n
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The principle of lumping is shown in Figure 8. As can be seen, the number of the elements
representing the added layer can be reduced when lumping is applied. The number of elements for
the various case models is listed in Table 5.
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Table 5. Number of elements for the simulation models.

Number of Elements Number of Nodes

Model with fine mesh 43,312 50,859
Model with coarse mesh 7683 10,608

Lumping 3 passes 3819 5344
Lumping 6 passes 3819 5344
Lumping 14 passes 3543 4968

3. Results

The results for the detailed model with fine mesh and the reduced models with lumped passes
are described here. The model with the fine mesh was validated with measurements and acts as a
reference model for the lumped models. Further, the reduction of simulation time with the lumped
models is described.

3.1. Results for Reference Model

The results for the calibrated simulation model with the fine mesh (see Figure 4) are shown here.
The simulation was compared with the temperature and displacement measurements from [26] for the
cases with no dwell time and with 20 s dwell time between layers. Figure 9 shows the temperature and
displacement results for the case with no dwell time, whereas Figure 10 shows the temperature and
displacement results for the case with 20 s dwell time between layers.

3.2. Result for Lumped Models

The main aim of this study was to evaluate the modeling error that is introduced when using
the described method of lumping weld passes, and the reduction in computation time. The transient
temperature and displacement during the process and the residual stress were evaluated for the
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lumped models. When the results were compared, the same locations as in the measurements were
used for the lumped models and for the reference model with fine mesh.
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The temperatures are compared at the locations of the thermocouples in the experiment; see
Figure 2a. The temperature results for the cases with no dwell time and with 20 s dwell time between
layers for lumping of 3, 6, and 14 passes are shown in Figure 11. They are compared with the reference
model with fine mesh, which is denoted in the figure as the detailed model.
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Figure 11. The computed temperatures for the model with fine mesh are compared with those for
models with lumping of 3, 6, and 14 passes. The models with no dwell time between layers are shown
in (a), (c) and (e) whereas (b), (d) and (f) show the same results for the cases with 20 s dwell time.

The displacement at the location of the LDS measurement in the experiment is shown below. The
results for the cases with no dwell time and with 20 s dwell time between layers for lumping of 3, 6,
and 14 passes are shown in Figure 12 and are compared with the reference model with fine mesh,
denoted in the figure as the detailed model. The final displacement for the reference model with fine
mesh and the lumped models are collected in Table 6. The table also shows the relative deviation.
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Figure 12. The computed displacements for the model with fine mesh compared with those with
lumping of 3, 6, and 14 passes. The models with no dwell time between layers are shown in (a), (c) and
(e) whereas (b), (d) and (f) show the same results for the cases with 20 s dwell time.

Table 6. Final displacement and relative deviation for all models.

No Dwell Time Between Layers 20s Dwell Time Between Layers

Final Displacement
(mm)

Relative
Deviation (%)

Final Displacement
(mm)

Relative
Deviation (%)

Model with fine mesh 3.61 Reference = 0 3.43 Reference = 0
Lumping 3 passes 3.50 3.0 3.59 4.7
Lumping 6 passes 3.69 2.2 3.95 15.2
Lumping 14 passes 3.74 3.6 3.88 13.1

The computed residual stresses at the mid cross section in the weld direction are compared. Only
the results for the case with no dwell time and 3, 6, and 14 passes are shown in Figure 13. They are
nearly identical to the results for the cases with 20 s dwell time. Moreover, the residual stress in the
welding direction at the bottom center of the substrate was compared with that in the experimental
results and is presented in Table 7.

3.3. Computation Times

The computation times for the different simulations are compiled in Table 8. The table also
contains the computation times in percentages for the lumping models, with the model with coarse
mesh as the reference. For all simulations, multithreading with four threads has been used when
solving the resulting system of equations on a machine with the Intel Xenon E5-2670, 2.6 GHz chip.
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Figure 13. Residual stress in the welding direction (MPa) in the mid cross section of the case with no
dwell time between layers for the model with fine mesh (a), and the models with lumping of three
passes (b), six passes (c), and 14 passes (d).

Table 7. Residual stress in the welding direction at the bottom center of the substrate in the case with
no dwell time between layers.

Residual Stress in the Welding Direction (MPa)

Experiment 740
Model with fine mesh 508

Lumping 3 passes 453
Lumping 6 passes 447
Lumping 14 passes 449

Table 8. Computation time for the simulation models.

Computation Time Computation Time (%)

No dwell time between layers

Model with fine mesh 4 d 16 h 39 min 956
Model with coarse mesh 11 h 47 min Reference = 100

Lumping three passes 2 h 24 min 20.4
Lumping six passes 1 h 3 min 8.9
Lumping 14 passes 29 min 4.1

20s dwell time between layers

Model with fine mesh 5 d 11 h 38 min 961
Model with coarse mesh 13 h 42 min Reference = 100

Lumping three passes 2 h 25 min 17.6
Lumping six passes 1 h 10 min 8.5
Lumping 14 passes 29 min 3.5
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4. Discussion

The simulated results from the detailed model with respect to temperature and displacement are
in good agreement with the measurements. However, the temperature at the TC 2 location in the case
with no dwell time between layers is an exception. This can be seen in Figure 9a; the temperature
registered by TC 2 is higher than that registered by TC 1 at the beginning, but it then decreases so that
the two curves cross after around 1000 s according to the measurements in [26]. This behavior is not
shown in the simulation and there is no realistic explanation for this occurrence. None of the other
similar cases in [26] show this behavior.

The residual stress at the mid cross section of the substrate for the simulation was 508 MPa, a
value that can be compared with the measured value of 740 MPa. Denlinger et al. [3] performed a
similar simulation and obtained a residual stress of just above 500 MPa. They explain the difference
between the simulation and measurements with the temperature-dependent precipitation hardening
that the simulation model does not take into account.

The main focus of this study was to evaluate the trade-off between accuracy and computation
time. It is clear that lumping welds can be used to reduce the computation time significantly for the
studied case, as presented in Table 8. This is also relevant for other geometries with large number
of passes.

The extent of lumping depends on the aim of the model and the required accuracy. The temperature
results for lumping show that lumping a larger number of passes generates larger oscillations. However,
the overall trend is captured even in the case of lumping 14 passes. The displacement results show
similar behavior to that of the temperatures. The results show that the final deformation of a built
product can be predicted accurately, even when lumping 14 passes. The overall residual stress
distribution is captured but the magnitude at the evaluated location is already 10% lower when
lumping three passes.

The procedure described for lumping weld passes of the DED process is straightforward. Once
the accurate thermo-mechanical model is created, no additional calibrations are needed to set up a
model using the lumping technique. The only parameters that need to be changed are the heat source
velocity, v, time step length, ∆t, and cooling time, tc. These parameters are changed in a predefined
way. The element size is also made larger for the lumped models to further reduce the computation
time. However, the element size must always be estimated in a FE-model.

The results also show that the lumping technique works better for the cases without dwell time,
which correspond to the left column in Figure 12. The final displacements deviate more when there is
a dwell time between each pass; see Table 6. The reason is that the procedure applied will extend the
dwell time with a multiple corresponding to the number of lumped passes. Because of this, the material
is cooled down excessively before the next layer is added. This mismatch in temperature between the
existing material and the added filler material causes additional plasticity. A better prediction of the
final geometry is achieved if the time schedule of the added welds is adjusted so that cooling of the
existing material is more similar to that in the real process. The drawback with that approach is that a
lumped model is needed to estimate this beforehand. An example of this is shown in Figure 14, where
the original approach is compared with a simulation in which the dwell time is halved.

Depending on the scope of the simulation, the large oscillations in the temperature and
displacement results owing to lumping may be acceptable or not. If the scope is to predict the
final deformation and residual stress state, it has been shown that lumping can be applied with
sustained accuracy. However, if the microstructure is of interest, then lumping would not be a viable
way to reduce the computational time, as it alters the thermal history in a deleterious way.
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Figure 14. Computed displacement (a) and temperature (b) for lumping 14 passes for the case with 20 s
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5. Conclusions

A thermo-mechanical FE model has been validated with temperature and displacement results
from a DED process for alloy 625. The validated model has then been used to study lumping of welds
with respect to efficiency and accuracy. Based on the given AM process and material, the following
specific conclusions can be drawn from this work:

• Lumping of welds can reduce the computational time considerably, owing to the reduction in
number of time steps and the reduction of number of elements required in the model.

• Lumping of welds is a viable option when the main scope is to capture the overall residual states,
such as stresses and deformations, of an AM-produced component.

• The heat source parameters do not have to be re-calibrated for the different lumping cases. The
velocity is the only parameter that changed. The velocity is divided by the number of lumped
layers to get a correct input of energy per length unit.

• History-dependent results, such as microstructure evolution, cannot be predicted when applying
the lumping technique, since the local thermal history is not captured.
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Mechanism based flow stress model for  

alloy 625 and alloy 718 

Andreas Malmelöv, Martin Fisk, Andreas Lundbäck and Lars-Erik Lindgren 

Abstract 

To predict the final geometry in thermo-mechanical processes the use of modeling tools is of great 

importance. One important part in the modeling process is to describe the response correctly. A 

previously published mechanism based flow stress model has been further developed and adapted 

for the nickel-based superalloys, alloy 625 and alloy 718. This type of material model is appropriate 

in simulations of manufacturing processes where the material undergoes large strain rates and 

temperature fluctuations. The model also captures stress relaxation and creep behavior naturally. 

The flow stress model has been calibrated with compression test data at strain rates of 0.01 𝑠−1
 – 1 

𝑠−1 from room temperature up to near melting temperature and validated using stress-relaxation 

tests. From the parameter optimization, it is seen that many of the parameters are the same, or very 

close, although it is two different materials, which shows the generality and robustness of the model. 

The modeled and measured stress relaxation are in good agreement. 

1 Introduction 

Alloy 625 and alloy 718 are two commonly used nickel-based superalloys. Alloy 625 is used in the 

aerospace, marine, petrochemical and nuclear industries owing to its high tensile, rupture and creep 

strength, and excellent corrosion resistance [1]. Alloy 718 is mostly used in power plants and gas 

turbines and is also the main superalloy utilized in jet engines due to its high-temperature strength 

[2]. The main difference between alloy 625 and alloy 718 is that alloy 625 is a solid solution hardened 

material, strengthened by Cr, Mo, Nb and Fe [3], and alloy 718 is a precipitation hardened material, 

mainly strengthened by the body-centered tetragonal (bct) 𝛾′′-precipitates that comprises Ni and Nb 

(Ni3Nb) [2]. The alloy composition is similar, although the amounts of niobium content is higher in 

alloy 718 (4.75 - 5.50 wt%) compared to alloy 625 (3.15 - 4.15 wt%) and alloy 718 has a much higher 

fraction of iron, see Table 1. Both alloy 625 and 718 are commonly used in the process of additive 

manufacturing (AM) [4,5]. AM is a relatively newly developed technology that typically is used in the 

aerospace industry because of its possibility to produce parts with complex geometries. During AM, 

the material undergoes temperature fluctuations that reach several hundreds of degrees, and rapidly 

drops close to room temperature (RT) within an interval of a few seconds. To further develop parts 

produced by AM, there is an interest in predicting residual strains and stresses as well as the final 

geometry. One of the critical aspects of modeling AM is how to treat the stress-strain material 

response from room temperature and up to temperatures close to the melting temperature. 

Machining is another process that requires a material model that accurately models the stress-strain 

behavior [6]. In machining, the material undergoes severe plastic deformations at strain rates ranging 
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from six orders of magnitude and temperatures in a wide temperature range. Except AM and 

machining, welding, roll forming, and sheet metal forming are examples where a material model is 

needed that captures the mechanical behavior. 

 

Basically, there are two classes of material yielding models: empirically based material models, that 

are based on mathematical expressions that reproduce the stress-strain relation; and so-called 

physically or mechanism based material models that account for the different strengthening 

mechanisms that take place in the material. A mechanism based model is used in the current work. 

This material model has, for example, been used in the work by Bergström [7] and Estrin and 

Mecking [8]. Frost and Ashby [9] have also provided with information to the model, through their 

development of deformation mechanisms maps. Other authors are Cheng et al. [10] that used the 

model for Molybdenum. In their model the, yield stress was a sum of two terms, the long range 

athermal resistance to dislocation motion and a thermally activated part that also has been called a 

short range contribution. The model captured the difference in deformation behavior at low and 

high strain rates. Lindgren et al. [11] used the same base model but changed some of the sub models, 

which resulted in a more physically based model. The material was AISI 316L. Fisk et al. [12] 

developed and adapted the material model for alloy 718. In their paper, the focus was on 

precipitation hardening, and therefore the model comprised a precipitation model. The model was 

calibrated versus compression tests at 400°C and 600°C. Babu et al. [13] used the model for Ti-6Al-

4V, and it worked in the temperature range 20 – 1100°C. However, for the three last cases described, 

they used temperature-dependent parameters, which resulted in a huge amount of calibration 

parameters. Later, Lindgren et al. [14] improved the model for AISI 316L. They made many of the 

calibration parameters constant, which were temperature-dependent before. This action resulted in 

a reduction of calibration parameters from 45 to 17. Furthermore, the Hall-Petch and Solid solution 

strengthening contributions were modeled explicitly. Yadav et al. [15] also used a mechanism based 

model when they modeled 304 HCu stainless steel. A difference from the other works described 

above is that they used the mobile dislocation density as an internal state variable, in addition to the 

forest dislocation density. 

 

Although there have been a lot of efforts with the mechanism-based material model, there are no 

publications in the literature where the material model is developed and adapted for alloy 625, 

including the typical deformation mechanisms for that material. As mentioned before, Fisk et al. 

[12] used the material model for alloy 718 for the temperatures 400°C and 600°C. However, no 

earlier work on alloy 718 has been made to ensure that the model works for a wide temperature 

range. In the current work, the mechanisms based flow stress model was developed and adapted for 

the solid solution strengthened alloy 625 and the precipitate hardened alloy 718. It should be 

emphasized that alloy 718 is calibrated and validated in its annealed condition, since this is the 

condition commonly used during manufacturing. The materials have been calibrated versus 

compression tests in temperatures, ranging from room temperature up to temperatures close to the 

melting temperature. After calibration, a stress relaxation test at 1000°C was modeled. The modeled 

relaxation test was in good agreement with the measured. 
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2 Experiment 

Uniaxial axisymmetric compression tests were performed on alloy 625 in the Gleeble 3800-GTC 

system at Luleå University of Technology using the ISO-T tungsten carbide anvils. The test 

specimens were cylindrical in shape and the state of the as-delivered material was a cold drawn rod 

with a diameter of 12 mm and annealed for 1 h at 980°C. The test samples were machined into final 

shape for testing with a diameter of 8 mm and a length of 10 mm, which gives an aspect ratio, 𝐷𝑅 , 

of 1.25. The alloy 718 material was uniaxially compressed using a Gleeble 3800-GTC system at 

Uleåborg University in a similar way. The initial state of the alloy was fully annealed, i.e. heat treated 

at 950°C for 1 h. The chemical composition of the two materials can be seen in Table 1. 

 

Table 1. Chemical composition (wt%) for alloy 625 and alloy 718. 

 Ni Cr Mo Fe Nb Ti Al Si 

Alloy 625 Bal 22.31 9.03 4.37 3.58 0.22 0.19 0.16 

Alloy 718 53.5 18.4 3.05 Bal 5.00 0.94 0.6 0.08 

 Co Mn Cu Ta C P S  

Alloy 625 0.071 0.063 0.033 0.020 0.015 0.005 0.001  

Alloy 718 0.17 0.11 0.13 - 0.03 0.010 0.0004  

 

To measure and control the temperature a thermocouple of type K was welded at the middle of the 

sample. For alloy 625, a C-Strain gauge was used to measure the diametral change directly on the 

sample during the compression. For alloy 718, the strain was measured using the displacement of 

the end-grips. Between the ends of the sample and the tungsten carbide anvils a thin layer of nickel 

paste on each side of a 0.25 mm thick graphite foil was applied in order to reduce the friction. For 

alloy 625 and alloy 718, the tests were performed at nominal strain rates of 0.01 – 1.0 𝑠−1 in the 

temperature range from room temperature to near melting temperature. 

A generic temperature profile for the heating of the samples can be seen in Figure 1. The heating 

ratio for the sample is 5°C/s. If the test is performed at a temperature above 650°C, the sample is 

first left for soaking at 650°C for 30 s before it is further heated. The choice of 650° C is due to that 

the current materials, alloy 625 and alloy 718, is thermally stable up to that temperature. A soaking 

time of 30 s is always applied before the test starts. This is to ensure a homogenous temperature 

within the sample. 
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Figure 1. Generic temperature profile for heating of the test samples. 

 

When computing the stress and strain it is assumed that the material is incompressible and that the 

test sample deforms as a perfect cylinder. That is, the volume is assumed to be constant and we get 

the following relation, 𝐿0𝐴0 = 𝐿𝐴. Where 𝐿 is the current length and 𝐿0 is the initial length of the 

sample. 𝐴 and 𝐴0  is the current and initial area respectively. The true axial strain is defined as:  

 

휀 = ln (
𝐿

𝐿0
) (1) 

 

Using this relation, we can express the true strain as a function of the initial diameter, 𝐷0, and the 

current diameter, 𝐷, measured with the C-Strain gauge. 

 

휀𝑎𝑥𝑖𝑎𝑙 = ln (
𝐴0

𝐴
) = 2ln (

𝐷0

𝐷
) (2) 

 

As the plastic strain is large compared to the elastic strain, the assumption of incompressibility should 

be valid.  

The deviation from a perfect cylinder during the deformation is mainly caused by the friction 

between the sample ends and the contact platens. Particularly at high temperatures, above 900° C, a 

barrel shape can be noticed on the deformed samples. The barreling coefficient, 𝐵𝑐, is computed as 

a relative measure based on the volumetric preservation according to [16]. The barreling coefficient 

is related to the initial length, the initial diameter, the final length, 𝐿𝑓, and the final diameter, 𝐷𝑓 , 

according to 

 

𝐵𝑐 =
𝐿𝑓𝐷𝑓

2

𝐿0𝐷0
2 (3) 

 

The largest barrel coefficient was found for the samples tested at the highest temperature, 1150° C. 

The average value of the barreling coefficient for that temperature was 1.097 which is close, but 

below, the threshold value of 1.1 given by Roebuck et. al. [16]. It is possible to correct the stress-
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strain curves by inverse modeling in combination with a finite element analysis as shown by e.g. 

[17,18]. 

3 Material model 

In alloys, many strengthening mechanisms are operative at the same time. It is common to assume 

that the contribution from each mechanism can be summed [6,12–14]. In the current work, the flow 

stress is written 

 

𝜎𝑦 = 𝜎𝐺 + 𝜎𝐻𝑃 + 𝜎∗ + 𝜎𝑠 (4) 

 

where the contributions are the following: 𝜎𝐺  is the effect of the long-range interactions with the 

substructure of the immobile dislocations, 𝜎𝐻𝑃  is the grain boundary strengthening (Hall-Petch 

effect), 𝜎∗ is the short-range contribution that prescribes the stress required to move dislocation past 

short-range obstacles, and 𝜎𝑠 is solid solution strengthening. Other contributions to the yield strength 

may be added to Eq. (4), such as the addition of stress required to move a dislocation though or 

around precipitates and solutes, or the internal friction stress to move a dislocation through a perfect 

lattice.  

At higher temperatures some of the mechanisms in Eq. (4) are no longer dominating and replaced 

with new dominating mechanism(s) that control the flow stress. A relationship between flow stress 

and strain rate, that is dominating at elevated temperature, is used according to Frost and Ashby [9]. 

They call it power law breakdown, 𝜎𝑃𝐿𝐵. This contribution is described in the end of this section. 

With 𝜎𝑃𝐿𝐵 included, the resulting flow stress is written 

 

𝜎𝑦 = min(𝜎∗ + 𝜎𝐻𝑃 + 𝜎𝑠 ,  𝜎𝑃𝐿𝐵) + 𝜎𝐺 (5) 

Because 𝜎𝐺  is an athermal contribution, it is assumed that this contribution is always active and 

thereby it is a separate term. The contributions 𝜎∗, 𝜎𝐻𝑃 and 𝜎𝑠 are so-called active mechanisms and 

controls the flow stress at lower temperatures. At elevated temperatures, 𝜎𝑃𝐿𝐵 decreases and is the 

dominating term. Typically temperatures for when the power law breakdown starts to dominate are 

above 0.6𝑇𝑚, and at stresses higher than 10−3 of the bulk modulus [9]. 

3.1 Long range contribution- hardening 

The long-range term 𝜎𝐺  is called an athermal stress contribution, as thermal vibration cannot assist 

overcoming the long-range interactions of the dislocation substructure. The relation between the 

immobile dislocation density 𝜌𝑖 , and the yield strength is usually referred as Taylors equation [19] 

and is given as 

 

𝜎𝐺 = 𝛼𝑀𝐺𝑏√𝜌𝑖 (6) 
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where 𝛼 is a proportionally factor accounting for the efficiency of dislocation density strengthening 

and are typically it the range of unity. 𝑀 is the taylor factor that translates the effect of resolved shear 

stress in different slip systems into effective stress and strain quantities, 𝐺 is the shear modulus that 

may be temperature dependent, 𝑏 is Burger’s vector and 𝜌𝑖  is the effective immobile dislocation 

density. We also ignore that the efficiency of dislocation strengthening, 𝛼 , is in a small extent 

dependent on the dislocation substructure, i.e. it is dependent on the current dislocation density[20]. 

The evolution in time of the immobile dislocation density, �̇�𝑖 , comprises of one hardening and 

two recovery processes, so that 

 

�̇�𝑖 = �̇�𝑖
(+)

− �̇�𝑖(𝑔𝑙𝑖𝑑𝑒)
(−)

− �̇�𝑖(𝑐𝑙𝑖𝑚𝑏)
(−)

 (7) 

 

where, �̇�𝒊
(+)

 describes the hardening caused by pinning effects, and �̇�𝑖(𝑔𝑙𝑖𝑑𝑒)
(−)

 and �̇�𝑖(𝑐𝑙𝑖𝑚𝑏)
(−)

 describe 

the recovery by glide and climb, respectively. The evolution modeling of the immobile dislocation 

density is described in the following subsections. 

3.1.1 Hardening 

It is assumed that the mobile dislocations move a distance before they are immobilized or 

annihilated. The mean distance they move, is called the mean free path 𝛬. According to the Orowan 

equation, see Eq. (16), the density of mobile dislocations and their average velocity are proportional 

to the plastic strain rate. In the same way, it is assumed that the rate of increase in immobile 

dislocations is proportional to the dislocation velocity and the mobile dislocation density, and 

inversely proportional to the mean free path [21]. This leads to 

 

�̇�𝑖
(+)

=
𝑀

𝑏

1

𝛬
휀 ̇̅𝑝 (8) 

 

The mean free path can be obtained from the fact that a dislocation moves a distance before it 

hinders. Typically, this distance is inversely proportional to the sum of obstacles 

 

1

Λ
= (

1

𝑔
+

1

𝑠
) (9) 

 

where 𝑔 is the grain size and 𝑠 is the dislocation cell or subgrain diameter. The grain size is taken as 

constant in the modeling. i.e., no grain growth or recrystallization is assumed. Holt [22] found out 

that the dislocation cell or subgrain size is proportional to 1/√𝜌𝑖. Eq. (8) can then be expressed as  

 

�̇�𝑖
(+)

=
𝑀

𝑏
(

√𝜌𝑖

𝐾𝑐
+

1

𝑔
) 휀 ̇̅𝑝 (10) 

 

where 𝐾𝑐 is a material parameter that relate the subcell diameter to the immobile dislocation density. 



 

 

71 

 

3.1.2 Recovery 

The recovery of the material is either dynamic or static. Dynamic recovery occurs through 

dislocations glide, and static recovery is owing to the climbing process. Recovery by dislocation glide 

takes place when a moving dislocation annihilates an existing immobile dislocation. Thus, the 

annihilation process of immobile dislocations is proportional to the mobile dislocation density, and  

 

�̇�𝑖(𝑔𝑙𝑖𝑑𝑒)
(−)

= Ω𝜌𝑖휀 ̇̅𝑝 (11) 

 

where Ω is a recovery function that is temperature and strain rate dependent. Ω was derived by 

Bergström et al. [7,23] to 

 

Ω = Ω0 + Ωr0 (
1

휀�̇�

𝐷

𝑏2
)

1/3

= Ω0 + Ωr0 (
𝐷𝑣0

𝑏2
)

1/3

(
1

휀�̇�
𝑒

−
𝑄

𝑘𝐵𝑇)

1/3

 (12) 

 

where Ω0 and Ωr0 are calibration parameters and 𝐷 is a diffusivity. The coefficient 𝐷𝑣0 is not that 

important since it disappears in the calibration parameter Ωr0. 𝑘𝐵 is boltzmann’s constant and 𝑇 is 

the absolute temperature. The activation energy 𝑄 is a calibration parameter in the current work. 

The same approach was used in Lindgren et al. [14]. Different activation energies have been used 

in the literature to model the dynamic recovery. The model for dynamic recovery will not work for 

very low plastic strain rates since that will give an infinitely large Ω . This can be managed by 

introducing a maximum diffusion distance that can complete annihilation, see Lindgren et al. [14]. 

This distance is the product of the calibration parameter 𝑥𝑑
𝑚𝑎𝑥 and the burgers vector. 

The static recovery is owing to the climbing process. Nes [24], Sandström and Lagneborg [25] 

indicate that this recovery should be proportional to 𝜌𝑖
2 . The model for the static recovery, or 

recovery by climb, is here taken as [14] 

 

�̇�𝑖(𝑐𝑙𝑖𝑚𝑏)
(−)

= c𝛾𝐷𝑣

𝐺𝑏3

𝑘𝐵𝑇
(𝜌𝑖

2 − 𝜌𝑖0
2 ) (13) 

 

where cγ is a calibration parameter, 𝜌𝑖  is the instantaneous immobile dislocation density, 𝜌𝑖0 is the 

initial dislocation density and 𝐷v is the temperature dependent lattice diffusion. The static recovery 

has a strong temperature dependency through the diffusion parameter that can be written 

 

D𝑣 = D𝑣0𝑒
−

𝑄𝑣
𝑘𝐵𝑇 (14) 

 

Some also used a model for vacancy generation and annihilation[11,13]. The fraction of vacancies 

was then treated as an internal state variable and been included in Eq. (13). 
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3.2 Hall-Petch effect  

The Hall-Petch equation describes the relationship between the grain size and the stresses that is 

needed for overcome yielding. During deformations, dislocations are piled-up at grain boundaries. 

In order to continue into the adjacent grain, the dislocation must change direction, which requires 

much energy. Smaller grains result in faster immobilization and thus also faster strain hardening. 

The contribution accounts for temperature dependency, by using the temperature dependent shear 

modulus, 𝐺(𝑇), which is divided with the shear modulus at room temperature, 𝐺𝑅𝑇. This can be 

formulated [14] 

 

𝜎𝐻𝑃 = 𝑘𝐻𝑃

𝐺(𝑇)

𝐺𝑅𝑇

1

√𝑔
  (15) 

 

where 𝑘𝐻𝑃 is the room temperature Hall-Petch coefficient. Experimental values in the literature for 

the room temperature dependent Hall-Petch coefficient in nickel based superalloys are in the range 

710 − 1060 MPa√μm [26,27]. In this work a coefficient value of 750 MPa√μm has been used for 

both alloy 625 and alloy 718. 

3.3 Short range dislocation glide 

The short-range term, 𝜎∗, is the stress needed to move dislocations past short-range obstacles. This 

is also known as a thermal contribution in which the temperature dependency is strong. It accounts 

for thermal vibrations to assist dislocations to overcome obstacles. Short range obstacles include all 

disturbances in the lattice that is small enough, so that thermal vibrations, together with the effective 

stress, can move a dislocation past that obstacle. These obstacles can be solutes and precipitates. In 

this work the solid solution contribution is modeled explicitly and is described in section 3.4 below. 

The Orowan equation describes the relation between the plastic strain rate and the dislocation 

velocity as 

휀 ̇̅𝑝 =
𝜌𝑚𝑏𝑣 ̅

𝑀
 (16) 

 

where 𝑣 ̅ is the dislocation velocity and 𝜌𝑚 is the mobile dislocation density. The dislocation velocity 

is considered as the time it takes for a dislocation to overcome an obstacle and move to the next. 

This consist of a waiting time, before the dislocation manage to overcome the obstacle, and a running 

time, when the dislocation has passed the obstacle and moves to the next. It is assumed that the 

average velocity only depends on waiting time as the running time is negligible in comparison. The 

dislocation velocity, 𝑣 ̅, is defined as 

 

𝑣 ̅ = 𝜆𝑣𝑎exp (−
∆𝐺

𝑘𝑇
) (17) 
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where 𝜆  is the average obstacle spacing and 𝑣𝑎  the attempt frequency. Gibbs free energy ∆𝐺  is 

related to the distribution of obstacles and the shape of the barrier the dislocation must overcome. 

A general form of the activation energy can be written [9] 

 

∆𝐺 = ∆𝐹 (1 − (
𝜎∗

𝜏0𝐺
)

𝑝

)

𝑞

 (18) 

 

where 𝜏0𝐺 is a stress. It is shown by the equation that when the stress is increased and 𝜏0𝐺 becomes 

equal the short-range stress, 𝜎∗ , the Gibbs free energy reduces to zero. That means that the 

dislocations are forced through the obstacles. 0 < 𝑝 < 1 and 1 < 𝑞 < 2 are calibration parameters. 

∆𝐹 is the total free energy required for a dislocation to overcome lattice resistance or obstacles 

without aid from external stress. The importance of 𝑝 and 𝑞 depends on the magnitude of ∆𝐹. If 

∆𝐹 is large the values of 𝑝 and 𝑞 are unimportant, thus 𝑝 = 𝑞 = 1 can be used. When ∆𝐹 is small 

the choice of 𝑝 and 𝑞 becomes more critical and should then be fitted to experimental data. ∆𝐹 can 

be written [9] 

∆𝐹 = ∆𝑓0𝐺𝑏3 (19) 

 

where ∆𝑓0 describes the mean obstacle strength. By using the constant  

 

휀 ̇̅𝑟𝑒𝑓 =
𝜌𝑚𝜆𝑏𝑣𝑎

𝑀
 (20) 

 

and combine Eqs (16)-(19) the short-range stress can be written 

 

𝜎∗ = 𝜏0𝐺 (1 − (
𝑘𝑇

∆𝑓0𝐺𝑏3
ln (

 휀 ̅̇ 𝑟𝑒𝑓

 휀 ̅̇ 𝑝
))

1/𝑞

)

1/𝑝

 (21) 

 

Frost and Ashby [9] gives ranges for the material parameters 𝜏0  and ∆𝑓0  for different obstacle 

strengths. These ranges aids to decide within which boundaries the parameters should be. For an 

obstacle with medium strength ∆𝑓0 = 0.2 − 1.0 and 𝜏0 =
𝑏

𝑙
= 𝑏√𝜌𝑖  . With 𝑏 taken from Table 3 

and 𝜌𝑖  taken as 𝜌𝑖0 from  

Table 4, an initial value for 𝜏0 ≈ 8 ⋅ 10−5  is a good approximation. The model proposed by 

Lindgren et al. [14] included dynamic strain aging in Eq. (21), but has been excluded in the current 

work. Also, it is possible to include Hydrogen Enhanced Localized Plasticity (HELP) in a similar 

way as shown in [28]. 
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3.4 Solid solution strengthening 

Solid solution strengthening is a strengthening mechanism where solute atoms is added to the 

material, causing local non uniformity in the lattice, which hinders dislocation motion. The model 

in the current work was proposed by Kou et al. [26]. It may be expressed as 

 

𝜎𝑆𝑆(𝑇) = [∑(𝑍𝐿𝐺(𝑇))
3/2

(𝛼𝑠𝛿𝑖 + 𝜂′𝑖(𝑇))
2

𝑐𝑖

𝑖

]

2/3

 (22) 

 

Thus, the model is a summation of all solutes 𝑖, which contributes to solid solution strengthening. 

𝑍𝐿 is a constant equal to 1/550. 𝛼 is a dimensionless constant, 3 < 𝛼𝑠 < 16 for screw dislocations, 

𝛼𝑠 > 16 for edge dislocations. For simplicity, 𝛼𝑠 is chosen to 16. 𝛿𝑖 is the lattice misfit 

 

𝛿𝑖 = 𝑎−1 (
𝑑𝑎

𝑑𝑐𝑖
) (23) 

 

where 𝑎 is the cell parameter, and 𝑐𝑖 is the atomic concentration. 𝜂′𝑖  in Eq. (22) is calculated through 

 

𝜂′𝑖(𝑇) =
𝜂𝑖(𝑇)

1 +
|𝜂𝑖(𝑇)|

2

  (24) 

 

where 𝜂𝑖(𝑇) is the temperature-dependent modulus misfit calculated as 

 

𝜂𝑖(𝑇) =
𝐺0(𝑇) − 𝐺𝐵(𝑇)

𝐺𝐵(𝑇)
 (25) 

 

𝐺0(𝑇) and 𝐺𝐵(𝑇) is the shear modules of the solute and the base metal (Ni) respectively. The 

alloying elements with an atomic concentration larger than 1% were included in this contribution. 

These elements were Cr, Mo, Fe and Ni, both for alloy 625 and alloy 718. The lattice misfits and 

temperature dependent shear modulus are shown in Table 2. 
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Table 2. Lattice misfits, 𝛿, and temperature dependent shear modulus (GPa) for alloy 625 and 

alloy 718 

 Ni Cr Mo Fe Nb 

 

Lattice misfits [26] 

  0.01341 0.04002 0.00424 0.06707 

Temp. (°C) Shear modulus (GPa) [9] 

20 79.1 126.2 134.1 81.3 44.3 

100 76.8 123.9 132.6 78.0 44.3 

200 73.8 121.0 130.6 73.9 44.3 

300 70.9 118.0 128.7 69.9 44.3 

400 68.0 115.1 126.7 65.8 44.3 

500 65.1 112.2 124.8 61.7 44.3 

600 62.1 109.3 122.8 57.7 44.3 

700 59.2 106.4 120.9 53.6 44.3 

800 56.3 103.5 118.9 49.5 44.3 

900 53.4 100.6 117.0 45.4 44.3 

1000 50.4 97.7 115.0 41.4 44.3 

1250 43.1 90.4 110.1 31.2 44.3 

 

 

 

3.5  High temperature creep, Power law breakdown 

At elevated temperatures above 0.6𝑇𝑚 and at stresses larger than 10−3 of the bulk modulus, the 

dominating deformation mechanisms change in the material and the flow stress goes from climb 

controlled to glide controlled. Frost and Ashby [9] propose a relation between stress and plastic 

strain rate which they call power law breakdown, 

 

𝜎𝑃𝐿𝐵 =  
𝐺

𝛼′
asinh (

 휀 ̅̇ 𝑝𝑘𝑇

𝐴 𝐺 𝑏 𝐷𝑒𝑓𝑓

(𝛼′ asinh(1))𝑛)

1/𝑛

 (26) 

 

where 𝛼′, 𝑛 and 𝐴 are material parameters. The effective diffusion coefficient is 

 

 𝐷𝑒𝑓𝑓 = 𝐷𝑣 + 𝐷𝑝𝑖𝑝𝑒  (27) 

 

𝐷𝑣  and 𝐷𝑝𝑖𝑝𝑒  is the is the lattice and core diffusion respectively. The core diffusion can be written 

[9]  

 𝐷𝑝𝑖𝑝𝑒 = 𝜌𝑖𝑎𝑐𝐷𝑐0𝑒
−

𝑄𝑐
𝑘𝐵𝑇 (28) 
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It is assumed that the power law breakdown contribution replaces 𝜎∗ , 𝜎𝐻𝑃  and 𝜎𝑠  at high 

temperatures. The contributions are then treated as alternatives according to Eq. (5). 

4 Calibration and validation 

In this section the calibration and validation results of the material model will be presented. The 

stress and strain from the experiment is originally negative in sign since it is uniaxial compression 

tests. However, for the ease of reading and later implementation in finite element software the sign 

is changed to positive for both stress and strain. Figures of the measured and computed flow stress 

curves and tables for the obtained material parameters will be shown. Some of the material 

parameters were obtained from literature. Parameters belonging to the solid solution strengthening 

model is shown in Table 2 and other parameters are shown in Table 3. 

4.1 Calibration 

Since the alloy composition for the alloys of matter in this work are similar, the same values were 

used for both alloy 625 and alloy 718, although differences may be found. For alloy 625, all 

measured compression tests used a nominal strain rate of 0.01 𝑠−1 whereas for alloy 718, the strain 

rates 0.01 - 1 𝑠−1 were used (the actual strain rate in the tests differs somewhat from the nominal 

strain rate and is accounted for in the model). The calibrated results are shown in Figure 2 and 

Figure 3 for alloy 625 and alloy 718, respectively and the calibrated parameters are shown in  

Table 4. The calibration was performed with an error minimization procedure using a toolbox 

developed in Matlab. Before the optimization procedure started, the stress-strain curves were 

smoothed. 
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Table 3. Known or assumed parameters used in the flow stress model both for alloy 625 and alloy 

718. 

Parameter Unit Comment Values  

𝑘𝐵  J/K Boltzmann’s constant 1.38 ⋅ 10−23
  

𝑀 − Taylor factor for fcc unit cell 3.06  [9] 

𝑏 m Burgers vector 2.5 ⋅ 10−10  [9] 

휀̅�̇�𝑒𝑓 1/s Reference strain rate 1.0 ⋅ 106  [9] 

𝐷𝑣0 m2/s Lattice self-diffusion coefficient 1.6 ⋅ 10−4  [9] 

𝑄𝑣 kJ/mol Activation energy for lattice diffusion 285  [9] 

𝑎𝑐𝐷𝑐0 m2/s Core diffusion coefficient 1.0 ⋅ 10−25 [9] 

𝑄𝑐 kJ/mol Activation energy for core diffusion 170 [9] 

𝑔 μm Grain size 20  

𝑎 m Cell parameter 3.6 ⋅ 10−10 [24] 

 

Table 4. Parameter values obtained from the optimization procedure. 

Parameter Unit Value, alloy 625 Value, alloy 718 Equation 

α - 0.524 1.0 (6) 

ρi0 m/m3 1 ⋅ 1011 1 ⋅ 1011 (6),(10),(11) 1
 

∆f0 - 0.25 0.25 (21) 

τ0 - 0.0089 0.028 (21) 

p - 0.21 0.12 (21) 

q - 1.65 1.65 (21) 

Kc - 62.5 154 (10) 

Ω0 - 4.7 4.5 (12) 

 xd
max - − 2 − 2 See Lindgren et al. 

[14] 

Ωr0 - 0 0 (12) 

Q kJ/mol − 2 − 2 (12) 

cγ - 2.5 6.3 (13) 

A - 3.5 4.1 (26) 

n - 3.2 2.9 (26) 

α′ - 500 600 (26) 

𝜌𝑖0
1  is the initial value of the internal state variable 𝜌𝑖 

2 Have no influence in the model when Ωr0 was calibrated to be zero.  
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Figure 2. Measured flow stress curves (discrete points) for alloy 625 and corresponding computed 

result (solid lines) from the material model after calibration. The tests were performed with a 

nominal strain rate of 0.01 𝑠−1.  
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Figure 3. Measured flow stress curves (discrete points) for alloy 718 and corresponding computed 

result (solid lines) from the material model after calibration. 

4.2 Validation 

Using the parameters obtained from the optimization procedure, the model was subsequently 

validated with stress relaxation tests, and are presented in Figure 5(a-d). The stress relaxation tests 

for both alloys were performed in accordance to the uniaxial compression tests detailed in chapter 

2, apart from the loading path. The loading path for the stress relaxation tests can be seen in Figure 

4. The tests are performed at a temperature of 1000°C. In the first step, an engineering strain of 15% 

is applied at a strain rate of 0.01 𝑠−1. The strain is then kept constant for 240 s. During this step, the 

induced stress is expected to relax to some extent. The second loading is then applied with the same 

strain rate and the same relative increase in strain so a total of 30% engineering strain is achieved. 

The final part is the holding at constant strain for another 240 s. The strain rate sensitivity of the 

model, was also validated with additional compression tests of alloy 625 at 900°C and nominal strain 

rates of 0.1 𝑠−1 and 1 𝑠−1, shown in Figure 6. 



 
 

   

80 

 

 

Figure 4. Loading path for the stress relaxation tests. 

 

 

  

   (a)    (b) 

  

   (c) (d) 

Figure 5: Measured (discrete points) and computed (solid lines) stress relaxation tests for alloy 625, 

shown in (a) and (b), and alloy 718, shown in (c) and (d). The tests are performed at 1000°C and at 

a nominal strain rate of 0.01 𝑠−1. 
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Figure 6. Measured (discrete points) and computed (solid lines) flow stress curves at 900°C at 

different strain rates. The curves for 0.01 𝑠−1 belongs to the calibration set whereas the other curves 

(for 0.1 𝑠−1 and 1 𝑠−1) is predicted by the material model. 

5 Discussion 

A physically based material model has been optimized from RT to 1150°C for alloy 625 as well as 

for alloy 718 in its solution annealed condition. Both alloys are superalloys, and have a similar 

composition. For simplicity, all known or assumed parameters are the same. During the 

optimization procedure, 15 parameters where calibrated, although since the strain rate dependency 

in the recovery by glide (Eq. (12)) is calibrated to be zero, it further reduces the parameters to be 

calibrated to 12. For alloy 718, two strain rates were used: 0.01 and 0.1 𝑠−1 from 600-1100°C; and 

1 and 0.01 𝑠−1 from RT, 200 and 400°C, during the optimization. For alloy 625, on the other hand, 

only one strain rate was used. The optimized curves are in good agreement with the measured curves 

for both alloys except at a temperature around 800°C. At this temperature, the model gave a 

significant lower flow stress, compared to the measured flow stress, for both alloys. Although only 

one strain rate was used for alloy 625 in the optimization procedure, the predictability of the model 

is very good for other strain rates as shown in Figure 6. This shows that it might not be necessary to 

calibrate the model using some strain rates for all temperatures, although the model itself depends 

on the strain rate. 

 

One major advantage over a purely empirical model is that a mechanism based flow stress model 

can account for stress recovery. This is because of the recovery in dislocation density is accounted 

for in the model. Note that the model can be implemented in a finite element code in the same way 

as, for example, Johnson-Cook representing the evolution of the yield surface of, e.g. von Mises. 

The predictability of the stress recovery is shown in Figure 5 and is very well for the alloys in both 

sequences. The measured curve for alloy 625 shows that the flow stress in the first cycle does not 

reach as high level as in the second cycle (see Figure 5(b)). The same is shown for alloy 718 but to a 
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smaller extent. The model does not catch this behavior and gives the same flow stress level in both 

sequences. One reason for this behavior may be that the grain size changes during the relaxation 

procedure, i.e. recrystallization. The evolution equation describing the increase in dislocations, as 

well as the Hall-Petch contribution, includes the grain size. Larger grains will result in a reduction of 

these terms. Since the flow stress model lacks a grain growth model, which means that the grain size 

does not change in the model, this behavior is impossible to predict. 

 

For elevated temperatures, the expressions for actively thermal mechanisms are replaced with one 

expression, the power-law breakdown. It is an empirical expression and start to dominate for 

temperatures above approx. 800°C, whereas the flow stress is modeled using physically based 

expressions otherwise. For the sets of flow stress curves in the current work, this empirical 

contribution worked well. However, physically-based contributions often have more extensive 

validity ranges compared to empirically based. Therefore, the flow stress model can be improved if 

the physical mechanisms that result in this power-law behavior are implemented. A model for 

dynamic recrystallization (DRX) [29], or a model for globularization [13], which is a similar process 

as DRX, may replace the power-law breakdown model since it is known that DRX occurs both for 

alloy 625 [30] as well as for alloy 718 [31]. 

 

Alloy 625 has about the same overall flow stress as alloy 718 at low temperatures (20-200°C), lower 

at intermediate temperatures(400-800°C), and higher for temperatures close to melting temperature 

(900-1100°C). Precipitation hardening and solid solution strengthening may be the reasons for this 

behavior. Maj et al. [32] showed that the yield strength increased almost 200 MPa when alloy 718 

was aged in 5 minutes at 750°C. Thus, the heating sequence before the tensile test takes some time 

and may give an increase in strength owing to precipitation hardening. However, at even higher 

temperatures the precipitates are dissolved (~930°C). At these temperatures it may be the solid 

solution strengthening of alloy 625 that gives the higher flow stress owing to the higher total content 

of the element, Nb and Mo. 

6 Conclusions 

A mechanism based material model has been calibrated and validated for two commonly used 

superalloys, alloy 625 and alloy 718. The model naturally accounts for relaxation and can be 

implemented in the same fashion as an empirical model into a finite element program, allowing the 

yield surface to depend on the strain rate and temperature. The following conclusions can be drawn 

from the current work: 

• With the calibrated material parameters, the model can be used for the whole temperature 

range from RT up to temperatures close to the melting temperature (1150°C). 

• All known or assumed material parameters are the same and many of the calibrated 

parameters have the same, or almost the same, values for both studied materials. This is 

physically sound since the materials have similar composition, and also shows the 

generality and robustness of the model. 
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• The predictability of the material model for different strain rates was very good even if only 

one strain rate was used in the calibration. 

• The model naturally accounts for stress recovery, without using an additional recovery 

model, and it predicted the recovery in the measured stress relaxation tests with good 

accuracy. 
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