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ABSTRACT: Buildings taller than four storeys require the designer to mitigate consequences of unexpected events, 
e.g. terrorism or accidents, such that a disproportionate collapse can be avoided after initial damage. One approach to 
halt damage propagation is using structural robustness, i.e. by providing alternative load paths. For platform-type cross-
laminated timber (CLT) buildings, catenary action as an alternative load path is not fully understood. The goal of the 
research presented in this paper is to numerically study catenary action as a resistance mechanism for floor panels after 
internal load-bearing wall removal, and to identify the governing parameters of this mechanism. For this purpose, a 
non-linear high-fidelity finite element model was constructed and calibrated against test results. All components and 
connections were individually modelled, to account for failure in the connectors and the timber components. A 
parameter study evaluated the impact of the floor span, the storey location, the connection type and the tie level on the 
development of catenary action. It was shown that in specific the connection, the storey location and the tie level had 
significant effects on catenary action. The results provide insight into how CLT floor systems can be detailed to trigger 
catenary action following internal wall removal. 
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1 INTRODUCTION 123 

1.1 LITERATURE REVIEW 
An increasing number of multi-storey timber buildings 
use cross-laminated timber (CLT) as elements for both 
gravity and lateral load resisting systems. In platform-
type CLT buildings, the floor panels of each storey are 
supported on top of the wall panels of the storey below, 
resulting in a platform [1]. 
Unexpected abnormal loads, e.g. caused by accidents or 
terrorism, may result in initial structural damage. If such 
damage propagates beyond acceptable thresholds, then 
the resulting collapse is disproportionate. Eurocode 1 
[2], the American UFC [3] and GSA guidelines [4], and 
the upcoming American (ASCE) standard on 
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disproportionate collapse mitigation require for the 
design of buildings taller than four storeys to account for 
unexpected events and avoid disproportionate collapse. 
The probability of a disproportionate collapse, induced 
by propagation of this damage, can be reduced if the 
structure is robust, i.e. it provides alternative load paths 
(ALPs) to halt the failure propagation [5].  
There is little guidance for disproportionate collapse 
prevention for CLT buildings [6] and designers often 
need to rely on their engineering judgement [7]. An 
alternative load path analysis (ALPA), which usually 
assumes the removal of a load bearing column or section 
of a wall in a finite element (FE) model, can be used to 
ensure the robustness of a building without the need to 
consider a specific exposure. Simplified approaches, e.g. 
to elicit tie forces between components [8], can be based 
on a linear ALPA. 
The highest accuracy is delivered by a non-linear 
dynamic ALPA, but equivalent results can be achieved 
in a non-linear quasi-static pushdown analysis [6], where 
the segment of the building above the removed element 
is pushed down and the force-displacement response 
(pushdown curve) is recorded [9]. Energy conservation 
is then used to evaluate the dynamic response and the 
pushdown curve can show how the ALPs develop. 
ALPA on the global level requires accurate knowledge 
about the ALPs on the component level. Examples of 
ALPs include catenary action, where the displaced floor 
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panels resist further motion by acting as a chain which 
induces tensile loads in the components, and arching 
action, where the compression in the top fibre of the 
floors resists the increasing rotation [6,10]. 
Global ALPA performed on a 12-storey CLT platform-
type building [11] and on a 9-storey CLT flat-plate 
building [12] concluded that traditional/conventional 
connection solutions are insufficient for resistance 
against disproportionate collapse. An ALPA at the 
component level by pushdown of a corner bay of an 8-
storey platform CLT mapped the ALPs occurring at the 
various storeys and concluded that the ALPs differ 
depending on the vertical location in the building [13].  
Experimental investigations at the component level of 
mass timber frames found that novel connection details 
can enable catenary action during large displacements 
[14,15]. Further investigations tested an edge column 
removal in a post-and-beam frame with CLT floors and 
showed that the floors could develop ALPs if the 
connections were detailed correctly [16].  
Non-linearities, large displacements, or connector failure 
can affect the ALP behaviour. For concrete and steel 
structures, detailed component level FE models have 
been successfully used to gain knowledge about the 
mechanical behaviour after an element removal [17,18]. 
These models were able to capture experimentally 
observed phenomena and expand the configurations to 
conditions that would be difficult to implement in test 
setups. For timber, detailed FE modelling approaches 
exist for capturing plastic crushing and brittle cracking 
[19,20], and single connector failure [13,21]. Knowledge 
about catenary action and its determining parameters in 
platform CLT buildings can be valuable for design 
engineers and researchers to ensure structural safety 
following extreme loadings. However, for the 
component level of CLT platform floor systems, no 
detailed numerical investigations have been conducted 
so far regarding structural robustness. 
 
1.2 TESTS ON CLT FLOOR SYSTEMS 
In [22], platform-type mass timber floor systems were 
pushed down experimentally, see Figure 1. Two floor 
panels were lap-jointed in length direction and supported 
on two support wall sections resulting in a span of 
3.962 m, measured from the centre of the walls. A wall 
in the middle of that span was assumed to be removed. 
All panels were 580 mm wide and were made of CLT 
with a 35-17-35-17-35 mm layup and Canadian E1M4 
stress-grade [23]. The outer ends of the floor panels were 
fixed by clamping them to the support walls with steel 
profiles, in order to mimic the situation in a platform 
joint. The outer edges of the floor were horizontally 
restrained to represent the tie connection to the 
remaining structure. The floor panels were connected to 
each supporting wall with two AE116-R angle brackets 
with Ø 4×60 mm ring-shank nails and four Ø 8x300 mm 
self-tapping screws (STSs). 
 

 
Figure 1: Experimental floor setup 

The connection in the lap joints was established with 
four Ø 8x120 mm STSs (traditional connection) for two 
experimental runs and with two additional tube 
connectors (novel connection) for another two tests, see 
Figure 2. The tube connector was originally developed 
as a dissipative hold down for earthquake design and 
consisted of two Ø 76.2 mm steel tubes connected by a 
threaded rod, see [24] for details. A vertical pushdown 
displacement was applied above the lengthwise 
connection between the floors and the resulting vertical 
force and the horizontal axial forces in the outer joints 
were recorded. With the novel tube connectors, the 
floors could develop arching and catenary action, with 
the latter proofing to be the most suitable ALP [22]. 
 

 
Figure 2: Connectors in the floor setup 

2 NUMERICAL INVESTIGATIONS 

2.1 OBJECTIVE 
The primary goal of the research presented in this paper 
was to develop a detailed FE model of a platform-type 
CLT floor system after a wall removal, to understand the 
development of ALPs, and in specific catenary action. 
After model calibration with previous experimental tests 
[22], four key parameters of the floor model were varied 
to gain insight on how they affect the ALPs: i) the floor 
span, ii) the load magnitude above the removed element, 
iii) the connection detailing, and iv) the axial floor ties 
supplied by the adjacent bays.  
 
2.2 FINITE ELEMENT MODEL CALIBRATION 
A 3D FE model was created for the floor system in the 
commercial software Abaqus [25]. For validation, the 
model was first adapted to the experimental setup 
described in section 1.2. The resulting “calibration 
configuration” is illustrated in Figure 3. 



 
Figure 3: Calibration configuration of the FE model, middle 
sections shortened for visibility 

In the calibration configuration, the floor and wall panels 
were modelled as separate 3D bodies, meshed by second 
order 20-node hexahedra (C3D20R), and second order 
10-node tetrahedra (C3D10) for mesh transitions [25]. 
Each CLT layer with its local fibre orientation was 
accounted for by a local material orientation. Symmetry 
in the plane spanned by the longitudinal and thickness 
direction in the middle of the width of the floors was 
used for the model. The restraining steel profiles and the 
lab floor were modelled by 2D rigid surfaces because 
their stiffness was assumed to be significantly higher 
than that of the timber parts, and to save computational 
cost. Among all 3D and 2D parts, contact at the 
interfaces was modelled by a “hard” pressure-
overclosure law in the normal direction, i.e. zero 
pressure at zero penetration, enforced by the linear 
penalty method, i.e. a linear pressure increase at 
penetration [25]. In the tangential direction, friction was 
modelled with a coefficient of 0.3. The mesh of the 3D 
parts was refined at the interfaces, i.e. in the platform 
joint and lap joint, to increase the resolution for contacts 
and the most highly loaded areas, see Figure 4. In the 
bulk of the CLT panels, large elements were used, with 
at least one element per CLT layer in thickness. 
 

 
Figure 4: Mesh size in the 3D parts 

For the calibration configuration, two variants were 
created: one for the traditional and one for the novel 
connection. The angle brackets, STSs and novel tube 
connectors in the connections were modelled by finite 
connector elements (CONN3D2) in which the respective 
force-displacement behaviour along each degree of 
freedom (DOF) was inserted at the respective location of 
each connector [13]. The force-displacement behaviour 
was approximated by multiple piecewise linear segments 
and included an elastic phase with stiffness k, a plastic 
phase starting at the yield load Fy with hardening up to 
the ultimate load Fult, and damage which degraded the 
stiffness until rupture occurred at the ultimate 
displacement drup. The main parameters for each 
connector element are summarised in Table 1. 

Table 1: Modelling parameters of the finite connector elements 

Element DOF 
k Fy Fult drup 

[kN/mm] [kN] [kN] [mm] 
STS 
lap joint 

axial 2.89 6.00 6.00 50 
shear 0.66 3.75 6.38 82 

STS 
platform 

axial 3.70 7.70 7.70 50 
shear 1.29 1.95 6.49 60 

Bracket 
tension 2.98 5.24 15.90 34 
shear 2.92 5.12 22.86 22 

Tube axial 16.40 31.50 47.50 35 
 
The data for the STSs were calculated by interpolating 
the results of measurements conducted in [26], to adapt 
for the exact screw length and penetration depth. The 
data for the angle bracket was collected in separately 
conducted experimental tests where the mounted bracket 
was tested in shear, i.e. parallel to the surfaces of the 
connected panels, and tension, i.e. perpendicular to the 
panel surfaces. For the bracket, additionally a rotational 
law around its edge was inserted, with a rotational 
stiffness of 44.83 Nm/degree and a yield moment of 
89.3 Nm without hardening. The rotational data was 
interpolated from simulation results of a similar bracket 
in [13]. The data for the tube connector was gathered 
from [24] for tube design T3 (3’’ diameter). 
The horizontal restraints at the edges of the floor panels, 
the hollow steel bars clamping the restraining steel 
profiles and the arm of the hydraulic jack (see Figure 1 
and Figure 3) were also modelled by finite connector 
elements. In one end, they were fixed in space, in the 
other end, they were coupled to their respective parts, i.e. 
the floor edges, the rigid surfaces on top of the floors, 
and the top of the lap joint, respectively. 
One of the rigid surfaces which represented the lab floor 
was fixed in space and the other was allowed slide 
horizontally, like during the experiments [22]. In an 
initial analysis step, gravity was applied to all 3D parts. 
Subsequently the model was pushed down by vertically 
moving down the node resembling the pivot of the 
hydraulic jack in a displacement-controlled manner and 
recording the corresponding reaction force. The 
maximum pushdown was limited to 250 mm according 
to the experiments. The simulation was conducted using 
an implicit dynamic time integration scheme adapted for 
quasi-static application, i.e. with a high level of 
numerical damping, to suppress transient model 
responses and thus improve the convergence at sudden 
changes in stiffness [27], e.g. connection failure. The 
analysis accounted for large displacements. 
 
2.3 MATERIAL PARAMETERS  
Since the major and minor layers of the CLT panels were 
of different strength grade, each layer was modelled with 
a separate material law. For both layers, a simplified 
orthotropic stiffness tensor was assumed, where it was 
only differentiated between a material direction along 
the fibres and a direction across the fibres, i.e. the radial 
and tangential direction was averaged. This 



simplification was chosen because the single boards in 
the panel could be cut and positioned differently, without 
a uniform alignment of the radial and tangential 
direction. The values for EL, ER and GLR were taken from 
the equivalent strength grades C18 and C24 [28], and 
GRT and Poisson's ratios were taken from [29] where υLR 
and υLT were averaged. The assumed strength of the 
major and minor layers for compression (index c) and 
tension (t) were calculated from characteristic (5th-
percentile) strength values by multiplying with a factor 
1.5, to receive approximate mean values. The 
characteristic strengths along the fibre and perpendicular 
to the fibre were taken from the equivalent stress grades 
C18 and C30 in [28]. The elastic parameters for the 
stiffness tensor and the strengths are summarised in 
Table 2. 

Table 2: Elastic material parameters for the major and minor 
CLT layers; index L indicates the longitudinal, R the radial 
and T the tangential material direction. 

Parameter Major layer 
[MPa; -] 

Minor layer 
[MPa; -] 

EL 12 400 9 000 
ER = ET 400 300 
GLR = GLT 750 560 
GRT 23 23 
υLR = υLT 0.445 0.445 
υRT 0.410 0.410 
σc,L 29.85 13.50 
σt,L 26.55 4.80 
σc,R = σc,T 4.05 3.30 
σt,R = σt,T 0.50 0.50 

 
Failure in tension was evaluated manually in the 
postprocessor by checking against the stress limits, i.e. 
failure did not affect the model. Failure in longitudinal 
shear was not evaluated since it was not assumed to 
happen in the given loading case. Failure in rolling shear 
was not evaluated due to the inherent uncertainty of the 
assumed underlying shear stiffness. Compressive timber 
failure, i.e. crushing, was modelled by assuming ideal 
plasticity with two concurrent Tsai-Wu yield surfaces 
[30], i.e. one for parallel and one for perpendicular 
crushing, for each layer. The plasticity model was 
implemented by adapting an Abaqus user subroutine for 
multi-surface plasticity from [19]. The used Tsai-Wu 
criterion is shown in Equation (1), where ai and bij are 
coefficients and σi and τij are normal and shear stresses, 
respectively, and yielding is initiated if f(σ) ≥ 0. The 
parameters of the yield surfaces were adapted for 
predominant uniaxial yielding at the given stress limits 
along and across the fibres, respectively. 
 

 

 

(1) 

 

2.4 ADAPTED MODEL 
After the calibration configuration proved to reproduce 
the experimental observations sufficiently well, the 
model was adapted to a situation in a real building. The 
resulting configuration is exemplified for the left 
platform joint in Figure 5 and will furthermore be 
referred to as the real-building configuration. In this 
configuration, wall sections were modelled in place of 
the restraining steel profiles. The rigid surfaces 
representing the lab floors were omitted and instead, the 
bottom surfaces of the lower wall sections were 
constrained by a horizontal sliding condition. Sliding of 
both the upper and lower wall sections was restrained by 
a spring stiffness of 100 kN/mm towards the fixed 
background, to account for wall bending and other 
unknown compliances. The vertical motion of the top 
walls was only restrained by a pressure on the top 
surface substituting the dead load of the remaining 
building above. In the real-building configuration, the 
connector elements substituting the angle brackets were 
mounted between the floor and the top wall section, 
instead of the bottom wall section, to reflect a common 
installation practice. For the connector elements 
representing the horizontal tie restraints in the real-
building configuration, the aggregated behaviour of the 
respective F-F connection in the lap joint was inserted. 
 

 
Figure 5: Real-building configuration, exemplified at left joint 

2.5 PARAMETER VARIATIONS 
The real-building configuration was used for varying 
four main parameters as summarized in Table 3. The 
first parameter was the floor type, concerning mainly the 
span over the removed wall. To be able to study the 
effects of the change from the calibration configuration 
to the real-building configuration, the exact dimensions 
of the lab setup (L) were included at one level of this 
parameter. Additionally, typical North American floor 
types for residential (R) and office (O) buildings were 
included. The thickness of the floors and walls were 
adapted for each floor type, following a dimensioning 
for an assumed 6-storey platform CLT building with a 
storey height of 3 m, following the Canadian code [31]. 
 



Table 3: Parameter variations 

Param. Level Details 
Floor  
type 

Tests (L) Span 3.942 m, 
walls  139 mm (5-ply)  
floors 139 mm (5-ply) 

 Resident. (R) Span 4.5 m, 
walls  135 mm (5-ply), 
floors 105 mm (3-ply) 

 Office (O) Span 6.0 m, 
walls  175 mm (5-ply) 
floors 175 mm (5-ply) 

Storey Bottom (S1) wall load: 
  66.1 kN/m for L and R, 
123.6 kN/m for O 

 Roof (S6) wall load: 
    9.0 kN/m for L and R, 
  13.0 kN/m for O 

Conn. Tradit. (T) STS 
 Novel (N) STS + Tube connector 
Ties Normal (X1) 1-fold F-F connection 
 High (X5) 5-fold F-F connection 

 
The second parameter was the storey at which the floor 
was assumed to be located (S1 and S6). The building 
dimensioning from above was used to elicit the 
corresponding wall loads which compressed the floor 
panels. For L, the same values were used as for R. The 
third parameter was the connection type in the lap joint 
(T and N), and the fourth parameter was a factor 
increasing the inserted force-displacement law (stiffness 
and strength) in the horizontal ties at the floor edges. 
All combinations of the parameter levels, i.e. 24 
variations, were modelled. During analysis, first the wall 
loads and the gravitational loads were applied, then 
pushdown was conducted like in the calibration 
configuration. The pushdown distance was adapted for 
each variation as required. In the following, the 
variations will be referred to by a concatenation of the 
parameter level abbreviations, e.g. R-S1-T-X5 will refer 
to a residential floor type, at the bottom storey, with a 
traditional connection, and a fivefold level of horizontal 
ties. 
 
3 RESULTS AND DISCUSSION 
3.1 CALIBRATION CONFIGURATION 
Figure 6 shows the deformed state of the platform joint 
after pushdown for the calibration configuration and for 
the experiment; the largest plastic deformation occurred 
above the edge of the bottom wall section in both cases. 
 

 
Figure 6: Deformation in the platform joint in the calibration 
configuration (left) and during experiment (right) 

Figure 7 and Figure 8 show the pushdown curves of the 
experiments for the traditional and novel connection, 
respectively, compared to their respective curves from 
the simulation of the calibration configuration. Since the 
width of the CLT panels in the models was only half that 
of the experiments, the resulting pushdown force is 
normalised to 1 m floor width in all following graphs.  
 

 
Figure 7: Pushdown curves from the experiments and the 
calibration configuration with traditional connection 

 
Figure 8: Pushdown curves from the experiments and the 
calibration configuration with novel connection 

The curves from the model deviated in some parts from 
the experimental results, however, the deviations were 
considered acceptable, given the uncertainties of the 
experimental setup. The simulations reproduced the 
critical curve characteristics: i) the initial stiffness 
matched well, ii) compressive arching emerged after 
approximately 50 mm pushdown and it was most 
noticeable for the novel connection, iii) tensile 
hardening, i.e. catenary action, emerged after 
approximately 150 mm pushdown (approximately 4.4 
degrees rotation) and it was most significant for the 
novel connection. For the novel connection, a significant 
deviation was exhibited towards the end of pushdown, 
when ripples of load decreases occurred during the 
experiments, originating from cracking at the axial 
restraints due to high tie forces. The simulations did not 
account for this type of failure in the restraints and 
therefore progressively overestimated the force response. 



This deviation in the calibration model was deemed 
accepted since the real-building configuration later 
accounted for tie failure. 
The failure modes of the STSs and the tube connector 
from the experiments could be reproduced in the model. 
For the STSs in the lap joint, axial extraction was the 
predominant failure mode, because of a prying action as 
the edge of the upper joint flange slid on the lower joint 
flange, see Figure 9. For the tube connector, a maximum 
force of 43.8 kN was recorded in the simulations, which 
belongs to “Stage III” in the force-displacement graph of 
this connector [24]. The deformation shape 
corresponding to this stage was also observed in the 
experiments. 
 

 
Figure 9: Opening of the lap joint with pushdown load P 

3.2 REAL-BUILDING CONFIGURATION 
As expected, changing from the calibration configuration 
to the real-building configuration of the model affected 
the pushdown behaviour. Figure 10 and Figure 11 show 
the curves of the calibration configuration for the 
traditional and novel connection, respectively, compared 
to the respective curves for all variations with L. In all 
cases, the real-building configuration had a higher initial 
stiffness, because of the larger area being compressed in 
the platform joint, compared to the narrow steel profile 
in the calibration configuration. Additionally, the bars 
attached to the steel profiles in the experiments 
contributed a further compliance as they could bend. The 
magnitude of the pushdown loads was always higher for 
S1 locations than for S6 locations, because of the higher 
wall load preventing a joint rotation. 
 

 
Figure 10: Pushdown curves of the L variations compared to 
the calibration configuration, for the traditional connection 

For the novel connection, a high tie level parameter led 
to a higher pushdown force in the catenary stage, which 
ultimately led to connection failure in the F-F joint. The 
traditional connection, however, was unaffected by the 
tie level, since the connection already started to fail at 
low pushdown distances, thus disabling catenary action. 
The pushdown resistance in those variations was mainly 
supplied by walls and the connections of the platform 
joint. For the real-building configuration with T variants, 
the lower force response at pushdown distances larger 
than 150 mm can be explained by the different restraint 
in the platform joint: in the calibration configuration, the 
steel profiles and the attached bars could swivel during 
joint rotation and thus add an additional resistance at 
larger pushdown distances, whereas in the real-building 
configuration, the walls of the platform joint simply 
opened vertically without rotation. 
 

 
Figure 11: Pushdown curves of the L variations compared to 
the calibration configuration, for the novel connection 

 
Figure 12: Undeformed and deformed shape of O-S1-N-X5 at 
maximum pushdown in the plaftorm and F-F joint 

The deformed shape of the floor in the real-building 
configuration is exemplified for O-S1-N-X5 in Figure 
12; in the platform joint, the opening motion pivoted 
around the edge of the bottom wall, which pushed the 
top wall upwards. Already at small pushdown distances, 
the contacting area between the walls and the floor 
reduced to the edges only, resulting in a force pair acting 
in the joint which resisted its opening. Plastic 
deformation occurred in the floor under the edge 
contacts, however, it was significantly smaller than in 
the calibration configuration. In the F-F joint, at first the 
vertical flanges contacted each other (arching), then only 
horizontal sliding occurred in the horizontal flange. 



Figure 13 and Figure 14 show the pushdown curves of 
the variations for the residential and office floor type, 
respectively. The X5 variations for the traditional 
connection are not shown in the figures since a 
difference to the X1 variations was practically not 
observable. If a novel connection was applied, an 
increased tie level resulted in higher pushdown loads in 
the catenary stage, which commenced after 
approximately 100 mm for R variations, and 140 mm for 
O variations. For S1 variations, the curves were shifted 
parallelly upwards compared to corresponding S6 
variations, indicating higher pushdown forces. Like in 
the experiments, catenary action was more predominant 
for the novel connection than for the traditional. 
 

 
Figure 13: Pushdown curves of the residential floor type 

 
Figure 14: Pushdown curves of the office floor type 

All novel connection variants reached the capacity of the 
tube connector under pushdown, which led to a steep 
drop of the pushdown force. Given the same storey, 
variants with fivefold tie levels reached this drop at 
approximately 50 mm smaller displacements and at a 
slightly decreased load level compared to normal tie 
levels. Higher tie level increased the stiffness which led 

to a steeper pushdown force response and subsequently 
to earlier failure in the F-F connection. 
Variants for O with the novel connection showed a more 
distinct compressive arching stage between 50 mm and 
100 mm pushdown than respective R variants, because 
the panels were thicker in the O variants. Corresponding 
variants with the traditional connection did not exhibit a 
comparable arching stage, as the failing STSs could not 
assist this mechanism by counteracting the compression 
in the top fibres, unlike the tube connector (see Figure 
15). 
 

 
Figure 15: Compressive arching action (A) in the lap joint and 
the counteraction (C) in the connectors under pushdown (P) 

 
4 CONCLUSION 
A high-fidelity FE model of a platform-type CLT floor 
system after a wall removal was developed, to 
understand the development of ALPs, specifically 
catenary action. The model was calibrated with previous 
experimental tests [22], it subsequently was adapted to a 
real-building configuration resembling a built-in 
situation, and finally the impact of several parameters 
was investigated. Based on the results presented herein, 
the following conclusions can be drawn: 
1) As observed in the experiments, the model confirmed 
that the novel steel tube connection can develop catenary 
action; however, the traditional connection cannot as it 
fails prematurely. 
2) The floor span has negligible influence on the 
catenary stage; however, it determines whether arching 
action can develop, due to the change in panel thickness. 
3) The vertical location of the floor has significant 
influence on the pushdown response due to the 
restraining effect of the platform joint. 
4) If the stiffness and strength of the horizontal ties are 
increased without changing the F-F connection, then the 
catenary stage is stiffer, but the maximum pushdown 
resistance is lower and occurs at smaller displacements.  
Further investigations are required to expand the models 
to investigate other variations in the configuration that 
have not been considered for this study. Furthermore, the 
analyses could be extended by dynamic removal 
analyses. Nevertheless, the gathered knowledge can be 
used to improve the design of connections between CLT 
floors regarding the removal of a supporting wall and 
thus avoid a disproportionate collapse.  
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