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Abstract

Seamless tubes of stainless steel can be extruded using glass as a lubricant in
the Ugine-Sejournet process. The process is performed at high temperature
and is associated with large deformations and high strain rates.

The use of finite element modeling (FEM) in the analysis and design of
extrusion and other metal forming processes is constantly increasing. Computer
models that with adequate accuracy can describe the material behavior during
extrusion can be very useful for product and process development. The process
development in industrial extrusion today is, to a great extent, based on trial
and error. This often involves full size experiments which are expensive, time
consuming and interfere with the production. It would be of great value if
these experiments could be performed in a computer.

In this work, FE models of the stainless steel tube extrusion process were de-
veloped and used. Simulations were carried out for different tube dimensions
and three different materials: two austenitic stainless steels and one duplex
(austenitic/ferritic) stainless steel. The models were validated by comparing
the predicted values of extrusion force with measurements from production
presses. A large number of input parameters are used in a FE analysis of ex-
trusion. This includes boundary conditions, initial conditions and parameters
that describe the mechanical and thermal properties of the material. The ac-
curacy of the extrusion simulation depends, to a large extent, on the accuracy
of these parameters. Experimental work, both in the form of material testing
and production trials, was performed in order to give an accurate description
of the input parameters in these extrusion models. A sensitivity analysis was
performed for one of the models and the results showed that the initial billet
temperature is the parameter that has the strongest impact on the extrusion
force. In order to study the temperature evolution in the billet during man-
ufacturing, the entire process chain at extrusion of stainless steel tubes was
simulated using FEM. This process flow model includes sub-models of induc-
tion heating, expansion and extrusion.

The work includes the use of a dislocation density-based material model for
the AISI type 316L stainless steel. It is expected that this physically based
model can be extrapolated to a wider range of strains, strain rates and temper-
atures than an empirical model, provided that the correct physical processes
are described by the model and that no new phenomena occur. This is of in-
terest for steel extrusion simulations since this process is carried out at higher
strains and strain rates than what are normally used in mechanical laboratory
tests.

The developed models have given important contributions to the under-
standing of different phenomena that occur during extrusion of stainless steel
tubes, and can be used to analyze how different process parameters affect the
extrusion process.
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1 INTRODUCTION

1 Introduction

Extrusion is a manufacturing process that is used to produce long objects of a
fixed cross-sectional profile. The material is placed in a closed container and
pressed by a ram, at high pressure, through a die. The design of the die opening
determines the cross-section of the extruded product.

Seamless tubes of stainless steel can be extruded using glass as a lubricant
in the Ugine-Sejournet process. Stainless steel tubes are extruded at high
temperature and during the process the glass melts and forms a thin film. The
glass film does not only serve as a lubricant, but also acts as thermal insulation
between the steel billet and the tools. In spite of this, the billet will lose heat
rapidly in contact with the tools, and the high thermal and mechanical stresses
will lead to high tool wear. The extrusion speed must, therefore, be high.

The use of finite element modeling (FEM) in the analysis and design of
metal forming processes is constantly increasing. Process simulation is now
accepted as an important tool for product and process development. However,
the introduction of computer simulation in extrusion technology has not been
as fast as in other parts of the manufacturing industry. This is mainly due to
particular difficulties in these simulations. The extrusion process is associated
with large deformations and high strain rates, which from a simulation point
of view makes it a challenging task.

The process development in industrial extrusion today is, to a great extent,
based on trial and error. This often involves full size experiments which are
expensive, time consuming and interfere with the production. It would be of
great value if these experiments could be performed in a computer.

This research has been devoted to the development and use of FE models
for the simulation of stainless steel tube extrusion.

1.1 Aim and scope of the current work

The motivation for this research project was a request for FE models to be
used in the design and development of the stainless steel tube extrusion pro-
cess. Accurate extrusion models would have a wide field of application. Simu-
lations could, for example, be useful in tool design and for introduction of new
materials or tube dimensions.

The aim of this work was to develop FE models of the stainless steel tube
extrusion process and use simulations to study it. The simulations are expected
to increase the understanding of the process and facilitate the evaluation of how
different process parameters affect the extrusion process.

The following research question was formulated:

How should the stainless steel tube extrusion process be modeled in order to
provide adequate accuracy for use in process development?
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1 INTRODUCTION

The process of tube extrusion is essentially a rotational symmetric problem
and the symmetry can be utilized in simulations. However, there are three-
dimensional phenomena, such as the problem of eccentricity, which would be
interesting to analyze by simulations. It is, therefore, also of interest to ex-
plore the possibilities of three-dimensional simulations as a complement to the
axisymmetric ones.

Initially, a literature search was performed among the existing published
models in order to evaluate the current state of simulation of glass-lubricated
steel extrusion. The approach in the following work was to start with relatively
simple FE models and gradually extend the degree of complexity. A commercial
FE software was used for the simulations, extended by user subroutines where
necessary.

Experimental work, both in the form of material testing and production
trials, was performed in order to give an accurate description of initial and
boundary conditions in the extrusion model. Model validation was performed
by extrusion trials in production presses at Sandvik Materials Technology.

1.2 Disposition

This thesis consists of an introduction and six appended papers. The intro-
duction begins with a presentation of the extrusion process with focus on the
extrusion of stainless steel tubes. Different aspects of the process, such as the
glass lubrication and the billet heating, are described in this section.

Section 4 is an introduction to FE modeling and simulation of extrusion.
Different FE methods to simulate extrusion and their advantages and disad-
vantages are briefly discussed. The main focus in this section is on the hot
extrusion of steel, and earlier research on modeling and simulation of this pro-
cess is reviewed. The contribution from this thesis work is described in relation
to the previous research. The section ends with a short survey of the current
state of three-dimensional extrusion simulations.

The Sections 5 and 6 treat the important subjects of material and friction
modeling in the simulation of extrusion. The approach used in the current work
is explained and previous work on friction in glass-lubricated hot extrusion is
discussed.

The thesis ends with a conclusion of the research results in Section 8. The
scientific contribution of the current work is evaluated and suggestions for fu-
ture research are given.
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2 THE EXTRUSION PROCESS

2 The extrusion process

A patent granted in 1797 by Joseph Bramah described a press in which lead
was forced through a die. This was the earliest consideration of the principle of
extrusion, which must, therefore, be considered a modern process compared to
other metal forming processes like rolling and forging. With the development of
aluminum, which was commercially available in 1886, the extrusion process was
established as an important industrial process [40]. Today, extrusion is used
in the manufacturing of many different products of different materials, but
the major field of application is in the aluminum industry. In the production
of complex shapes from aluminum billets, no other process can compete with
extrusion.

The principle of extrusion is generally very simple. A billet is placed in a
closed container and squeezed through a die by a ram. The design of the die
opening determines the cross-section of the extruded product. When extrud-
ing tubes, a mandrel is inserted in the middle of the die. Unlike most other
deformation processes, all principal stresses are compressive during extrusion.
Tensile stresses are only present in a small region at the exit of the die sur-
face. When a material is plastically deformed under this state of multiaxial
compression, very high strains can be reached since the workability is high at
high hydrostatic pressure. The risk of metal rupture is reduced and materials,
which would crack in other processes, can be extruded without problems [27].

Extrusion is in most cases a hot working operation but can also be carried
out cold. The working temperatures in hot extrusion are typically 0.7–0.9TM,
where TM is the melting temperature. This is higher than in forging and hot
rolling which are normally carried out between 0.6–0.8TM. Aluminum alloys
are hot extruded at about 400–500 ∘C and steels at 1100–1300 ∘C.

There are many different methods of extrusion but a characterization is
often made with respect to the direction of the extrusion relative to the ram.
In direct or forward extrusion, the flow of material is in the same direction
as the motion of the ram. The opposite is called indirect or backward extru-
sion and the ram that is used in this case has a hollow shape. Direct extru-
sion and indirect extrusion are the two basic methods of working. The major
difference between the methods is that there is no relative movement at the
billet-container interface in indirect extrusion. As a consequence, the frictional
forces are lower and the load required for extrusion can be decreased compared
to the direct mode. In spite of the advantages of indirect extrusion, the direct
process is more widely utilized. This is partly because extrusion presses for
indirect extrusion are more difficult to construct [40].

Extrusion is a discontinuous process and the second billet is not loaded
until the first billet is extruded. During start-up of extrusion, the extrusion
load increases as the material is forced to fill the container and flow out of the
die. After the transient start-up phase the process is often considered to be

3



2 THE EXTRUSION PROCESS

steady-state. In reality the process is never in steady-state since the contact
conditions are changing and the temperature varies during the process. Steady-
state may however be a good approximation if the friction is negligible and the
temperature changes are small. When the billet has been extruded to a small
discard there is high resistance to radial flow towards the center and the load
increases heavily. Extrusion is then interrupted.

Depending on the method of extrusion, material and lubrication, consider-
able differences in flow behavior can be observed during the process. Experi-
mental methods have been used to detect the various flow patterns that exist
in extrusion and the flow patterns have been classified into four categories: S,
A, B and C [27]. A schematic diagram of the flow patterns is given in Figure 1.

(a) Flow pattern S. (b) Flow pattern A. (c) Flow pattern B. (d) Flow pattern C.

Figure 1: Different types of material flow in extrusion. From [27].

The maximum uniformity of flow is seen in type S. The flow is frictionless,
both at the container wall and at the die, and the deformation zone is localized
directly in front of the die. This type of flow characterizes very effective lu-
brication, for example glass lubrication in steel extrusion, or indirect extrusion
using a die lubricant. Flow pattern of type A is typical for lubricated extrusion
of soft alloys such as lead and tin, while B is seen in most aluminum alloys. For
type A, B and C, an area of inactive material can be seen inside the container
and close to the die. This material zone is called the dead metal zone and
remains still throughout the whole process.

If possible, lubrication in extrusion is generally avoided. If the container
lubrication can not result in a completely homogenous material flow, the effect
of lubrication is often damaging to the surface quality of the extruded product.
This is the case in aluminum extrusion, where the reduction in extrusion load
due to lubrication does not compensate for the surface damage that occurs [27].
The dead metal zone is in that case utilized to manufacture products with high
surface quality. The design of the die is important, especially when aluminum
shapes are extruded. Complex shapes often require very complex dies with
portholes, channels and welding chambers.
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3 EXTRUSION OF STAINLESS STEEL TUBES

3 Extrusion of stainless steel tubes

It was not until 1950 that the metal forming process of extrusion was suc-
cessfully applied to the steel industry. The possibility to extrude steel, and
particularly stainless steel, arose with the introduction of the Ugine-Sejournet
process [38]. Sejournet discovered that steels can be extruded if molten glass
is used as lubrication. Today the Ugine-Sejournet process is the current prac-
tice for high-temperature extrusion of, for example, stainless steels and nickel
alloys.

After the introduction of the Sejournet process, the market for steel ex-
trusion grew in the 1950s and 1960s. Since then, the extrusion of steel has
continously declined and many presses have been closed down. If possible,
seamless tubes are replaced by welded tubes, which can be produced at a much
lower cost. Of all steel tubes that are produced in the world today, only about
30% are seamless. Of these, less than 10% are extruded [5]. Different rolling
processes, such as the continuous tube rolling process, competes with extrusion
for the production of seamless alloy steel tubes. The low billet weights and the
long dead cycle times in extrusion are great disadvantages for the process [5].
One advantage with the extrusion process is that it requires relatively low-cost
tools. This permits extrusion to be conducted in small campaigns with, for
example, unusual materials or dimensions. Another advantage is the possi-
bility to manufacture more complex tubes like, for example, finned tubes or
compound tubes, where different materials are coextruded.

Today, the extrusion process is restricted to production of seamless tubes
of [5]:

• High-alloy stainless ferritic and austenitic steels.

• Heat-resistant high-chromium ferritic and austenitic alloy steels.

• High-temperature austenitic alloy steels.

Here, the focus will be on the extrusion of stainless steel, and tubes in
particular. In the following sections, the process will be described in more
detail with emphasis on lubrication, billet preparation and heating.

In glass-lubricated tube extrusion, there is a layer of glass between the billet
and the container, between the billet and the mandrel, and between the billet
and the die. Each billet is heated to the extrusion temperature and then rolled
in a powder of glass during transportation to the extrusion chamber. Glass
powder is also applied inside the bore using a spoon. Lubrication through
the die is provided by a thick disc of compacted glass, the glass pad, which
is placed between the billet and the die. During extrusion, the glass pad is
pressed against the die by the hot metal. The glass pad will deform with the
billet and melt progressively to surround the extrusion with a lubricant glass
film. Since the die is subjected to very high temperature and pressure, a new
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3 EXTRUSION OF STAINLESS STEEL TUBES

die has to be inserted for each extrusion. The used dies can, in most cases, be
reused after grinding. The principle of tube extrusion by the Ugine-Sejournet
process is shown in Figure 2.

Figure 2: Glass-lubricated tube extrusion. From Baqué et al [4].

The molten glass is not only a lubricant, but also acts as thermal insulation
between the steel billet and the tooling. This is an important property that
prevents the tools from overheating during extrusion. Still, the billet will lose
heat rapidly in contact with the tools, and the high thermal and mechanical
stresses lead to high tool wear. The extrusion speed must, therefore, be high.
For high alloyed steels, the exit speed of the extrudate is typically 1–2m/s [27].

After extrusion, the tubes can be either sold as received from extrusion or
further cold-worked. In the latter case it is generally by pilger rolling and/or
drawing. Fields of application for extruded stainless steel tubes are in industries
that have high demands on both corrosion resistance and mechanical properties.
Examples are the chemical- and petrochemical industries, the power industry,
the oil & gas exploitation and the electronics industry [45].

In the past, several experiments have been carried out in order to study the
material flow during glass-lubricated steel extrusion. The procedure was often
to place an initial grid on the billet before extrusion and then investigate the
flow pattern from the grid on a partly extruded product. Hughes et al [24]
studied the distorted grids from mild steel billets with an initial temperature
of 1170 ∘C that were extruded to bars at different ram speeds. The flow was
characterized as almost frictionless since the distortion resulting from sliding
between billet and container was negligible. The sliding continued throughout
the die with no evidence for the formation of a dead metal zone. The same
observation was done in the work by Sejournet and Delcroix [38].

The main goal in tube extrusion is to manufacture consistent products with
minimal dimensional variation. One particular dimensional problem is referred
to as eccentricity, i.e. the hole in the extrudate is not centered along the
centerline of the billet outer diameter. Some amount of eccentricity is always
produced when tubes are manufactured but the dimensional variations of the
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3 EXTRUSION OF STAINLESS STEEL TUBES

extrudate can be minimized, for example by tight control of process parameters
and material flow in the process. In the work by Pugliano and Misiolek [35] it
was proposed that the major causes of eccentricity in stainless steel tubing are
billet temperature gradients, billet preparation, equipment misalignment and
improper lubrication. Eccentricity can be due to either one or a combination
of these variables. Good quality of the die is also essential to achieve tubes
with tight dimensional tolerances and good surface quality.

3.1 Billet preparation

Steel billets for tube extrusion are generally received as hot rolled or forged
round bars. As explained in the previous section, the almost frictionless be-
havior at glass-lubricated extrusion implies that no dead metal zone is formed
during extrusion. This means that the surface of the billet also becomes the
surface of the extruded tube. In order to avoid surface defects on the final
product, the round bars are machined by turning or peeling. A radius is often
machined at the front edge of each billet to simplify the metal flow along the
billet-die interface. Before extrusion the billets are bored. The bore hole di-
ameter is always larger than the mandrel diameter, so that the lubricant glass
powder inside the bore will not be accidentally removed by the mandrel [5].
If a large bore diameter is required for extrusion, a predrilled billet can be
expanded in a separate expansion press.

3.2 Stainless steel alloys for tube extrusion

Three different groups of stainless steels are extruded to seamless tubes: fer-
ritic, austenitic and duplex (austenitic/ferritic). These materials have in com-
mon that they can not be hardened by heat treatment. The alloying and
thermomechanical processing is, therefore, designed to minimize the formation
of phases that are detrimental to corrosion resistance or toughness [26].

The ferritic stainless steels have a body-centered cubic (bcc) structure.
Chromium is the major alloying element and it is added in amounts (typically
between 10.5 and 27%) to completely stabilize ferrite at all temperatures [26].
Characteristics of these steels are that the flow stress decreases rapidly with
increasing temperature and they are quite easy to hot work. However, this
group of steels can be susceptible to embrittlement due to precipitated phases
and grain coarsening during hot rolling or forging before extrusion. In mate-
rials which contain high chromium levels it can be difficult to produce billets
that are free from cracks [5]. The ferritic stainless steels are ferromagnetic.

Austenitic stainless steels contain chromium (> 16%) and nickel (> 8%) as
major alloying elements. The crystallographic structure is face-centered cubic
(fcc). The presence of nickel improves the corrosion resistance when compared
to the ferritic stainless grades. The hot strength of the austenitic stainless
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3 EXTRUSION OF STAINLESS STEEL TUBES

steels also increases with higher content of nickel. Thus, the more nickel in
the material, the more difficult it is to extrude [5]. In contrast to the ferritic
stanless steels, austenitic stainless steels are paramagnetic, i.e. non-magnetic,
in the fully, austenitic condition. The AISI type 304 steel (18/8), which contains
18% chromium and 8% nickel, is the most common of all stainless steels.

The duplex stainless steels are designed to have microstructures consisting
of about 50% ferrite and 50% austenite. Compared to the austenitic stainless
steels, the duplex materials contain more chromium (18–25%) and less nickel
(4–7%) [5]. As additional alloying element molybdenum is often used. The du-
plex steels are more easily worked than austenitic materials and less susceptible
to brittleness than the ferritic stainless steels. They also have high resistance
against some types of corrosion attacks, for example pitting corrosion.

After extrusion the material is quenched with water. The rapid cooling
is needed to avoid precipitation of carbides and other intermetallic phases,
which can cause embrittlement and have a deterioating effect on the corrosion
behavior [5].

In the work that is appended to this thesis, extrusion of two different
austenitic stainless steels and one duplex stainless steel have been studied.

3.3 Billet heating before extrusion

The billet heating is an important stage in the manufacturing of stainless steel
tubes. The aim is to heat the material to a specified temperature that is
suitable for hot forming. It is often desired to have a uniform temperature
distribution within the heated billet.

Heating prior to extrusion is carried out in gas-fueled rotary hearth furnaces,
in induction furnaces, or in a combination of both. In the latter case, the gas
furnace is often used for preheating and induction for final heating [5].

In the past, the low cost of fuel lead to an extensive use for fuel-fired furnaces
utilizing natural gas, fuel oil, or liquid petroleum gases. However, in recent
decades, there has been a shift towards induction heating systems, and this
tendency is constantly growing [37]. The induction heating process is further
described below.

3.3.1 Induction heating

There are several advantages of induction heating for steel extrusion as given
in, for example, Cockroft [10] and Rudnev et al [37]. Using induction, the billet
can be heated rapidly and under more accurate control than in the gas furnaces.
There is also a possibility of rapid temperature change. This is of great use
in extrusion of stainless steel tubes, which often involves small campaigns of
different steels [5]. Since induction heating generates heat inside the billet,
less energy is required compared to gas furnaces. Another advantage is that
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3 EXTRUSION OF STAINLESS STEEL TUBES

radial and longitudinal temperature gradients can be introduced. Longitudinal
temperature gradients are sometimes utilized for hot extrusion where the exit
temperature of the extrudate rises due to heat generation by friction and plastic
deformation. In this case, a nonuniform temperature profile, with a hot nose
and a cooler tail, can compensate for the heat generated during forming and
promote the extrusion of consistent products [37].

Induction heating involves complex combinations of electromagnetical, heat
transfer and metallurgical phenomena. However, the basic electromagnetic
theory is quite simple. An alternating voltage is applied to an induction coil
that holds an electrically conductive workpiece inside. The voltage will result
in an alternating current in the coil circuit, which will produce a time-variable
magnetic field with the same frequency as the coil current. The magnetic field
induces eddy currents in the workpiece. These currents will have the same
frequency as the coil current, but opposite direction. The workpiece will be
heated by the eddy currents due to Joule heating, or resistive heating [37].

Due to different electromagnetic phenomena, the current distribution in the
conducting billet will not be uniform. The so-called skin effect implies that the
current density near the surface of the billet, at an average depth called the skin
depth, is greater than that at its core. The surface will, therefore, be heated
faster than the core. It will be difficult to achieve a uniform surface-to-core
temperature, which is often desired in extrusion. For stainless steels this is
even more difficult since the thermal conductivity in these materials are low.
The skin depth is dependent on the frequency of the induction heating power
and the electromagnetical properties of the billet material.

The temperature evolution and radial thermal gradients during heating of a
stainless steel billet in a vertical induction furnace can be seen in Figure 3. The
curves that are shown in Figure 3 are part of the experimental work that was
carried out during the work with Paper IV. The temperatures were recorded
by thermocouples that were placed in pre-drilled holes, at different depths, of
the billet. All thermocouples in Fig 3 were positioned at the same height, in
this case at the middle of the billet. It it is clearly seen that the billet surface is
heated faster than the core. The billet length is 946mm, the outer diameter is
237mm and the inner diameter is 45mm. Details about the induction furnace
is given in Paper IV.

Figure 3 also illustrates another technique which is common within induc-
tion mass heating, the so-called power pulsing. Power pulsing means that the
power is switched on and off in cycles until the desired surface temperature,
or the maximum allowed temperature difference between the surface and the
core, is reached [37]. When the power is cut off, the heat will transfer from the
warmer surface to the cooler core and the surface-to-core temperature differ-
ence will decrease. In Fig. 3, the power is cut off at time 638 s and on again
at time 696 s. Due to this one cycle of power pulsing, the maximum temper-
ature difference between surface and core decreased from 200 ∘C (at 638 s) to
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3 EXTRUSION OF STAINLESS STEEL TUBES

Figure 3: Temperature measurements at different depths during induction heat-
ing of a Sandvik SAF 2507 billet.

approximately 115 ∘C at the end of the heating.
Both ferromagnetic and paramagnetic materials can be heated with induc-

tion prior to extrusion. There is, however, one major difference. Ferromagnetic
materials are heated by induction with higher efficiency than non-magnetic,
paramagnetic, materials because of hysteresis [37]. The effect of hysteresis
heating is only apparent below the Curie temperature. At this temperature,
the materials lose their magnetic properties. The material that is heated in Fig-
ure 3, Sandvik SAF 2507, is a duplex, austenitic/ferritic, stainless steel. The
ferromagnetic properties of this steel can be seen in the figure, where the heat-
ing rate is greater in the ferromagnetic region. The Curietemperature is seen
as a knee in the temperature graph, at approximately 500 ∘C, that is reached
for different times at different depths.

3.4 Glass lubrication

In the pioneering work by Sejournet and Delcroix [38], the essential principles
of glass lubrication is given as follows: The glass fuses at the interface in touch
with the metal to which it adheres; thus, the lubricant used is in a state of
incipient fusion and not free-flowing.

If a lubricant is used that flows freely, it would come out intermittently and
the continous flow that is a feature of the glass would not happen. To confirm
these considerations, Sejournet and Delcroix [38] performed extrusion exper-
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iments using copper as a lubricant. The copper was placed in the container
before extrusion, like the glass pad in the Ugine-Sejournet process. The results
showed that the entire amount of copper came out, at discontinous spots, in
the front end of the extruded bar. On the rest of the bar there was no trace of
copper.

There are two properties of the glass that are of special importance: the
thermal diffusivity and the viscosity [38]. The thermal diffusivity is the ability
of the glass to diffuse the heat that is transmitted from the hot metal. This
value is low for all glasses and does not differ much between different glass
types [38]. The viscosity of glass, �, decreases with increasing temperature. It
can be approximated as

� = A ⋅ exp( Q

RT
) (1)

where Q is the activation energy, R is the molar gas constant, T is the tem-
perature and A is approximately a constant [5]. According to Bauser et al
[5], no pressure dependence of the glass viscosity has been found. There are
a whole range of different glass types of different viscosities and a proper lu-
bricant can usually be matched for every extrusion, depending on material
and temperature. Composition of some different glasses and curves showing
the viscosity and its dependence of temperature can be found, for example, in
Bauser et al [5].

It is not only the different constituents that determines the behavior of the
glass, but also the mesh size. Fine-grained glass powder melts more quickly
than coarse-grained. It is quite common to use different mesh sizes for the glass
that is applied at the billet surface and the one that is applied in the bore.

The thickness of the glass layer on the extruded product is very small, in
the order of 10–30�m [5]. Due to this small thickness it is difficult to perform
accurate measurements. It is, however, an important subject. If the thickness
of the glass film that separates the die from the extruded product is too thin
or too thick, it can lead to surface defects on the extrudate.

Attempts have been made to understand the film formation of the glass
lubricant starting from the work by Sejournet, for example in [38]. The exper-
iments that have been carried out often include measurements of the quantity
of glass that is remaning on the cold extrudate after extrusion. Rowe et al [36]
used radioactive glasses to determine the film thickness. Baqué et al [4] devel-
oped a technique to dissolve glass in melted sodium hydroxyde and thereafter
weigh the glass.

After the tube has been extruded, the glass has to be removed. This is gen-
erally done in a pickling operation. It is also common to subject the extruded
product to a straightener, which then removes most of the glass. Using this
method the subsequent pickling times can be shortened. A lot of glass is also
removed if the extrudates are water quenched directly after extrusion. Since
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the glass has a larger volume contraction on solidification and cooling than the
steel, the lubricant will then easily break off [5].

3.5 Temperature changes during extrusion

Temperature is one of the most important parameters in extrusion. If the
temperature is too low, the available press force may not be enough for ex-
trusion. On the other hand, if the temperature is too high, this could cause
surface cracks and other defects [11]. It is therefore necessary to have a thor-
ough understanding of the temperature changes that occur during the process.
Temperature analyses of glass-lubricated hot extrusion have been performed by
Hughes and Sellars [25] and Sellars and Whiteman [39], among others. Sellars
and Whiteman [39] summarized the various terms that contribute to the heat
balance in bar extrusion as:

1. Heat loss during transfer from furnace to extrusion press.

2. Heat gain due to work done on upsetting.

3. Heat loss through the lubricant film to the container after upset.

4. Heat gain due to work done against friction between the billet and con-
tainer.

5. Heat gain due to work done as material flows through the die.

6. Heat loss due to melting of the lubricant pad to provide a lubricant film
through the die.

7. Heat loss by transfer to the die.

8. Heat loss from the extruded product to the atmosphere.

They estimated the terms 2, 4, 6 and 7 to be comparatively small.
In the work by Hughes and Sellars [25], the temperature distribution in

mild steel billets, heated to 1170 ∘C, were measured during transport from
the furnace to the container, and during upset in the container. These mea-
surements were obtained by thermocouples that were inserted in the billet.
In general, experimental temperature analyses are difficult to perform for hot
extrusion. During the process itself, the only temperature measurements that
can be performed are pyrometer measurements of the exit surface temperature,
since thermocouples break under the pressure.
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4 Modeling and simulation of extrusion

Analytical solutions for complex metal forming problems are very difficult to
obtain. In practice, such methods can only be used for very simple geometries
and boundary conditions. In extrusion, analytical methods are in principle
only applicable for analysis of the steady-state phase.

The importance of modeling and simulation in the metal forming industry
has increased heavily during the last decades. Process simulation using the
finite element method (FEM) is now accepted as an important tool for product
and process development. However, the introduction of computer simulation in
extrusion technology has not been as fast as in other parts of the manufacturing
industry. This is mainly due to the very large deformations which make these
simulations technically challenging and computer intensive. The simulation of
hot extrusion processes is clearly one of the most difficult problem in process
modeling [34].

Nevertheless, the potential of using numerical methods for analysis of ex-
trusion is large. The whole process, including the important initial non-steady
state of extrusion, can be analyzed. The evolution of, for example, stress, strain
rates and temperatures in the material during the process can be studied in
detail. As the capacity of computing hardware and software is increasing, it
is no doubt that the FEM will be a tool of great use for development and
optimization of extrusion.

There are rather few papers published about extrusion of stainless steel
tubes and hardly any of these concerns finite element simulations. The reason
for this is probably that the process is uncommon. There are not many tube
manufacturers around the world that produce stainless steel tubes through
extrusion.

In the aluminum industry, on the other hand, extensive activities have been
devoted to modeling and simulation, and in the recent years great progress has
been made in this area. Simulations of magnesium extrusion has also been
reported. Contribution to this work has been performed by Li et al [29, 30],
among others.

Many modeling issues are similar for extrusion of aluminum and steel. Large
deformations and high strain rates are present in both processes which lead to
problems with mesh distortion. This is further treated in Section 4.1.

Some of the differences between aluminum and stainless steel extrusion, be-
sides the material properties, are the temperature and lubrication conditions.
Aluminum is generally extruded with tool temperatures that are close to the
temperature of the billet and with lower ram speeds than in steel extrusion.
The extrusion temperature for stainless steel is higher than for aluminum, and
the temperature changes during the process are large. Extrusion of aluminum
is generally carried out without lubrication and with the formation of a dead
metal zone, while the metal flow in glass-lubricated steel extrusion is almost
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frictionless. In the manufacturing of aluminum shapes, the dies can be very
complex with portholes, channels and welding chambers. The die in steel extru-
sion has a simple geometry (often flat die with no die angles) but assumptions
have to be made regarding the glass pad. This subject is discussed in Section
4.2.1.

4.1 Different types of finite element methods

There are mainly three different types of FE methods that are utilized in ex-
trusion simulation: Lagrangian, Eulerian and arbitrary Lagrangian Eulerian
(ALE). In recent years, promising results have also been shown with various
meshless methods. The appropriate approach is determined by the problem to
be solved and to some extent on the computer resources available.

In Lagrangian FE codes, the mesh moves with the material and deforms
with the material flow. The quadrature points also move with the material
which means that the constitutive equations are evaluated at the same material
points through the whole analysis [6]. This approach is very useful for extrusion
analyses, since the thermo-mechanical history during the process can be studied
directly and the free surface of the extrudate can be followed.

The limitations of the Lagrangian description appear when the deforma-
tions are large. Large strains and deformations lead to excessive distortion of
the elements which implies bad, or non-converging, solutions. If the mesh is
distorted, mesh refinement or remeshing is often required to obtain a solution.
When remeshing is utilized, a new mesh is constructed and a mapping is per-
formed to transfer data from the deformed mesh to the new mesh. In many
commercial software packages, the remeshing technique has been automatized
and can be controlled based on user defined criteria. Every remeshing involves
interpolation and extrapolation of element variables which may accumulate
errors in the solution. Remeshing is also a computer intensive step and re-
duces the computational efficiency. If it is possible, frequent remeshing should,
therefore, be avoided. Additional problems often appear with meshing and
remeshing in structural parts of small dimensions and/or in three-dimensional
simulations. The latter problem is addressed in Section 4.6.

The implicit, Lagrangian FE code MSC.Marc has been used for the extru-
sion simulations in this thesis work. The need for remeshing in the simulations
is illustated in Figure 4. The model that is shown in Figure 4a is run without
remeshing, while the model in in Figure 4c is subjected to automatic remeshing
at given increments. Figure 4b and Figure 4d shows the detailed mesh in the
die outlet area from Figure 4a and Figure 4c, respectively.

An alternative to the Lagrangian approach is the Eulerian formulation,
where the nodes and elements are fixed in space and the material flows through
the mesh. The Eulerian method has a wide field of application in fluid me-
chanics but it is also suitable for many extrusion problems. For instance, the

14



4 MODELING AND SIMULATION OF EXTRUSION

(a) Without remeshing (b) Without
remeshing. Mesh
distortion in the
die outlet area.

(c) With remeshing (d) Mesh in the
die outlet area
when remeshing is
utilized.

Figure 4: Axisymmetric extrusion simulations showing the importance of
remeshing.

material flow and temperature evolution in the container and through the die
can be effectively studied using an Eulerian FE code. The major advantage of
this formulation is that the problem with mesh distortion is avoided and large
deformations can be simulated with a low computational cost. It is, however,
difficult to model the free surface of the extrudate after it has left the die. An-
other drawback is that the treatment of constitutive equations is complicated
due to flow of material through the elements [6].

The ALE methods are arbitrary combinations of the Lagrangian and Eu-
lerian formulations and were developed in an attempt to bring the advantages
with both formulations together. In an ALE formulation the displacements
of material and mesh are decoupled and the mesh can move independently
of the material. Thus, both the motion of the mesh and the material must
be described. The ALE formulation was originally developed for modeling of
fluid-structure interaction and motion of free surfaces in fluid mechanics [6].
A couple of years later the method was introduced for metal forming applica-
tions. Mesh distortion can generally be avoided using an ALE approach, but
in practice it is difficult for the user to choose a mesh motion that eliminates
severe mesh distortions. The ALE formulation in metal forming together with
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practical applications was presented in the work by Gadala and Wang [21].
The punch indentation process and metal extrusion process were simulated.

The capabilities of meshless methods in the simulation of forming processes
have recently been investigated by several researchers. In contrast to the tradi-
tional mesh-based FEM, the meshless, or meshfree, methods use the geometry
of the simulated object direct for calculations. The advantage with meshless
methods over the Lagrangian FEM is that no remeshing is required. The capac-
ity to simulate creation of free surfaces is improved compared to the Eulerian
and ALE methods. There are a number of numerical methods that fall within
this class of methods. Among these, the smoothed particle hydrodynamics
method (SPH), the element-free Galerkin method (EFG/EFGM) and the nat-
ural element method (NEM) have been applied to metal forming applications.
The extrusion process has been simulated using NEM by Filice et al [17] and
Alfaro et al [1, 2]. Application of the SPH method to forging and extrusion was
performed in the work by Cleary et al [9]. However, the state of development
in meshless methods is much lower than in FEM and they are, so far, only
implemented in a few commercial codes [17]. At the current state, meshless
methods is mainly for academical use.

4.1.1 Element considerations

There are a variety of different element types available for finite element analy-
sis and many of these are implemented in commercial programs. The choice of
elements for an extrusion simulation is, however, much more limited. These ele-
ments must be applicable for use with remeshing and perform well for plasticity
problems.

The elements that are most frequently used are the 3-node triangle and
the 4-node quadrilateral in two dimensions, and the 4-node tetrahedron and
the 8-node hexahedron in three dimensions. The 4-node quadrilaterals and 8-
node hexahedra are generally more accurate than 3-node triangles and 4-node
tetrahedra [6]. On the other hand, the triangular and tetrahedral elements
have the advantage of being easier to mesh. This is especially important to
consider when automatic mesh generators are used.

Besides the remeshing, which can be very troublesome, the particular prob-
lems with finite elements for extrusion are over-stiff behavior and volumetric
locking. The plastic behavior of a von Mises elastic-plastic material is incom-
pressible, which means that the volume is unchanged during deformation and
the density remains constant. When low-order elements are utilized for incom-
pressible materials, they tend to lock volumetrically [6]. When locking occurs,
the finite element method can not provide a good solution to the problem and
at the same time satisfy the incompressibility condition. The displacements
will then be underestimated.
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All the elements described above can suffer from volumetric locking. There
are, however, ways to deal with the problem of locking and the most common
way is to utilize different types of reduced integrations [6].

Volumetric locking in two-dimensional FE problems was studied for incom-
pressible and nearly incompressible elastic materials in the work by Vossen [46].
Quadrilateral and triangular elements were considered and numerical tests were
performed in MSC.Marc. Vossen [46] concluded that the quadrilateral constant
dilatation element is a good choice for problems involving incompressible ma-
terials. This element performed well in the numerical tests performed in [46].

The quadrilateral constant dilatation element has also been used for the
two-dimensional simulations in this thesis. In this element, full integration is
used on the deviatoric part of the stiffness matrix and reduced integration is
used on the volumetric part of the stiffness matrix.

4.2 Extrusion of stainless steel tubes

As mentioned earlier, only few papers have been published on modeling of glass-
lubricated stainless steel extrusion. Slightly more can be found on hot extrusion
of titanium alloys. The production system for this extrusion is similar to the
one for stainless steel, and the same method of lubrication is often utilized.

A theoretical and experimental study of the glass-lubricated extrusion pro-
cess was performed by Baqué et al [4]. The analysis of the film formation was
based on two phenomena: heat flow and glass flow. When the hot billet comes
in contact with the glass pad, heat flows from the billet to the glass pad and
results in a temperature distribution in the glass. The temperature distribu-
tion leads to a viscosity distribution, referred to as the melting of the glass
pad. When the metal flows along the glass pad the viscous glass is dragged
along with it. The viscosity gradient then corresponds to a velocity gradient
which represents the flow rate of the glass. When compared to experiments, the
model by Baqué et al [4] seemed to systematically overestimate the thickness
of the glass film.

Damodaran and Shivpuri [11, 12] have used two-dimensional FE simulations
to study distortion during extrusion of titanium alloy shapes. The material flow
in this extrusion is essentially three-dimensional. However, difficulties were
experienced with the three-dimensional simulations which resulted in unrea-
sonable computational times. In addition, the results did not correspond well
with experimental observations. A strategy was, therefore, developed to study
three-dimensional metal flow in the shape extrusion through two-dimensional
simulations. Slices were taken at various locations and each slice was treated
independently of each other in a plane strain simulation. The sections were cho-
sen such that the width of the section was greater than its thickness. In order to
further simplify the model, only a part of the total billet length was considered.
The extrusion was simulated at ram speeds of 127, 277 and 432mm/s using a
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friction shear factor of 0.05. The simulation results were used to improve the
die design for the shape extrusion. Experiments were, thereafter, carried out
with the new die design, which was shown to significantly improve the dimen-
sional tolerance of the extrudate. Based on calculations of the minimum and
maximum surface temperature, the thickness of the glass film was also evalu-
ated from Baqué’s model [4]. Depending on ram speed, the thickness of the
glass film in the work by Damodaran and Shivpuri [11, 12] was estimated to
be between 27 and 62�m.

Another work on FE simulation of titanium extrusion was reported in
Li et al [32]. In this work, six extrusion cases with different temperatures and
dimensions were simulated in axisymmetric simulations. The friction factor was
assumed to vary with temperature according to the experiments in [31] and the
heat transfer coefficient between the die and the workpiece was 2188W/(m2K).
The reduction ratios were moderate, in the order of 10. The maximum extru-
sion force for the six different extrusions were in agreement with experimental
values. However, the entire load versus stroke curves were not shown for the
experimental case.

Extrusion of compound tubes with a stainless steel core has been analyzed
by Epler and Misiolek [15]. In this work, the material flow during co-extrusion
of plain carbon/stainless steel tubes was studied by FE simulations and mea-
surements. The focus of the study was to develop a novel billet design to
promote concurrent flow of the two materials and uniform thickness of the
component layers in the extrudate. The billets were composed of a 11.4mm
thick stainless steel (AISI 304) core and a 38.1mm thick carbon steel sleeve. A
graphite-based lubricant was used and the friction between the billet surfaces
and the die, container and mandrel was modeled as shear friction 0.3. The
simulations were run in two dimensions under isothermal conditions.

Finite element simulations of the hot extrusion of an AISI 304L stainless
steel was also included in the work by Sivaprasad et al [42]. Simulations were
carried out at different ram speeds in order to evaluate the strain rate in the
deformation zone. The simulation results were compared to processing maps
for AISI 304L that included microstructural mechanisms, such as, dynamic
recrystallization, dynamic recovery and grain growth.

4.2.1 The glass pad

In glass-lubricated hot extrusion with flat dies, i.e. no die angles, the glass pad
will form a part of the die profile with the metal [12]. The glass pad is placed
between the billet and the die, as shown in Figure 2, and will melt progressively
during the extrusion. Due to the progressive melting, it is difficult to determine
the exact path of the metal flow. In order to develop a model for the extrusion
process, an assumption of the shape of the glass pad has to be done.

18



4 MODELING AND SIMULATION OF EXTRUSION

One solution to this problem is to examine the butt-end of the extrudate
once it has been sheared off. This approach was used in the work by Damodaran
and Shivpuri [12]. They observed that the material flow was relatively smooth
and the angle that was formed by the glass pad interface was around 80 ∘. In
Li et al [32], on the other hand, the glass pad was left out of the model and
the die was simply modeled as flat. In this case, a distinct dead metal zone
was developed at the inner corner of the die in the simulations. As explained
in Section 3, a dead metal zone is generally not observed at glass-lubricated
hot extrusion of steel, see, for example, Hughes et al [24] and Sejournet and
Delcroix [38]. The same assumption of the glass pad as in Li et al [32] was
used in Sivaprasad et al [42].

In this thesis work, the die profile with the metal has been evaluated by
examination of so-called stickers, i.e. billets that were stuck in the press and
only partly extruded. Six stickers of two different materials, one austenitic
stainless steel and one duplex (austenitic/ferritic) stainless steel, were collected
from production. Each sticker was cut into halves, photographs were taken
and the metal path was analyzed. The die profile was similar in all cases,
independent of material and billet length of the sticker. The metal flow was
smooth, similar to the observation in [12]. One of the cross-sections are shown
in Figure 5. The mandrel is still remaining inside the billet and the tube in
this picture. Figure 5 is also a good illustration of the large area reductions
involved in stainless steel tube extrusion.

Figure 5: Cross-section of a partly extruded tube. The container diameter is
125mm.

To the knowledge of the author, no advanced numerical simulations have
been performed on the formation of the lubricant glass film. It could perhaps
be possible to analyze the melting of the glass pad in contact with the metal
as a fluid-structure interaction problem. Such a model could, for example, be
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used to optimize the design of the glass pad and evaluate the effect of different
types of glass in the pad. However, the level of complexity in a model like that
would be high.

4.3 Model validation

Model validation is possibly the most important step in the simulation of metal
forming. Validation of the model is necessary in order to establish if the so-
lution is accurate enough for its intended use. The best validation method is
to perform different tests and measurements on the real object. In practice,
however, this is often difficult and can be both expensive and time consuming.
The parameters that can be measured during extrusion are also limited. For
example, the only temperature that can be measured during the process is the
exit surface temperature of the extrudate. The extrusion models are generally
validated by comparison of calculated extrusion force with experimental record-
ings. It is also common to compare experiments and numerical predictions of
the geometry of the extruded product, especially when simulating extrusion of
complex shapes and three-dimensional flow.

Since the full size experiments are difficult and can be both expensive and
time consuming, physical modeling has become a popular method to study
the extrusion process. The idea in physical modeling is to find a soft model
material, such as wax and plasticine, with similar deformation behavior as the
real material and study extrusion of the model material in a laboratory press.
The physical modeling approach is a relatively simple and cheap technique
since it does not require elaborate facilities and expensive equipments [44].

Arentoft et al [3] compared results from physical modeling of cold mild steel
extrusion with axisymmetric FE simulations. In this work, it is concluded that
physical modeling is an efficient way to analyze complex metal forming pro-
cesses which can be used for validation of mathematical models. The physical
modelling gave a lot of detailed information about the material flow and die
filling. However, quantitative determination of the strain and stress was less
precise due to difficulties with the model material. An adequate determina-
tion of the friction coefficient was also very difficult in the physical modelling
[3]. Physical modeling techniques combined with FE simulations of aluminum
extrusion have been used by several researchers, for example, Sofuoglu and
Gedikli [44].

The technique with model material is a good method to perform extrusion
experiments. However, there is always a question of how well the physical
model resembles the real extrusion. It is almost impossible to find a model
material that deforms and behaves analogous to the real material. It is also
complicated to set up an experiment with similar process conditions as in the
production process. Thus, the results from physical modeling experiment may
not always be applicable on the real process.
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In this thesis work, the extrusion models in Paper I, III, IV, V and
VI have been validated by measurements of extrusion forces in production
presses. Measurement of exit surface temperature of the tube was performed in
Paper I. In Paper IV and V, the expansion models have also been validated
by experimental measurements of the expansion force. It should be noted that
the expansion force curves are not included in the conference paper, i.e. Paper

V, due to lack of space.

4.4 Sensitivity analysis

A large number of input parameters are used in a FE analysis of extrusion.
These parameters include boundary conditions, initial conditions and parame-
ters that describe the mechanical and thermal properties of the material. The
accuracy of the extrusion simulation depends, to a large extent, on the accu-
racy of these parameters. In addition, many of these are often impossible to
measure during the extrusion process itself or in tests under similar conditions.

Among the simulation work that is reported on extrusion, only few authors
include investigations on how changes in input parameters affect the computed
results. And if an investigation is included, it is often performed in an ad hoc
way and not by a systematic statistical approach.

There are a lot of advantages of using design of experiments (DOE) for the
parameter changes. When a process involves two or more variables, DOE is
a very efficient way of selecting a diverse and representative set of numerical
experiments for a sensitivity analysis. Using this approach, a set of simulations
can be selected in which all parameters are independent of each other but can
be varied simultaneoulsy. Thus, the number of simulation runs per parameter
investigated can be reduced [16].

In Paper VI, a comprehensive sensitivity analysis was performed on a val-
idated extrusion model using the DOE approach. The aim of the analysis was
to study the influence of certain process parameters on the resulting extrusion
force. Fifteen different parameters, including ram speed, billet and tool tem-
peratures, friction coefficients and heat transfer coefficients, were considered. A
picture of the model showing all the different contact areas are given in Figure 6.
The DOEs for the numerical experiments were created by fractional factorial
design using MODDE, a commercial software for DOE and optimization [16].
In total, 107 extrusion simulations were carried out within this study.

DOE was shown to be a very efficient way of organizing simulation work.
The results from Paper VI revealed that the initial billet temperature is the
factor that, by far, has the strongest impact on the extrusion force (within
the parameter ranges that were studied). Additional parameters that were
significant for prediction of the initial peak force in this case are the coefficients
of friction at the contact areas between billet-container, billet-mandrel and
billet-glass pad. The conclusions that were drawn from the sensitivity study
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Figure 6: Axisymmetric model of extrusion used in the sensitivity analysis in
Paper VI. From Paper VI.

will be valuable for further work on extrusion simulation. More effort can then
be put into giving accurate values to the parameters that have a greater effect.

4.5 Process flow simulations

The most common approach in extrusion simulations is to use a uniform billet
temperature as initial condition in the extrusion model. This means that the
initial stages of heating and transport are ignored in the modeling. However,
as shown in the previous section, the initial billet temperature has a major
effect on the force that is required for extrusion. The importance of billet tem-
perature for the prediction of extrusion force is also concluded in, for example,
Hughes et al [24]. It is clear that the initial billet temperature, and possible
temperature gradients, must be known with good accuracy in order to obtain
accurate simulation results.

A simple model for induction heating of a titanium billet was included
in the work by Damodaran and Shivpuri [12]. The induction heating model
was based on an analytical solution for a one dimensional heat flow problem
assuming an infinitely long cylinder. This simplification implies that the end
effects are neglected. However, in extrusion of stainless steel tubes these end
effects can have significant impact on the force required for extrusion.

To capture the electromagnetic and thermal end effects, a coupled electro-
magnetic-thermal FE simulation of induction heating can be performed. In
Paper IV and V, such induction heating models have been used to simulate
the temperature gradients in billets prior to extrusion. Details about the FE
modeling and simulation of the induction heating process are given in the thesis
by Fisk [18].

Thorough analyses of the extrusion at one of the production presses at
Sandvik Materials Technology was performed in Paper IV and V. At this ex-
trusion press, the billet is prepared in several operations that include induction
heating, expansion and lubrication. The entire process chain was analyzed by
FE models and experiments. Seven different models were developed as follows:
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heating → cooling → expansion → cooling → heating → cooling → extrusion.
The temperature field of the preceding process step was then mapped to the
initial mesh of the model in the following step using an in-house mapping pro-
gram.

The combined model makes it possible to study the temperature evolution
in the extrusion billet during the entire manufacturing process. The influence
of different process parameters on the billet temperature, and the resulting
expansion and extrusion forces, can easily be evaluated.

Induction heating, expansion and extrusion models from Paper V are
shown in Figure 7. The colors in the figure indicates temperature, with maxi-
mum temperature shown in yellow. The temperature scales are not the same in
the different figures and the temperatures should not be compared. It should
also be noticed that the models are axisymmetric but has been expanded to
180 ∘ for visualization.

4.6 Three-dimensional simulations

Simulation of extrusion in three dimensions is a challenge, mainly due to is-
sues related to the remeshing. The three-dimensional simulations that have
been carried out are often restricted to simple shapes and utilize symmetry.
Extrusion often involves thin-walled sections which are difficult to mesh and
lead to a large number of elements in the problem. This in turn means long
computation times.

Three-dimensional simulations of forging were carried out in the work by
Lee et al [28]. The forging process has a lot in common with the extrusion
process, and deals with the same remeshing problems. Traditional tetrahe-
dral and hexahedral elements, assisted by the reduced integration scheme, and
tetrahedral MINI-elements were evaluated by Lee et al [28] for two different
forging cases. The standard tetrahedral element constrained too much of the
metal flow for the solution to be realistic, while the tetrahedral MINI-element
and the hexahedral elements predicted nearly the same result.

The MINI-elements are tetrahedral elements with a velocity node added at
the center of the elements. This element is developed for incompressible mate-
rials and is used in the majority of the three-dimensional simulations within the
forging industry [28]. This element is also well suited for extrusion simulations
and the author has sucessfully simulated extrusion in three dimensions using
the MINI-element in the commercial FE program FORGE.

Paper III is the only paper in this thesis that includes three-dimensional
simulations. In this paper, the extrusion process was simulated in three di-
mensions using 4-node tetrahedral elements. Only a quarter of the geometry
was modeled due to rotational symmetry in loading and workpiece. The three-
dimensional model together with the calculated strain rate distribution during
extrusion is shown in Figure 8. The numerical prediction of the extrusion force
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from the 3D model was compared to experimental measurements and force pre-
dictions from two-dimensional axisymmetric simulations. The forces from the
axisymmetric simulation with quadrilateral elements were in good agreement
with the experimental results. It was, therefore, assumed that the extrusion
model itself was accurate. The tetrahedrons showed, however, a stiff behavior
and the extrusion force was heavily overestimated by these elements.

It is much more difficult to automatically generate a three-dimensional mesh
using hexahedral elements than tetrahedral elements. Only a few commercial
softwares have, therefore, adopted the hexahedral elements to be used with
automatic remeshing. One of these softwares is, however, MSC.Marc, which
has been used in this thesis work. In recent years, the capabilities of hexahedral
meshing and remeshing has increased in the program.

Figure 9 shows a recent three-dimensional simulation of extrusion that has
been run with the hexahedral elements. A more detailed picture of the mesh
is given in Figure 10. The extrusion model is identical to the one that was
used as reference model in the sensitivity analysis in Paper VI, and it was
expanded to three dimensions without making use of symmetry. Thus, this is
a model that could be used for eccentricity studies. The extrusion force curve
is compared to the axisymmetric prediction in Figure 11. As can be seen in
this figure, the agreement between the two curves is reasonably good. This
shows that the hexahedral elements have potential for use in the extrusion
technology. The CPU time for this particular simulation was, however, very
long, even though only a part of the process was simulated. It should also
be noted that the capability for hexahedral remeshing in MSC.Marc was not
available at the time for the work in Paper III.
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(a) Induction heating
model.

(b) Expansion
model.

(c) Extrusion model.

Figure 7: FE models included in the process flow simulations in Paper V.
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Figure 8: Three-dimensional simulation of extrusion using tetrahedral elements.
From Paper III.

Figure 9: Three-dimensional simulation of extrusion using hexahedral elements.

Figure 10: Hexahedral mesh in the three-dimensional extrusion simulation.
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Figure 11: Comparison of extrusion force from simulations using hexahedral
elements in 3D and quadrilateral elements in 2D.
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5 Constitutive modeling

A major challenge in the simulation of metal forming processes is to correctly
model the material behavior. A good material model, which accurately re-
flects the changes in material properties, is crucial to the reliability of the final
simulation result.

The mathematical descriptions of the material response to various loadings
are called constitutive models. In mechanics, the constitutive relation is the
stress-strain law for the material. The field of constitutive modeling is gener-
ally approached from a phenomenological viewpoint. The material response on
a macroscopic level is then considered, without taken into account the micro-
level phenomena that cause the material behavior. In these material models
empirical relationships are used to describe experimental data and the models
are referred to as empirical, or engineering. Another approach is to use con-
stitutive models that are microstructure-related and formulate mathematical
descriptions based on the underlying physical processes of the deformation.
These models are called physically based models but, so far, these models are
rarely utilized in metal forming simulations.

Constitutive modeling is one of the most intensive research fields within
solid mechanics and there is an extensive amount of literature available on
the subject. Constitutive models are often treated together with correspond-
ing numerical strategies. A model that is formulated for a non-linear material
results in a non-linear boundary value problem that has to be solved numeri-
cally. Computational aspects of inelasticity are treated in, for example, Simo
and Hughes [41].

The stress is a function of the elastic strains. The total strain has also other
contributions. They are thermal and plastic strains in the current context. The
plastic strains remain after unloading. An elasto-plastic material is based on
the definition of a yield surface and the stress state cannot be outside this
surface. This is the approach that is used in the current work.

The theory of plasticity includes four major parts as described in Belytschko
et al [6].

1. A decomposition of each strain increment into an elastic, reversible part
and a plastic, irreversible part

2. A yield function f(�, q�) which governs the onset and development of
plastic deformation; q� are a set of internal variables. This function is
also used to determine the direction of plastic flow in the case of asso-
ciated plasticity. The amount of plastic flow is given by the consistency
condition that the stress state must be on the yield surface during plastic
deformation.

3. A flow rule which governs the plastic flow, i.e. determines the direction
of the plastic strain increments.
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4. Evolution equations for internal variables, including a strain-hardening
relation which governs the evolution of the yield function.

A general problem in material modeling is the lack of material data for
model calibration and validation. This is a particular problem in extrusion
and other metal forming applications that are performed at high strain rates
and high temperatures. It is difficult to perform controlled mechanical tests at
these conditions and the available data has to be extrapolated. The validity
of an empirical material model is often limited outside the range of deforma-
tion conditions in which it was calibrated. Thus, physically based models are
interesting for extrusion applications. It is expected that these models can be
extrapolated to a wider range of strains, strain rates and temperatures than
empirical models, provided that the correct physical processes are described
by the model and that no new phenomena occur. Another advantage with
the physically based models is that data from other sources than mechanical
testing can be utilized for the material parameter fitting.

Generally, the strength of a solid depends on strain, strain rate and tem-
perature. The strength is determined by processes on the atomic scale that
causes flow. Examples of such atomistic processes are: the glide motion of
dislocation lines, their coupled glide and climb, the diffusive flow of individual
atoms, grain boundary sliding and mechanical twinning [19]. The mechanisms
of plasticity, the range of dominance of each mechanism and the rates of flow
that they produce are presented in deformation-mechanism maps for different
materials in Frost and Ashby [19].

Within physically based modeling it is distinguished between explicit and
implicit models. In implicit physically based models, the form of the consti-
tutive equation is given by the theory of the physical processes that causes
the deformation. The other option is to explicitly include physical models as
evolution equations in the constitutive model. The microstructure of a crys-
talline material can be modeled directly, as in discrete dislocation dynamics and
crystal plasticity, or indirectly as in dislocation density-based models. Direct
calculations of action and interaction of dislocations are, however, extremely
computer intensive. Today, the only approach that is applicable for use in FE
simulation of metal forming are models based on the concept of dislocation
density. Dislocation density-based models have been developed by Bergstrom
[7], among others.

5.1 Material models in the appended papers

In the papers that are appended to this thesis, extrusion of three different mate-
rials have been simulated: the austenitic type AISI 316L stainless steel (Paper

I, III and V), the austenitic stainless steel Sandvik Sanicro 28 (Paper IV

and VI) and the duplex (austenitic/ferritic) stainless steel Sandvik SAF 2507
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(Paper IV). All materials have been modeled as elastic-plastic with isotropic
hardening using the von Mises yield criterion.

In Paper II, an advanced dislocation density-based model was formulated
for AISI 316L. The model shares its basic features with the model in Cheng et
al [8]. The dislocation density is explicitly computed via evolution equations
and the yield limit is obtained from this density. The model is based on two de-
formation mechanisms: low-temperature plasticity by dislocation glide (limited
by a lattice resistance and discrete obstacles) and power-law creep by disloca-
tion glide or glide plus climb. These mechanisms are further explained in Frost
and Ashby [19] and in Paper II. The model describes the plastic behavior
from room temperature up to 1300 ∘C and includes a model for dynamic strain
ageing (DSA). This means that the model is applicable to a wider temperature
range than is needed for extrusion simulations. The DSA phenomena, for ex-
ample, is not at all apparent at the temperatures for hot extrusion of steel. A
simplified version of the dislocation model was, therefore, optimized for use at
the temperatures where AISI 316L is hot worked. The simplified model is de-
scribed in Paper I and used in the extrusion simulations in Paper I and III.
Stress-strain curves from this dislocation density-model are given together with
the compression test data in Figure 12. The agreement between the measured
stress-strain curves and the ones predicted by the material model is satisfac-
tory. Model predictions at a strain rate of 100 s−1 are also given in the model
since these strain rates are common in extrusion simulations. The dislocation-
density model that is used in Paper V is the version from Paper II with the
dynamic strain ageing effect excluded.

(a) 1100 ∘C (b) 1300 ∘C

Figure 12: Experimental (solid line) and predicted (circle) flow stress of AISI
316L at (a)1100 ∘C and (b)1300 ∘C. No experiments were performed at the
strain rate 100 s−1. From Paper I.

The performance of constitutive models based on dislocation density de-
pends to a high extent on the deformation mechanisms that are included in
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the model, if these mechanisms are well understood and if adequate equations
are found to describe them. A review of the current state in physically based
modeling of metal plasticity and the implementation of these models into FE
codes is, for example, given in the thesis by Domkin [14].

It was not possible, within the scope of this thesis, to develop dislocation
density-based models for Sandvik Sanicro 28 and Sandvik SAF 2507. However,
extensive material testing of these materials have been carried out. These test
include compression tests at temperatures between 800 − 1300 ∘C, strains up
to 0.6 and strain rates between 0.01 − 10 s−1. The flow stress dependence on
temperature, plastic strain and strain rate has been tabulated in MSC.Marc
and used in extrusion simulations in Paper IV and VI. Linear interpolation is
used inside the temperature, strain and strain rate domain. No extrapolation
is performed outside the domain.
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6 Friction modeling

Friction is a complex physical phenomenon and a system propery [22]. It
depends on the material and surface roughness of the contacting bodies as well
as lubrication conditions, together with temperature and pressure. It is also a
very important factor in forming processes, since it affects the material flow,
the forces and the tool wear. The physics behind friction and the numerical
representation of the same is a continous topic of research. In the simulation
of metal forming processes, friction is often included by simple models such as
the Coulomb friction model or the constant shear friction model. These two
models are briefly described below. A variety of more complex friction models
exist, however, the problem is often the lack of input data to these models.
It is very difficult to investigate the friction, and the factors affecting friction,
experimentally, since the billet-tool interface often is under high pressure and
temperature.

6.1 Coulomb and constant shear friction models

The effects of friction in metal forming simulations are commonly accounted
for either by Coulomb friction models or through constant shear friction mod-
els. These friction laws are available in most commercial FE codes. Several
variations of these laws have also been developed.

In the Coulomb friction law, the frictional stress is assumed to be propor-
tional to the normal stress. It can be written as

∥�t∥ < ��n (2)

under sticking conditions, and

�t = −��n ⋅ t̄ (3)

during slip conditions, where �t is the tangential (frictional) stress, �n is the
normal stress, t̄ is a tangential vector in the direction of the relative velocity
and � is the Coulomb friction coefficient [43]. The model can, in similar way,
be written in terms of nodal forces instead of stresses.

A common alternative to the Coulomb friction model is the shear friction
model. In this model the frictional stress is a direct function of the material
equivalent stress, �̄. The shear friction model is characterized by

∥�t∥ < m
�̄√
3

(4)

for stick, and

�t = −m
�̄√
3
⋅ t̄ (5)

for slip, where m is the shear friction factor [43].
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6.2 Friction in glass-lubricated hot extrusion

As described in Section 3, there are many observations of the almost frictionless
behavior of metal flow in the glass-lubricated extrusion process, see for example
Sejournet and Delcroix [38] and Hughes et al [24]. An exact coefficent of friction
is, however, very difficult to estimate and it is almost impossible to perform
measurements of the friction under the same conditions, i.e. temperature and
pressure, as in the production case.

Nevertheless, different extrusion experiments have been performed with the
aim to evaluate the friction in glass-lubricated extrusion. Hughes et al [24]
conducted experiments of bar extrusion employing billets with different ini-
tial lengths in order to determine the friction coefficent between the billet and
the container. Experiments were carried out using stainless steel and mild
steel billets at ram speeds between 25–240mm/s and billet heating tempera-
tures of 1070, 1170 and 1280 ∘C. Individual pairs of billets of different length
were extruded under identical conditions. No significant difference in friction
for the mild steel and the stainless steel was observed. The friction coeffi-
cient was measured to be very low; � = 0.002± 0.003, � = 0.006± 0.004 and
� = 0.011± 0.007 for heating temperatures of 1280, 1170 and 1070 ∘C, respec-
tively. There was also some evidence that the friction coefficient decreased
with increasing ram speed for the billets heated to 1170 ∘C. The evaluation
was, however, complicated since small errors in the extrusion pressure mea-
surements lead to large errors in friction coefficient.

Another popular method to investigate the friction factor under high pres-
sure conditions is the so-called ring compression test [31]. In this test, a flat
ring-shaped specimen is compressed to a known reduction. The change in outer
and inner diameter of the ring will be dependent on the friction at the tool-
ring interface. If the friction is high, the inner diameter of the ring will be
reduced. If the friction is low, the inner diameter will increase. Theoretical
and experimental analyses are compared in calibration charts, in which the
friction coefficient is evaluated. Li et al [31] performed ring compression test
of Ti-6Al-4V bars at temperatures between 750–1000 ∘C and strain rates 0.05–
15 s−1 using a glass lubricant (A5). As expected (see Section 3.4), the shear
friction factor decreased with increasing temperature, from m ≈ 0.25 at 750 ∘C
to m ≈ 0.12 at 950 ∘C. No strain rate dependence was observed in this tem-
perature range. At temperatures above 950 ∘C, an increase in strain rate lead
to a reduced shear friction factor. A factor as low as m ≈ 0.04 was measured
at temperature 950 ∘C and strain rate 15 s−1. The temperature at which this
glass lubricant is designed to perform optimally in a metal forming operation is
not given in the paper. However, in the temperature range that is investigated,
its viscosity varies from 4× 106 Pa ⋅ s to 1.2× 103 Pa ⋅ s. In Bauser et al [5], the
upper temperature limit for glasses in extrusion, the so-called hemispherical
temperature, is given at a glass viscosity of about 2× 103 Pa ⋅ s.
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Furugen et al [20] performed friction tests of glass lubricant at high tem-
perature using a stainless steel workpiece positioned between a sliding flat tool
and a roll. The friction coefficient was found to be proportional to the logarith-
mic viscosity of the glass. Coulomb friction coefficients between 0.04–0.13 was
measured for different glass lubricants at a temperature of 1200 ∘C. Furugen
et al [20] also performed FE simulations using a Coulomb friction coefficient of
� = 0.08. The friction values that are reported in Furugen et al [20] are quite
high relative to others.

The Coulumb friction and the shear friction models are about equally com-
mon in the simulation of extrusion. The Coulomb model was used successfully
by Sofuoglu and Gedikli [44] and Arentoft et al [3], among others. The shear
type friction model was utilized, for instance, in the work by Epler and Misiolek
[15] and Damodaran and Shivpuri [12].

In this thesis work, the Coulomb friction model has been adopted. Coulomb
coefficients of � = 0.015 (Paper V), � = 0.020 (Paper III and Paper IV)
and � = 0.030 (Paper I) has been utilized. This is consistent with Dieter et
al [13], where the Coulomb friction coefficient at glass-lubricated hot extrusion
is given as 0.03 for stainless steels and 0.02 for steels.

In Paper VI, a sensitivity analysis was carried out on a model of extrusion
of Sandvik Sanicro 28 tubes. This is described in Section 4.4. Friction was
included as an important part of this study, and the Coulomb friction range
was chosen to 0.015 ≤ � ≤ 0.030 for the glass-lubricated contact areas between
billet and tooling. The friction between the billet and the ram, which is not
lubricated, was chosen as Coulomb 0.30 ≤ � ≤ 0.40. The different contact
areas can be seen in Figure 6. The billet-container, billet-mandrel, billet-glass
pad and billet-die contact areas are all lubricated in different ways, see Section
3, sometimes also with different glass types and mesh sizes of the glass. It was,
therefore, decided to include the friction coefficients between the billet and the
tools as separate boundary conditions in the sensitivity analysis. The results
showed that the friction coefficient between the billet and the container, in this
case, was the second most influential parameter (after initial billet temperature)
for the initial peak force. A change in friction coefficient will have a substantial
effect on the initial peak force, even though the coefficients are as small as
0.015 ≤ � ≤ 0.030. Since the value of the friction coefficient is uncertain it is
important to have this in mind. The friction coefficients between the billet and
the ram, and the billet and the die, did not have any significant impact on any
of the responses.

In addition to the difficulties of finding a correct friction coefficient comes
the implementation of contact and friction in the current FE code. A user of
a commercial FE code has in most cases no detailed information about the
contact algorithms that are used in the program. In the work by Hatzenbichler
et al [23], ring compression tests with varied friction settings were simulated
using three different commercial FE softwares: Abaqus, Deform and Forge. The
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aim was to determine if a friction coefficent, which has been developed for one
program, could directly be assigned to another one. The input parameters for
all three software packages were the same and the friction coefficient between
the ring and the rigid die was varied between 0–0.5 using the Coulomb friction
model. Isothermal axisymmetric simulations were carried out and the decrease
in internal ring diameter was plotted as a function of reduction for each friction
coefficient. The results showed that low (� < 0.1) and high (� > 0.3) friction
values lead to similar result for the different solvers, while significant deviation
was observed for medium friction values. Hatzenbichler et al [23] conclude that
the friction coefficient has to be calibrated not only for each process, but also
for each software package.

In this thesis work, a comparison between the FE programs MSC.Marc
and FORGE was carried out. The same axisymmetric extrusion model was
simulated in the two programs. The resulting extrusion forces from the both
codes are given in Figure 13. As seen in the figure, the results are similar. This
indicates that the extrusion models developed in this research work is general
and can be used directly in other FE problems.

Figure 13: Comparison of extrusion force from axisymmetric extrusion simula-
tions performed in the FE programs MSC.Marc and FORGE.
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7 Summary of appended papers

Six papers are appended to this thesis. A summary of each paper is given
below.

7.1 Paper I

This paper presents the first attempt to model the stainless steel tube extru-
sion process. Extrusion of the austenitic stainless steel AISI 316L was analyzed
using an axisymmetric finite element (FE) model with thermo-mechanical cou-
pling. The commercial FE code MSC.Marc was used for the simulations. Due
to the large deformations in the process, continous remeshing was needed. The
tools were modeled as rigid bodies with heat transfer properties.

The material was assumed to be elastic-plastic using the von Mises yield cri-
terion with isotropic hardening. The flow stress of AISI 316L was described by
a dislocation density-based material model, which was implemented in a user
subroutine for the FE program. Temperature and strain rate dependency in the
model was introduced by the concept of short-range and long-range interactions
of dislocations and obstacles. The evolution equation for the dislocation den-
sity accounts for static and dynamic recovery controlled by diffusional climb
and interactions with vacancies. The material model was calibrated against
mechanical compression tests of AISI 316L, which were performed at different
temperatures and strain rates. In total, five model parameters were found by
curve fitting.

The FE simulations revealed that the billet was exposed to large temper-
ature changes during the extrusion process. Model predictions of maximum
extrusion force and exit surface temperature of the tube model were in good
agreement with experimental measurements.

7.2 Paper II

In this paper, an advanced dislocation density-based model was formulated in
order to describe the plastic behavior of AISI 316L from room temperature up
to 1300 ∘C. This means that the model is applicable to a wider temperature
range than is needed for the hot extrusion simulations. The model is based on
a coupled set of evolution equations for dislocation density and vacancy con-
centration and includes the effect of diffusing solutes in an attempt to describe
dynamic strain ageing.

The model requires 14 parameters to be determined from mechanical test-
ing. These parameters were found by calibration against a comprehensive set
of compression tests using a custom optimization toolbox for Matlab. The
maximum strain rate in the compression tests was 10 s−1. An additional set of
tests was used for model validation.
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An overview of the field of dislocation processes and modeling is given in
this work. The paper also describes the numerical algorithm that is used to
solve the strongly nonlinear relations in the model efficiently. This numerical
procedure is applicable for use in FE codes.

7.3 Paper III

Three-dimensional extrusion simulations were introduced in Paper III. A tube
extrusion with smaller area reduction than in Paper I was chosen with the
aim to make meshing and remeshing somewhat easier. Thermo-mechanically
coupled analyses of tube extrusion were carried out using the same disloca-
tion density-based material model for AISI 316L as in Paper I. A rotational
symmetric problem was considered and only a quarter of the geometry was
modeled. Discretization was performed using linear four-node tetrahedrons.

The extrusion model includes a new description of the glass pad compared
to the model in Paper I. The path of the metal flow was determined in an
experimental investigation of cross sections of stickers.

The extrusion force from the three-dimensional model was compared to
experimental measurements and force predictions from axisymmetric, two-
dimensional simulations. The extrusion force was overestimated by the stiff
four-node tetrahedrons and it was concluded that these elements are not suit-
able for extrusion simulation. A very fine mesh would be needed in order to
improve the force prediction using these elements. The forces from the two-
dimensional simulations were in agreement with the experimental values which
indicates that the extrusion model is essentially correct.

7.4 Paper IV

Paper I and III focused only on the extrusion process but before extrusion the
billet is prepared in several operations. Some of these operations were studied
in Paper IV.

In this paper, the entire manufacturing process chain at the extrusion press
was simulated using FEM. Axisymmetric models of induction heating, expan-
sion and extrusion, including cooling at the intermediate transports, were com-
bined. The entire process flow was modeled using seven different submodels.
All models were developed in MSC.Marc and the nodal temperatures were
transferred from one model to another using an external mapping program.
The aim of the work was to develop a tool to study the temperature evolution
in the billet during the different manufacturing steps and predict the forces in
the forming stages.

The combined model was applied to two cases of tube extrusion, one using
an austenitic stainless steel, and one using a duplex, austenitic/ferritic, stainless
steel. The flow stress dependence on temperature, plastic strain and strain
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rate for these materials was determined through mechanical compression tests
performed at different temperatures and strain rates.

Paper IV involved a lot of experimental work. For example, the temper-
ature of the billet during induction heating was measured by thermocouples
that were placed in drilled holes at different heights and depths of the billets.

The induction heating model was shown to successfully predict the temper-
atures from the thermocouple measurements. The agreement between models
and experiments regarding extrusion force and expansion force was satisfactory.

7.5 Paper V

In this work, the combined model from Paper IV was applied to extrusion of
AISI 316L tubes. In the same way as in Paper IV, the entire manufacturing
chain was modeled for this extrusion. Measurements of current and heating
times in the furnaces, together with forces in the expansion and extrusion pro-
cesses were carried out. Instead of performing new thermocouple temperature
measurements, the thermal boundary conditions were assumed to be the same
as in Paper IV. The dislocation density-based plasticity model from Paper II

was used in the expansion and extrusion simulations.
The prediction of extrusion force using the combined model was compared

to a case with a uniform initial billet temperature of 1250 ∘C and to experi-
mental data. It was shown that a uniform billet temperature is not sufficient
to predict the shape of the extrusion force curve in the initial stage of the
process. However, the extrusion force, and the difference between initial peak
force and steady-state force, were well predicted by the combined model with
a calculated initial billet temperature.

7.6 Paper VI

In Paper VI, a sensitivity analysis was performed on one of the axisymmetric
FE models. The model was similar to the extrusion of the austenitic stainless
steel in Paper IV and was validated in the original state.

Fifteen model parameters, including ram speed, billet and tool tempera-
tures, friction coefficients and heat transfer coefficients, were included in the
analysis. The design of experiments for the numerical experiments was created
by fractional factorial design. The relationship between the model parameters
and the responses was analyzed by a calculation of two different regression
models: one linear polynomial model and one model that includes interaction
terms. Additional simulations were carried out to validate the regression mod-
els. In total, 107 extrusion simulations were carried out within the study.

The results showed that the initial billet temperature is the parameter that
has the strongest impact on the extrusion force within the parameter ranges
studied in this work. The second-most influential factor on the initial peak
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force was the friction coefficient between the billet and the container. The
goodness of prediction and goodness of fit were excellent for both regression
models.
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8 Conclusions and future work

There are a few papers published on the process of stainless steel tube extru-
sion. Most of these papers were written several decades ago and focus on the
glass-lubrication technique, or give simplified theoretical models of the heat
transfer during extrusion. Very few papers deal with this process from a sim-
ulation perspective and since it is difficult to study extrusion experimentally
the understanding of the process is somewhat limited.

To the knowledge of the author, the simulation work presented in this study
is unique in its focus on stainless steel products. It should also be a valuable
contribution for others that are interested in using simulations for the stainless
steel tube extrusion process.

In the simulation work that is appended to this thesis, the focus has mainly
been on prediction of the extrusion force. There are two reasons for this. First,
the maximum extrusion force is the controlling feature in the process. It is
this force that determines if extrusion is possible or not and, therefore, this
property is of special interest. The second reason is that the force can easily be
measured during the process. This fundamental property must also be correct
before the models can be expected to describe other details of the process.

The total extrusion force is a sum of the force necessary to make the mate-
rial flow through the die and the force required to overcome the friction between
the billet surface and the tools. The detailed extrusion force curve is difficult
to predict, since it depends on complex interactions between different process
variables and the mechanical and thermal properties of the material. The de-
veloped extrusion models have shown to predict extrusion force curves that are
in agreement with experimental values. To this must be added that simulations
and experiments have been performed for extrusion of different materials and
geometries. The variation in extrusion force with different process parameters
has also been investigated in this work.

The FE simulations of the entire manufacturing chain, where thermo-
mechanical analyses of expansion and extrusion are combined with electro-
magnetic-thermal analyses of induction heating, is the first of its kind. This
combined model was developed in co-operation with Martin Fisk [18].

In the beginning of the project the research question was formulated as:

How should the stainless steel tube extrusion process be modeled in order to
provide adequate accuracy for use in process development?

The answer to the question above can be found in the work of this thesis.
The extrusion models that have been developed, and variations of these models,
have already been used for different applications at Sandvik Materials Tech-
nology. The models have given important contributions to the understanding
of different phenomena that occur during extrusion.
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A summary of important aspects on modeling of stainless steel tube extru-
sion is given below.

Axisymmetric, two-dimensional simulations have shown to provide good so-
lutions to extrusion problems with radial symmetry. An axisymmetric model
is also sufficient for most analyses of tube extrusion. Three-dimensional extru-
sion simulations are much more cumbersome due to remeshing issues and very
computer intensive, especially for the extrusion of thin-walled tubes. As dis-
cussed i Section 4.6, there are elements that work reasonably well for extrusion
simulation in three dimensions and with constantly increasing computational
power these simulations will soon be practicable.

The quadrilateral constant dilatation element together with continous re-
meshing is a good choice for axisymmetric extrusion simulations. A finer mesh
can be applied to the die outlet region in order to improve the accuracy of the
solution.

In the extrusion process, the material undergoes mechanical deformation
along with heat transfer. It is very important to analyze both deformation and
heat transfer simultaneously since the two affect each other. This is done in
coupled thermomechanical analyses.

In order to simplify the models in metal forming simulations, the tools are
often modeled as rigid bodies. This approach has also been used in the current
work, and shown to be an adequate approximation.

The initial billet temperature is very important for the prediction of the
extrusion force and thus all possible effort should be put into giving a correct
description of this temperature. An efficient approach to achieve this is to use
FE simulations, not only for the extrusion, but also for the heating process and
transfer to the extrusion chamber.

Friction coefficients, heat transfer coefficients and tool temperatures can be
very difficult to estimate. Still, the accuracy of the extrusion simulation will
depend, to a great extent, on these boundary conditions. In order to evaluate
these effects, it is important to perform a sensitivity analysis of the extrusion
model. It is recommended that this sensitivity analysis is carried out in a
systematic way using design of experiments.

In order to further improve the simulation of stainless steel tube extrusion,
the following subjects are recommended for future research:

• More simulations and experiments should be carried out in order to ensure
that the axisymmetric FE models have adequate accuracy for all tube
dimensions.

• Development of an accurate three-dimensional extrusion model which
runs in reasonable computational time. Such a model could be of great
use for parameter studies of eccentricity.
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• The melting of the glass pad is not fully understood. It would be inter-
esting to further explore this subject, by experiments and/or simulations.
More experiments should be carried out in order to determine the mate-
rial flow path along the die.

• The plasticity model for AISI 316L could be extended with a submodel
for recrystallization.

• The plasticity model for AISI 316L would also need to be calibrated and
validated for higher strain rates, up to about 500 s−1. There are on-going
work [33] aiming at higher strain rates, but tests are still missing around
500 s−1.
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Summary 
 
Stainless steel tube extrusion is a metal-forming process associated with large 
deformations, high strain rates and high temperatures. The finite element method 
provides a powerful tool for analysis of phenomena that occur during extrusion. In the 
present study, a dislocation density-based material model for the AISI type 316L 
stainless steel is implemented in a user subroutine for the commercial finite element 
code MSC.Marc. The model is calibrated using results from compression tests at 
different temperatures and strain rates. A thermo-mechanically coupled axisymmetric 
FE model is utilized to simulate the extrusion process. Model predictions of extrusion 
force and exit surface temperature are in good agreement with experimental values.  
 
Keywords: physically based material model, extrusion, stainless steel, finite element  
 
 
1 Introduction 
 
Process simulation has become an important tool in design and development of 
extrusion and other manufacturing processes. A key obstacle is that the simulation of 
hot extrusion processes is quite difficult due to the significant deformations of the 
workpiece. To model the metal flow during extrusion, continuous remeshing is needed. 
Another main challenge when simulating manufacturing processes is to accurately 
model the material behavior. A good constitutive model, which correctly reflects the 
changes in material properties, is crucial to the reliability of the final simulation result. 
For processes associated with large deformations, high strain rates and high 
temperatures, such as extrusion, extrapolation from existing material data is often 
necessary. Physically based models [1,2] are of particular interest as it is expected that 
these models can more accurately describe the material behavior over a larger range of 
strains, strain rates and temperatures. Material parameter fitting can be simplified since 
data from other tests than mechanical testing can supply information. 
 
In the present study, a dislocation density-based material model for the AISI type 316L 
stainless steel was implemented into a finite element code and applied to the stainless 
steel tube extrusion process. In order to validate the simulation results, exit surface 
temperature and extrusion pressure were measured during extrusion in a 14.5 MN 
extrusion press. 
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2 Stainless steel tube extrusion 
 
The basic principle of extrusion is very straightforward. A billet is placed in a closed 
container and squeezed through a die to reduce the cross-section area and increase the 
length of the billet. The design of the die opening determines the cross-section of the 
extruded product. When extruding tubes, a mandrel is inserted in the middle of the die. 
Today, the most important method for steel extrusion is the Ugine-Séjournet process, 
where molten glass is used as lubrication [3]. The principles of this process are shown 
in Figure 1.  
 

 
 

Figure 1: Glass-lubricated tube extrusion.  
 
In glass-lubricated extrusion, there is a layer of glass between the billet and the 
container, between the billet and the mandrel, and between the billet and the die. Each 
heated billet is coated with powdered glass during transportation to the extrusion 
chamber. Glass powder is also applied inside the billet to assure good lubrication 
between billet and mandrel. Lubrication through the die is provided by a disc of 
compacted glass, the glass pad, which is placed between the billet and the die, see 
Figure 1. During extrusion, the glass pad is pressed against the die by the hot metal. 
The glass pad will deform with the billet and melt progressively to surround the 
extrusion with a lubricant glass film. The glass-lubricated extrusion process has been 
studied by Baqué, Pantin and Jacob [4] among others. Generally, it is quite difficult to 
predict the shape of the interface between the glass pad and the die. However, in FE 
analysis of extrusion, an assumption of the shape of the glass pad has to be done since it 
forms the die profile with the metal. One solution is to examine the butt of the extrudate 
to determine the path of the metal flow [5]. 
 
 
3 Methods and models  
 
3.1 Mechanical testing 
 
In order to calibrate the material model, compression tests were conducted over a 
temperature range of 1100-1300 ºC at strain rates of 0.01, 1 and 10 s-1. The experimental 
steel was of AISI type 316L, i.e. an austenitic stainless steel. The nominal chemical 
composition of the test material is given in Table 1. Cylindrical specimens of 10 mm 
diameter and 12 mm height were used for the hot compression tests.  
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The temperature was recorded during the test to see whether there was a temperature 
rise due to plastic dissipated energy. 
 
Table 1: Chemical composition of experimental steel (wt %). 
 
C Si Mn P S Cr Ni Mo Cu N 
0.009 0.27 1.74 0.030 0.024 16.82 10.26 2.08 0.31 0.029 
 
3.2 Material model 
 
The yield limit is assumed to consist of two components: 
 

Gy σσσ += ∗ ,          (1) 
 
where ∗σ  is the friction stress and Gσ  is an athermal component. The friction stress 
accounts for the short-range interactions between dislocations and discrete obstacles. 
The process is thermally activated and characterized by the free energy, F∆ , required 
to overcome the lattice resistance or obstacles without aid from external stress. Relation 
of the friction stress to the effective plastic strain rate, pε& , and temperature, T, is 
derived from the expression of the activation energy [2]. The classical Orowan equation 
is used for the dislocation velocity and the strain rate. The resulting expression can be 
written as 
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where τ̂  is the athermal flow strength and k is the Boltzmann’s constant. The 
parameters p and q are chosen as 1. The reference strain rate, refε& , depends on the 
density of mobile dislocations and is assumed be constant. In the equation above, the 
non-dimensional parameters 0τ  and 0f∆  are introduced as G0ˆ ττ =  and 3

0GbfF ∆=∆ , 
where G is the shear modulus, and b is the magnitude of the Burger’s vector. 
 
The athermal component in Equation 1, Gσ , is a result of the long-range interactions 
with the dislocation substructure. It is expressed via the density of immobile 
dislocations, ρ, as 
 

ρασ Gbm=G ,          (3) 

 
where m is the average Taylor orientation factor and α ≈ 1 is a proportionality factor. To 
establish a relationship between dislocation density and plastic deformation, an 
evolution equation is utilized, 
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2p ρερ Ω−= && U ,          (4) 
 
where U is the dislocation multiplication parameter, which can be related to the mean 
free path, Λ, by [6] 
 

Λ
=

b
mU .          (5) 

 

The remobilization parameter, Ω, accounts for the static and dynamic recovery 
controlled by diffusional climb and interactions with vacancies [7], 
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Here, the self-diffusivity coefficient, D0, is related to the vacancy migration and vacancy 
self-diffusion, and vQ  is the combined activation energy of vacancy formation and 
vacancy migration. In the present formulation of the model, the vacancy concentration, 

vc , is assumed not to deviate from that of the thermal equilibrium at the current 
temperature, i.e. ( )Tcc eq

vv = . 
 
The parameters of the model were obtained by fitting it to the compression tests 
introduced in the previous section. The values of the parameters are summarized in 
Table 2. The experimental yield stress curves and corresponding curves predicted by 
the model are presented in Figure 2. Predicted curves for the strain rate of 100 s-1 are 
also shown for comparison since such high strain rates are quite common in extrusion 
processes. 
 
Table 2: Model parameters for AISI 316L stainless steel. 
 

Burger’s vector, b 2.58·10-10 m 
Athermal strength coefficient, 0τ  0.003 

Free energy coefficient, 0f∆  0.6 

Reference strain rate, refε&  106 s-1 

Average Taylor factor, m 3.06 

Self-diffusivity coefficient, D0 4.15·10-4 m2/s 

Vacancy activation energy, Qv  5.07·10-19 J 
Mean free path, Λ  53·10-6 m at T = 1100 °C, 167·10-6 m at T = 1300 °C 
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 (a)   (b) 
Figure 2: Experimental (solid line) and predicted (circle) flow stress at (a) T=1100 °C 

  and (b) T=1300 °C1. 
 
The material model was implemented in the commercial finite element code MSC.Marc 
using the YIEL user subroutine, which computes the yield stress as a function of the 
current plastic strain, strain rate and temperature. In this context, the dislocation density 
is treated as an internal state variable and computed by numerical integration of the 
evolution equation. 
 
3.3 FE model 
 
The extrusion process was modeled with an axisymmetric FE model due to rotational 
symmetry in loading and workpiece. The implicit FE code MSC.Marc was used for the 
simulations. The behavior of the metal during extrusion was simulated in a thermo-
mechanically coupled analysis. The extrusion process parameters and thermal initial 
conditions are summarized in Table 3. Since steady-state condition is the dominating 
phase in tube extrusion, only part of the total billet length was considered. The billet 
length considered was long enough to correctly simulate the start-up of extrusion until 
steady-state was obtained. The billet consisted of four-node quadratic elements together 
with a few three-node triangular elements. Due to the large deformations of the billet, 
the elements became heavily distorted and remeshing was required frequently during 
analysis. Automatic remeshing schemes, based on given remeshing criteria, are 
available in MSC.Marc and were used successfully. 
 
The glass pad was modeled as a rigid surface with a constant temperature of 1100 °C. 
The shape of the glass pad is an approximation based on an earlier study where the 
amount of glass used during extrusion was weighed. In accordance with those 
measurements an assumed profile of the glass pad during extrusion was constructed. 
The other tools, i.e. die, container, mandrel and pressure pad, were modeled as rigid 
bodies with heat transfer properties. When glass lubrication is used, the metal flow is 
almost frictionless and a constant Coulomb friction coefficient of 0.03 was assumed at 
the above contact areas. Between the billet and the ram the friction factor was set to 
0.35. 
                                                 
1 In the original published paper there is an error in Figure 2. The correct figure is shown here. 
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Table 3: Extrusion process parameters and initial conditions. 
 

Billet material AISI 316L 
Container, die, mandrel, ram material AISI H13 
Ram speed 93 mm/s 
Container diameter 125.3 mm 
Billet inner diameter 33 mm 
Billet outer diameter 121 mm 
Billet length 421 mm 
Tube outer diameter 33.2 mm 
Tube wall thickness 3.5 mm 
Billet initial temperature 1150 °C 
Die initial temperature 20 °C 
Container initial temperature 200 °C 
Mandrel initial temperature 100 °C 
Ram initial temperature 20 °C 

 
The surface and contact heat transfer coefficients were assumed to be 0.66 kW/m2/°C 
and 9 kW/m2/°C, respectively [8]. Thermal conductivity and specific heat capacity data 
for different temperatures were obtained from literature [9].  
 
 
4 Results and discussion 
 
The material model with the chosen parameter set somewhat underestimates the stress 
in the case of T = 1100 ºC and rate = 10 s-1, see Figure 2a. The agreement with the other 
measured curves is satisfactory. The reason for the variation of the mean free path with 
temperature does not have an apparent physical foundation, but in terms of the 
presented model it accounts for a weaker hardening rate at higher temperatures. The 
values of the parameters found from curve-fitting are physically reasonable and in the 
same order of magnitude as those found in literature.  
 

 

 
 

 
Figure 3: Plastic strain rate distribution in extrusion simulation. 
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After the start-up of the extrusion process, the metal flow conditions soon stabilized. In 
the FE simulation, steady state was reached within a ram travel distance of only 13 mm. 
During steady state, the maximum effective plastic strain rate in the deformation zone 
was approximately 240 s-1. The plastic strain rate distribution in the extrusion model is 
shown in Figure 3. 
 
The billet temperature in the deformation zone increased markedly due to heat 
generation by the plastic deformation. A maximum temperature of 1290 °C was 
recorded. The back end of the billet, on the other hand, was heavily chilled due to 
contact with the tooling. Temperatures as low as 760 °C were observed. There are some 
uncertainties with this result. Heat transfer between the billet and the tooling was 
difficult to model due to large temperature gradients. These gradients resulted in 
discretization errors of temperature at the interface nodes. The heat transfer coefficients 
may also be outside the margin of error. 
 
The exit surface temperatures, evaluated from the FE simulation, are shown in Figure 4 
together with values obtained from experiments in a production extrusion press. 425 
mm of extruded tube was considered in the numerical model. Temperatures from the FE 
model seem to agree quite well with the temperatures measured in the production 
extrusion press at the beginning of extrusion. The maximum difference in temperature 
between model and experiment was measured to 40 °C, which corresponds to an error 
of 3.2%. After 0.15 s, the difference between predicted and measured exit temperature 
was 22 °C. One source of this difference in temperature stems from the experimental 
measurements of the temperature profile since the sensitive nature of installing the 
optical pyrometer makes it susceptible to error. However, this exit surface temperature 
is the only temperature available for measurements during extrusion. There are also 
uncertainties in the model due to errors in the thermal initial conditions. The billet initial 
temperature, for example, is modeled as uniform, while in reality, temperature gradients 
exist. 
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Figure 4: Exit surface temperature during extrusion. 
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The extrusion force predicted by the FE model was 11.0 MN compared to the 
experimentally obtained value of 11.5 MN; a difference of approximately 4.4%, which 
must be considered acceptable. As mentioned earlier, the shape of the glass pad against 
the billet and the die needs further investigations and analyses. The underestimation of 
the force may also be due to the extremely low friction factor used. 
 
 
5 Conclusions 
 
The stress-strain curves of AISI 316L, obtained from compression tests at temperatures 
1100 ºC and 1300 ºC, were well described by the dislocation density-based material 
model. Application to an axisymmetric FE analysis of glass-lubricated tube extrusion 
showed that the model performs well for these simulations. The extrusion pressure and 
the exit surface temperatures predicted by the FE model were in good agreement with 
the experimental measurements. 
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a b s t r a c t

A physical based model for the evolution of flow stress of AISI 316L from room temperature
up to 1300 �C, strains up to 0.6 and strain rates from 0.0005 up to 10 s�1 is developed. One
set of tests have been used for model calibration and another more complex set of tests for
its validation. The model is based on a coupled set of evolution equations for dislocation
density and (mono) vacancy concentration. Furthermore, it includes the effect of diffusing
solutes in order to describe dynamic strain ageing (DSA). The model described the overall
flow stress evolution well with exception of the details of the effect of the DSA phenome-
non. Its numerical solution is implemented in a format suitable for large-scale finite ele-
ment simulations.

� 2008 Elsevier Ltd. All rights reserved.

1. Introduction

The description of material behaviour is crucial for all
simulations of material deformation processes. The use of
simulations to study manufacturing (Lindgren, 2001,
2004) includes additional complications due to the chang-
ing microstructure of the material. Therefore, it is prefera-
ble to use physical based models that can catch the
essential phenomena dominating the deformation based
on the underlying physics of the deformation coupled to
microstructure evolution (Kocks and Mecking, 2003). The
physical based models must be applicable on the macro-
scopic scale in order to be tractable for large-scale compu-
tations. Additional advantages of using physical based
models is expected to be a larger domain of validity as well
as the possibility to utilise information from other sources

than mechanical testing to determine the model
parameters.

This study is part of a project aiming at developing a
material model for describing the plastic behaviour of AISI
316L for a large range of temperatures, strains and strain
rates. The material has fcc structure and a low stacking
fault energy (SFE). The current scope is limited to temper-
atures from room temperature (RT) up to 1300 �C, strains
up to 0.6 and strain rates from 0.0005 up to 10 s�1. Dy-
namic strain ageing (DSA) also occurs in the range and an
attempt to model this is presented.

The paper summarises the model briefly. It shares its
basic features with the model in Cheng et al. (2001). Some
submodels are different and the effect of excess vacancies
on diffusion processes is included. The chosen model is
based on a coupled set of evolution equations for disloca-
tion density and (mono) vacancy concentration solved
with an implicit Newton iteration procedure suitable for
large-scale finite element simulations. It includes the effect
of diffusing solutes in order to describe DSA. The model
parameters are calibrated by comparison with a set of
compression tests. The overall agreement between model
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and experiments is good with exception of the details of
the effect of DSA on the flow stress.

2. Overview of deformation behaviour

The inelastic deformation depends on the interaction
between dislocations and the microstructure of the mate-
rial. This structure is evolving during the deformation.
Hardening as well as recovery processes may occur. This
is also affected by the strain rate and temperature. The ac-
tive mechanisms depend on the current structure of the
material and applied stress or strain rate at the given tem-
perature. An overview of the dominating deformation
mechanisms can be outlined in a deformation map (Frost
and Ashby, 1977, 1982). The inelastic deformations that
are of concern when constructing these maps (Frost and
Ashby, 1982) are shown in Table 1. It can be remarked that
twinning, #3, is observed at higher temperatures in this
study and that strain or stress driven martensite formation
can also contribute to plastic deformation. The model used
in this paper is based on the dislocation glide mechanism,
#2 and #4 in the table. The tests that are used to calibrate
the model are compression tests and the time scale of
creep processes is not evaluated.

3. Dislocation density model

3.1. Physical based models

Physical based models are formulated on the underly-
ing physical processes causing the deformation in contrast
to empirical models of a more curve-fitting nature. Due to
the need for averaging and also limited knowledge some
relations for these processes may be phenomenological.
Two different types of physical based models exist. One op-
tion is to explicitly include the physical model as an evolu-
tion equation in the constitutive model. This is the
approach in the current paper. The other possibility is to
determine the form of the constitutive equation based on
knowledge about the physical process causing the defor-

mation. The latter is a so-called ‘‘model-based-phenome-
nology”, Frost and Ashby (1982). The same hardening
model can be obtained from empirical models and models
based on dislocation mechanisms as in the case of power-
law creep. However, in general it is expected that the phys-
ical based models can have a larger range of validity than
purely empirical equations that do not consider the under-
lying physical process. The MATMOD model is an example
of a complex phenomenological model that was fitted to
AISI 316 in (Schmidt and Miller, 1981a,b). It accounts for
plasticity and its interaction with solutes. It also includes
back stress, which is needed to model directional
hardening.

The focus in this study is on dislocation density models
that can be used to describe the hardening/softening
behaviour of the material. The evolution of the flow stress
during the deformation determines the isotropic hardening
of the material. We will not account for back stresses, kine-
matic hardening, in this study.

3.2. Plasticity and dislocations

The current study uses the concept of rate-independent
plasticity and a yield surface. Rate-independent plasticity
is an approximation where the plastic strains are assumed
to develop instantaneously in such a way that the stress
state stays on the yield surface during a plastic process.
The effective applied stress is then equal to the yield stress
during a plastic deformation. The models for the internal
variables that determine this yield surface are rate-depen-
dent. Therefore, we have a rate-dependent yield limit ap-
plied in the context of rate-independent plasticity.

The yield limit is assumed to consist of two components
(Bergström, 1969/70; Estrin, 1998; Kocks, 1976; Reed-Hill
and Abbaschian, 1992)

ry ¼ rG þ r�; ð1Þ

where rG is due to long-range interactions with the dislo-
cation substructure. It is an athermal stress contribution.
The second term, r*, is the short-range interactions. It is
a friction stress required to move dislocations through
the lattice and to pass short-range obstacles. Thermal
vibrations can assist the stress to overcome these
obstacles.

The long-range term in Eq. (1) is written as

rG ¼ maGb
ffiffiffiffiffi
qi
p

; ð2Þ

where m is the Taylor orientation factor translating the ef-
fect of the resolved shear stress in different slip systems
into effective stress and strain quantities. It depends on
the crystal structure and is affected by texture. It is as-
sumed to be constant and is taken as 3.06 for fcc crystals
(Bergström, 1983). a is a proportionality factor, qi is the
density of immobile (forest) dislocations and G is the tem-
perature dependent shear modulus. We will assume a to
be constant although it is known to depend on the disloca-
tion substructure (Gil Sevillano et al., 1981). This depen-
dency is not so important (Kocks and Mecking, 2003). We
will ignore the temperature dependency of Burger’s vector
b. The model for the evolution of the immobile dislocation
density needed for Eq. (2) is formulated in the next section.

Table 1
Mechanisms for inelastic deformations

# Deformation mechanism

1 Collapse at the ideal strength when the ideal shear strength is
exceeded

2 Low-temperature plasticity by dislocation glide: (a) limited by a
lattice resistance or Peierl’s stress; (b) limited by discrete obstacles;
(c) limited by phonon or other drags; and (d) influenced by
adiabatic heating. This plasticity is mainly obstacle-limited in the
case of austenitic stainless steels (Frost and Ashby, 1977)

3 Low-temperature plasticity by twinning
4 Power-law creep by dislocation glide or glide plus climb: (a) limited

by glide processes; (b) limited by lattice-diffusion controlled climb
(high-temperature creep); (c) limited by core-diffusion controlled
climb (low-temperature creep); (d) power-law break down creep at
transition from dislocation glide plus climb to glide alone at higher
stresses; (e) Harper–Dorn creep; and (f) creep accompanied by
dynamic recrystallisation

5 Diffusional flow: (a) limited by lattice diffusion (Nabarro–Herring
creep) at higher temperatures; (b) limited by boundary diffusion
(Coble creep) at lower temperatures; and (c) interface-reaction
controlled diffusional flow
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The second term in Eq. (1), the short-range stress com-
ponent, is written as (Frost and Ashby, 1982; Nemat-Nas-
ser and Guo, 2005; Schulze and Vöhringer, 2000)

r� ¼ s0G 1� kT

Df0Gb3 ln
_�eref

_�ep

� � !1=q
0
@

1
A

1=p

; ð3Þ

where Df0 is the free energy required to overcome the lat-
tice resistance or obstacles without aid from external
stress. The quantity s0 is the athermal flow strength that
must be exceeded in order to move the dislocation across
the barrier without aid of thermal energy. It reflects not
only the strength but also the density and arrangement
of the obstacles. _�eref is a reference strain rate. The condi-
tions for the exponents in Eq. (3) are

0 6 p 6 1
1 6 q 6 2:

ð4Þ

Table 2 lists approximate ranges for the activation energy
and athermal strength for different obstacles. This study
utilises only one obstacle activation energy although there
may exist a range of obstacles of various types (Robertson
et al., 2005).

Dynamic strain ageing (DSA) is observed in this study. It
can be manifested as peaks or plateaus in the variation of
flow stress with temperature and negative strain rate sen-
sitivity (SRS). It exhibits itself as serrations on the stress–
strain curve. The aim in the current study is only to be able
to represent the global response of DSA and not these ser-
rations. The DSA effect is believed to be caused by diffusion
of C and N atoms and by Cr and Ni at higher temperatures
(Cho et al., 2000; Hong and Lee, 2004; Jenkins and Smith,
1969). The latter is observed in the temperature and strain
rate range used in the current study.

Van Den Beukel and Kocks (1982) discuss two models
for DSA. The diffusing solutes may affect the short-range
component or the long-range component. The explanation
in the first case is that they diffuse into or near the moving
dislocation and thereby a higher stress is required to main-
tain their motion. Cheng and Nemat-Nasser propose that
the moving dislocation also captures solutes (Cheng and
Nemat-Nasser, 2000; Cheng et al., 2001), when bowing
out. The other mechanism is that they may diffuse into
immobile dislocations and increase the strength of their
interaction with moving dislocations and thereby contrib-
ute to Eq. (1). Van Den Beukel and Kocks did not draw any
definite conclusion about which model, or maybe a combi-
nation of both models, that is appropriate for fcc materials
with solid substitutional solved atoms. Another variant
that has been used is to assume that the solutes are diffus-

ing into moving dislocation and they become immobile
(Bergstrom, 1972; van Liempt et al., 2002). This diffusion
may be pipe diffusion from the immobile dislocations to
the moving dislocations during their waiting time or lattice
diffusion directly to the moving dislocation. This approach
can then be modelled by increasing the density of immo-
bile dislocations in Eq. (1).

Probably, all phenomena above are active simulta-
neously. It is assumed in the current study that the domi-
nating effect is the contribution to the short-range term,
Eq. (3). We follow the approach in (Cheng et al., 2001).
They modified the Df0 and s0 in Eq. (3) by the effect of sol-
utes giving

r� ¼ s0G

ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
1þ

X
y

cy� cy
0

cy
0

s
1� kT

Df0Gb3
ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
1þ

P
y

cy�cy
0

cy
0

r ln
_�eref

_�ep

� �0
BB@

1
CCA

1=q
0
BBB@

1
CCCA

1=p

;

ð5Þ

where, y denotes the solute atom, cy is the solute concen-
tration in the dislocation and cy

0 is the bulk solute concen-
tration corresponding to Df0 and ŝ0. There is a lower limit
of the plastic strain rate in this model giving zero friction
stress. It is

_�ep
min ¼ _�eref e

�Df0Gb3

kT

ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
1þ
P

y

cy�cy
0

cy
0

r
: ð6Þ

Models for the dislocation evolution are discussed next and
thereafter models for the short-range component are de-
scribed. They depend on self-diffusion as well as diffusion
of solutes. They do in turn depend on the evolution of
vacancies. The used models for these phenomena are also
described in Sections 3.4 and 3.5.

3.3. Evolution of density of immobile dislocations

The basic evolution equations for different dislocation
densities do all have the same characteristics, hardening
and recovery processes.

_qi ¼ _qðþÞi � _qð�Þi : ð7Þ

The model used in the current approach (Bergstrom, 1972,
1969/70, 1983; Bergstrom and Roberts, 1973) is based on
the assumption that the mobile dislocation density is
stress and strain independent and much smaller than the
immobile one (Cheng et al., 2001; Haasen, 1996; Michalak,
1965). Thus no evolution equation is used for the mobile
dislocations.

3.3.1. Hardening
It is assumed that mobile dislocations move, on average,

a distance (mean free path), K, before they are immobi-
lised or annihilated. The density of mobile dislocations is
related to the plastic strain rate. Therefore, the increase
in the immobile dislocation density is also assumed to be
proportional to the plastic strain rate (Bergström, 1983; Es-
trin, 1998, 2000, 2003; Sandström and Lagneborg, 1975)
giving

_qðþÞi ¼ m
b

1
K

_�ep; ð8Þ

Table 2
Activation energy for different obstacles, from (Frost and Ashby, 1982)

Obstacle
strength

Df0 s0 Example

Strong 2 > b
l Dispersions; large or strong precipitates

(spacing l)
Medium 0.2–1.0 � b

l Small or weak precipitates (spacing l)

Weak <0.2 � b
l Lattice resistance; solution hardening

(solute spacing l)
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where m is the Taylor orientation factor. The mean free
path is assumed to be a combination of the distance be-
tween grain boundaries, g, and dislocation subcell diame-
ter, s. It is written as

1
K
¼ 1

g
þ 1

s
þ others

� �
; ð9Þ

where ‘‘others” denotes contributions from varying types
of obstacles like precipitates (Siwecki and Engberg, 1996)
or the distance between martensite lathes (Perlade et al.,
2003). The initial grain size is g0 and it is assumed to be
constant in the current model. The effect of grain size on
flow stress, the Petch–Hall effect, is accounted for via this
equation and its effect depends on whether it will be
masked by the other terms or not (Kuhlmann-Wilsdorf,
1989; Thompson, 1977).

The formation and decrease in size of subcells is one se-
quence of low energy dislocation structures (LEDS) that
can be formed during straining (Nabarro, 2001). Holt
(1970) derived a relation between dislocation subcell
diameter and dislocation density

s ¼ Kc
1ffiffiffiffiffiqi
p : ð10Þ

The analysis by Holt also indicates the approximate value
of the parameter Kc by relating the dislocation density to
the long-range stress component, Eq. (2), and plotting this
for a number of materials. The subcell formation is a com-
plex process in which dislocations form different low en-
ergy structures. Despite these complications the relation
proposed by Holt has been found to be useful (e.g. Hughes
et al., 1995; Staker and Holt, 1972). We, like in Molinari
and Ravichandran (2005), consider s to be a characteristic
length in general applicable also for other dislocation sub-
structures than cells. It describes the effect of the disloca-
tion structure on the mean free path of a dislocation and
may therefore not directly be related to a geometric mea-
sure. In this study we will assume that Kc is dependent
on temperature only. We also include a lower limit for
the subcell size, s1, and then Eq. (10) is written as

s ¼ Kc
1ffiffiffiffiffiqi
p þ s1: ð11Þ

3.3.2. Recovery
Different processes may contribute to the reduction in

the dislocation density. Engberg (1976) reviews different
models for recovery that also can be used for static recov-
ery and Nes (1997) formulated a recovery proportional to
qx

i with cross-slip controlled recovery having x = 1 and
climb controlled having x = 2.

The formulations by Bergström (1983) and Estrin
(2003) lead to a remobilisation and/or annihilation of dis-
locations proportional to the current immobile dislocation
density, i.e. recovery by dislocation glide,

_qð�Þi ¼ Xqi
_�ep; ð12Þ

where X is a recovery function that can depend on temper-
ature and strain rate. This is included in the current study
together with a model for recovery by climb based on a

combination of the model used in Militzer et al. (1994)
and Siwecki and Engberg (1996). They are combined to

_qð�Þi ¼ 2ccDv
cv

ceq
v

Gb3

kT
ðq2

i � q2
eqÞ; ð13Þ

where ceq
v is the thermal equilibrium vacancy concentra-

tion, cv is the fraction of vacancies, Dv is the diffusivity,
and cc is a calibration parameter. The model for vacancies
and diffusion are discussed below.

3.4. Vacancy migration and generation

The existence and motion of vacancies is coupled with
the recovery of dislocations as well as the diffusion of sol-
ute atoms. The model considered here is only concerned
with mono-vacancies. The relation for the equilibrium con-
centration at a given temperature is (Haasen, 1996; Reed-
Hill and Abbaschian, 1992)

ceq
v ¼ e

DSvf
k e�

Qvf
kT ¼ cv0e�

Qvf
kT ; ð14Þ

where Qvf is the activation energy for forming a vacancy
and DSvf is the increase in entropy when creating a
vacancy.

The self-diffusion coefficient can be written as (Reed-
Hill and Abbaschian, 1992)

Dv ¼ a2te
DSvmþDSvf

k e�
QvmþQvf

kT ¼ Dv0e�
Qv
kT ; ð15Þ

where a is the lattice constant, t is the lattice vibration fre-
quency, DSvm is the entropy increase and Qvm is the energy
barrier for the atom to jump into a vacancy. The parame-
ters given in the last equality in Eq. (15) are those obtained
from measurements. Combining Eqs. (14) and (15) makes
it possible to write the self-diffusivity as

Dv ¼ ceq
v a2te

DSvm
k e�

Qvm
kT : ð16Þ

This shows that the self-diffusivity is proportional to the
equilibrium concentration of vacancies. We assume that
the diffusivity at non-equilibrium vacancy concentrations
can be written as

D�v ¼
cv

ceq
v

Dv: ð17Þ

The vacancy migration is used in the model below for va-
cancy annihilation. It is the part of the self-diffusion asso-
ciated with the motion of existing vacancies. Thus it is
written as

Dvm ¼ a2te
DSvm

k e�
Qvm

kT ¼ Dvm0e�
Qvm

kT : ð18Þ

We use the model by Militzer et al. (1994) for mono-va-
cancy evolution

_cex
v ¼ _cv � _ceq

v

¼ v rb
Qvf
þ 1

cj

4b2

� �
X0

b
_�e� Dvm

qi

j2 þ
1
g2

� �
ðcv � ceq

v Þ; ð19Þ

where X0 is the atomic volume and cj is the concentration
of thermal jogs. The term j depends on the subcell forma-
tion of the dislocations and can from Mecking and Estrin
(1980) be found to be
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j ¼ Kc: ð20Þ

We therefore rewrite the equation by introducing the sub-
cell size, s, from Holt’s relation in Eq. (10) giving

_cex
v ¼ _cv � _ceq

v

¼ v rb
Q vf
þ 1

cj

4b2

� �
X0

b
_�e� Dvm

1
s2 þ

1
g2

� �
ðcv � ceq

v Þ: ð21Þ

We assume that the stress in the equation above is equal to
the effective stress, which is equal to the flow stress during
a plastic deformation. Thus we insert the flow stress in Eq.
(1) for r above.

The factor v in the mechanical production term, vr_�e, is
the fraction of the mechanical work spent for the vacancy
formation (Mecking and Estrin, 1980). Militzer et al.
assumed

v � 0:1: ð22Þ

The concentration of thermal jogs is given by

cj ¼ e�
Qfj
kT ; ð23Þ

where the formation energy is approximated as

Q fj ¼
Gb3

4pð1� mÞ ; ð24Þ

and m is Poisson’s ratio.
The parameter 1 describes the neutralisation effect by

vacancy emitting and absorbing jogs. It is given as

1 ¼
0:5� 10cj if cj 6 0:5=10

0 if cj > 0:5=10

�
; ð25Þ

Militzer et al. (1994) used 10 = 10.
The rate of change in equilibrium concentration in Eq.

(14) is only due to change in temperature

_ceq
v ¼ ceq

v
Q vf

T2

� �
_T: ð26Þ

3.5. Diffusion of solutes

The diffusion of solute atoms Cr and Ni affects the motion
of dislocations as discussed earlier. The diffusivity is affected
by the deformation due to creation of vacancies and disloca-
tions (Balluffi and Blakely, 1975; Bower and Freund, 1993;
Kothari and Vook, 1992; Ruoff and Balluffi, 1963; Tvrdy et
al., 1985). The latter is called pipe diffusion. Diffusion is also
easy along grain boundaries. The relative effects of the dif-
ferent contributions from lattice, pipe and grain boundary
diffusion vary with temperature as they have different acti-
vation energies. However, the effect of solutes on mobile dis-
locations is, according to the used model, only dependent on
lattice diffusion as they only move within a grain or subcell
before they are immobilised.

The equation for the temperature dependency of the
diffusion is

Dy
l ¼ Dy

0le
�

Qy
x

kT ; ð27Þ

where l denotes lattice diffusion and y is a symbol for the
diffusing atom. Diffusivities are measured at an equilib-

rium value of vacancies and we assume that the diffusivity
increases linearly with the vacancy concentration as

Dy�
l ¼

cv

ceq
v

Dy
l : ð28Þ

The diffusion of the solute atoms into the dislocations is
dependent on two time scales. The characteristic time of
the diffusion process is denoted tD. The dislocation motion
is characterised by the waiting time at obstacles, tw. A sim-
ple model for diffusion of solutes into the core of the mov-
ing dislocation is written as

cy ¼ cy
0 þ ðcy

s � cy
0Þ 1� e

� h0
tw
tD

� 	n
2
4

3
5; ð29Þ

where cy
s is a saturation value, cy

0 is the bulk concentration
of the solute in Cheng et al. (2001) and h0 is a parameter to
be determined. n is 1/3 for pipe diffusion along dislocation
lines and 2/3 for volume diffusion in the lattice, which is
the case in the current used DSA model. tD is inverse pro-
portional to the diffusivity and tw is inverse proportional
to the plastic strain rate. The model is rewritten as (see
Cheng et al., 2001 for details)

cy � cy
0

cy
0

¼ cy
s

cy
0

� 1
� �

1� e
� hyDy

l
b2

_eref
_�epta

� 	n
0
@

1
A; ð30Þ

where hy now is non-dimensional due to the introduction
of b and ta is the attempt frequency. Eq. (30) is summed
for all active solutes for the short-range flow stress compo-
nent and inserted in Eq. (5).

4. Stress-update algorithm

The model for the yield stress will be used in a stress–
strain algorithm in finite element codes. The radial return
method and other similar algorithms are commonly used
(Belytschko et al., 2000; Crisfield, 1991; Simo and Taylor,
1986; Simo and Hughes, 1997) for this purpose. They all
need to update the state from the control variables in ther-
mo-mechanical problems, Fig. 1. The lower box in Fig. 1
illustrates the role of the logic described below for updat-
ing the flow stress. The plastic strain is an internal variable
as in most plasticity models. The current model requires
two additional internal state variables, the immobile dislo-
cation density and the vacancy concentration. We intro-
duce the vector q with these variables

qT ¼ ðqicvÞ: ð31Þ
The essential part of the stress-update algorithms is the
solution of the non-linear equation known as the consis-
tency condition (Belytschko et al., 2000; Crisfield, 1991;
Simo and Taylor, 1986; Simo and Hughes, 1997) to com-
pute the increment of effective plastic strain. It requires
calculation of the yield stress and hardening modulus for
the current iterative estimation of the plastic strain and
internal variables. The evolution equations for the yield
limit have been given earlier and is summarised below.
The hardening modulus is defined as

H0 ¼ dryðqÞ
d��p ¼ ory

oq
� dq
d��p : ð32Þ
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The hardening modulus is also needed for the computation
of the consistent tangent matrix of a stress–strain algo-
rithm. This matrix is used in implicit finite element codes
in order to preserve the 2nd order convergence of the full
Newton–Raphson iterations for equilibrium (Simo and
Taylor, 1985).

The evolution of the essential internal state variables is
governed by a coupled set of differential equations,

_qi ¼ Pd _�ep þ Ps ð33Þ
_cv ¼ Xd _�ep þ Xs ð34Þ

where Eqs. (8), (9) and (12) give the dynamic term, Pd,

Pd ¼
m
bK
�Xqi ð35Þ

1
K
¼ 1

g
þ 1

s
; ð36Þ

where s is obtained from Eq. (11). The static term, Ps, is ob-
tained from Eq. (13)

Ps ¼ �2ccDv
cv

ceq
v

Gb3

kT
ðq2

i � q2
eqÞ: ð37Þ

The evolution equations for the vacancy concentration in
Eq. (34) is written as

Xd ¼ v X0

Q vf
ðrG þ r�Þ þ 1

cj

4b2

X0

b
ð38Þ

Xs ¼ �Dvm
1
g2 þ

1
s2

� �
ðcv � ceq

v Þ þ ceq
v

Q vf

T2

� �
_T: ð39Þ

The dynamic contribution, Xd, comes from the first term in
Eq. (21) together with Eq. (1). The second term in Eq. (21)
together with Eq. (26) give the static contribution, Xs. Eval-
uation of the dynamic contribution in Eq. (38) requires the
use of Eqs. (2) and (5) for obtaining the long and short-
range stress components of the flow stress, respectively.
The latter also needs the evaluation of the solute concen-
trations according to Eq. (30).

The evolution equations, Eqs. (33) and (34), are solved
incrementally by a fully implicit method. We assume con-
stant plastic strain rate during the increment

_�ep ¼ D�ep

Dt
: ð40Þ

Thus we can write the system of evolution equations we
have to solve as

Dqi ¼ nþ1PdD�ep þ nþ1PsDt ð41Þ
Dcv ¼ nþ1XdD�ep þ nþ1XsDt; ð42Þ

where the left superscript denotes that all variables are
evaluated at time n + 1t in the incremental procedure. Eqs.
(41) and (42) is a set of coupled non-linear equations for
n + 1q. The left superscript n + 1 is omitted in all the follow-
ing equations in this section to simplify the writing. Eqs.
(41) and (42) give

H1 ¼ Dqi � ½Pd _�epDt þ PsDt� ¼ 0 ð43Þ
H2 ¼ Dcv � ½Xd _�epDt þ XsDt� ¼ 0: ð44Þ

These equations can be written in a compact vector form,

H ¼ 0: ð45Þ

The time step, increment in effective plastic strain, the
temperatures at start and end of the time step, and nq
are given and n + 1q is wanted. An iterative solution of the
system of equations is required. A Newton iterative proce-
dure is used, with the given initial data at the beginning of
the time step and given change in control variables, see Fig.
1. The linearised system of equations for iteration i is writ-
ten as

HðiÞ þ
oHðiÞ
oq
� dq ¼ 0; ð46Þ

where the subscript i is an iteration counter and

HðiÞ ¼ HðqðiÞÞ ð47Þ

where q(i) is the ith iterative estimate of n + 1q.
From Eq. (46) the iterative change in internal variables

is computed as

dq ¼ � oHðiÞ
oq

� ��1

�HðiÞ: ð48Þ

Thereafter the variables are updated,

qðiþ1Þ ¼ qðiÞ þ dq: ð49Þ

The iterations are terminated when the iterative changes
are small,

dqi 6 TOL1 � q0 ð50Þ

and

dcv 6 TOL2 � ceq
v : ð51Þ

Once the dislocation density and vacancy concentra-
tions are known, then the hardening modulus according
to Eq. (32) and the flow stress in Eq. (1) can be computed.

5. Experiments

Microstructure investigations together with compres-
sion tests were performed in order to characterise AISI
316L and to calibrate the dislocation density model. The
chemical composition of the experimental steel is shown
in Table 3.
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Fig. 1. The context of computation of internal variables and flow stress in
finite element analysis.
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Compression tests were performed at several tempera-
tures and strain rates up to a total strain of 0.6, as shown in
Table 4. These tests were used to calibrate the model. An-
other set of tests was used to validate the model. There
were four test performed with a holding time of 300 s at
a strain of 0.2 before the compression was continued to
0.6. The strain rate was 0.01 s�1 and the temperatures
are given in Table 4. Furthermore, four strain rate jump
tests were also carried out. The initial strain rate of
0.01 s�1 was then increased to 1 s�1 at a total strain of
0.1. After compression to a total strain of 0.3 the rate was
reduced to 0.01 s�1 and the test continued until 0.6. The
nominal temperatures for all tests can be seen in Table 4.
The actual temperatures were recorded. It should be noted
that this temperature was used in the optimisation to-
gether with the computed true stress and strain data and
thus the model accounts for the varying temperature dur-
ing a test. The temperature increase during the tests is in
most cases small except for the room temperature tests
with the strain rates 1 and 10 s�1. Then the temperature
increases up to 80 �C. The temperature increase is only
about 10 �C for the test at the highest temperatures. The
true strain was obtained from measurements of the diam-
eter change during the test. At room temperature (RT), this
was calibrated with a measurement of the change in
length. This calibration was also used for the high-temper-
ature tests.

Each test specimen was first heated to 1100 �C at a rate
of 20 �C/s where it was held for 5 min before it was cooled
to the test temperature at a rate of 5 �C/s. This procedure
was carried out to ensure that all mechanical tests were
performed with specimens of the same grain size. For com-
parison, one test at room temperature was performed both
with and without the heating procedure. The resulting
stress–strain curves were similar.

A grain size investigation was performed on the test
specimens compressed at RT, 400, 800 and 1300 �C at a
strain rate of 1 s�1 and, as expected, the grain sizes were
found to be in the same order of magnitude independent
of testing temperature. The average grain size was
90 lm. Deformation twins were observed at 1300 �C.

Magnetic balance measurements were carried to find
whether any martensite had been induced during the

mechanical tests. The tensile and compression test speci-
mens tested at RT and the compression test specimens
tested at 400 �C were analysed. The results from the mag-
netic balance investigation are shown in Table 5. The com-
pression test carried out at RT and strain rate 0.01 s�1 was
found to contain 8% of a magnetic phase. In this case, the
magnetic phase most certain is deformation induced
martensite.

In addition, texture measurements were performed on
the bar steel using X-ray diffraction. These measurements
were carried out to investigate the initial texture in the
mechanical test specimens, since strong texture could af-
fect the mechanical test results. They did not reveal any
particular texture in the test pieces.

The stress–strain curves are given in Figs. 2–8. Note that
the measured values were smoothed when used in the

Table 3
Chemical composition of AISI 316L [%]

C Si Mn P S Cr Ni Mo Cu N

0.009 0.27 1.74 0.030 0.024 16.82 10.26 2.08 0.31 0.029

Table 4
Compression tests up to a total strain of 0.6

_e½s�1� 20 �C 200 �C 400 �C 600 �C 700 �C 800 �C 900 �C 1100 �C 1300 �C

10 x x x x x x x x x
1 x x x x x x x x x
0.01 x x x x x x x x x
0.0005 x x
0.01 held for 300 s x x x x
0.01–1–0.01 strain rate jump x x x x

Table 5
Measurements of magnetic phase

Test temperature
[�C]

Mechanical
test type

Strain rate
[s�1]

Amount of magnetic
phase [%]

20 Compression 0.01 8.0
20 Compression 1 3.7
20 Compression 10 1.1

400 Compression 0.01 1.0
400 Compression 1 0.7
400 Compression 10 0.9
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Fig. 2. Measured (smoothed) and computed flow stress for 20, 200 and
400 �C.
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calibration process and therefore the jerky flow when DSA
occurs is not visible.

6. Parameter fitting procedure

The parameter determination is done by an error mini-
misation procedure using a developed Matlab toolbox also
used in Domkin and Lindgren (2003), Lindgren (2004) and
Lindgren et al. (2003). The parameters to be determined
from the mechanical tests are given in Table 6. Ranges of
some parameters are indicated in the table.

It is assumed that Poisson’s ratio is constant m � 0.3 and
we have

G ¼ E
2ð1þ mÞ : ð52Þ

Young’s modulus is assumed to be 2 � 105 MPa at room
temperature and decreases linearly to 1.16 � 105 MPa at
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1200 �C. This is consistent with the values in the report
by Burgan (2001) and also used by Frost and Ashby
(1982) for AISI 316. These data are extrapolated down
to 1.09 � 105 MPa at 1300 �C. The thermal expansion is
also needed when computing the stress. It is given in
Table 7. Some physical constants that are used are given
in Table 8. It also contains measured, approximated or
assumed values for some parameters. The increase in en-
tropy due to the formation of vacancies, Eq. (14), can be
estimated from a simplified analysis for temperature
higher than the Debye temperature to be in the order
of 0.5k–2k. We follow Militzer et al. (1994) and assume
DSvf = k. Approximate relations (Jenkins and Smith,
1969) indicate that

Q vm ¼ 0:4Qv; ð53Þ

and then

Q vf ¼ 0:6Q v: ð54Þ

This is in fair agreement with the data in Table 8.

We evaluate the DSA model by the properties for Cr and
Ni in this study as they are the important solutes in the
temperature and strain rate range where DSA has been ob-
served. The right superscript y in the earlier formulas for
solute diffusion is now replaced by Cr and Ni. For example,
hy becomes hCr and hNi. We assume lattice diffusion is
dominating giving n = 2/3 in Eq. (30).

The obtained model parameters are given in Tables 9
and 10 below.

7. Comparison of model and experiments

The computed results using the parameters given in
previous chapter are shown together with measurements
below. Fig. 2 shows the results for the temperatures 20,
200 and 400 �C. Symbols denote experiments for the differ-
ent strain rates (triangle 10 s�1, square 1 s�1 and circle
0.01 s�1). The measured values have been smoothed in or-
der to remove serrations and/or dynamic effects due to the
testing machine. The latter are only present at the highest
rate, 10 s�1. Solid line denotes computed results for
0.01 s�1, dashed line for 1 s�1 and dotted line for 10 s�1.
The same lines are used to denote the tests in the temper-
ature range 600–1300 �C given in Figs. 3–12. Figs. 3 and 4
have an additional strain rate of 0.0005 s�1. Figs. 6 and 7
include the rate jump tests and hold tests performed at
these temperatures used for validation. More details are gi-
ven for the test at 700 �C in Figs. 9–12. The actual plastic
strain rate is shown in Fig. 9. The evolution of the solute
(Cr and Ni) concentrations in the moving dislocation is
shown in Fig. 10. The (mono) vacancy concentration is
shown in Fig. 11 and the immobile dislocation density in
Fig. 12.

0 0.1 0.2 0.3 0.4 0.5 0.6 0.7
0

20

40

60

80

100

120

Strain

St
re

ss
 [

M
Pa

]

10 s-1

1 s-1

0.01 s-1

Fig. 8. Measured (smoothed) and computed flow stress for 1300 �C. The
DSA term is blocked by setting the solute fractions equal to their bulk
values.

Table 6
Parameters to be determined by calibration of the model

Notation Used in Eq. (No.) Value Dimension Comment

a 2 0.4 – Feaugas (1999), Feaugas and Gaudin (2001)
Kc 11 –
s1 11 0.5–10 lm [m] Moteff (1973) give examples around 0.5 lm.

Bergström (1983) used up to 10 lm for Cu
qi0 Initial immobile dislocation density 1 � 1010

6 qi0 6 1 � 1012 [m/m3] The lower limit was used in Feaugas (1999)
X 12 X 6 25 – Cu up to 600 �C has values up to 10 in Bergström (1983)
cc 13 – Nabarro and de Villiers (1995)
s0 5 0.001 6 s0 6 1 – Frost and Ashby (1982) used 6.5 � 10�3 for AISI 316
Df0 5 0.1 6 Df0 6 2 – Frost and Ashby (1982) used 0.5 for AISI 316
p 5 0 6 p 6 1 – Frost and Ashby (1982)
q 5 1 6 q 6 2 – Frost and Ashby (1982)
cCr

s 30 cCr
s > cCr

0 –
hCr 30 –
cNi

s 30 cNi
s > cNi

0 –
hNi 30 –

Table 7
Thermal dilatation

Temperature
[�C]

0 50 150 250 350 450 550 650 750 1500

Thermal
strain
[�] � 10�3

0 0.58 1.73 3.18 4.75 6.43 8.12 9.88 11.6 24.9
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8. Discussions

Comparisons between computed and measured stress–
strain curves show that they agree well, except in the DSA
region from 600 to 800 �C. The details in the strain rates ef-
fects are not captured in this region.

The short-range contribution to the flow stress is small
up to 400 �C and the recovery term, Eq. (13), is completely
negligible at these temperatures.

The model for solute diffusion is a large simplification of
the actual phenomenon as Kubin et al. pointed out (1992).
An attempt is made to model DSA in the same manner as in
Cheng et al. (2001). This model was extended to include ef-
fect of vacancy concentration on the diffusion of solutes.
The model can, see for example the strain rates 0.01 and
1 s�1 in Fig. 5, give a lower flow stress for a higher strain
rate than a lower strain rate. It can also describe the case
where the higher rate later has a higher flow stress again,

at strain 0.15 in Fig. 5. However, the model cannot repre-
sent the onset of DSA at a critical strain at which a higher
strain rate gets a lower flow stress than a lower strain rate.

The DSA model was blocked above 800 �C and the sol-
ute concentration was fixed to their bulk values at all
strain rates. Thus the two square root terms in Eq. (5) are

Table 8
Known or assumed parameters

Notation Used in Eq. (No.) Value Dimension Comment

k Boltzmann’s constant 1.38 � 10�23 [J/K]
m Taylor factor 3.06 – For fcc (Frost and Ashby, 1982)
b Burgers vector 2.58 � 10�10 [m] For AISI 316 from Frost and Ashby (1982)
ta 30 1 � 1012 – Schoeck (2000)
_�eref 5, 6 and 30 1 � 106 [s�1] For AISI 316 from Frost and Ashby (1982)
cCr

0 30 0.1682 – Bulk fraction of Cr
cNi

0 30 0.1026 – Bulk fraction of Ni
DSvf 14 k [J/K] Militzer et al. (1994)
Qvf 14, 21 2.46 � 10�19 [J] Militzer et al. (1994) and gives ceq

v

Dvm0 18 into 21 1.37 � 10�5 [m2/s] Frost and Ashby (1982)
Qvm 18 into 21 2.38 � 10�19 [J] Frost and Ashby (1982)
Dv0 ¼ Dvm0e

DSvf
k 15 3.7 � 10�5 [m2/s] Data is consistent with Frost and Ashby (1982), Perkins et al. (1973)

Qv = Qvf + Qvm 15 4.65 � 10�19 [J] Frost and Ashby (1982), Kim (1984), Perkins et al. (1973)
10 25 into 21 10 – Militzer et al. (1994)
Qfj 23 into 21 From (48) [J] Militzer et al. (1994)
v 21 0.1 [�]
X0 21 1.21 � 10�29 [m3] Frost and Ashby (1982)
DCr

0l 30 1.3 � 10�5 [m2/s] Perkins et al. (1973)
QCr

l 30 4.37 � 10�19 [J] Perkins et al. (1973)
DNi

0l 30 0.088 � 10�5 [m2/s] Perkins et al. (1973)
QNi

l 30 4.16 � 10�19 [J] Perkins et al. (1973)
n 30 2/3 [�]
g 9, 21 90 � 10�6 [m] Measured grain size

Table 9
Obtained parameters

a Kc
a s1 qi0 Xa cca s0

a Df0
a p q cCr

s hCr cNi
s hNi

0.3 0 1 � 1012 0.27 1.34 0.225 70 0.155 80

a See Table 10.

Table 10
Obtained parameters that are taken as temperature dependent

T [�C] 20 200 400 600 700 800 900 1100 1300

Kc [�] 31.5 36 34.5 34 34 49 72.5 146 328
X 5.6 10 12 12 14 14 7.9 8.75 12.6
cc [�] a a a 0.003 0.003 0.004 0.01 0.015 0.01
s0 0.0045a 0.0045a 0.004 0.0035 0.005 0.0035 0.01 0.02 0.025
Df0 0.8a 0.8a 0.8 0.8 0.8 0.8 0.789 0.75 0.781

a Not important at this temperature.

0 0.1 0.2 0.3 0.4 0.5 0.6 0.7
10

-4

10
-3

10
-2

10
-1

10
0

10
1

10
2

Strain

Pl
as

tic
 s

tr
ai

n 
ra

te
 [

s-
1 ]

Fig. 9. Plastic strain rates at 700 �C.
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unit. The variations in s0 and Df0 obtained in the parameter
fitting for these higher temperatures and studied strain
rates indicate that the short-range stress is still influenced
by variations in the interactions with the solutes.

The validation tests, i.e. rate jump and hold tests are
only shown for 900 and 1000 �C. The tests at 400 and
600 �C exhibited a small rate dependency and are therefore
not shown. The agreement at the higher temperature is
excellent, even the hold test agree very well. The flow
stress in the strain rate jump test at 900 �C is higher than
the computed one after the first jump. This could be due
to DSA that was blocked in the model for this temperature
and the higher temperatures. This phenomenon could
influence the flow stress different at the lower and higher
strain rates at 900 �C but not at 1100 �C.

No measurements of dislocation densities have been
performed. Thus the computed dislocation densities and
vacancy concentrations are not validated. Angella et al.
(2005) investigated the influence of grain size and shape
by torsion tests of 316L around 1000 �C at a strain rate of
0.006 s�1. They found that qi was 11 � 1014 m/m3 near grain
boundaries and much lower in interior at �ep ¼ 0:36. Sauzay
et al. (2004) performed cyclic tests and measured a dislo-
cation density of 3 � 1013 m/m3 in the interior of grains.

9. Conclusions

	 A physical based constitutive model has been proposed
and calibrated versus compression tests from room tem-
perature up to 1300 �C and for strain rates up to 10 s�1.
The model requires 14 parameters to be determined
from mechanical testing. The overall agreement is good
except for details of the effect of DSA on the flow stress
in the interval of 600–800 �C.

	 The DSA part of the model represents the observed
dynamic strain ageing in a quantitatively correct way.

	 The numerical procedure has been formulated in a form
suitable for large-scale computations.
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1 INTRODUCTION 

Stainless steel tubes are extruded at high temperature 
with molten glass as lubrication. The process is 
associated with large deformations and high strain 
rates [1]. The main goal in tube extrusion is to 
manufacture consistent products with minimal 
dimensional variation. One particular dimensional 
problem is referred to as eccentricity, i.e. the hole in 
the extrudate is not centred along the centreline of 
the billet outer diameter. The major causes of 
eccentricity are expected to be billet temperature 
gradients, billet preparation, equipment 
misalignment and improper lubrication [2], but not 
much work has been reported in this field. The 
present study is part of a project aiming at 
investigating dimensional control in stainless steel 
tube extrusion using finite element (FE) simulations. 
Though recent advances in FE software and 
computer development, extrusion simulation in three 
dimensions is still a challenging task. This is mainly 
due to the large deformations. If a Lagrangian 
approach is used, the elements get heavily distorted 
and remeshing is needed frequently during the 
analysis.  
 
To obtain reliable simulation results a good 
constitutive model is an absolute necessity. 
Physically based material models [3,4] are models 

which are based on the underlying physical 
processes that cause the deformation. These models 
are therefore expected to have a larger range of 
usability and validity than more commonly used 
empirical models. This is interesting for applications 
associated with high strain rates, such as extrusion, 
where extrapolation of existing material data often is 
necessary. With the physically based models it is 
also possible to utilize information from other 
sources than mechanical tests to determine the 
model parameters. 
 
In this study, a dislocation density-based material 
model for the AISI type 316L stainless steel was 
used in FE simulations of tube extrusion in three 
dimensions. The problem that was considered was 
rotational symmetric and therefore only a quarter of 
the process was modelled. Axisymmetric analyses in 
two dimensions have earlier been carried out 
successfully [5] and the model presented here is a 
further development in the work towards a fully 
three dimensional extrusion model. 

2 METHODS AND MODELS 

2.1 Material model 

The yield stress was predicted by a dislocation 
density-based material model. In this model the 
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yield stress is assumed to consist of two components  
 

∗+= σσσ Gy ,                                                        (1) 
 

where σG is an athermal stress contribution due to 
the long-range interactions with the dislocation 
substructure. σ* is a friction stress that is needed to 
move dislocations through the lattice and to pass 
short range obstacles. This process is thermally 
activated.  
The long range term in equation 1 can be written as 
 

ρασ Gbm=G , 
 

where m is the Taylor orientation factor, α is a 
proportionality factor, G is the shear modulus, b is 
Burger’s vector and ρ is the density of immobile 
dislocations [6]. The evolution of the dislocation 
density is given by 
 

2p ρερ Ω−= && U , 
 

where U is the dislocation multiplication parameter, 
related to the mean free path, Λ, by  
 

Λ
=

b
mU , [7]. 

 

Ω is the remobilization parameter that accounts for 
the static and dynamic recovery controlled by 
diffusional climb and interactions with vacancies 
[8]. The model has earlier been calibrated by 
comparison with a set of compression tests 
performed at different temperatures and strain rates 
for the austenitic stainless steel AISI 316L [5]. Five 
model parameters were found by curve fitting and 
all values were physically reasonable when 
compared to those found in literature. Experimental 
yield stress curves and corresponding curves 
predicted by the model at 1100 ºC and 1300 ºC are 
shown in figure 1 and figure 2, respectively.  
 

 
Fig.1. Experimental (solid line) and predicted (circle) flow   

stress at 1100 ºC. 

 
Fig.2. Experimental (solid line) and predicted (circle) flow  

stress at 1300 ºC. 
 
Predicted curves for the strain rate 100 s-1 are shown 
for comparison since these high strain rates are 
common in extrusion simulation. The model was 
implemented in the commercial FE code MSC.Marc 
using the YIEL user subroutine, in which the yield 
stress is computed as a function of plastic strain, 
strain rate and temperature [5]. The dislocation 
density is treated as an internal state variable and it 
is computed by numerical integration of the 
evolution equation.  

2.2 Finite element models 

Thermo-dynamically coupled finite element 
simulations were carried out in two and three 
dimensions using the Lagrangian finite element code 
MSC.Marc. The extrusion model in three 
dimensions is shown in figure 3. The process 
parameters for the extrusion are given in table 1. In 
order to reduce the computational time, only part of 
the total billet length was considered in the 
numerical model. The billet length was chosen long 
enough to correctly simulate the transient start-up 
phase of extrusion until steady-state was obtained. 
Only a quarter of the geometry was modelled due to 
rotational symmetry in loading and workpiece. 
 

 
Fig.3. Finite element model of tube extrusion. 

 



Table1. Extrusion process parameters. 
Billet material AISI 316L 
Tool material AISI H13 
Ram speed 125 mm/s 
Container diameter 125.3 mm 
Billet inner diameter 33 mm 
Billet outer diameter 121 mm 
Billet length 374 mm 
Billet initial temperature 1170 ºC 
Tube outer diameter 33.2 mm 
Tube wall thickness 6.35 mm 
 
The material was assumed to be elastic-plastic with 
isotropic hardening, and the von Mises yield 
criterion was used together with the flow stress 
prediction introduced in the previous section. Linear 
isoparametric tetrahedrons were used in three 
dimensions, while two different element types were 
tested in the two dimensional case. First, four-node, 
isoparametric, arbitrary quadrilateral elements, 
especially written for axisymmetric applications. 
Three-node, isoparametric, triangular elements were 
also tested. The deformation behaviour of the 
triangular axisymmetric elements is comparable to 
the tetrahedrons used in three dimensions. 
Remeshing during the analyses was controlled by 
automatic remeshing schemes available in 
MSC.Marc.  
 
In tube extrusion, lubrication through the die is 
provided by a disc of compacted glass, the glass pad, 
which is placed between the billet and the die. This 
pad deforms and melts progressively during 
extrusion to assure good lubrication through the 
whole process. The die profile with the metal is 
therefore difficult to predict. In this study, the path 
of the metal flow was determined by examining 
cross sections of stickers, i.e. extrudates that for 
some reason were stuck during extrusion. No heat 
transfer was considered between the billet and the 
glass-pad in the models. All tools were assumed to 
be rigid bodies with constant temperature. The tool 
temperatures and other parameters that were used in 
the models are summarized in table 2. When glass is 
used as lubrication, the metal flow is almost 
frictionless and the isolating properties of the glass 
film leads to low contact heat transfer. 
 
Table2. Parameters used in the FE models. 
Mandrel temperature 350 ºC 
Ram temperature 800 ºC 
Die temperature 900 ºC 
Container temperature 500 ºC 
Friction coefficient, glass-lubricated 
contact 

0.02 (Coulomb) 

Friction coefficient, billet-ram 0.35 (Coulomb) 
Billet length 374 mm 
Contact heat transfer coefficient 5 kW/m2/K 
Surface heat transfer coefficient 0.66 kW/m2/K 

To verify the models, ten tubes were extruded in a 
1450 MN production press. The extrusion force was 
recorded during the process. 

3 RESULTS AND DISCUSSION 

The maximal extrusion force was found to be 10.4 
MN from the experimental data recording. After the 
transient start-up of extrusion, the force stabilized at 
a level of approximately 9.0 MN. Figure 4 shows the 
numerical predictions of the extrusion force. 
 

 

Fig.4. Numerical predictions of extrusion force. 
 

As can be seen in figure 2, the axisymmetric finite 
element simulation performed with quadrilateral 
elements is in agreement with the experimental 
results. The maximum extrusion force and the 
steady-state force are 10.0 MN and 9.5 MN, 
respectively. Main sources of errors are the thermal 
conditions and heat transfer, together with the 
coefficient of friction. The strain rate distribution in 
the extrusion simulation is given in figure 5. 
 
Strain 
rate[1/s] 

  
Fig.5. Strain rate distribution in extrusion simulation. 
 

The three dimensional simulation overestimated the 
extrusion force, which could be expected by the 
four-node tetrahedrons. Hexahedral elements would 
perform much better for large strain plasticity, but 



these elements are not yet available with remeshing 
in MSC.Marc. The jerky flow of the extrusion force 
curve is due to the remeshing. If the number of 
elements were increased in the three-dimensional 
model, the results would undoubtedly be much 
better. This can be concluded from the 
axisymmetrical simulations using triangular 
elements with different mesh densities. The results 
from these simulations are included in figure 2. 1000 
triangular elements in two dimensions are 
approximately comparable to the mesh density used 
in the three-dimensional simulation and the 
extrusion force curves are also similar. If the 
triangular mesh is refined, the force approaches the 
experimental results. 6000 axisymmetrical elements 
provide an acceptable solution regarding the 
extrusion force. The same mesh refinement in three 
dimensions would, however, result in very long CPU 
time to carry out the simulation. The three-
dimensional simulation presented here consisted of 
about 35000 elements. Generally, the simulation 
time for the axisymmetric analysis is an hour or less, 
whereas a typical simulation time in the three 
dimensional case could be a couple of days. A 
drawback in the three-dimensional case is that global 
adaptive remeshing is not yet supported in parallel 
mode in MSC.Marc. This means that multiple 
processors can not be used in the simulations.  
 
For tube analyses with rotational symmetry there is 
really no point in using three-dimensional 
simulations. The axisymmetric analyses in two 
dimensions provide good and fast solutions to these 
problems. In this study, however, the quarter 
symmetry model is just a first step towards a fully 
three-dimensional extrusion model, which is a must 
for eccentricity studies. 

4 CONCLUSIONS 

The axisymmetric model with quadrilateral elements 
could successfully predict the extrusion force, which 
indicates that the extrusion model is essentially 
correct. Four-node tetrahedrons could be used in 
three-dimensional simulations but a very fine mesh 

would be needed to get good results, and this in turn 
means long computational times. The required mesh 
refinement can perhaps be carried out with a 
symmetric quarter model, but would almost be 
impossible if the model would be extended to fully 
three-dimensional. Other element types must then be 
considered. Today, there are not many elements that 
can be used together with remeshing and there is a 
great demand for good remeshing routines for 
hexahedral elements. Another development that 
would improve three-dimensional extrusion 
simulation would be the possibility to run these 
simulations on parallel processors. 
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Abstract

The manufacturing process chain at glass-lubricated extrusion of stainless steel tubing is simulated using
the finite element method. The developed model includes sub-models of induction heating, expansion and
extrusion. An in-house mapping tool is used to transfer the temperature fields between the electromagnetic-
thermal and thermo-mechanical analyses. Using the combined model it is possible to study the influence
of different process parameters on the temperature distribution in the billet, and how this affects the final
extrusion properties. In this study, the model is applied to two cases of tube extrusion, one using an austenitic
stainless steel and one using a duplex, austenitic/ferritic, stainless steel. It is shown that the induction
heating model successfully predicts the temperatures obtained experimentally from thermocouples placed in
the steel billets during heating. The agreement between models and experiments regarding extrusion force
and expansion force is satisfactory.

Key words: Eddy current, Stainless steel, Finite Element Method, Extrusion, Ferromagnetic, Magnetic
hysteresis.

1. Introduction

Seamless stainless steel tubes can be manufactured by hot extrusion using powdered glass as lubrication.
Before extrusion the billet goes through several operations, including induction heating, lubrication and
expansion.

Simulation of extrusion using the finite element method (FEM) has become more common during the
last decade. The most common approach in these simulations is to use a uniform billet temperature as initial
condition in the extrusion model. The initial stages of heating and transport are often ignored. However,
the major effects of extrusion variables on pressure in steel extrusion are related to their effect on the
temperature of the billet, and hence the flow stress of the material [1]. Knowledge of the billet temperature
profile before extrusion is therefore significant to obtain accurate simulation results. It is also important to
understand the heating process in order to eliminate unwanted temperature gradients.

In Rodrigues and Martins [2] the initial stages of a hot forging cycle were modeled using a heat transfer
FE model. The model takes into account the heating of billets, transport of billet from the furnace to the
press and free resting of billets on the die. The temperature distribution in the billets at the beginning of
forging was analyzed for three different heating equipments: a fuel-fired furnace, an induction furnace and
a direct resistance heating system. It was concluded that the initial stages of the forging cycle should be
taken into account when the process is simulated by FEM. The numerical modeling of the induction heating
analysis in this paper was performed by assuming that the specific rate of energy generation is in the skin
depth of the billet. The electromagnetic problem was not solved.

∗Corresponding author. Tel.: +46 26 264452; Fax: +46 26 264320
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Kim et al. [3] developed an induction heating program to calculate the temperature distribution of the
billet in the preheating process before forging. Parameters such as heating time, frequency and current
density were considered for the temperature analysis. The same simplification as in [2] was used. The
resulting temperature field of the billet was thereafter used in a FE simulation of hot forging. The aim with
the simulations was to estimate the die life.

A simple model for induction heating of a titanium billet was also included in the paper by Damodaran
and Shivpuri [4]. In this work, different aspects of extrusion of titanium alloy shapes, such as heating,
billet transfer, glass lubrication and metal flow, were modeled. The induction heating model was based on
an analytical solution for a one dimensional heat flow problem assuming an infinitely long cylinder. The
extrusion process was modeled using FEM. The three-dimensional flow could not be simulated due to long
computational times and problems with mesh distortion and remeshing. Instead slices of the section shapes
were selected and each slice was treated independently of the other in a plane strain 2D simulation.

The simplifications that is used in the induction heating models in references [2, 3, 4] implies that the
end effects are neglected. However, in extrusion of stainless steel tubes these end effects can have significant
impact on the force required for extrusion. To include the electromagnetic and thermal end effects a coupled
electromagnetic-thermal FE simulation of induction heating can be performed. This approach is also suitable
for materials having poor thermal conductivity, such as stainless steels, and materials possessing magnetic
non-linearities.

In the present study, axisymmetric FE models of induction heating, expansion and extrusion, including
cooling at the intermediate transports, have been combined. The process flow was modeled using seven dif-
ferent sub-models, as shown in Fig. 1. All models were developed in the commercial FE-software MSC.Marc
and the nodal temperatures were transferred from one model to another using an external mapping pro-
gram. The aim of this work was to develop a tool to study the temperature evolution in the billet during
manufacturing and predict the forces in the forming stages. No strains were mapped between the different
processes. It is assumed that the deformation during expansion and heating has negligible effect on the final
extrusion force.

Extrusion of two different stainless steel materials was studied. One was an austenitic grade, Sandvik 353
MA, and one a duplex, austenitic/ferritic alloy, Sandvik SAF 2507. Since the duplex steel is ferromagnetic
below the Curie temperature, the skin effect is more pronounced compared to the paramagnetic austenitic
material. Also the magnetic non-linearity of the material properties leads to differences in the induction
heating modeling. Results from the numerical models have been validated by experiments in production
presses and induction furnaces.

Figure 1: Simulated process flow. Each box refers to one sub-model.

2. Process flow

A schematic diagram of the process flow can be seen in Fig. 2. The material is received as a hot rolled
round bar which is cut into lengths. A pilot bore hole is drilled in each billet, a nose radius is machined at
the front edge and a cone at the back end. The first step in the manufacturing chain is to heat the billet in
an induction furnace. After heating, the billet is coated with a thin layer of powdered glass which is used
as lubricant in the following expansion process.

The heated billet is inserted in a vertical expansion press in which the pilot bore hole is expanded using
a shaped nose. The billet is elongated during this process. After expansion, the billet is reheated, lubricated
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and extruded to the specified final dimension. A glass-pad (a disc of compacted glass) is placed between the
billet and the die to assure sufficient lubrication during the extrusion process.

The billet is heated in an induction furnace with the aim to provide a uniform surface-to-core temperature.
However, in induction heating the core is heated slower than the surface. This is due to the skin effect. The
skin depth depends on the frequency of the induction heating power as well as the material properties of
the billet [5]. It should be noticed that it is difficult to achieve uniform temperature in stainless steel due
to its poor thermal conductivity.

Figure 2: The process flow for production of stainless steel tubes.

3. The electromagnetic-thermal problem

The induction heating and expansion/extrusion processes are simulated in a coupled electromagnetic-
thermal and a coupled thermo-mechanical analysis, respectively. Formulation of the large strain elastic-
plastic problem, assuming additive decomposition of strain rates, can be found in textbooks on the subject,
for example [6].

Simplifications employed in the calculation of the heat efficiency factor in induction heating and lineari-
sation of the ferromagnetic material are summarised below.

3.1. Calculation of the heat efficiency factor

The magnetic field of the coil in the induction furnace induces voltage in the workpiece as well as in
the coil itself. The induced voltage is in such direction that it tends to weaken the current flowing in the
coil. In order to simulate this phenomena using the finite element method, a double connected conductor
formulation must be employed [7]. This is not implemented in MSC.Marc and this effect is approximated
as described below.

The resistance in an induction heating system is the sum of the resistance of the coil and the reflected
resistance of the workpiece [8]. It is thus possible to represent the coil and workpiece resistance as a series
circuit. This allows us to calculate a heat efficiency factor

� =
Rw

Rw +Rc

(1)

where Rc [Ω] is the resistance of the coil and Rw [Ω] is the resistance of the workpiece. Details can be found
in [9, 10]. The heat efficiency factor is used to reduce the heat source term in the heat conduction equation.

The resistance of a cylindrical workpiece and its coil can be written as [10]

Rw = K(�rpAw) (2)

Rc = K(
kr�dc�c

2
). (3)
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Here is K [Ω/m2] a constant, �r is the relative permeability, p is the power loss constant, Aw [m2] is the
cross section area of the workpiece, kr is the correction factor allowing spacing between coil turns, dc[m] is
the coil diameter and �c[m] is the skin depth of the coil. The skin depth of a material can be calculated as
[11, 12]

� =
1√

�f��
(4)

where f is the excitation frequency, � the permeability and � the electrical conductivity of the material.
The efficiency factor, �, can now be calculated for a specific coil and workpiece geometry and used to

multiply the heat source term in the heat conduction equation

�cp
∂T

∂t
−∇ ⋅ (�∇T ) = �Q (5)

where � is the density of the material, cp is the specific heat capacity and � is the thermal conductivity
of the workpiece. In the case of a harmonic electromagnetic loading the heat source term due to the eddy
current can be written as [7, 13]

Q =
1

2�
∣J∣2 =

1

2�
J ⋅ J∗ (6)

where J is the induced eddy current in the workpiece and the star (*) denotes the conjugated complex value
of the current J. The current is generated within the workpiece as J = −i!�A where A is the magnetic
vector potential calculated from the diffusion equation. See Eq. (7) in section 3.2. All material properties
are functions of temperature.

3.2. Magnetic co-energy density and non-linearity

In the finite element implementation, time variation of the field quantities are assumed to be sinusoidal.
To be able to use this harmonic approximation, the magnetic material property must be constant. Combining
Maxwell’s equations, the linear diffusion equation can be formulated as [14]

i!�A− 1

�
∇2A = J0 (7)

where ! is the angular frequency of the magnetic field, � is the permeability of the material, and J0 is the
current applied in the coil.

The ferromagnetic material SAF 2507 has nonlinear magnetic properties and therefore Eq. (7) is not
valid. The hysteresis curve for SAF 2507 at different temperatures can be seen in Fig. 3. The magnetic
flux density, B, represents the internal field strength within a substance, which is subjected to an external
magnetic field, H. This hysteresis behavior can be modeled by the Frölich equation

B =
H

�+ �∣∣H∣∣ (8)

where � and � are variables dependent on temperature. Figure 4 shows the values of � and � for SAF 2507.
See [12] for the Frölich curves using the calibrated � and � values compared with the measured.

The nonlinear electromagnetic behavior of the material can be linearised following Labridis and Dokopou-
los [15]. They have shown that it is possible to approximate the nonlinear material with a fictive linear
material that has constant relative permeability, �f

r
. The linear fictitious material should have the same

average heat density loss as that of the nonlinear material at every point i. It can be shown [15] that the
fictive relative permeability is

�f

ri
=

w1i + w2i

�0 ∗ (Hf

mi
)2

(9)

where w1i and w2i is the magnetic co-energy density of the material. w1i is related to the actual B − H
curve and w2i is related to the average value of the slope dB/dH during a quarter of a period T . Hf

mi
is the
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maximum value of the magnetic field intensity in the fictitious material. The magnetic co-energy density
can be calculated as

w1i =
Hf

mi

�
− �

�2
ln

�+ �Hf

mi

�
(10)

w2i =
1

2

(Hf

mi
)2

�+ �Hf

mi

. (11)

Since both the relative permeability of the fictitious material and the magnetic field intensity are un-
known, an iterative process is necessary. The starting value of �f

ri
is set to the initial slope of the Frölich

curve, i.e.

�f

ri
=

1

�0�
. (12)

Thereafter �f

ri
is calculated from Eq. (9).
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Figure 3: Magnetic hysteresis curve for different temperatures in SAF 2507. The Curie temperature starts approximately at
500 ∘C.

4. Materials

Two different grades of stainless steels, Sandvik 353 MA and Sandvik SAF 2507, were considered in
this study. 353 MA (UNS: S35315) is an austenitic chromium-nickel steel mainly used in high temperature
applications. SAF 2507 (UNS: S32750) is a high alloyed duplex grade, consisting of approximately 50%
austenite in a matrix of ferrite.

4.1. Flow stress

The deformation behavior at high temperature was determined by mechanical testing in a number of
compression tests. These tests were performed in a Gleeble 1500 thermomechanical simulator at several
temperatures and strain rates, up to a total strain of 60%. Cylindrical specimens of diameter 10mm and
height 12mm were machined from hot rolled round bars, with the rolling direction of the bar corresponding
to the loading axis of the test specimens.
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Figure 4: The variation of � and � for different temperatures. See Eq. (8).

Smoothed flow stress curves of SAF 2507 at 1000, 1100, 1200 and 1300 ∘C and strain rates 0.01, 1 and
10 s−1 are given in Fig. 5 and Fig. 6.

No mechanical testing was conducted for 353 MA. Its flow stress properties were assumed to be equal
to those of Sandvik Sanicro 28, a similar material. Smoothed flow stress curves of Sanicro 28 at 1000, 1100,
1200 and 1300 ∘C and strain rates 0.01, 1 and 10 s−1 are given in Fig. 7 and Fig. 8.

The similarity in hot strength of Sanicro 28 and 353 MA is illustrated in Fig. 9. These tests were carried
out in tension at a constant rate of 50mm/s. The test specimens were cylindrical rods, length 50mm
and diameter 6.3mm, which were strained to fracture at different temperatures. The maximum force was
recorded and used as an estimation of the hot ductility in the material.

5. Experiments

5.1. Induction furnace

Vertical induction furnaces with a water cooled coil surrounding the billet are used in the experiments.
The furnace consists of refractory material and a metal shell to protect the coil liner from damage and to
reduce the heat loss to the environment. Flux concentrators are applied at both ends of the billet in order
to obtain a required temperature uniformity through the length of the billet. Using flux concentrators, the
coil overhang can be minimized and the possible billet length in a given furnace can be maximized [5].

The billet is heated by applying an alternating current to the coil. When the surface temperature reaches
a specified value (usually between 1170− 1210 ∘C), the furnace is switched off, letting the billet cool down
inside the furnace. After a number of seconds, the furnace is turned on again for a final heating before
the billet is ejected and transported for lubrication and expansion. This cycling of the power leads to more
uniform surface-to-core temperature, which is desirable in the extrusion process. The same type of furnace
is used for the heating between expansion and extrusion (Heating 2), although a different number of active
coil turns and no power cycling are used. See Fig. 1 for the simulation steps.

The temperature of the billet during Heating 1 was measured each second with K-type thermocouples
using a PC-logger. The thermocouples were placed in drilled holes at different heights and depths of the
billet. See Fig. 10 and Table 1 for the placement of the thermocouples. The coil current was recorded each
second using a PC-logger and can be seen in Fig. 11.
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Figure 5: Flow stress curves of SAF 2507 at different strain rates at temperatures 1000 and 1100 ∘C.

The billet temperature during Heating 2 could not be measured because the thermocouples would be
destroyed in the preceding expansion process. It is possible to use thermocouples in heating of an expanded
billet from room temperature and up. But these measurements would not be useful since the billet in reality
has a temperature history based on Heating 1 and the expansion process.

Table 1: Placement of the thermocouples.

Steel Billet dimension a b

type LxRxr [mm] [mm] [mm]

353 MA 738x118.5x18.5 100 10, 20, 72
369 10, 20, 94
638 10, 50, 94

SAF 2507 946x118.5x22.5 473 5, 10, 20, 30,
40, 64, 78

5.2. Expansion and extrusion

The expansion and extrusion processes are conducted in a vertical hydraulic press and a horizontal
hydraulic press, respectively. All experimental data was recorded during production in these presses. The
transient force during expansion was recorded for SAF 2507 and the peak forces for 353 MA.

The container diameter in the extrusion press was 250mm. The mandrel and die geometries were chosen
in accordance with the dimensions of the final tube, see Tables 2 and 3. Transient force and ram speed were
recorded during the extrusion process.

6. Computational models

Separate models for the expansion, extrusion and induction heating processes are used. The temperatures
of the preceding process step are mapped with an in-house code to the initial mesh of the model in the
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Figure 6: Flow stress curves of SAF 2507 at different strain rates at temperatures 1200 and 1300 ∘C.

Table 2: Billet and tube dimensions used in 353 MA simulations.

Billet Outer diameter [mm] 237
Inner diameter [mm] 37
Length [mm] 738

Expanded billet Outer diameter [mm] 240
Inner diameter [mm] 112

Extruded tube Outer diameter [mm] 141
Wall thickness [mm] 22

Table 3: Billet and tube dimensions used in SAF 2507 simulations.

Billet Outer diameter [mm] 237
Inner diameter [mm] 45
Length [mm] 946

Expanded billet Outer diameter [mm] 240
Inner diameter [mm] 118

Extruded tube Outer diameter [mm] 114
Wall thickness [mm] 10

following step. No stresses are coupled to the electromagnetic-thermal analysis which means that the thermal
expansion of the material during heating is neglected. The billet dimensions that are used in the induction
heating simulations are measured at room temperature. The simplification of no thermal expansion during
heating will mainly affect the surface temperature of the billet. A rough estimation gives a maximum radial
expansion of 5mm (at the end of the heating process) for a billet that is heated uniformly to 1100 ∘C. The
distance between the billet and the coil is 27.5mm in Heating 1 and the influence of the radial expansion is
expected to be small.

The commercial finite element program MSC.Marc 2007r1 64 bit is used for all calculations.
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Figure 7: Flow stress curves of Sanicro 28 at different strain rates at temperatures 1000 and 1100 ∘C.

6.1. Induction heating

The FE-models are meshed with four-noded axisymmetric quadrilateral elements. See Fig. 12 for the
used mesh in Heating 1 of 353 MA. The radiation heat flux is ignored as the refractory material inside
the furnace is assumed to reflect back the heat radiated from the billet. This approximation is assumed to
be relevant since the billet is positioned closed to the refractory material and the difference in emissivity
between the billet material and the metal shell is expected to be small.

The heat transfer by convection from the surface of the workpiece to the ambient air is taken into account.
A good approximation for a workpiece in open air is

qconv = ℎ(Tx − Ta)
� (13)

using ℎ = 1.54 [W/m2K�] and � = 1.33 [5, 10]. Tx is the surface temperature of the billet and Ta is the
ambient temperature. Since the ambient temperature inside the furnace is changing during heating, this
temperature is a function of time. The coil liners have a constant temperature of 60 ∘C.

In order to simulate the effect of the flux concentrators, the material properties from SAF 2507 are used.
The nonlinear electromagnetic behavior of the flux concentrator material is also linearised as described in
chapter 3.2. The permeability is, however, multiplied with a factor of twenty, since the flux concentrators
must have a higher permeability than SAF 2507 [5].

6.1.1. Sandvik 353 MA

The workpiece resistance and the coil resistance are calculated using Eq. (2) and (3)

Rw = K(�rpAw) = K(1 ⋅ 0.35 ⋅ 0.043) (14)

Rc = K

(

kr�dc�c
2

)

= K

(

1.05 ⋅ � ⋅ 0.292 ⋅ 0.009
2

)

. (15)

The heat efficiency factor can then be calculated from Eq. (1), giving � ≈ 0.78.
The coil overhang (the distance from the first active coil turn to the front end of the workpiece) during

Heating 1 and Heating 2 is 115 mm and 185 mm. The number of active coil turns are 48 and 58, respectively.
9
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Figure 8: Flow stress curves of Sanicro 28 at different strain rates at temperatures 1200 and 1300 ∘C.

The nominal current in the coil is seen in Fig. 11. In Heating 2, the efficiency factor is calculated to be
� ≈ 0.74.

6.1.2. SAF 2507

A constant efficiency factor of � = 0.85 is used throughout the Heating 1 simulation. This is a simpli-
fication since the efficiency factor for a ferromagnetic material changes with temperature. The initial skin
depth is smaller than in a paramagnetic material, resulting in a higher efficiency factor. Above the Curie
temperature, the efficiency factor will change to that of a paramagnetic material, because of decreasing
magnetism for increasing temperatures. The effect of the approximation with a constant efficiency factor
on the calculated temperatures is expected to be small.

The coil overhang in Heating 1 is 95mm and in Heating 2 155mm. The number of active coil turns
are 59 and 72. The nominal current in the coil is seen in Fig. 11. In Heating 2 the efficiency factor was
calculated to be � ≈ 0.73.

6.2. Cooling

Both radiation and convection heat losses are taken into account in the cooling stages. The ambient
temperature is fixed to Ta = 303K. The convection losses are the same as in section 6.1 and the surface
emissivity is " = 0.3.

The transport time from the induction furnace to the expansion press (Cooling 1) is 70 s. The expanded
billet is transported 60 s to the final heating (Cooling 2), and thereafter 70 s to the extrusion press (Cooling
3). See Fig. 1 for the simulation process flow.

6.3. Expansion and extrusion

The expansion and extrusion models consist of four-node axisymmetric quadrilateral elements. The
volumetric strain in the element is assumed to be constant for von Mises plasticity to overcome volumetric
locking.

The tools are treated as rigid bodies with heat transfer properties. This means that the heat transfer
between the billet and the tools is captured but the deformation of the tools is ignored. Melting of the
glass-pad is not taken into account in the model and a constant die shape is assumed. This die shape is
based on an earlier experiment where cross-sections of stickers, i.e. billets in the container that could not be
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Figure 9: Comparison of hot ductility in Sanicro 28 and 353 MA.

Figure 10: Placement of thermocouples (x) and notification for geometric properties of the billet. See Table 1 for numerical
values.

extruded, were measured [16]. The lubricating glass film acts as a thermal barrier which prevents excessive
heating of the tools and rapid cooling of the billet [17]. The contact heat transfer coefficient is therefore
low relative to other lubricants. A coefficient of 1.5 kW/m2K is used at the glass-lubricated contact areas in
this context. The tools in the models have thermal properties equal to the material AISI H13 and an initial
temperature of 400 ∘C at expansion and 300 ∘C at extrusion.

The Coulomb friction coefficient between the billet and the tools is assumed to be �C = 0.02 at all
glass-lubricated contact areas. This is in consistence with [18] where the friction coefficient for hot extrusion
using glass as lubrication is given as 0.03 for stainless steels and 0.02 for steels. In extrusion, the friction
coefficient between the billet and the ram is taken as �C = 0.35.

The ram (nose) speed in the expansion process is 160mm/s for 353 MA and 200mm/s for SAF 2507. In
the extrusion process, the ram speed is 260mm/s for 353 MA and 210mm/s for SAF 2507.

Generation of heat due to plastic deformation in the material is taken into account and 95% of the plastic
work is assumed to be converted into thermal energy. Large deformations in the Lagrangian code requires
continuous remeshing during the analysis. This is controlled by automatic remeshing schemes available in
the software.

The first and last increment of the 353 MA expansion model can be seen in Figs. 13 and 14, respectively.
The FE mesh for extrusion of the same material is shown in Fig. 15 and 16. Figure 16 shows the extrusion
at the final stage of the process. The figure has been cropped at both sides. The models for SAF 2507
expansion and extrusion are identical to those with 353 MA apart from differences in geometry (see Tables
2 and 3), ram speed and material model.
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Figure 11: Nominal current amplitude in the induction coil during the heating procedures. The frequency of the current is
50Hz.

Figure 12: FE-model of the induction furnace for Heating 1 of 353 MA. The smallest element size is 2mm.

6.3.1. Material model

The materials are modeled as elastic-plastic with isotropic hardening using the von Mises yield criterion.
The flow stress dependence on temperature, plastic strain and strain rate is tabulated. The underlying
experimental data, see Figs. 5 - 8, includes temperatures between 800 − 1300 ∘C and strain rates between
0.01 − 10 s−1. Linear interpolation is used inside this domain. Outside the temperature, strain, and strain
rate limits, the extreme values are used and no extrapolation is performed.

Young’s moduli for both materials are assumed to decrease linearly from 195GPa at room temperaure
to 110GPa at 1300 ∘C.

6.4. Mapping between induction heating and extrusion

An in-house mapping tool for moving data between two finite element models is used to map temperature
fields between the electromagnetic-thermal and thermo-mechanical analysis. First a material identification
is performed. Each material of the receiving model obtains temperatures only from corresponding material

Figure 13: FE-model of expansion of 353 MA (initial stage).
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Figure 14: FE-model of expansion of 353 MA (final stage).

Figure 15: FE-model of extrusion of 353 MA (initial stage).

of the sending model. Materials in the receiving model which have no corresponding material in the sending
model, are given a user defined temperature.

The mapping method is based on the interpolation technique used in finite element formulations. The
nodal temperatures of the receiving model are obtained by

Tnew = Nold(Sloc)Told (16)

where Nold is the shape function of the element in the sending model evaluated at the local coordinate, Sloc.
In this procedure it is required to determine where a node of the receiving mesh is located in the sending
mesh. A search is performed to determine in which element of the sending (old) mesh the node is located,
and which local coordinate it corresponds to. The use of isoparametric finite elements gives

Xnew = Nold(Sloc)Xold (17)

where Xold is the nodal coordinates of the sending element and Xnew is the coordinate of the node which
receives the temperature. This mapping is a one-to-one mapping provided that the elements are not too
distorted. The remeshing during the thermo-mechanical analysis assures this. The Jacobian of the isopara-
metric mapping is also monitored in the datatransfer code in order to check the element distortion. The
isoparametric mapping is the mapping from the actual element geometry to the local coordinate system of
the element. A positive determinant of the Jacobian matrix is a sufficient condition to ensure this one-to-
one isoparametric mapping. Furthermore, the temperature field is a nodal field and continuous between
elements. Therefore the datatransfer is more accurate than in the case of non-continuous fields like stresses.

Equation (17) defines the mapping between the local coordinate system and the global coordinate system
of the mesh. However, in the general case, it does not exist an analytical inverse mapping in which the local
coordinate, Sloc, can be written explicitly. Thus Sloc must be evaluated numerically by solving

∣∣Xnew −Nold(Sloc)Xold∣∣ = 0. (18)

This is done by the Newton iterative method where the initial value for the local coordinate is guessed. The
initial guess for Sloc is taken at the origin of the local coordinate system. The convergence criterion is that
the distance to the previous iterative estimate of Sloc is less than 10−7. The use of a correct derivative of

Figure 16: FE-model of extrusion of 353 MA (final stage). The total length of the extruded tube is approximately 3.5m.

13



Eq. 18 gives a 2nd order convergence rate. This has been confirmed by numerical tests. The convergence
criterion is usually fulfilled within five iterations.

7. Results and discussion

The measured and computed values of temperatures and forces are plotted in the figures below. Figures
17 - 19 show the temperatures for 353 MA and Figs. 20 - 21 show the temperatures for SAF 2507. All the
temperatures are measured during manufacturing step Heating 1 with the thermocouples placed according
to Fig. 10.

The expansion force versus time for 353 MA is shown in Fig. 22. The extrusion force versus the ram
displacement for the same material is shown in Fig. 23. Figure 24 and 25 give the expansion force versus
time, and extrusion force versus ram displacement for SAF 2507. The standard deviation of the experimental
values are shown as error bars in the figures.

7.1. Induction heating

The results from the induction heating process show good agreement between measured and computed
values. For the material 353 MA the temperature is measured at three different heights and at three different
depths as described in section 5.1. At the depth of 50−72mm in the workpiece, the measured and computed
values show maximum deviation.

Figure 17: The measured temperatures (dashed lines) compared with calculated temperatures (full lines) at position a = 100mm
in 353 MA.

For the material SAF 2507 the temperature is measured in the middle of the workpiece at six different
depths. The temperature agreement for the duplex steel shows that the approach of Labridis and Dokopoulos
[15] to linearize the permeability is valid. This approximation makes it possible to employ a harmonic
formulation for non-linear magnetic material. This is important since a harmonic solution with a constant
permeability is much faster than a transient electromagnetic non-linear solution [7].

In Fig. 20 it can be seen that the heating rate is greater when the material is ferromagnetic. When the
material becomes paramagnetic, the heating rate decreases. This can be seen as a knee in the temperature
graph that starts at different times for different depths, depending on when the Curie temperature is reached.

Figure 21 shows the last 140 s of the heating simulation of SAF 2507. From the figure it can be seen
that the measured and calculated temperatures closest to the surface (10mm) are parallel during the power
cycling. This shows that the heat flux boundary condition is valid.
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Figure 18: The measured temperatures (dashed lines) compared with calculated temperatures (full lines) at position a = 369mm
in 353 MA.

Figure 19: The measured temperatures (dashed lines) compared with calculated temperatures (full lines) at position a = 638mm
in 353 MA.

7.2. Expansion and extrusion

Experimental values were recorded for 14 tubes of 353 MA and 32 tubes of SAF 2507. The SAF 2507
tubes were manufactured at two different occasions, 16 tubes at the first occasion and 16 tubes at the second
one.

The 353 MA billets in the models (and in the temperature measurements during Heating 1) were shorter
than the ones on which the force measurements were carried out. The experimental force recordings were
performed on billets with lengths of 810mm before expansion and 960mm before extrusion, compared to
738mm and 890mm in the simulations. This difference in length can be seen in Fig. 23.

Only the initial peak force was recorded during expansion of 353 MA and this was measured to 4.2
±0.5MN. This is in good agreement with the model prediction as shown in Fig. 22.

The initial peak force during extrusion of 353 MA is higher in the model than in the experiments. This
is probably due to errors in the temperature estimation at the leading end. The flow stress of 353 MA
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Figure 20: The measured temperatures (dashed lines) compared with calculated temperatures (full lines) at position a = 473mm
in SAF 2507.

Figure 21: The measured temperatures (dashed lines) compared with calculated temperatures (full lines) at position a = 473mm
in SAF 2507.

has pronounced temperature dependence and a small change in temperature will result in a large difference
in stress. For comparison the same simulation was run using a homogeneous initial billet temperature
of 1200 ∘C. The calculated peak force was then only 1.5MN higher than the flow force at steady-state,
compared to approximately 9MN in the experiments, see Fig. 23. This clarifies that a correct front face
temperature of the billet is important in determining the initial peak in this extrusion case.

Figure 23 and 25 reveal that the start-up phase of extrusion is not fully captured in the model. The main
reason is the uncertainties of the conditions at the beginning of the extrusion process. The glass-pad deforms
in contact with the metal, making it difficult to predict the interface between the billet, the glass-pad and
the die. In the model this is neglected and a constant die shape and a constant friction coefficient is used.
Furthermore, gravity is neglected in the axisymmetric model. In the real production case, the billet is placed
at the bottom of the horizontal press and gravity will influence how the metal fills the container.
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Figure 22: Calculated force and measured peak force for expansion of 353 MA. The width of the error bar indicates that the
time for the experimental measurement is not known.

The accuracy of the friction coefficient is difficult to estimate. A sensitivity analysis that has been
performed on an extrusion model similar to the 353 MA model shows that a change of friction coefficient
from 0.02 to 0.03 at all glass-lubricated contact areas would lead to an increase in initial peak force by
approximately 2MN. The extrusion force at 475mm ram displacement would increase by approximately
1.2MN for the same change in friction. The friction coefficient between the billet and the ram was shown
not to have any impact on the extrusion force.

The expansion force curves exhibit a u-shaped profile as can be seen in Fig. 22 and 24. This profile
is a result of the non-uniform temperature distribution that is developed in the billet during the induction
heating. The temperature gradients in the two billets after Heating 1 are somewhat different depending on
differences in billet length, induction furnace setup and material properties. The decrease in force after the
second peak is due to extrusion of material at the bottom of the expansion press. This can be seen in Fig.
14.

The experimental values from expansion of SAF 2507 are in agreement with the model predictions as
shown in Fig. 24, although the peak forces are on the higher side. This indicates that the billet ends are
somewhat cooler in the model than in the experiments. The same observation can be done in Fig. 25 where
the difference between modeled peak- and steady-state force is large compared to experimental values. It
was not possible to measure the nose speed in the expansion press, and speed variations during the process
have therefore not been accounted for. A constant nose speed is assumed in the model.

The calculated steady-state force in extrusion of SAF 2507 is lower than the experimental. This can be
expected since the material model only accounts for strain rates up to 10 s−1 and the strain rates in this
extrusion are higher. The calculated force curve is smoothed in Fig. 25.

To sum up, the expansion and extrusion models are able to capture how the force develops during the
processes for both the austenitic and duplex steels. The accuracy is considered to be good enough for the
process flow model to be utilized in process development, with the aim to study the influence of different
process parameters in the manufacturing chain on the extrusion properties. The model provides a useful tool
for designing the optimal heating and metal forming procedure depending on material and tube dimension.

8. Conclusions

A combined model of induction heating and expansion/extrusion, consisting of seven different FE-models,
was developed in order to study the evolution of temperature gradients in stainless steel billets for tube
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Figure 23: Calculated and measured force for extrusion of 353 MA.

manufacturing. Simulations were carried out for an austenitic stainless steel, Sandvik 353 MA, and for a
duplex (austenitic/ ferritic) stainless steel, Sandvik SAF 2507. The induction heating models were validated
by heating experiments using thermocouples placed in holes drilled at different positions in the billet. The
agreement between model and experiments was good, both for the paramagnetic austenitic material and
the ferromagnetic duplex material. The agreement for SAF 2507 confirms that the approach to linearize
the permeability is valid. The expansion and extrusion models were able to capture the force development
during the processes for both materials. When comparing to experimental recordings of expansion force
versus time, and extrusion force versus ram displacement, the results were satisfactory.

The extrusion force is strongly dependent on the billet temperature, which originates from the previous
induction heating, expansion and transport stages. Using this new combined model it is possible to study
the influence of different process parameters on the temperature distribution in the billet and, consequently,
on the final extrusion properties.
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Figure 24: Calculated and measured force for expansion of SAF 2507.

Figure 25: Calculated (smoothed) and measured force for extrusion of SAF 2507.
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A. Data for Sandvik 353 MA and Sandvik SAF 2507
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Figure 26: The electric conductivity for Sandvik 353 MA and Sandvik SAF 2507.
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Figure 27: The thermal conductivity for Sandvik 353 MA and Sandvik SAF 2507.
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Figure 28: The heat capacity in constant pressure for Sandvik 353 MA and Sandvik SAF 2507.
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Summary. The manufacturing process chain for extrusion of AISI 316L tubes is simulated
using the finite element method. Models of induction heating and expansion is included and the
temperature field in the billet before extrusion is calculated. It is shown that a correct initial
temperature of the billet is needed in order to predict the extrusion force curve in the initial
stage of the process.

1 introduction

Seamless stainless steel tubes can be manufactured by hot extrusion using glass as lubrica-
tion. Before extrusion the billet goes through several operations including induction heating,
lubrication and expansion. In extrusion modeling, the initial billet temperature is often treated
as uniform. This is a rough calculation since temperature gradients in the billet will evolve in
the process steps prior to extrusion, and these gradients may have a significant impact on the
force required for extrusion. In this work, the whole manufacturing process chain for extrusion
of AISI 316L tubes is simulated using the finite element method (FEM). The simulated process
flow includes models of induction heating, expansion and extrusion, together with cooling at the
intermediate transports. The flow stress behaviour of AISI 316L is described by a dislocation
density based material model. The extrusion force prediction, using the combined model with
calculated initial temperatures, is compared to a case with a uniform initial temperature field
of the billet and to experimental data.

1.1 Process flow

The first step in the manufacturing chain is to heat the billet. This is done in a vertical
induction furnace with a water-cooled coil surrounding the billet. In order to obtain the required
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temperature profile along the length of the billet, flux concentrators are placed at both ends. An
alternating current is applied to the coil until the surface temperature has reached a specified
value (usually between 1170 − 1210 ◦C), then the power is switched off. After a number of
seconds the furnace is switched on again for final heating. To cycle the power like this will
lead to a more uniform surface-to-core temperature. When the billet is heated it is transported
for glass-lubrication and expansion in a vertical expansion press. In this process the pilot bore
hole in the billet is expanded by a shaped ram and the billet is elongated. After expansion, the
billet is reheated, lubricated and extruded to the specified final dimension. The same type of
induction furnace is used in the reheating process as in the initial heating, although no power
cycling is utilized.

2 Computational models

The process chain is modeled using seven different models: heating ⇒ cooling ⇒ expansion
⇒ cooling ⇒ heating ⇒ cooling ⇒ extrusion.

The temperature field of the preceding process step is mapped to the initial mesh of the
model in the following step using an in-house mapping program1. All models are axisymmetric
and developed in the commercial FE-program MSC.Marc. Billet and tube dimensions are given
in Table 1.

Table 1: Billet and tube dimensions.

Billet [mm] Expanded billet [mm] Extruded tube [mm]

Outer diameter 237 245 124
Inner diameter 37 112 100
Length 770 911 7600

2.1 Induction heating

The basic setup of an induction heating equipment consists of a coil with one or several
windings keeping an electrically conducting workpiece within. The magnetic field of the coil
in the induction furnace induces voltage in the workpiece as well as in the coil itself. The
induced voltage is in such direction that it tends to weaken the current flowing in the coil
and in order to simulate this phenomena using the finite element method, a double connected
conductor formulation must be employed2. This is not implemented in MSC.Marc and the effect
is approximated as described in Fisk1.

The FE-model is built up using four-node axisymmetric quadrilateral elements. By applying
a harmonic oscillating current in the coil, the magnetic vector potential and the eddy current
generated in the workpiece can be calculated1. The temperature field is solved for each time
step using the heat source term calculated from the current generated within the workpiece.
The coil lengths in first and second heating are 1010 mm and 1220 mm, using a number of 51
and 62 active coil turns. The distance from the first active coil turn to the front end of the
billet is 180 mm in the first heating and 140 mm in the second. The nominal current in the coil
(measured during production) is given in Fig. 1.

Cooling times and thermal boundary conditions are identical to those used in Fisk1.
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Figure 1: Nominal current amplitude in the induction coil during the heating procedures.

2.2 Expansion and extrusion

The expansion and extrusion models are built up by four-node axisymmetric quadrilateral
elements. The FE mesh during extrusion is shown in Fig. 2. The tools are modeled as rigid
bodies with a constant temperature of 400 ◦C, and the Coulomb friction coefficient between the
billet and the tools is assumed to be µC = 0.015 all glass-lubricated contact areas. A contact
heat transfer coefficient of 1.5 kW/m2K is assumed. This low value of contact heat transfer is
explained by the thermal insulation properties of the lubricating glass film.

The ram speed is 190 mm/s in the expansion process and 250 mm/s at extrusion. The con-
tainer diameter is 245 mm in the expansion press and 250 mm in the extrusion press. Generation
of heat due to plastic deformation in the material is taken into account and 95 % of the plastic
work is assumed to be converted into thermal energy.

Figure 2: Model of extrusion of AISI 316L tube.

2.2.1 Dislocation density based model

The flow stress of AISI 316L is predicted by a dislocation density based material model3.
The evolution equation for the dislocation density accounts for static and dynamic recovery

3



Martin Fisk, Sofia Hansson

controlled by diffusional climb and interactions with vacancies. Since this model is based on the
underlying physical processes that cause the deformation, it is expected to have a larger range of
usability and validity than empirical models. This is of special interest in the extrusion process
which is associated with large strains and high strain rates.

3 Results and discussion

The calculated extrusion force from the combined model is given in Fig. 3. It is compared to
a simulation where a uniform initial billet temperature of 1250 ◦C is used and to experimental
values. The experimental extrusion force is recorded during production in a 33 MN hydraulic
press. As seen in Fig. 3 the difference between initial peak force and steady-state force is well
predicted using the combined model with a calculated initial billet temperature.
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Figure 3: Calculated and measured extrusion force. The error bars correspond to the standard deviation
of the experimental data.
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Abstract

In this work, a sensitivity analysis has been performed on a finite element model of glass-lubricated extrusion
of stainless steel tubes. Fifteen model parameters, including ram speed, billet and tool temperatures, friction
coefficients and heat transfer coefficients, were considered. The aim of the study was to determine the
parameters that are most important for the response of the extrusion force. The relationship between the
model parameters and the responses was analyzed by a calculation of two different regression models: one
linear polynomial model and one model that includes interaction terms. Additional simulations were then
carried out to validate the regression models. The results show that the initial billet temperature is the
factor that has the strongest impact on the extrusion force within the parameter ranges studied in this work.
The goodness of prediction and goodness of fit are very good for both regression models.

Key words: Extrusion, Stainless steel, Finite element method, Sensitivity analysis, Design of experiments.

1. Introduction

Seamless stainless steel tubes can be manufactured by extrusion using glass as lubrication. The process
is performed at high temperature and is associated with large deformations and high strain rates.

Finite element (FE) simulation has become an important tool in the design and development of extrusion
and other manufacturing processes. Most of the simulation work involves aluminum extrusion, but some
work on steel and titanium extrusion has also been reported, for example, by Damodaran and Shivpuri (2004)
and Hansson (2006). A large number of input parameters are used in a FE analysis of extrusion. These
parameters include boundary conditions, initial conditions and parameters that describe the mechanical and
thermal properties of the material. The accuracy of the extrusion simulation depends, to a large extent, on
the accuracy of these parameters. In addition, many of these are often impossible to measure during the
extrusion process itself or in tests under similar conditions.

Among the simulation work that is reported on extrusion, only few authors include investigations on
how changes in input parameters affect the computed results. Flitta and Sheppard (2005) studied the effect
of the variation of initial billet temperature and ram speed on FEM predictions of temperature evolution
during aluminum extrusion. The simulation was compared with data obtained from experiments. Sivaprasad
et al. (2004) studied the effect of ram speed on the distribution of strains, strain rates and temperature in
glass-lubricated extrusion of 304 L stainless steel rods. The results were compared with processing maps by
Venugopal et al. (1992) and used to indentify the best ram speed for obtaining the desired microstructure.
A more systematic approach to sensitivity analysis was performed by Snape et al. (2002), who investigated
the sensitivity to variations in different input parameters of three axisymmetric FE models: compression,
impression-die forging and backward extrusion. A full factorial design of experiments (DOE) was used. The
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analysis was restricted to the parameters that define the flow stress of the material and heat transfer and
friction at the die-workpiece interface. The maximum strain, maximum load, forging work and final die fill
were considered as response variables. In this paper, no physical forging trials were used for comparison.

Compared to aluminum extrusion, steel extrusion is carried out at higher speed, at higher temperature
and with larger temperature gradients between the billet and the tools. The billet-container, billet-mandrel
and billet-die contact areas in glass-lubricated steel extrusion are all lubricated in different ways. It could,
therefore, be expected that the friction and heat transfer conditions are somewhat different, and it is of
interest to investigate the effects of changes in friction, temperature and heat transfer on each one of these
contact areas separately.

In the present study, a sensitivity analysis is carried out on an axisymmetric FE model of the extrusion
of tubes. The material that is extruded is Sandvik Sanicro 28 (UNS: N08028), an austenitic stainless steel
designed for service in highly corrosive conditions. The extrusion model is similar to a model developed in
Hansson and Fisk (2009). In Hansson and Fisk (2009), the initial billet temperature was calculated using
simulations of the process steps preceding extrusion. Forces from the extrusion model are compared with
data obtained from an experimental extrusion press for validation.

The aim of the sensitivity analysis is to study the influence of certain process parameters on the resulting
extrusion force. The parameters that affect the force and ones that do not have any significant impact will
be determined. This knowledge will be valuable for further work on extrusion simulation, where more effort
can be put into giving accurate values to the parameters that have a greater effect. Another important
objective is to evaluate whether it is possible to find empirical models for the extrusion force that show the
importance of the process parameters and their interactions. Such models could have a practical use in the
process development of extrusion.

Fifteen different process parameters, such as initial temperature, ram speed, friction and heat transfer
coefficients between the billet and the tools, are included in the sensitivity study. The initial peak force and
the extrusion forces at 300, 475 and 650 mm ram displacement are considered as responses. The relationship
between the parameters and the responses is established according to two different regression models; one
linear polynomial model and one model that includes interactions. Additional simulations are then carried
out to verify the regression models. The DOEs for the numerical experiments are created by fractional
factorial design using MODDE, a commercial software for DOE and optimization. In total, 107 extrusion
simulations are carried out within this study. All simulations are performed in the commercial FE software
MSC.Marc 2008r1.

2. Process description

The stainless steel billet is heated to the extrusion temperature in an induction furnace. During the
transfer to the extrusion chamber, the billet is coated with a thin layer of powdered glass. Glass powder is
also applied in the bore to assure good lubrication between the billet and the mandrel. Lubrication through
the die is provided by a thick disc of compacted glass, the glass-pad, which is positioned between the billet
and the die in the extrusion press. During extrusion, the glass-pad is pressed against the die by the hot metal.
The glass-pad will deform with the billet and melt progressively to surround the extrusion with a lubricating
glass film. The glass film provides very low friction and acts as a thermal barrier to prevent excessive heating
of the tools and rapid cooling of the billet. The use of molten glass as lubricant for extrusion of steel was
first introduced by Sejournet and the process is often referred to as the Ugine-Sejournet process. A detailed
description of the process and the glass lubrication can be found in Sejournet and Delcroix (1955).

As the ram starts to move, the billet upsets along the container walls and the mandrel. A peak in the
force that corresponds to the upsetting of the billet, and simultaneously, the entry of metal into the die
orifice, can be observed. After the initial peak, the material flow behavior is, more or less, steady-state.
When the billet has been extruded almost completely, the resistance to radial flow of the billet material
towards the center is high, and the load will, therefore, increase heavily. The extrusion stroke is stopped at
this point, and an unextruded discard is left behind.

The total extrusion force is a sum of the force necessary to make the material flow through the die and
the force required to overcome the friction between the billet surface and the tools. The detailed extrusion
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force curve is difficult to predict. It depends on complex interactions between different process variables
and the mechanical and thermal properties of the material. The major effects of the extrusion variables on
the extrusion force arise from their effect on the temperature of the billet and, hence, the flow stress of the
material. This is concluded in Hughes et al. (1974) which reports measurements of temperature gradients
during glass-lubricated steel extrusion. Some temperature-related factors that have to be taken into account
for calculations of the extrusion force are:

• heat loss to the tools

• heat gain that results from deformation

• heat generation due to friction between the billet and the tools

• heat conduction inside the billet and between the billet and the extrudate.

3. Finite element model

A finite element (FE) model for the extrusion of Sandvik Sanicro 28 tubes was developed in the com-
mercial FE software MSC.Marc 2008r1. The model shares many boundary conditions and initial conditions
with the extrusion model presented in Hansson and Fisk (2009). In Hansson and Fisk (2009), the entire
manufacturing chain, including induction heating, expansion, extrusion and cooling at the intermediate
transports, was simulated using FEM. The temperature field in the billet before extrusion in this model is
thus calculated based on the temperature evolution in the preceding process steps. Billet and tube geome-
tries used in the simulation are given in Table 1. The container diameter is 250 mm, and die and mandrel
geometries are chosen in accordance with the final tube dimensions.

The FE model is axisymmetric and consists of four node quadrilateral elements. The volumetric strain
in the element is assumed to be constant for von Mises plasticity to overcome volumetric locking. The
extrusion is performed in a coupled thermo-mechanical analysis, using the Lagrangian approach. Since
the deformations in the process are large, the elements get distorted, and continuous remeshing is needed
throughout the analysis. The material is extruded using a constant ram speed of 0.25m/s with the mandrel
moving at the same speed as the ram. Generation of heat due to plastic deformation in the material is taken
into account, as well as the heat generation due to friction. 95% of the plastic and 95% of the frictional
work is assumed to be converted into thermal energy.

All tools are assumed to be rigid bodies with a constant temperature of 400 ∘C. Melting of the glass-pad
is not taken into account in the model. The shape of the glass pad-die profile is constant and based on an
earlier experiment where cross-sections of stickers were studied, see Hansson (2006).

The FE model at the initial stage of the analysis is shown in Fig. 1. In this figure, the different tools
and contact areas can be identified.

Figure 1: Axisymmetric model of extrusion.

The lubricating glass film provides low friction and acts as a thermal barrier to prevent excessive heating
of the tools and rapid cooling of the billet. A contact heat transfer coefficient of 1500W/m2K and a Coulomb
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friction coefficient of 0.023 is used at all glass-lubricated contact areas in this context. The friction coefficient
and contact heat transfer coefficient between the billet and the ram are 0.35 and 2000W/m2K, respectively.

The material is modeled as elastic-plastic with isotropic hardening using the von Mises yield criterion.
The flow stress dependence on temperature, plastic strain and strain rate are tabulated in the FE code using
data from mechanical compression tests of Sandvik Sanicro 28. Stress-strain curves from these compression
tests can be found in Hansson and Fisk (2009). Temperatures between 800−1300 ∘C and strain rates between
0.01− 10 s−1 are included, and linear interpolation is used inside these domains. Outside the temperature,
strain and strain rate limits, the extreme values are used. Young’s modulus for Sandvik Sanicro 28 is
assumed to decrease linearly from 195GPa at 20 ∘C to 110GPa at 1300 ∘C.

Table 1: Billet and tube dimensions used in the simulation of Sandvik Sanicro 28 tube extrusion.

Billet Outer diameter [mm] 240
Inner diameter [mm] 112
Length [mm] 888

Extruded tube Outer diameter [mm] 142
Wall thickness [mm] 22.0

The simulated extrusion force curve is compared to experimental values in Fig. 2. The experimental
forces were recorded during extrusion of 14 tubes of Sandvik 353 MA (dimensions given in Table 1) in a
horizontal hydraulic press. As shown in Hansson and Fisk (2009), the hot strengths of Sandvik 353 MA and
Sandvik Sanicro 28 are similar, and the experiment is, therefore, assumed to be relevant in the validation of
the Sandvik Sanicro 28 simulation. As seen in Fig. 2 there is a good correlation between the model and the
experiment. This indicates that the boundary conditions and initial conditions of the model are sufficiently
accurate.
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Figure 2: Simulated extrusion force compared to the experimental force. In the extrusion simulation the initial temperature
field of the billet is calculated using FEM.

4. Sensitivity analysis

4.1. Regression models

The relationship between the factors and the responses in the sensitivity study was analyzed by calcu-
lation of a regression model using multiple linear regression (MLR). Two different regression models were
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used in this context: one linear polynomial model given in Eq. 1 and one model including interactions given
in Eq. 2. The goodness of fit was evaluated by R2 and the goodness of prediction by Q2 as described in
Eriksson et al. (2008).

y = �0 + �1x1 + �2x2 + ...+ � (1)

y = �0 + �1x1 + �2x2 + �12x1x2 + ...+ � (2)

4.2. Factors

Starting from the original extrusion model, described in section 3, 15 factors (model parameters) were
chosen for the sensitivity analysis. Ram speed, billet and tool temperatures, friction coefficients and heat
transfer coefficients were included. The effects of variations in the friction coefficient and the heat transfer
coefficient between the billet and the tools were evaluated for the different tools separately. The temperature
field in the billet before extrusion was assumed to be uniform, without temperature gradients, unlike the
model shown in section 3. This assumption was made in order to simplify the evaluation of the effect of
temperature.

In the analysis that includes interactions, only 9 factors were considered. These factors were chosen from
the result of the sensitivity analysis with the linear model. The factors and their variations in the sensitivity
analysis using the linear and interaction regression models are given in Table 2 and Table 3, respectively.

The variations were chosen with the aim to result in relatively small changes to the original extrusion
model. The low and high values of initial billet temperature, tool temperatures and ram speed are estimated
from variations that could occur during production in an extrusion press. The coefficient of friction at the
glass-lubricated contacts areas is varied between 0.015 − 0.03. This is consistent with Dieter et al. (2003),
where the Coulomb friction coefficient at glass-lubricated hot extrusion is given as 0.03 for stainless steels
and 0.02 for steels.

Table 2: Extrusion model parameters in the sensitivity analysis using the linear polynomial model.

Parameter Notation Range

Ram speed v 0.2− 0.3m/s
Initial temperature, billet T 1150− 1250 ∘C
Friction coefficient (Coulomb), billet-mandrel �m 0.015− 0.03
Friction coefficient (Coulomb), billet-container �c 0.015− 0.03
Friction coefficient (Coulomb), billet-glass pad �g 0.015− 0.03
Friction coefficient (Coulomb), billet-die �d 0.015− 0.03
Friction coefficient (Coulomb), billet-ram �r 0.3− 0.4
Temperature, mandrel Tm 300− 500 ∘C
Temperature, container Tc 300− 500 ∘C
Temperature, die Td 300− 500 ∘C
Temperature, ram Tr 300− 500 ∘C

Heat transfer coefficient, billet-mandrel ℎm 1000− 2000W/m2K

Heat transfer coefficient, billet-container ℎc 1000− 2000W/m2K

Heat transfer coefficient, billet-die ℎd 1000− 2000W/m2K

Heat transfer coefficient, billet-ram ℎr 1500− 2500W/m2K

4.3. Design of experiment

The DOE for the numerical experiments was created using the software MODDE, see Eriksson et al.
(2008). All simulations thereafter were run in MSC.Marc 2008r1. In order to reduce the number of runs,
fractional factorial design was employed. A full factorial DOE of 15 factors would lead to 215 simulations,
which is not practicable. Theories behind DOE and factorial design can be found in, for example, Myers
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Table 3: Extrusion model parameters in the sensitivity analysis using the interaction polynomial model.

Parameter Notation Range

Ram speed v 0.2− 0.3m/s
Initial temperature, billet T 1150− 1250 ∘C
Friction coefficient (Coulomb), billet-mandrel �m 0.015− 0.03
Friction coefficient (Coulomb), billet-container �c 0.015− 0.03
Friction coefficient (Coulomb), billet-glass pad �g 0.015− 0.03
Temperature, mandrel Tm 300− 500 ∘C
Temperature, container Tc 300− 500 ∘C

Heat transfer coefficient, billet-mandrel ℎm 1000− 2000W/m2K

Heat transfer coefficient, billet-container ℎc 1000− 2000W/m2K

and Montgomery (1995) and Eriksson et al. (2008). The geometric properties of the extrusion model are
kept constant during the sensitivity analysis. The material in all simulations is Sanicro 28. The temperature
and strain rate dependent flow stress model described in section 3 is used. The fractional factorial design
resulted in a DOE with 33 simulations for the linear model and 54 simulations for the interaction model.
The full DOEs are given in Table 4 and 5.

Table 4: Parameters used in the 33 simulations with the linear polynomial model. The DOE is constructed from the parameter
intervals given in Table 2 using fractional factorial design.

Simulation v T �m �c �g �d �r Tm Tc Td Tr ℎm ℎc ℎd ℎr

number [m/s] [∘C] [-] [-] [-] [-] [-] [∘C] [∘C] [∘C] [∘C] [ W
m2K

] [ W
m2K

] [ W
m2K

] [ W
m2K

]

1 0.2 1150 0.015 0.015 0.015 0.015 0.3 300 300 300 300 1000 1000 1000 1500
2 0.3 1150 0.015 0.015 0.015 0.03 0.3 300 500 500 300 2000 2000 2000 1500
3 0.2 1250 0.015 0.015 0.015 0.03 0.4 300 300 300 500 2000 2000 1000 2500
4 0.3 1250 0.015 0.015 0.015 0.015 0.4 300 500 500 500 1000 1000 2000 2500
5 0.2 1150 0.03 0.015 0.015 0.03 0.4 500 500 300 300 1000 1000 2000 2500
6 0.3 1150 0.03 0.015 0.015 0.015 0.4 500 300 500 300 2000 2000 1000 2500
7 0.2 1250 0.03 0.015 0.015 0.015 0.3 500 500 300 500 2000 2000 2000 1500
8 0.3 1250 0.03 0.015 0.015 0.03 0.3 500 300 500 500 1000 1000 1000 1500
9 0.2 1150 0.015 0.03 0.015 0.015 0.4 500 500 500 500 2000 1000 1000 1500
10 0.3 1150 0.015 0.03 0.015 0.03 0.4 500 300 300 500 1000 2000 2000 1500
11 0.2 1250 0.015 0.03 0.015 0.03 0.3 500 500 500 300 1000 2000 1000 2500
12 0.3 1250 0.015 0.03 0.015 0.015 0.3 500 300 300 300 2000 1000 2000 2500
13 0.2 1150 0.03 0.03 0.015 0.03 0.3 300 300 500 500 2000 1000 2000 2500
14 0.3 1150 0.03 0.03 0.015 0.015 0.3 300 500 300 500 1000 2000 1000 2500
15 0.2 1250 0.03 0.03 0.015 0.015 0.4 300 300 500 300 1000 2000 2000 1500
16 0.3 1250 0.03 0.03 0.015 0.03 0.4 300 500 300 300 2000 1000 1000 1500
17 0.2 1150 0.015 0.015 0.03 0.015 0.3 500 300 500 500 1000 2000 2000 2500
18 0.3 1150 0.015 0.015 0.03 0.03 0.3 500 500 300 500 2000 1000 1000 2500
19 0.2 1250 0.015 0.015 0.03 0.03 0.4 500 300 500 300 2000 1000 2000 1500
20 0.3 1250 0.015 0.015 0.03 0.015 0.4 500 500 300 300 1000 2000 1000 1500
21 0.2 1150 0.03 0.015 0.03 0.03 0.4 300 500 500 500 1000 2000 1000 1500
22 0.3 1150 0.03 0.015 0.03 0.015 0.4 300 300 300 500 2000 1000 2000 1500
23 0.2 1250 0.03 0.015 0.03 0.015 0.3 300 500 500 300 2000 1000 1000 2500
24 0.3 1250 0.03 0.015 0.03 0.03 0.3 300 300 300 300 1000 2000 2000 2500
25 0.2 1150 0.015 0.03 0.03 0.015 0.4 300 500 300 300 2000 2000 2000 2500
26 0.3 1150 0.015 0.03 0.03 0.03 0.4 300 300 500 300 1000 1000 1000 2500
27 0.2 1250 0.015 0.03 0.03 0.03 0.3 300 500 300 500 1000 1000 2000 1500
28 0.3 1250 0.015 0.03 0.03 0.015 0.3 300 300 500 500 2000 2000 1000 1500
29 0.2 1150 0.03 0.03 0.03 0.03 0.3 500 300 300 300 2000 2000 1000 1500
30 0.3 1150 0.03 0.03 0.03 0.015 0.3 500 500 500 300 1000 1000 2000 1500
31 0.2 1250 0.03 0.03 0.03 0.015 0.4 500 300 300 500 1000 1000 1000 2500
32 0.3 1250 0.03 0.03 0.03 0.03 0.4 500 500 500 500 2000 2000 2000 2500
33 0.25 1200 0.0225 0.0225 0.0225 0.0225 0.35 400 400 400 400 1500 1500 1500 2000

4.4. Response variables

The simulated extrusion force is the response variable that is considered in this study. The initial peak
force is of special interest since it is often the maximum force that limits the extrusion press. For some
combinations of initial and boundary conditions, however, the initial peak force may not be the maximum
extrusion force. It was, therefore, decided to include additional points on the extrusion force curve in the
analysis. Four different response variables were analyzed:

• initial peak force

• extrusion force at 300 mm ram displacement
6



Table 5: Parameters used in the 54 simulations with the interaction polynomial model. The DOE is constructed from the
parameter intervals given in Table 3 using fractional factorial design.

Simulation v T �m �c �g �d �r Tm Tc Td Tr ℎm ℎc ℎd ℎr

number [m/s] [∘C] [-] [-] [-] [-] [-] [∘C] [∘C] [∘C] [∘C] [ W
m2K

] [ W
m2K

] [ W
m2K

] [ W
m2K

]

1 0.2 1150 0.015 0.015 0.015 0.0225 0.35 300 300 400 400 1000 1000 1500 2000
2 0.3 1150 0.03 0.03 0.015 0.0225 0.35 300 300 400 400 1000 1000 1500 2000
3 0.3 1250 0.03 0.03 0.03 0.0225 0.35 300 300 400 400 1000 1000 1500 2000
4 0.2 1250 0.015 0.015 0.015 0.0225 0.35 500 300 400 400 1000 1000 1500 2000
5 0.3 1250 0.015 0.03 0.03 0.0225 0.35 500 300 400 400 1000 1000 1500 2000
6 0.2 1150 0.03 0.03 0.03 0.0225 0.35 500 300 400 400 1000 1000 1500 2000
7 0.2 1250 0.03 0.03 0.015 0.0225 0.35 300 500 400 400 1000 1000 1500 2000
8 0.3 1250 0.015 0.015 0.03 0.0225 0.35 300 500 400 400 1000 1000 1500 2000
9 0.2 1150 0.015 0.03 0.03 0.0225 0.35 300 500 400 400 1000 1000 1500 2000
10 0.3 1150 0.015 0.015 0.015 0.0225 0.35 500 500 400 400 1000 1000 1500 2000
11 0.3 1250 0.03 0.015 0.03 0.0225 0.35 500 500 400 400 1000 1000 1500 2000
12 0.2 1250 0.015 0.03 0.03 0.0225 0.35 500 500 400 400 1000 1000 1500 2000
13 0.3 1250 0.03 0.015 0.015 0.0225 0.35 300 300 400 400 2000 1000 1500 2000
14 0.2 1250 0.015 0.03 0.015 0.0225 0.35 300 300 400 400 2000 1000 1500 2000
15 0.2 1250 0.015 0.015 0.03 0.0225 0.35 300 300 400 400 2000 1000 1500 2000
16 0.2 1150 0.03 0.015 0.03 0.0225 0.35 300 300 400 400 2000 1000 1500 2000
17 0.3 1150 0.015 0.03 0.03 0.0225 0.35 300 300 400 400 2000 1000 1500 2000
18 0.2 1150 0.015 0.015 0.015 0.0225 0.35 500 300 400 400 2000 1000 1500 2000
19 0.3 1150 0.03 0.03 0.03 0.0225 0.35 500 300 400 400 2000 1000 1500 2000
20 0.2 1150 0.015 0.015 0.015 0.0225 0.35 300 500 400 400 2000 1000 1500 2000
21 0.3 1150 0.03 0.015 0.03 0.0225 0.35 300 500 400 400 2000 1000 1500 2000
22 0.2 1250 0.03 0.015 0.015 0.0225 0.35 500 500 400 400 2000 1000 1500 2000
23 0.3 1250 0.015 0.03 0.015 0.0225 0.35 500 500 400 400 2000 1000 1500 2000
24 0.2 1150 0.03 0.03 0.015 0.0225 0.35 500 500 400 400 2000 1000 1500 2000
25 0.3 1150 0.015 0.015 0.03 0.0225 0.35 500 500 400 400 2000 1000 1500 2000
26 0.2 1250 0.03 0.03 0.03 0.0225 0.35 500 500 400 400 2000 1000 1500 2000
27 0.2 1250 0.03 0.015 0.015 0.0225 0.35 300 300 400 400 1000 2000 1500 2000
28 0.3 1250 0.015 0.03 0.015 0.0225 0.35 300 300 400 400 1000 2000 1500 2000
29 0.3 1150 0.015 0.015 0.03 0.0225 0.35 300 300 400 400 1000 2000 1500 2000
30 0.2 1250 0.015 0.03 0.03 0.0225 0.35 300 300 400 400 1000 2000 1500 2000
31 0.3 1150 0.03 0.015 0.015 0.0225 0.35 500 300 400 400 1000 2000 1500 2000
32 0.2 1150 0.015 0.03 0.015 0.0225 0.35 500 300 400 400 1000 2000 1500 2000
33 0.2 1150 0.015 0.015 0.03 0.0225 0.35 500 300 400 400 1000 2000 1500 2000
34 0.2 1150 0.03 0.015 0.015 0.0225 0.35 300 500 400 400 1000 2000 1500 2000
35 0.3 1250 0.03 0.015 0.015 0.0225 0.35 300 500 400 400 1000 2000 1500 2000
36 0.2 1250 0.03 0.015 0.03 0.0225 0.35 300 500 400 400 1000 2000 1500 2000
37 0.2 1250 0.03 0.03 0.015 0.0225 0.35 500 500 400 400 1000 2000 1500 2000
38 0.3 1250 0.015 0.015 0.03 0.0225 0.35 500 500 400 400 1000 2000 1500 2000
39 0.3 1150 0.03 0.03 0.03 0.0225 0.35 500 500 400 400 1000 2000 1500 2000
40 0.2 1250 0.015 0.015 0.015 0.0225 0.35 300 300 400 400 2000 2000 1500 2000
41 0.3 1250 0.03 0.03 0.015 0.0225 0.35 300 300 400 400 2000 2000 1500 2000
42 0.2 1150 0.03 0.03 0.03 0.0225 0.35 300 300 400 400 2000 2000 1500 2000
43 0.3 1250 0.015 0.015 0.015 0.0225 0.35 500 300 400 400 2000 2000 1500 2000
44 0.2 1250 0.03 0.03 0.015 0.0225 0.35 500 300 400 400 2000 2000 1500 2000
45 0.3 1250 0.03 0.015 0.03 0.0225 0.35 500 300 400 400 2000 2000 1500 2000
46 0.3 1150 0.015 0.03 0.03 0.0225 0.35 500 300 400 400 2000 2000 1500 2000
47 0.3 1150 0.015 0.03 0.015 0.0225 0.35 300 500 400 400 2000 2000 1500 2000
48 0.2 1250 0.03 0.03 0.015 0.0225 0.35 300 500 400 400 2000 2000 1500 2000
49 0.2 1150 0.015 0.015 0.03 0.0225 0.35 300 500 400 400 2000 2000 1500 2000
50 0.3 1250 0.015 0.03 0.03 0.0225 0.35 300 500 400 400 2000 2000 1500 2000
51 0.3 1150 0.03 0.015 0.015 0.0225 0.35 500 500 400 400 2000 2000 1500 2000
52 0.2 1250 0.015 0.03 0.015 0.0225 0.35 500 500 400 400 2000 2000 1500 2000
53 0.2 1150 0.03 0.015 0.03 0.0225 0.35 500 500 400 400 2000 2000 1500 2000
54 0.25 1200 0.0225 0.0225 0.0225 0.0225 0.35 400 400 400 400 1500 1500 1500 2000

• extrusion force at 475 mm ram displacement

• extrusion force at 650 mm ram displacement

No response is evaluated at the transient stage at the end of the process.

4.5. Model validation

After the linear and interaction regression models were calculated, additional FE simulations were carried
out to investigate how these models fit to the new sets of parameters. The input parameters were randomly
generated within the intervals given in Table 2 using MATLAB. Twenty sets of randomly generated factors
were created. The simulations with input parameters are shown in Table 6.

5. Result and discussion

5.1. Linear model

The scaled and centered regression coefficients of the linear model for the initial peak force are given in
Figure 3. The uncertainty in the coefficients is given by confidence intervals. As can be seen in Figure 3,
there is a number of factors that are small and insignificant for this response. In Figure 4, the model has
been refined, and only the significant parameters are included.
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Table 6: Parameters used in the 20 validation simulations.
Simulation v T �m �c �g �d �r Tm Tc Td Tr ℎm ℎc ℎd ℎr

number [m/s] [∘C] [-] [-] [-] [-] [-] [∘C] [∘C] [∘C] [∘C] [ W
m2K

] [ W
m2K

] [ W
m2K

] [ W
m2K

]

1 0.26 1227 0.0158 0.0167 0.0277 0.0225 0.35 334 307 400 400 1313 1817 1500 2000
2 0.22 1209 0.0289 0.0200 0.0181 0.0225 0.35 373 495 400 400 1717 1643 1500 2000
3 0.28 1197 0.0185 0.0198 0.0268 0.0225 0.35 427 432 400 400 1538 1919 1500 2000
4 0.28 1183 0.0261 0.0216 0.0239 0.0225 0.35 323 364 400 400 1622 1895 1500 2000
5 0.30 1152 0.0167 0.0210 0.0165 0.0225 0.35 359 436 400 400 1980 1399 1500 2000
6 0.28 1163 0.0277 0.0185 0.0160 0.0225 0.35 366 415 400 400 1137 1868 1500 2000
7 0.23 1199 0.0215 0.0189 0.0297 0.0225 0.35 493 490 400 400 1452 1332 1500 2000
8 0.20 1167 0.0274 0.0247 0.0198 0.0225 0.35 305 371 400 400 1744 1299 1500 2000
9 0.22 1192 0.0280 0.0244 0.0158 0.0225 0.35 381 360 400 400 1152 1309 1500 2000
10 0.20 1194 0.0251 0.0273 0.0263 0.0225 0.35 333 410 400 400 1525 1919 1500 2000
11 0.24 1155 0.0295 0.0152 0.0233 0.0225 0.35 487 480 400 400 1618 1700 1500 2000
12 0.29 1195 0.0177 0.0243 0.0228 0.0225 0.35 373 455 400 400 1828 1318 1500 2000
13 0.26 1228 0.0155 0.0279 0.0252 0.0225 0.35 460 484 400 400 1388 1472 1500 2000
14 0.21 1243 0.0252 0.0246 0.0299 0.0225 0.35 400 386 400 400 1829 1117 1500 2000
15 0.26 1172 0.0210 0.0195 0.0245 0.0225 0.35 489 301 400 400 1817 1691 1500 2000
16 0.30 1157 0.0157 0.0261 0.0273 0.0225 0.35 352 441 400 400 1297 1082 1500 2000
17 0.29 1158 0.0261 0.0169 0.0217 0.0225 0.35 419 427 400 400 1533 1209 1500 2000
18 0.27 1174 0.0258 0.0210 0.0209 0.0225 0.35 382 330 400 400 1878 1022 1500 2000
19 0.29 1213 0.0160 0.0245 0.0263 0.0225 0.35 454 462 400 400 1543 1485 1500 2000
20 0.24 1213 0.0162 0.0232 0.0181 0.0225 0.35 354 358 400 400 1822 1412 1500 2000

Figure 3: Scaled and centered regression coefficients for the peak force using the linear model.

The scaled and centered regression coefficients reveal the real effects that the factors have on the response,
in this case the initial peak force. Initial billet temperature is the factor that has the strongest impact on
the initial peak force. The coefficient for billet temperature in Figure 4 is approximately -3.7 MN. This
means that if the billet temperature is raised from the standard condition to its high level (from 1200 ∘C to
1250 ∘C), while all other factors are kept at their standard condition, the initial peak force will decrease by
3.7 MN.

The second-most influential factor on the initial peak force is the friction coefficient between the billet
and the container. The contributions from the friction coefficient between the glass-pad and the billet, and
the mandrel and the billet, are also significant. It is noticeable that the initial peak force decreases if the
mandrel friction increases. This is probably due to heat generated by the friction between the mandrel and
the tube that is extruded. A low impact of the mandrel friction is expected since the mandrel moves together
with the ram and there is no relative movement between the billet and the mandrel inside the container.

The temperature, friction and heat transfer coefficients for the die and the ram were shown not to be
significant for any of the responses. A linear equation for the extrusion force can then be written as

F = �0 + �1v + �2T + �3�m + �4�c + �5�g + �6Tm + �7Tc + �8ℎm + �9ℎc (3)

where the coefficients �0 − �9 are given for each force response separately in Table 7.
As seen in Table 7, R2 and Q2 for all the models are close to their maximum value of 1. This indicates

that the models are very good and have great predictive power. R2 is a measure of how well the regression
model can be made to fit the data. An example of this is given in Fig. 5, where the predicted extrusion
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Figure 4: Scaled and centered regression coefficients for the peak force using the linear model (after model refinement).

Table 7: Coefficients from the linear polynomial model.

Fpeak F300 F475 F650

�0 104.25 94.95 88.23 81.55
�1 0 0 -8.46 -11.02
�2 -0.074 -0.068 -0.059 -0.052
�3 -69.96 0 18.51 29.14
�4 240.51 189.07 77.75 -16.77
�5 29.59 24.97 22.47 0
�6 0 0 -0.0013 -0.0019
�7 0 0 -0.0027 -0.0029
�8 0 0 0.00060 0.00073
�9 0 0.00053 0.0013 0.0018

R2 0.992 0.991 0.993 0.993

Q2 0.988 0.988 0.986 0.986

force at 475 mm ram displacement is compared to the observed force, in this case the simulation results.
The simulated forces are labeled with simulation numbers 1-33 from the DOE in Table 4.

The initial billet temperature is the factor that has the strongest impact on all the responses. However,
Table 7 shows that more parameters are significant for the response of the force at 300, 475 and 600 mm
ram displacement than for the initial peak force. As the extrusion process continues, the time-dependent
heat transfer coefficients at the mandrel and the container become more important for the force response.
The mandrel and container temperatures are also significant factors. The impact of the container friction
will decrease as the contact area between the billet and the container decreases in the process. The scaled
and centered regression coefficients for the extrusion force at 650 mm ram displacement can be seen in Fig.
6.

Ram speed is a significant parameter for the responses of the extrusion force at 475 mm and 650 mm.
As can be seen in Table 7 and Fig. 6, the ram speed gives a negative contribution to the force in these cases.
The reason for this is probably that higher speed results in higher strain rates, which leads to a temperature
rise due to the plastic deformation in the deformation zone.

The extrusion force curves for the simulations number 1, 10, 24 and 27 in Table 4 are given in Fig. 7.
The initial peak force and the forces at 300, 475 and 600 mm ram displacement that are calculated with
the regression models are shown as filled circles in the figure. These forces are calculated with Eq. 3 using
coefficients from Table 7. Fig. 7 illustrates that the extrusion force vs. ram displacement curve can have
different characteristics depending on the governing initial and boundary conditions.
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Figure 5: Predicted extrusion force at 475 mm ram displacement (line) using the linear polynomial model, compared to
observed force, i.e. simulation result (triangles). Each simulated force is labeled with a simulation number. Boundary and
initial conditions for the simulations are given in Table 4.

Figure 6: Scaled and centered regression coefficients for the extrusion force at 650 mm ram displacement using the linear model
(after model refinement).

5.2. Interaction polynomial model

The interaction model, including all significant parameters and significant interaction terms, can be
described by

F =0 + 1v + 2T + 3�m + 4�c + 5�g + 6Tm + 7Tc + 8ℎm + 9ℎc+

+ 10vTm + 11vTc + 12vℎm + 13vℎc + 14T�c + 15Tmℎm + 16Tcℎc

(4)

where the regression coefficients 0−16 are given for each force response separately in Table 8. The factors
that were shown to be insignificant using the linear model were excluded from this analysis. Those factors
were set to their standard values given in Table 5.

The measures R2 and Q2 are even better in the interaction models than in the linear models. The
excellent fit for the response of the extrusion force at 300 mm ram displacement is shown in Fig. 8

A number of interactions were shown to be significant, but all of the interaction terms are relatively
small. Examples of interactions are: T�c, vℎm, vℎc, Tmℎm and Tcℎc. The interaction between the tool
temperature and the heat transfer coefficient seems reasonable. These parameters will influence the loss of
heat from the billet to the tools. The interaction between heat transfer and ram speed is probably related
to the total process time which depends on the ram speed.
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Figure 7: Simulated extrusion force curves (line) for simulations number 1, 10, 24 and 27. Boundary and initial conditions for
the simulations are given in Table 4. The initial peak force and the forces at 300, 475 and 650 mm ram displacement (circles)
are calculated with the regression models.

The scaled and centered regression coefficients for the extrusion force at 650 mm ram displacement can
be seen in Fig. 9.

5.3. Model validation

As described in section 4.5, 20 additional simulations were carried out to validate the linear polynomial
model and the interaction polynomial model from the regression analyses. The parameters in these simula-
tions were randomly generated within the intervals given in Table 2. Random values were generated only for
those factors that were significant in the sensitivity analysis. The other factors were set to their standard
values. The results for the initial peak force and the extrusion force at 300 mm ram displacement are shown
in Figs. 10-11. The results for the responses of the extrusion force at 475 and 600 mm ram displacement
are given in Figs. 12-13.

The agreement between the model predictions and the simulation results are very good. This could
also be expected since the predictive power of the regression models, i.e. Q2, was shown to be good in the
previous analyses.

6. Conclusions

A sensitivity study has been performed on a FE model of glass-lubricated extrusion of stainless steel
tubes. The result from the study uncovers which of the included boundary and initial conditions are
most important for the response of the extrusion force. This is a valuable contribution for increasing the
understanding of this process.

The initial billet temperature is the factor that has the strongest impact on the extrusion force. Special
effort should be put into giving accurate initial condition for the billet temperature when modeling extrusion.
In industrial extrusion, it is important to control the heating before extrusion in order to achieve the desired
temperature in the billet.

The parameters that are significant for predicting the initial peak force in this case are the initial billet
temperature together with the coefficients of friction at the contact areas between billet-container, billet-
mandrel and billet-glass-pad. Process parameters, such as ram speed, container and mandrel temperature,
and contact heat transfer coefficient between billet-container and billet-mandrel, are important for predicting
the extrusion force later on in the process.
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Table 8: Coefficients from the interaction polynomial model.

Fpeak F300 F475 F650

0 79.76 79.41 81.35 76.52
1 3.03 -7.50 -6.20 2.57
2 -0.054 -0.053 -0.055 -0.053
3 -60.25 8.49 16.57 13.86
4 1359.33 946.08 293.54 -22.50
5 24.58 22.09 21.64 15.84
6 0 0 -0.0023 0.00078
7 0 -0.0045 -0.0023 0.0010
8 0 0.00014 0.0014 0.0021
9 0 0.00057 0.0031 0.0045
10 0 0.0082 0
11 0 0.014 0.011 0
12 0 0 -0.0023 -0.0024
13 0 0 -0.0042 -0.0071
14 -0.92 -0.63 -0.18 0
15 0 0 -6.84e-7 -1.70e-6
16 0 0 -1.84e-6 -2.60e-6

R2 0.999 0.999 1 0.997

Q2 0.999 0.998 0.999 0.994

Analyses have been performed using both a linear and an interaction polynomial regression model. The
goodness of prediction and goodness of fit are excellent for both models. The interaction model is, however,
much more complicated than the linear model and requires more simulations. The conclusion is that a linear
model is sufficient for the prediction of the extrusion force in this case.

The force response upon changes in the simulation parameters, within the ranges studied in this work,
is almost linear. Using the simplified models from regression analysis, it is easy to get a quick response of
how changes in initial and boundary conditions affect the extrusion force. To run one of the FE simulations
takes several hours in computational time. An interesting approach for further work would be to include
geometrical changes, i.e. billet and tube dimensions, among the factors in a new parametric FE study.

Acknowledgements

The financial support from the Swedish Knowledge Foundation, the Swedish Steel Producers’ Association
and Sandvik Materials Technology is gratefully acknowledged.

12



Figure 8: Predicted extrusion force at 300 mm ram displacement (line) using the interaction polynomial model, compared to
the observed force, i.e. simulation result (triangles). Each simulated force is labeled with a simulation number. Boundary and
initial conditions for the simulations are given in Table 5.

Figure 9: Scaled and centered regression coefficients for the extrusion force at 650 mm ram displacement using the interaction
model (after model refinement).
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(a) Linear model.
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Figure 10: Prediction of initial peak force using the linear model (a) and the interaction model (b) compared to simulation
results for the validation case.
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(a) Linear model.
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(b) Interaction model.

Figure 11: Prediction of the extrusion force at 300 mm ram displacement using the linear model (a) and the interaction model
(b) compared to simulation results for the validation case.
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Linear model prediction of extrusion force at
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 from simulation

(a) Linear model.
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(b) Interaction model.

Figure 12: Prediction of the extrusion force at 475 mm ram displacement using the linear model (a) and the interaction model
(b) compared to simulation results for the validation case.
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(a) Linear model.
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Figure 13: Prediction of the extrusion force at 650 mm ram displacement using the linear model (a) and the interaction model
(b) compared to simulation results for the validation case.
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