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Abstract 

Black liquor is an important by-product in the chemical kraft pulping process, which provides the 
paper mill with pulp. Due to both economical and environmental protection driving forces it is 
important to recover the pulping chemicals and energy contained in the black liquor. In the 
conventional recovery cycle, the energy is recovered as steam by combustion of the black liquor in a 
recovery boiler and the pulping chemicals are initially recovered as a smelt formed in the boiler. 

The recovery boiler has been serving the kraft pulping industry for many decades and continuous 
efforts have been made to improve its efficiency. However, despite these efforts the recovery boiler 
cycle still has a relatively low overall efficiency. A promising alternative recovery technology 
currently under development is Pressurized Entrained-flow High Temperature Black Liquor 
Gasification (PEHT-BLG). By introducing PEHT-BLG in the mill’s recovery cycle the flexibility in 
the energy and chemical recovery is greatly enhanced. The syngas obtained from the process can be 
used to generate electricity or be reformed into chemicals, e.g. bio-fuels for transportation. The 
sulfur species in the syngas can be converted to pure sulfur and thereby open up possibilities for 
alternative pulping methodologies 

Lack of demonstration of the reliability of the PEHT-BLG technology has delayed a large scale 
industrial implementation of the process. In order to remedy this situation and to obtain proof on 
reliability and deepen the insight in the PEHT-BLG process, a development plant (DP-1) has since 
late 2005 been operating periodically by the technology vendor Chemrec AB at the laboratory of 
Energy Technology Centre in Piteå, Sweden. In order to aid in future scale-up needs, the main 
objective of the applied research work presented in this thesis has been to develop a comprehensive 
CFD model of the black liquor conversion process for the PEHT-BLG reactor. In addition, work 
has also been performed in order to develop a suitable methodology for spray burner 
characterization. 

Different modelling approaches at different levels of complexity have been covered within the 
project. As a result, a comprehensive self-consistent CFD model for the PEHT-BLG reactor has 
been developed and compared against experimental data from the DP-1 plant. The model makes use 
of eight key assumptions in a ‘proximate analysis model’ for the translation of elements in the black 
liquor into a model black liquor composition. The model ensures elemental conservation and a 
consistent handling of the available chemical energy in the black liquor. 

Regarding the validation of the PEHT-BLG CFD reactor model, comparisons against experimental 
data obtained from the DP-1 have been made. Most of the obtained experimental and numerical 
simulation results had to be corrected and adjusted in order to make any comparisons since direct 
measurements are only available for temperatures via three thermocouples inside the reactor. The 
features of the PEHT-BLG CFD reactor model currently considered to be reasonably accurate are; 
the temperature predictions in the lower part of the reactor, reduction efficiency, carbon conversion 
for trend predictions, and the inorganic smelt composition. However, before a definite conclusion 
about the validity of the model can be drawn, more in-situ measurements from the inside of the 
reactor are necessary. When the current model is sufficiently validated it can be used as a tool in 
scale-up of the reactor. 

Regarding the spray characterization, an air-assisted T-jet nozzle was tested with water and a syrup-
water mixture to investigate the effect of viscosity on the nozzle performance. The number 
distribution and the lower order diameter statistics for the viscous syrup-water mixture shows that 
the small droplets actually decrease in size compared to water. This behavior may be explained by 
that a high viscosity allows ligaments and sheets to stretch further before break-up, thus yielding 
relatively small droplets. Furthermore, work was also performed in order to quantitatively investigate 
the spray characteristics from a coaxial gas-assisted atomizer under different operational conditions. 
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Preface 

A focused effort to finally commercialize high temperature Black Liquor Gasification (BLG) 
technology in the pulp and paper industry was started in 2004 when a consortium with nine partners 
joined forces to fund a 3-year research program (2004-2006) called the “BLG Program”. The 
partners were the Swedish Energy Agency, MISTRA, Vattenfall AB, Smurfit-Kappa kraftliner AB, 
SCA Packaging AB, Södra’s Research Foundation, Sveaskog AB, Chemrec AB, and County 
Administrative Board of Norrbotten. The program consisted of two parts: (1) construction of and 
large scale tests in a 20 ton DS/24h Chemrec type gasifier and (2) a focused research program aimed 
at removing obstacles for commercialization of the process. As one out of eight subprojects within 
the BLG research program, the current applied research work was carried out at the Energy 
Technology Centre (ETC) in Piteå, Sweden. 

Some of the projects within the BLG research program, including the present, have also had an 
active participation in the IEA (International Energy Agency) Annex XV collaboration between 
Swedish, US, Canadian and Finnish research groups concerning research in black liquor gasification. 
Representatives from the participating projects have met semi-annually to report on progress and 
discuss gaps and needs for further research. These meetings have provided a good overview of on-
going research in fields related to black liquor gasification worldwide. 
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1 Introduction 
In 2004, 360 million tonnes of different types of paper was produced worldwide and roughly shared 
evenly between Asia (34 %), Europe (30 %) and North America (29 %) as seen in Figure 1. For this 
amount of paper, 188 million tonnes of pulp was produced in addition to the recycled paper used. In 
Sweden, the paper production in 2004 was 11.6 million tonnes (12.1 tonnes of pulp) or 11 % of the 
total paper production in Europe (Skogsindustrierna 2006). The correspondingly total energy 
demand from the Swedish pulp and paper industry was 74 TWh, which corresponds to 18 % of the 
total Swedish energy balance in 2004. Hence, the pulp and paper industry play a major role in the 
energy system in Sweden. 

 

Paper production per continent 2004

Asia, 34%

Europe, 30%

North America, 
29%

Latin America, 
5%

Oceania, 1%

Africa, 1%

 
Figure 1. Continent shares of total paper production in the world 2004 (Skogsindustrierna 2006). 

 

Paper is made up out of extracted wood fibers via the use of pulp, which can be produced from 
different types of wood and different pulping technologies. The dominating process for pulp 
production worldwide is chemical kraft pulping, where in Sweden, almost half the amount of the 
produced pulp comes from chemical kraft pulping (Skogsindustrierna 2006). Other pulp producing 
processes use thermal and mechanical energy (sometimes in combination with chemical reactions) to 
extract the fibers from the wood. 

In chemical kraft pulping, wood chips are fed into a digester where white liquor, aqueous solution of 
Na2S and NaOH, flows through the digester and neutralizes the organic acids in the chemical matrix 
of the wood. This is done by the active HS- and OH- ions present in the white liquor. The lignin 
and other organic material, which contributes to about half of the mass of the wood, dissolves into 
the white liquor and thereby enable the wood fibers to form the pulp that is used in the papermaking 
process. The dissolved material; mainly cooking chemicals, lignin and hemicelluloses, exits the 
digester as weak black liquor having a solid content of approximately 15% by weight. The black 
liquor is an important by-product in kraft pulping and part in the energy and chemical recovery 
cycle of the kraft process (Figure 2). To raise the solid content in the black liquor coming from the 
digester, enabling combustion of the black liquor in a boiler, a sequence of evaporators are used to 
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generate concentrated black liquor with a solid content of 70-75% for a typical modern pulp mill 
(even up to 80 % in some cases). The concentrated black liquor consists of about 30% water, 30% 
valuable inorganic cooking chemicals and 40% lignin and other organic matter separated from the 
wood in the pulping process.  

 

Steam

Green liquor Black liquor

DIGESTER

EVAPORATORSCAUSTICIZING
PROCESS

Wood chips Pulp

Weak black liquorWhite liquor

KRAFT PULP MILL
RECOVERY CYCLE

RECOVERY
BOILER

Exhaust gasSteam

Green liquor Black liquor

DIGESTER

EVAPORATORSCAUSTICIZING
PROCESS

Wood chips Pulp

Weak black liquorWhite liquor

KRAFT PULP MILL
RECOVERY CYCLE

RECOVERY
BOILER

Exhaust gas

 
Figure 2. Schematic drawing of the conventional recovery cycle in the chemical kraft pulping process. 

 

The detailed elemental composition of the black liquor differs between different pulp mills 
depending on the feedstock and the process engineers’ preferences regarding cooking chemicals. 
However, for a Scandinavian kraft pulp mill a typical composition, obtained by standard chemical 
analysis (e.g. with ICP-AES and HR-ICP-MS), is presented in Table 1. 

 

Table 1. Elemental analysis in % weight of typical Scandinavian kraft black liquor solids (BLS). 

Element %wt
C 34.9
H 3.4
Na 19.4
S 5.0
K 2.1
Cl 0.1
O 35.1
Others 0.0  
 

Due to both economical and environmental protection driving forces it is important to recover the 
chemicals and energy from the black liquor using technology with high availability. The black liquor 
recovery cycle is, therefore, one of the key operations in a kraft pulp mill. In the conventional 
recovery cycle, the energy is recovered as steam by combustion of the black liquor in a recovery 
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boiler and the chemicals are recovered as a smelt from the boiler that is converted to new white 
liquor by a series of chemical reactions in the causticizing process. The different aspects of the 
chemical and energy recovery of black liquor are described in more detail below.  

1.1 Chemical recovery of black liquor 
One of two objectives with black liquor recovery in the kraft pulping process is to recover the 
inorganic cooking chemicals used to dissolve the wood fibers in the pulping digester of the mill. In 
addition to the environmental protection aspect of the chemical recovery needs, the cost associated 
with the cooking chemicals is of the same order of magnitude as the cost for the wood for a typical 
Scandinavian pulp mill. In the conventional technology, the cooking chemicals present in the black 
liquor are mainly recovered in the recovery boiler as Na2CO3 and Na2S contained in the so called 
smelt. The smelt is a molten (melting temperatures ~700-750 °C) mixture of cooking chemicals and 
a small amount of ash elements, originated from the wood, which remain after the thermal 
conversion of the black liquor. The smelt dissolves in water to form so called green liquor that needs 
to be of a certain quality in order to be used in the following regeneration of the active chemicals 
NaOH and Na2S via so called causticizing (i.e. conversion of carbonate CO3

2- to hydroxide OH-). A 
high quality green liquor in a modern kraft pulp mill is associated with high conversion of organic 
carbon, low content of sodium sulfate, and low dregs content. The green liquor is then converted by 
CaO in the causticizing process to a mixture of lime mud (CaCO3 particles) and white liquor, i.e. an 
aqueous solution of NaOH and Na2S. The lime mud is then filtered off and pure regenerated white 
liquor is obtained. To regenerate CaO, the lime mud is burned in a lime kiln (calcination). 

1.2 Energy recovery of black liquor 
In addition to the chemical recovery of the cooking chemicals, it is also important to efficiently 
recover the available energy in the black liquor. The higher heating value (HHV) of typical 
Scandinavian black liquor (typical elemental composition as in Table 1) is ~14 MJ/kg solids, which is 
about 1/3 of the energy content in crude oil (~44 MJ/kg). However, since the black liquor is a bio-
mass based fuel it is renewable and CO2 neutral. 

For Sweden and Finland, the two largest pulp producing countries in Europe, the black liquor share 
of the energy balance in 2003 was 5.7% or 35.3 TWh (Energy in Sweden 2004) and 9.9% or 42.1 
TWh (Energy review 2005) of the total energy consumption, respectively. Thus, increasing the 
energy efficiency in recovery technology would have a great impact on the energy balances and the 
production of ‘green’ energy in these countries. This will also be the case for other countries where 
the pulp and paper industry has a considerable size. 

1.3 Conventional recovery technology 
In modern conventional kraft pulping recovery, a steam boiler commonly known as Thomlinson 
recovery boiler is normally used. Here, the chemically bound energy in the black liquor is recovered 
through multi-stage air combustion that results in steam generation in the boiler tubes and heat 
exchanger. In Figure 3, a principle schematic drawing of a Thomlinson recovery boiler is shown. 
The black liquor is sprayed into the boiler via liquor guns in the lower part of the boiler. The spray 
nozzles are usually of splash plate type (Adams et al. 1997), which initially forms a liquid sheet of 
black liquor that disintegrates into ligaments and drops as it spreads into the boiler. The subsequent 
thermal conversion of the black liquor droplets being dispersed into the hot atmosphere of the 
recovery unit mainly involves drying, devolatilization (or pyrolysis) and char gasification (see Figure 
4). In the end of the conversion only an inorganic smelt remains (ideally). 
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Figure 3. Principle drawing of a Thomlinson recovery boiler (Adams et al. 1997). 

 

The available heat from combustion of black liquor in a recovery boiler is in form of steam generated 
in the boiler tubes, super heaters and economizer. However, a large part of the energy in the black 
liquor leaves the recovery boiler via the hot smelt and through the smoke stack as exhaust gases and 
as a low temperature steam originated from the evaporation of the water in the black liquor and 
from combustion of the hydrogen in the black liquor. 

 

 
Figure 4. Characteristic stages of thermal conversion of black liquor. 

1.4 Black liquor gasification 
The kraft recovery boiler has served the pulping industry for about 70 years and continuous efforts 
have been made to improve its efficiency. However, despite these efforts the boiler still has a 
relatively low efficiency for generation of electricity ~ 10% (Arakawa and Tran 2003) using steam 
turbine technologies and suffers from problems with explosion risk and fouling of heat exchangers. 
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In order to improve the recovery of black liquor, many alternative recovery technologies have been 
proposed (Whitty and Verrill 2004).  

Gasification of spent cellulose liquor as a conceptual technology was introduced as early as in the 
beginning of the 1950s (Whitney et al. 1951). During the late 1950s and early 1960s, much of the 
fundamental thermodynamic research on black liquor gasification was carried out, e.g. by Rosén 
(1962). This work was financed by the Swedish pulp and paper industry and led to the construction 
of a pilot plant in Sundsvall, Sweden, in 1968. The process was used for regeneration of spent sulfite 
cooking liquors, but significant efforts were made in order to use the technology to provide an 
incremental capacity in kraft mills (Whitty and Verrill 2004). The process was operated at low 
temperatures, below the melting point of the ash, and it became known as the SCA-Billerud process 
(Bergholm 1963). The development work on this process was discontinued, although one unit is still 
in operation (Rounsley 1995). In the 1970s, renewed interest in a gasification-based recovery process 
was shown that later led to the construction of a pilot plant based on a cyclone furnace connected to 
a boiler. In this case, operation above the melting point of the ash was desired (Holme 1985). 
Neither of the mentioned processes could show any dramatic improvement over the Tomlinson 
boiler in process operation or economy. However, recent developments in gasification of black 
liquor, for both low and high temperature, have once again renewed the interest of gasification-
based black liquor recovery. Low temperature gasification, e.g. as in (Rockvam 2001), is 
distinguished to be below the melting temperature of the smelt, i.e. ~700-750 ºC, and high 
temperature gasification (Whitty and Nilsson 2001, Brown et al. 2004) above the melting point 
(~1000 ºC). Regarding BLG at low temperature, two larger demonstration plants have been running 
for a couple of years at Georgia-Pacific’s mill in Big Island, Virginia, USA, and Norampac’s mill in 
Trenton, Canada. At Weyerhaeuser’s mill in New Bern, North Carolina, USA, a commercial 
atmospheric air-blown high temperature BLG booster plant has been operating since the end of 
1996. In comparing the gasification technologies currently under development, Larson et al. (2003), 
based on a theoretical study, conclude that the most promising alternative recovery technology 
currently under development is Pressurized Entrained-flow High Temperature black liquor 
gasification (PEHT-BLG). 

1.4.1 PEHT-BLG 

Pressurized Entrained-flow High Temperature Black Liquor Gasification (PEHT-BLG) is a novel 
technology, not yet commercialized, for use in the recovery of black liquor in kraft pulping in place 
for the recovery boiler. The recovery unit in the PEHT-BLG process mainly consists of (Figure 5): 

an entrained-flow gasifier (also referred to as ‘reactor’)  with a spray burner nozzle where fine 
black liquor droplets are directly gasified at about 1000 °C through reactions with sub-
stoichiometric amounts of oxygen added. A raw gas mainly consisting of H2, H2O, CO and 
CO2 is formed along with a smelt containing mainly Na2CO3 and Na2S; 

a quench cooler where the product gas and smelt are cooled and separated and the smelt is 
then dissolved in water forming green liquor; 

and a counter current condenser that cools the syngas and condenses water vapor and 
possibly volatile and tar species. The heat recovered from the gas is used to generate 
low/medium pressure steam that can be used in the pulp and paper process. 

The conversion process in PEHT-BLG is in principle the same as in the recovery boiler involving 
the stages shown in Figure 4. However, in comparison with the traditional recovery boiler where 
the black liquor is sprayed into the boiler as relatively large droplets (~2-5 mm), the twin fluid 
atomizer in the PEHT-BLG gasifier produces small droplets (~100-300 μm). In addition, PEHT-
BLG uses pure oxygen instead of air as oxidant. As a result of this the residence time can be much 
shorter than in recovery boilers and still result in complete carbon conversion. An important feature 
of PEHT-BLG is that more than half of the chemical energy content in the black liquor is 
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transformed to chemical energy in a syngas rich in H2 and CO, and not into heat as in the 
conventional technology. Other features of PEHT-BLG are that about half of the sulfur leaves the 
gasifier with the gas as H2S instead of with the liquid smelt phase and that the swelling of a black 
liquor droplet is suppressed due to the elevated pressure (Whitty 1997). 
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Figure 5. Schematic drawing of the PEHT-BLG process (Courtesy of Chemrec AB).  

 

By introducing PEHT-BLG in the mill’s recovery cycle the flexibility in the energy recovery is 
greatly enhanced as indicated in Figure 6. In addition to the steam obtained from the condenser, the 
produced syngas can be used to generate electricity or be reformed into chemicals, e.g. bio-fuels for 
transportation in form of methanol, dimethyl ether (DME) or Fisher-Tropsch fuels. 
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Figure 6. Kraft pulp mill recovery cycle showing the possibilities with integration of the PEHT-BLG 
process. 
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Regarding the reformation of the syngas to bio-fuels, Semelsberger et al. (2006) consider DME to 
have the largest potential impact on society compared to other leading alternative fuel candidates (i.e. 
methane, methanol, ethanol, and Fischer-Tropsch). Furthermore, the H2S in the syngas can be 
converted to pure sulfur and open up other pulping methodologies using poly-sulfides in the digester 
and thereby increase the yield of the produced pulp (Olm and Tormund 2004). Thus, more paper 
can be produced than would have been possible using conventional pulping from the same amount 
of wood. 

Advantages of PEHT-BLG 

In combination with a combined cycle power production, oxygen-blown PEHT-BLG has the 
potential to increase the amount of net electricity production by a factor of 2.7 compared with a 
conventional Tomlinson steam power cycle generating steam at 450 °C and 60 bar (Larson et al. 
2000). On average, the electricity generation in North American mills could be increased by a factor 
of four (Frederick 1999). However, for the latest High Efficiency Recovery Boilers (HERB) this 
factor is less than 2. An interesting alternative to the combined cycle application in PEHT-BLG is to 
enable production of renewable fuels for transportation from the produced syngas. To illustrate the 
potential it is worth mentioning that if all black liquor in Sweden was gasified and used to produce 
methanol it could replace nearly 30 % of the Swedish fossil fuel used for transportation (Ekbom et al. 
2003). 

The H2S in the syngas can be converted to pure sulfur and open up other pulping methodologies 
using poly-sulfides in the digester and thereby increase the yield of the produced pulp, e.g. using 
ZAP-cooking (Olm and Tormund 2004). Thus, more paper can be produced than would have been 
possible using conventional pulping from the same amount of wood. Furthermore, PEHT-BLG has 
a lower requirement for make-up chemicals compared to the recovery boiler and does not suffer 
from the risk of smelt explosions. 

Due to the high pressure, 28-30 bar, ~95 % of the sensible heat in the vaporized water from the 
black liquor is recovered at a useful temperature from the counter current condenser instead of being 
‘waste heat’ in the recovery boiler exhaust gases leaving via the stack. In addition, the product gas is 
delivered at a pressure close to that needed in gas turbines and chemical synthesis reactors, thus, 
reducing the need for compression of the product gas. Compression of the gas downstream would be 
more expensive since the gas volume to pressurize is much greater here than upstream from the 
gasifier. Furthermore, the produced syngas has negligible contamination by nitrogen or methane and 
high hydrogen content, which is beneficial in further refining of the syngas to ‘green’ fuels. 

Drawbacks of PEHT-BLG 

Drawbacks in the PEHT-BLG process are the material related problems concerning the ceramic 
lining in the reactor and materials in contact with the green liquor. The temperature of the green 
liquor in PEHT-BLG is much higher (~200ºC) than in traditional recovery boilers (~100 ºC), which 
thereby increases the material corrosion for the materials being in contact with the green liquor. 
Another important issue is the increase in causticizing load for PEHT-BLG. The reason for this is 
that the sulfur and sodium chemistry in the gasifier differs from the chemistry in the conventional 
kraft recovery boiler. In a gasifier, the sodium and sulfur is partly separated into different phases, i.e. 
as H2S in the gas and Na2CO3 and Na2S in smelt. Thus, sodium that was bound to sulfur as Na2S in a 
recovery boiler is now available to form sodium carbonate in the smelt. This leads to a larger 
production of sodium carbonate and thereby an increased causticizing demand in the recovery cycle. 
Regarding the new-investment cost for a full-scaled PEHT-BLG unit, this is estimated to be slightly 
higher than for a new conventional recovery boiler (Warnqvist et al. 2000). 
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PEHT-BLG development 

After obtaining proof of concept for atmospheric entrained-flow high temperature black liquor 
gasification in a pilot plant (3 tonnes DS/24h, 0.5 MWth) built in 1987 in Hofors, Sweden, 
Chemerec AB constructed a commercial booster demonstration plant (75 tonnes DS/24h, 11 MWth) 
in Frövi, Sweden 1991. Five years later, a similar air-blown booster (330 tonnes DS/24h, 48 MWth) 
was started up by Chemrec AB in a Weyerhaeuser pulp mill in New Bern, North Carolina, USA. 
The only unit being active today is the New Bern booster (Brown et al. 2004). In conjunction with 
the development efforts in atmospheric booster technology for high temperature BLG, Chemrec 
began the development of PEHT-BLG technology. In 1994, an air-blown 15 bar PEHT-BLG pilot 
plant (6 tonnes DS/24h, 1 MWth) was started in Skoghall, Sweden. This plant was rebuilt in 1997 to 
an oxygen-blown system with increased capacity (10 tonnes DS/24h, 1.5 MWth). After three years of 
operation with the oxygen-blown concept (Whitty and Nilsson 2001) the pilot plant was shut down. 

Still today, lack of demonstration of the reliability of the current novel technology has delayed a 
large scale industrial implementation of the process. However, to obtain proof on reliability and 
deepen the insight in the PEHT-BLG process, a development (pilot) gasifier named DP-1 with a 
capacity of 20 ton dry solids/24h has been running periodically since late 2005 at the laboratory of 
Energy Technology Centre in Piteå, Sweden. One of the most critical aspects to consider in the 
plant is the burner design since it is believed that the reactor performance in the PEHT-BLG process 
is highly dependent on the burner functionality. This is based on the fact that the process has 
relatively short residence times for the sprayed black liquor during conversion in the gasifier and 
efficient atomization is needed for an acceptable carbon conversion. However, too fine atomization 
from the burner nozzle may result in problems with clarification of the resulting green liquor later in 
the chemical recovery cycle. Therefore, accurate data on drop size distributions from burner nozzles 
and detailed process simulations of the reactor performance are of great importance for enabling 
commercialization of PEHT-BLG. 

A commercial scale gasifier would have to have a capacity that is at least 15 times larger than the 
current DP-1 design to be profitable. Thus, it should be able to gasify at least 15 % of the black 
liquor production of an intermediate sized pulp mill producing ~2000 tonnes black liquor dry 
soild/24h. An important tool for reduction of the technical risk associated with the scale up to 
commercial scale is a reliable CFD model. For this reason, a comprehensive self-consistent CFD 
model for the PEHT-BLG reactor has been developed, partially verified and validated for use in 
future reactor scale-up. 

1.5 Thesis objectives 
The main objective of the applied research work presented in this thesis has been to develop a 
comprehensive CFD reactor model of the thermal black liquor conversion process for the novel 
technology of Pressurized Entrained-flow High Temperature Black Liquor Gasification (PEHT-
BLG). The model should be based on best available experimental data considering the current 
process, implemented in commercial CFD software in order to make use of already existing models 
for fluid flow and heat transfer, and validated against experimental data obtained from the 
development plant DP-1. 

The performance of the PEHT-BLG process is highly dependent on the spray burner. Therefore, 
the current work has also been aimed to develop a suitable methodology for studies on spray burner 
characteristics. Furthermore, the CFD model is dependent on accurate boundary conditions where 
one of the most important unknown quantities is the spray characteristics. Hence, the methodology 
will be useful in providing input to the developed PEHT-BLG CFD reactor model. 
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1.6 Structure of thesis 
This thesis is mainly based on the work carried out in the appended Papers at the end. Short 
descriptions of the contribution of the author in each of the appended Papers are presented in the 
beginning of the thesis, preceding the acknowledgement.  

In chapter two, the work on the numerical modeling is covered including relevant literature 
overviews and discussions related to the used models. Following in chapter three, is a presentation of 
the performed sensitivity analysis for determination of the relative importance of the uncertainties in 
some of the physicochemical model parameters and main ‘proximate analysis model’ parameters with 
respect to defined reactor performance parameters. Chapter three also includes the results and 
conclusions for this part of the work. In chapter four, the experimental methods that were used 
within the work of this thesis, either directly or indirectly, are presented. Chapter five presents the 
main results and related discussions of the performed work on both the numerical modeling 
(excluding the results from the sensitivity analysis) and spray characterization. Finally, chapter six and 
seven concludes the work and give recommendations for future work, respectively. 
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2 Numerical modeling 
It is always possible to improve and to optimize an existing process either via experiments or 
simulations. As experimentation is much more expensive than computation the latter is often used to 
achieve improvements. However, since there is no valid theory without experiments, experiments 
must be made in combination with simulations in order to achieve acceptable predictions from the 
numerical modeling. 

2.1 Computational fluid dynamics 
Simulations of technical processes involving fluid flows, hereafter named Computational Fluid 
Dynamics or abbreviated as CFD, have been used extensively since the 40s. However, due to 
limitations with CPU power only very idealized simulation were possible for several decades (von 
Neumann and Richtmyer 1950). The rapid increase in computational power during the last 10-15 
years has made it possible to perform advanced CFD simulations with detailed models on an ordinary 
modern desk computer. This provides a powerful tool for improved understanding and design 
optimization of complex processes such as Pressurized High Temperature Black Liquor Gasification 
(PEHT-BLG). Since there is a strong need for demonstration of the process reliability and robustness 
in order to enable commercialization of PEHT-BLG, accurate CFD models of the process are of 
great importance. The models can deepen the insight in the process and be used to educate operators 
for an optimal operation of the process. 

2.1.1 CFD Modeling of black liquor conversion 

CFD models for the conventional recovery boiler process are already available as a tool in research 
and development (Blasiak et al. 1997, Mueller et al. 2002, Wessel et al. 1997) or as a commercial 
design tool (Salcudean and Yuan 2003, Saviharju et al. 2004). These models all have the same 
modeling approach as the current model concerning the two-phase formulation (see section 2.4.4). 
However, since the process in the recovery boiler differs significantly from the process in PEHT-
BLG these models are not directly adaptable to the latter process. The main differences in PEHT-
BLG compared to the recovery boiler besides the physical furnace geometry can be found in the 
smaller droplet distribution with associated higher heating rates, different swelling behavior and the 
absence of a char bed. Modeling details for the recovery boiler CFD models by Blasiak et al. (1997), 
Mueller et al. (2002), and Wessel et al. (1997) are briefly reviewed below. 

Blasiak et al. (1997) developed a CFD model for the black liquor combustion process in a recovery 
boiler based on the commercial CFD software STAR-CD. The model includes turbulent gas phase 
combustion according to the EBU model (Magnusssen and Hjertager 1976) via the use of the 
standard k-ε turbulence model and a three-step combustion mechanism for oxidation of CH4, CO, 
and H2 by O2. The black liquor conversion is modeled by drying, devolatilization, and char 
gasification including swelling following Frederick and Hupa (1993) but no smelt formation reaction 
is considered. 

Mueller et al. (2002) have developed a CFD based recovery boiler model at Åbo Academy (ÅA) and 
has incorporated it in the Fluent CFD package. This model includes all the features implemented in 
the model by Blasiak et al. (1997) with the addition of the combustion mechanism by Jones and 
Lindstedt (1988) and smelt formation reactions (sulfate-sulfide cycle). Furthermore, a simple model 
for the release of vaporized sodium is also included. The model is based on large single droplet 
experiments performed at ÅA in a thermo-gravimetric reactor. The current research focus in this 
group concerns mainly char bed modeling (Bergroth et al. 2004) and depositions on cooled walls 
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(Mueller et al. 2003). In the latter work, the ÅA recovery boiler model was applied for a PEHT-
BLG type of gasifier with cooled walls to predict the thickness of the solidified smelt layer on the 
wall.  

The CFD recovery boiler model proposed by Wessel et al. (1997) is based on an in-house code at 
Babcock & Wilcox and is similar to that by Mueller et al. (2002) with main difference found in the 
use of an alternative combustion scheme leaving out the water-gas shift reaction. Furthermore, the 
current model includes a simple model for combustion of particles ending up on the boiler tube wall. 
Recent work within this group has mainly been focusing on fume predictions (Verrill and Wessel 
1998) and depositions in recovery boilers (Wessel and Baxter 2003). 

In order to develop a realistic model for the reactor in PEHT-BLG to be used in scale-up, 
experimental data on the conversion characteristics under these conditions is needed. Unfortunately, 
the amount of such data is limited. The only known experimental unit suitable for such studies is a 
pressurized laminar entrained-flow reactor situated in the laboratory of the Chemical Recovery 
group at the Institute of Paper Science and Technology (IPST) in Atlanta, Georgia (USA) 
(Sinquefield et al. 2001). 

2.1.2 The CFD model paradigm 

In common English; verification, validation, and confirmation are all synonyms but as technical 
terms in the field of numerical calculations they have a more context-specific meaning. Roache 
(1997) adopted the descriptions of verification as “solving the equations right” and validation as 
“solving the right equations”. This can be illustrated by what is called the CFD paradigm shown in 
Figure 7. 
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Figure 7. Illustration of the CFD paradigm showing the coupling between experimental observations, 
numerical verification and model validation. 

 

Based on reality, i.e. real experiments, conceptual (mathematical) models are developed as an 
approximation of reality. Based on these conceptual models, numerical models are needed in order 
to obtain approximate solutions for the conceptual and most often non-linear partial equations. For 
engineers and scientists validation of the developed models has the highest priority because the reality 
is the final jury on the validity of the models. However, before any validation attempt is made a 
verification of the numerical model (code) should have been performed to prove that the numerical 
model is a good approximation of the underlying mathematical model. This will ensure that, in the 
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validation of the developed conceptual models, the numerical models reflect the ‘true’ picture 
originally developed in the conceptual model based on reality.  

2.2 Modeling strategy 
Gasification of black liquor, e.g. using PEHT-BLG, is a complex process. The liquor is composed of 
a number of different substances and the composition may vary between liquors originating from 
different mills and even for black liquor from a single process. When a black liquor droplet is gasified 
it loses its moisture, volatile matter, and remaining organic material to produce combustible gases 
mainly via three stages of conversion (see Figure 4): Drying, devolatilization and char gasification.  

In the drying stage, the black liquor droplet dries and loses its moisture. The rate at which the 
material dry is controlled by the heat transfer to the droplet, thus the droplets will dry faster at higher 
heating rates. Then the droplet undergoes a devolatilization stage where the organic matter in the 
liquor degrades, forming various gaseous compounds from volatile substances. The rate at which the 
gases are formed during devolatilization is controlled by devolatilization kinetics where Frederick 
(1990) has found that a low content of internal oxygen will increase the time for devolatilization. 
The resulting gases from devolatilization are mainly H2, CO, CO2, H2O, CH4, H2S, COS and some 
heavier hydrocarbons. The result is a swollen porous char particle that contains about 25% non-
volatile organic carbon and about 75% inorganic salts (Na2CO3, Na2S, Na2SO4 and corresponding 
potassium salts) mainly in solid form up to a temperature of 730-750 °C. After devolatilization the 
droplet volume may have increased by as much as 30 times the original volume for black liquors 
coming from a kraft mill. For black liquors coming from a sulfite mill the swelling is much less 
(Forssén et al. 2000). An elevated ambient pressure will also reduce the swelling of a black liquor 
droplet (Whitty 1997). The morphological changes of a black liquor droplet (swelling porous 
particle) during the conversion stages lead to changes in both the heat transfer and aerodynamic 
properties of the droplets. 

The final stage is char conversion and smelt formation, during which the organic constituents in the 
char particle react with the gas phase and sodium sulfate in the smelt forming gaseous species. At the 
end of the char conversion stage the droplet (particle) is depleted of coal and collapse to a small 
droplet of smelt that consists, in the ideal case, only of inorganic material mainly of Na2S and 
Na2CO3 (and small amounts of Na2SO4 and NaCl) in ionized form as an-ions and cat-ions.  

Due to the complexity, some level of simplification in the modeling strategy needs to be made in 
order to develop a CFD model for PEHT-BLG. 

2.2.1 Chemically inert flow 

In the development of conceptual models for a droplet conversion process based on experimental 
observations, the use of CFD can be of great help initially. This can be in form of predicting particle 
residence times in lab-scale reactors (e.g. the IPST-PEFR described in section 4.1.1) for determining 
the conversion kinetics. In this case, restricted chemically inert modeling of the fluid dynamics of 
inert particles in gases may be appropriate. Here, only the momentum and heat exchange between 
the particles and the gas phase is considered excluding the mass transfer between the phases and the 
morphological change of the particle due to heating. Despite the simplifications, the information 
given by this modeling approach is valuable in determining the chemical conversion kinetics found 
in experiments. As models based on the experiments become available, these can be used in a refined 
model approach to improve the model predictions and thereafter update the experimentally obtained 
models.  

2.2.2 Coarse approximation 

For conceptual designs of the spray burner in the PEHT-BLG reactor, a simplified model is 
proposed in Paper I. Instead of modeling droplets in detail generating gas via gasification in the 



Numerical modeling 

 14 

reactor, sources were placed in a prescribed volume where the conversion of the black liquor 
droplets (mainly drying and pyrolysis) was assumed to occur. Source terms for the energy and 
momentum equations, consistent with the mass source distribution, were derived from the 
corresponding control volume equations. Here, a symmetric outflow of gas from the droplets and a 
uniform degree of conversion of reactive components in the droplets were assumed. The resulting 
model has been implemented in the commercial finite volume code CFX4.4 (Ansys Europe Ltd. 
2004) through customized subroutines. The advantages with this simple model are that no detailed 
information about the kinetic behavior of the fuel is necessary and that it is numerically well 
behaved. The disadvantage is that the parameters controlling the distributed sources are difficult to 
specify according to the real condition and can only be roughly estimated. 

2.2.3 Refined modeling 

By using the proposed chemically inert or coarse approximate models above, the obtained qualitative 
information on the fluid dynamics in a PEHT-BLG reactor may be useful in conceptual design 
related issues; provided that the assumptions concerning the droplet gasification process in the coarse 
approximate model are close to the actual case. However, for scale-up methods more comprehensive 
modeling is needed in order to provide reliable quantitative information. The refined modeling 
within this work has, at different successive levels of complexity (Paper II-IV), been implemented in 
the commercial CFX4.4 software through the use of subroutines. Discrete droplets are tracked 
through the domain by integration of the droplet momentum equation. As the droplets are tracked 
through the gasifier they exchange momentum, mass and heat with the gas phase and generate 
sources to the gas phase according to the particle source in cell description (Kuo 1986), similar as in 
e.g. Liu et al. (2001) for coal gasification. 

 

 
Figure 8. Flow chart of the refined PEHT-BLG modeling strategy used in this work. 
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 A flow chart of the proposed refined model of the PEHT-BLG process is presented in Figure 8. 
The dashed box at the top, representing the pre-processing steps, indicates the important work 
needed prior to specifying the inputs to the CFD solver. A general step in all CFD modeling work is 
that the geometry must be specified and discretized into a set of control volumes (mesh). It is also 
necessary to specify the spray characteristics in terms of droplet distribution parameters. Another 
important pre-processing step, which is rarely considered in detail, is the proximate analysis modeling 
that leads to the definition of an idealized model black liquor composition and corresponding heat of 
formation of the modeled species. This step, about translation of chemical analysis data and 
thermodynamic data into model information, must be consistent with known experimental data. 

After the inputs to the CFD solver have been obtained the solution of the resulting system of 
equations is initiated. To obtain a solution a multi-step solution approach is adapted as seen in the 
dashed CFD solver box in Figure 8. This approach can be done in many different ways depending 
on the needs for numerical treatments improving convergence, e.g. as described in Paper III. For 
most of the performed simulations the following strategy has been adopted. 

First, a solution to an isothermal two phase flow is obtained. Then, a solution is found for the case of 
including drying, devolatilization and char gasification for a simplified gas phase combustion 
mechanism. In order to get the black liquor to ignite and create a stable flame initially in the iterative 
solution procedure (without necessarily having an initial flame specified) the black liquor is initially 
forced to devolatilize and the gas to be reactive at low temperatures (i.e. only mixing controlled 
combustion). Finally, the radiation field is also solved for and the full droplet conversion model and 
the complete combustion reaction mechanism are included. After the final solution is obtained the 
results can be post-processed. 

2.3 Proximate analysis model 
This proximate analysis model, used in the refined modeling concept, is also described in Paper III 
and IV and deals with the translation of chemical analysis data and thermodynamic data into model 
information. 

 

Table 2. Gaseous and liquid species considered in the present model. Some of the species are present in 
the virgin black liquor and some are formed during the conversion. The weight and mole fractions in the 
specified example composition are consistent with the idealized BLS elemental composition. 

Specie %wt %mole Proximate matter
H2O 24.80 34.61 Moisture 

H2S 2.02 1.49 Volatile matter
CO 15.70 14.09 Volatile matter
CO2 3.08 1.76 Volatile matter

H2 0.56 6.94 Volatile matter

CH4 7.58 11.88 Volatile matter
C 9.87 20.65 Char in smelt
Na2SO4 4.20 0.74 Smelt

Na2S 2.31 0.74 Smelt

Na2CO3 29.87 7.08 Smelt  
 

For a kraft pulp mill, a typical elemental composition of black liquor solids (BLS) obtained by 
standard chemical analysis is presented in Table 1. Based on this elemental analysis the relatively small 
amount of chlorine in BLS can be neglected from the current modeling point of view since this is 
only important for the eutectic properties of the resulting smelt and for the aspect of corrosion. 
Moreover, the elemental potassium can be incorporated in the elemental sodium since these two 
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alkali elements have approximately the same behavior in the recovery process. The composition of 
the idealized model black liquor solids can thus be written as Na8.7C30.2H37.0S1.4O22.7 , (in moles) for 
the BLS in Table 1. However, the elements in the model BLS need to be distributed into a 
consistent amount of compounds in the gas, solid, and liquid phases that are treated by the CFD 
model. This needs to be done in a physicochemical consistent way conserving mass and energy. 

The composition of the idealized black liquor is assumed to consist of water solvent, volatile matter, 
fixed carbon in the char, and inorganic cooking chemicals that will form a smelt after complete 
conversion. The species that are assumed to make up each of these fractions are given in Table 2. 

The distribution of the various elements in the virgin BLS along with the solvent water is 
determined by conservation of elements and eight key assumptions. These assumptions are based 
upon available relevant experimental data and estimates based on equilibrium analysis: 

1. The solvent water in a black liquor droplet (moisture) evaporates when the droplet 
temperature reaches the boiling point (dependent of reactor pressure and dry solids content) 
at a rate proportional to the heat transfer rate to the droplet surface. 

2. A known fraction of the total sulfur in the black liquor is released as H2S during 
devolatilization. At present this fraction is assumed to be 50%, which is based upon 
experience from pilot gasifier tests (Whitty and Nilsson 2001). 

3. The remaining sulfur is assumed to be present in the form of sodium sulfide and sodium 
sulfate at a known mole ratio. The parameter describing this initial concentration ratio of 
Na2S and Na2SO4 in the black liquor char is set to be 1:1 in the base case. This value is 
uncertain and may vary considerably in reality Sricharoenchaikul et al. (1997). The remaining 
sodium, when all the sodium bound to sulfur is accounted for, is then assumed to form 
sodium carbonate. This is based on the fact that carbonate has been shown to be the main 
final decomposition product of the various organic sodium compounds in the black liquor 
(Adams et al. 1997). 

4. During devolatilization, a known fraction of the total carbon in the black liquor is released as 
different gaseous compounds. The fraction of carbon in the black liquor that goes into these 
compounds is assumed to be 50%, which is based upon small scale experiments (Whitty 
1997). In the current model the carbon containing gases are assumed to be CO, CO2, and 
CH4. 

5. The total amount of CO and CO2 in the volatile gases depends upon the available oxygen 
chemically bound in the virgin black liquor still left after formation of the oxygen containing 
components described in step 3 above. A mole ratio for [CO]/[CO2] has to be defined. At 
present, this mole ratio is assumed to be 8, which is in reasonable agreement with 
experimental work on devolatilization for kraft black liquor (Sricharoenchaikul et al. 1998). 

6. The remaining part of the volatile carbon in the black liquor is then assumed to form CH4. 
The definition of the amount of methane in the volatile gases is a consequence of the earlier 
assumptions regarding the fraction of volatile carbon and the assumption about the carbon 
containing gases being CO, CO2 and CH4. 

7. The remaining hydrogen in the system after the steps above is assumed to be released as H2. 

8. Finally, the remaining carbon is modeled as char carbon that eventually will be converted to 
CO and CO2 through gasification reactions at the droplet surface as described below. 

These eight assumptions guarantee that the elements from the model black liquor are conserved and 
that the gas and smelt composition produced by the gasification reactions is in reasonable agreement 
with experimental observations. Note, that H2O is not modeled as volatile matter but only as 
evaporated moisture during drying even though H2O is formed in small amounts during 
devolatilization. However, since drying and devolatilization occurs very rapidly (~10-1 s) and the 
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composition of the volatile gases will only be slightly altered, this simplification is considered to be 
acceptable. 

The heat needed for the decomposition of the BLS into volatile matter, char and smelt according to 
the description above is based on the experimentally determined higher heating value (HHV) from 
calorimetric combustion. The model involves three processes that must be matched to the 
experimental HHV: 

I. Complete (stoichiometric) combustion of the model BLS pure elements. The exothermic 
heat of reaction for this can be calculated from thermodynamic data. This value is much 
higher than the HHV of the BLS since the exothermic heat is generated from pure elements. 
In reality, several intermediate species have already formed and the associated heat of reaction 
is lost. 

II. Distribution of the model BLS elements into the compounds described in the previous 
section. The exothermic heat of reaction associated with these reactions can also be calculated 
from thermodynamic data. 

III. Heat from devolatilization. When the heat in II is subtracted from the heat in I there is still a 
difference when compared with the HHV. This heat is assumed to come from the reactions 
associated with devolatilization that forms char from the original BLS. 

Hence, depending on the thermal input (i.e. HHV and BLS load), the heat from the modeled 
devolatilization balances the enthalpy of the system consistently with the decomposition model of 
BLS into volatile matter, black liquor char and smelt. 

2.4 Fluid dynamics 
The refined modeling of the turbulent two-phase flow of gases and black liquor droplets in the 
PEHT-BLG reactor are based on an Eulerian-Lagrangian formulation (Crowe et al. 1998). 

2.4.1 Governing equations for the continuous phase 

Based on Eulerian formulation and by using Reynolds decomposition and ensemble averaging the 
governing RANS equations for the continuous turbulent gas phase are derived (Pope 2001). These 
are the continuity equation for the mean flow, continuity equation for the turbulent field, mean 
momentum equations, and mean energy equation. In Cartesian notation, these are respectively given 
by 
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The mean momentum tensor equation (3) can be rewritten as 
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The last term in the stress tensor (7) is called the Reynolds stress tensor (τij) and herein lays the 
fundamental problem of turbulence for the engineer using the RANS approach. In order to 
compute all mean-flow properties of the turbulent flow under consideration, a model is needed for 
computing this term. 

2.4.2 k-εεεε turbulence model with wall functions 

By far, the most commonly used model to handle the Reynolds stress tensor (7) for practical 
applications is the k-ε turbulence model (Wilcox 1993). This two-equation turbulence model has 
several drawbacks but is almost an industry standard and still found to perform as well as more 
physically realistic turbulence models in some practical simulations. However, since the focus of the 
thesis work is on the conceptual conversion modeling in PEHT-BLG, this model was judged to be 
sufficiently advanced for the purpose of this work. In future work, when the conversion modeling 
becomes sufficiently validated, efforts will be made to implement a RANS based turbulence model, 
e.g. Reynolds-Stress Transport Model. Below follows a brief description of the used standard k-ε 
turbulence model (Wilcox 1993). 

By combination of the mean (capital letters) and fluctuating (primed low case letters) components of 
the untransformed Navier-Stokes equations one ends up with the Reynolds-stress equation 
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where τij is the Reynolds-stress tensor and 
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Now, by performing a number of steps; i.e. taking the trace of equation (8), defining the turbulent 
kinetic energy k and dissipation ε, using the Boussinesq eddy-viscosity approximation 
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where the turbulent (eddy) viscosity is given by 
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and other approximations (Wilcox 1993), a closed system of the RANS equations is obtained via the 
equations for k and ε: 
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and the corresponding closure constants 
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Close to walls, the normal gradients in some flow variables become large and a large number of mesh 
points are needed to resolve these gradients. Furthermore, as the wall is approached, turbulent 
fluctuations are suppressed and eventually viscous effects, that were ignored in the derivation of the k 
and ε equations, become important (viscous sub-layer). Due to this modified turbulent structure the 
derived k-ε model above is only valid some distance away from walls. Thus, special wall modeling 
procedures are required to deal with this problem.  

The most commonly used procedure in industrial practice is wall functions (Wilcox 1993). In this 
procedure the numerical turbulence model is bridged with certain known functions in the near-wall 
region. In order for this wall modeling to be accurate, the wall distance for the first mesh point 
should be in the range ~30<y+<~100 where y+ is the non-dimensional distance to the wall. 

2.4.3 Weaknesses of the k-εεεε model 

The k-ε model is just one kind of complete two-equation model. Some other examples of this type 
of turbulence model is RNG k-ε, k-ω and k-ω2 (Wilcox 1993). They are all developed from the 
same kinetic energy equation using the Boussinesq eddy-viscosity approximation for the Reynolds 
stress, but uses different closure approximations in attempt to give a better description of a turbulent 
flow. More advanced turbulence models e.g. Reynolds-stress and Large-eddy based models (Pope 
2001) that are used fairly frequently for single phase flows today have the drawbacks to lack 
numerical robustness and be expensive in terms of computational power, especially when applied to 
two-phase flows. 

As mentioned above, the k-ε model is the most widely used turbulence model in practical 
applications. The model has been applied to many types of flows with varying degree of success. The 
weaknesses in the k-ε model are mainly due to the eddy-viscosity approximation (12) and the 
assumptions made in deriving the ε equation. A well-known deficiency is that it overpredicts the rate 
of spreading for a simple round jet. This particular problem can be remedied through adjustments of 
the closure coefficients Cε1 and Cε2 in (16) above (Pope 2001). However, such adjustments of the 
closure coefficients demand detailed information about the particular flow along with extensive 
model comparisons. The values for the closure coefficients specified in (16) have been based on 
judgments for a ‘best’ performance for a range of flows (Wilcox 1993) and any attempt to correct 
these for the current application is beyond the scope of this work. 

2.4.4 Particle transport 

One of the difficulties in the current modeling is the handling of the dispersed liquid phase, i.e. the 
black liquor. Depending on whether this phase can be treated as dilute or dense, the approximations 
made concerning modeling are more or less accurate. Considering the interior volume of the DP-1 
reactor (~0.5 m3) with a 100 % black liquor firing load (70 % DS) having 3 s reactor residence time, 
the bulk void fraction of the dispersed phase is only 0.1 %. This indicates that a thought bulk flow of 
dispersed droplet in the reactor can be treated as dilute, i.e. consisting of isolated droplets (Crowe et 
al. 1998). However, this is not the case in the dense spray region where the liquid void fraction, 
based on the volumetric flow rates of the incoming streams, is ~10 % and even higher close to the 
nozzle. Modeling this dense break up region of the spray in combination with the black liquor 
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conversion is extremely demanding and out of scope for the current work. The current PEHT-BLG 
CFD reactor model simplifies the flow of the dispersed droplet phase by using the particle source in 
cell (PSI-CELL) method by Crowe et al. (1977). In this method, mainly suited for dilute flows, the 
droplet trajectories are calculated for a frozen steady gas flow field using a Lagrangian formulation 
(Pope 2001) where the contribution from the droplets are stored along their paths. The flow field is 
then updated iteratively until a converged flow field is obtained. Even though the approximations 
made in the PSI-CELL model is not fully valid in the local near burner region, it is still believed that 
the advantages with this method, e.g. it is simple and robust, are more valuable than obtaining a 
higher accuracy in that region using other more complex spray models e.g. as in Bergström (1999). 

The trajectory of a droplet in the Lagrangian formulation approach is obtained by using Newton’s 
second law for a particle 
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Four different kinds of forces contribute to the total force F on the particle. These are (Clift et al. 
1978) the drag force, the force of gravity, the pressure gradient force, and an added mass force, 
respectively given by 
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and 
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Cd is the drag factor, which can be approximated by 
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for a spherical particle where Red is the Reynolds number for the particle/droplet. 

Turbulent effects in the particle transport equation are included by use of a turbulent dispersion 
model. In this model, the continuum velocity above is taken to be the mean velocity plus a 
contribution from an assumed collection of randomly directed eddies as presented by Gosman and 
Ioannides (1981). 
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2.5 Multiphase chemistry 
The chemical interaction between the black liquor droplets and the surrounding gas in conventional 
kraft black liquor recovery boilers occurs mainly through drying, devolatilization, char gasification, 
and smelt formation (see section 2.2). The same general scenario is valid for pressurized gasification 
conditions but with significant differences within the conversion stages. In PEHT-BLG the dispersed 
droplets are much smaller (~1-2 orders of magnitude less in diameter and 3-5 orders of magnitude 
less in mass) and have considerably shorter residence times (~2 orders of magnitude less in time) 
compared to the recovery boiler process. The droplets dispersed in the gasifier are mostly fully 
converted in flight except for some larger droplets ending up on the reactor wall, whilst the majority 
of the droplets dispersed in the recovery boiler are being fully converted on the bed at the bottom of 
the boiler. Furthermore, the droplet conversion in PEHT-BLG is much faster (higher heating rate) 
and at an elevated pressure, which in turn results in e.g. a reduced swelling and different composition 
of the volatile gases compared to the recovery boiler. 

Below follows a condensed description of the implemented multi-phase chemistry in the refined 
PEHT-BLG CFD reactor model. Further details can be found in appended Paper III. In addition, 
the following sections overviews the available experimental data relevant for the different conversion 
sub-models used. 

2.5.1 Drying 

Drying is assumed to start when the droplet temperature, Td, is at the boiling temperature, Td,boil. This 
temperature is set to be equal to the boiling temperature of pure water at the considered reactor 
pressure and with an additional boiling point rise to account for the solute BLS material (Adams et al. 
1997). The drying is activated by a ‘smooth’ ramp function 

 

( )( )( )13.0tanh5.0)( , +−= boildd TTTH  (23) 

 

instead of a pure step function in the expression for the drying rate in order to prevent numerical 
instabilities. However, the difference to a step function is relatively small. The mass transfer rate due 
to drying is assumed to be controlled by the heating rate according to 
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The drying rate expression (24) is not strictly correct from a physical point of view. Due to the high 
ambient pressure in the gasifier the water contained in the droplet will start to evaporate before the 
droplet reaches the boiling temperature. However, the error is expected to be negligible since the 
droplets are small and the drying is complete within a very short time and thus within a very short 
distance from the burner nozzle. The difference with a more detailed model would be a small 
change in the size and shape of the small drying zone but no significant change in the overall result 
from the model. 

2.5.2 Devolatilization 

During devolatilization the bound volatile carbon in the black liquor, ~50% of the total carbon 
(Whitty 1997), is released in gaseous forms. Due to the large amount of internal oxygen present in 
the BLS, most of the carbon forms CO (Sricharoenchaikul et al. 1998). Recent findings concerning 
devolatilization of BLS at elevated pressures indicate that the yield of black liquor char (remaining 
after devolatilization) from devolatilization is independent of pressure for short residence times ~1-2 s 
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(Young 2006). For longer residence times a (weak) trend of decrease in rate of black liquor char 
yield with increased pressure is found. Unfortunately, no gas analysis on the resulting gas from black 
liquor devolatilization was available in the experiments by Young (2006). 

In the current model the mass transfer rate of volatile substances due to devolatilization is controlled 
by reaction kinetics as 

 

cvol
T

dev mem d
,

3705310755.1 −⋅−=&  (25) 

 

where mvol,c is the amount of volatiles and fixed carbon in the droplet. This expression is derived by 
Järvinen et al. (2001) based upon experimental data made on small particles of black liquor solids 
(~100 μm) and at high heating rates (Sricharoenchaikul et al. 1998). The relative masses of the 
volatile gases (Table 2) are assumed to be preserved during devolatilization. 

2.5.3 Char gasification 

The most time consuming conversion step in gasification of black liquor is the char gasification 
where the char carbon reacts mainly with either steam or carbon dioxide. Gasification (or 
combustion) of the char carbon with oxygen is also important in recovery boilers but not in gasifiers 
as there is only a low (sub-stoichiometric) amount of oxygen provided in the gasification process. 
Char gasification is strongly catalyzed by the alkali in the black liquor and the char reactivity of black 
liquor has been found to be more than one order of magnitude faster than that of alkali activated coal 
chars (Li and van Heiningen 1990). The benefits of catalysis have been recognized for long and 
addition of catalysts to coal char in order to improve the rate of the gasification process is common 
practice. Another significant factor for the char gasification rate is the surface area of the fuel particle, 
which is closely related to its porosity. At high temperatures and large droplets (~3-5 mm), when 
mass transfer controls the overall rate, the external surface is important. At lower temperatures the 
internal surface area is the key. For the fine droplets in the PEHT-BLG process it is believed that the 
reaction kinetics of the char gasification controls the overall rate. 

The most important process-specific factors that influence the char gasification rates are temperature, 
ambient gas composition, pressure, and preceding pyrolysis conditions. The gasification rates increase 
with increasing temperature and increasing H2O and CO2 partial pressures. For both coals and black 
liquor, gasification with steam has been found to be 3-4 times faster than gasification with carbon 
dioxide (Whitty 1997). At constant gas composition, the influence of increased pressure on alkali-
catalyzed gasification of coal has been found to increase the rate of steam gasification with a more 
severe increase at lower pressures (1-5 bar). Furthermore, as reviewed by Whitty (1997), it has also 
been found that the pyrolysis rate and residence time influence the subsequent char reactivity. 
Regarding black liquor, Fredrick and Hupa (1991) and Whitty et al. (1995) pioneered the field of 
black liquor char gasification at elevated pressures. The first results indicated a reduction in reactivity 
with increasing pressure. However, it has been proposed by Saviharju et al. (1998) that the pre-
treatment of the black liquor char with CO was the cause to the reduction in reactivity due to build 
up of carbon graphite on the sample. Still, in more recent data at low temperature (~700 °C), 
Saviharju et al. (1998) indicate that the reactivity is reduced at elevated pressures when using an 
alternative pre-treatment method. The latest research in the area by Young (2006) suggests that the 
increase in reactor pressure decrease the diffusivity of rate inhibiting product gases from char 
gasification (i.e. H2 and CO) near the particle and thus reduce the gasification rates. However, more 
work is needed for a complete picture of the factors influencing the black liquor char reactivity at 
elevated pressure. 

In the current PEHT-BLG CFD reactor model, mass transfer from char carbon gasification is 
modeled by three heterogeneous reactions between the char and surrounding gases and one reaction 
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between the char carbon and sodium sulfate inside the droplet. The following heterogeneous 
reactions describe gasification of black liquor char carbon through diffusion of H2O, CO2, and O2 to 
the droplet:  

 

( ) ( ) ( ) ( )gHgCOgOHsC 22 +→+ , (26) 
 

( ) ( ) ( )gCOgCOsC 22 →+ , (27) 
 

and 

 

( ) ( ) ( )gCOgOsC 22 →+ . (28) 
 

The chemical reaction rates (r) at which the heterogeneous reactions (26) – (28) react is controlled 
by three different obstacles or resistances originating from either mass transfer limitations through the 
boundary layer film at the droplet surface (1/rfilm), limiting pore diffusion in the droplet (1/rpore), or by 
reaction kinetics inside the droplet (1/rkinetic) (Whitty 1997). Following, the overall reaction rate (roverall) 
is calculated via 
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The film mass transfer resistance depends on the gas film diffusion coefficient, the concentration of 
the reacting species, and size of the droplet (Crowe et al. 1998). The resulting reaction rate is given 
by: 
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where the gas film coefficient is based on the low mass transfer rate approximation (Bird et al. 1960) 
given by  
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The pore diffusion resistance is related to the gas diffusivity, concentration of the reacting species and 
the size of the droplet (Frederick and Hupa 1991) and the corresponding reaction rate is given by: 
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The reaction rates due to kinetic limitations are determined from Arrhenius expressions proposed by 
van Heiningen and Connolly (2003) for fast pyrolysis black liquor char and fitted to Langmuir-
Hinshelwood type expressions as 
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for gasification by H2O and CO2, respectively. For black liquor char oxidation by O2 the kinetic 
limitation is taken from Järvinen (2002), which is based on activated carbon (Smith 1982) and given 
by  
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Gasification of the char carbon can also occur through the sodium sulfate reduction reaction: 
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where fc/s is a modeling constant. Here, a value of 0 is used since CO2 has been shown 
experimentally to be the main product for this reaction (Wåg et al. 1995). The reaction rate for this 
reaction is controlled by chemical kinetics and given by Wåg et al. (1995) as 
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The resulting mass transfer rates of carbon from the char gasification reactions (26) - (28) and (36)), 
resulting in the products CO, H2, CO2, and Na2S, are then calculated as 
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and 
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The value MIN([Na],[C]) in expression (38) and (39) are based on the findings by van Heiningen 
and Connolly (2003) that the gasification rates for fast pyrolysis of black liquor chars are first order in 
Na as long as [Na] < [C] and followed by first order in C when [Na] > [C]. 

Finally, the total mass transfer rate of carbon into products due to the gasification reactions (26) – 
(28) and reduction reaction (36) is the sum of the rates defined above: 
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2.5.4 Smelt formation 

The model also includes the most important inorganic components in the black liquor. The sodium 
sulfide present in the black liquor solids and in the resulting smelt can easily be oxidized in contact 
with oxygen through the reaction: 

 

( ) ( )lSONagOlSNa 4222 )(2 →+ . (43) 
 

Even though the atmosphere around a black liquor char/smelt droplet is strongly reducing in most of 
the gasifier volume, reaction (43) is still considered in the present model. This is due to the 
importance of characterizing the green liquor quality as discussed in the introduction. Exclusion of 
reaction (43) will result in slightly over-predicted reduction efficiency. The rate for this reaction is 
treated in the same way as the heterogeneous char gasification reactions (26) – (28) above. The 
chemical kinetic rate is based upon oxidation of activated carbon (Smith 1982) and approximations 
for the pre-exponential factor made by Järvinen (2002) as 

 

dT
O

SNa
kinetic epr /217005104.2

2

2 −⋅= . (44) 

 

The resulting internal oxidation of sodium sulfide due to reaction (43) is then given by 
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Reaction (43) is the only considered smelt phase reaction in the current model. Hence, the total 
mass transfer rate due to smelt phase reactions is the absorption of oxygen through reaction (43) 
based on the rate given by expression (44). 

2.5.5 Swelling 

The black liquor swelling model is implemented as in the work by Blasiak et al. (1997), which is 
based on experiments by Frederick and Hupa (1993), and corrected due to the pressure effect 
according to Whitty (1997). The droplets are assumed to swell during heat up as 
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and when the droplet temperature has reached the boiling point but moisture is still present in the 
droplet the diameter stays constant: 

 

drydd θ0= . (47) 

 

During the following devolatilization stage the black liquor droplet continuous to swell according to 
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Finally, during char gasification and smelt phase reactions the droplet shrinks as 
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where 
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and ρd,smelt is set to 2300 kg/m3. Hence, the final droplet diameter after complete conversion becomes 
θsmeltd0. 

The effect of pressure on the maximum relative diameter (θmax) and the maximum relative diameter 
during drying (θdry) for the droplet are based on the work by Whitty (1997). The resulting values for 
θmax and θdry at 30 bar gasifier pressure are 1.6 and 1.14, respectively, corresponding to a volume 
change of about 400% and 150%, respectively. 

2.6 Gas phase chemistry 
In the current model, transport equations are solved for the gas components: H2O; H2S; CO; CO2; 
H2; CH4; and O2. The chemical interaction between the gas phase species are modeled via the Jones 
and Lindstedt mechanism (Jones and Lindstedt 1988) developed for combustion of hydrocarbons. 
This mechanism involves all of the above specified gas species except H2S, which currently is treated 
as chemically inert in our model. The amount of H2S released to the gas phase during 
devolatilization is based on experimental observations by Whitty and Nilsson (2001) and in the DP-
1. The Jones and Lindstedt reaction scheme is a four-step mechanism given as 
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224 3HCOOHCH +→+ , (52) 
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1 →+ , (53) 

 

and 

 

222 HCOOHCO +↔+ . (54) 
 

The reaction rates for the scheme above are chosen as the minimum of the turbulent mixing rate 
according to the Eddy dissipation model (Magnussen and Hjertager 1976) and the chemical kinetic 
rate as given by (Jones and Lindstedt 1988). The backward kinetic rate (k-) for the water-gas shift 
reaction (54) is based on the forward kinetic rate (k+) and the thermo-chemical equilibrium constant 
(K) as k- = k+/K using 

 

2
63

T
1

100.1079064
T
1

101.5853859-1.4969614)log( ⋅+⋅+=K , (55) 

 

which is based on data from (Bale et al. 2002). The reaction direction effect (Brink et al. 2000) that 
might occur when modeling a reversible reaction is included in the present model for the water-gas 
shift reaction (54). This is to prevent the apparent rate to unrealistically force the reaction away from 
equilibrium during the iterative solution procedure when using mixing/kinetic controlled 
combustion modeling. 

2.7 Radiation 
Numerical modeling of heat transfer from radiation is a very challenging area of research where 
simplifications are needed in order to be able to solve the radiation field efficiently coupled to the 
flow field. In order to make accurate prediction of the radiative heat transfer in practical turbulent 
flows, it is recommended to couple the radiation calculation with the turbulence calculation (Li and 
Modest 2002). This is due to the differences found between experimentally determined mean 
radiative quantities and numerical predictions based on the scalar values, e.g. temperature and 
concentration (Faeth et al. 1989). However, it is numerically difficult to obtain efficient closure for 
the additional interaction terms in traditional radiation models. Therefore, the turbulent interaction 
effect in modeling the radiative heat transfer is generally ignored. This is also done in the used 
discrete radiation transfer model by Lockwood and Shah (1981), where the gas is simplified as grey 
with a pressure absorption coefficient of 0.5 bar-1 m-1. The emissivity of the black liquor droplets is 
similar to coal and set to 0.9 (Wessel et al. 1998). 

2.8 Geometry and boundary conditions 
The gasifier presently under consideration is of a symmetric entrained-flow type with a centrally 
placed burner at the top. The dimensions are ~1.9 m in height and 0.6 m in diameter. Since the 
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gasifier is axisymmetric around its centre axis the performed simulations were simplified to 2D using 
cylindrical coordinates in order to reduce computational time.  

The ceramic lined wall of the gasifier is modeled as adiabatic (efficient reactor insulation results in ~1 
% real losses) and optically smooth having a radiative emissivity of 0.5. The burner in the refined 
modeling is modeled as non-swirling and consists of a small circular inlet where oxygen and discrete 
black liquor droplets enter the gasifier in a prescribed angle. 500 representative droplets, released at 
ten equally spaced positions along the radius of the burner inlet, constitute the black liquor droplet 
load. In comparison with an identical simulation using 2000 representative droplets, the results 
differed <0.5% compared to simulations with 500 droplets. The droplet size distribution is assumed 
to have a Rossin-Ramler shape (Sirignano 1999) as this distribution shape was found to be possible 
to match against the experimentally determined distribution for a performed spray characterization 
using a syrup/water mixture. Droplets that hit the wall are assumed to bounce off at a flat angle 
(simulating a wall film flow) to allow all droplets to be tracked through the reactor to the quench, 
ensuring overall mass conservation. 

The turbulent quantities (k and ε) at the inlet were set according to widely recognized standard 
values (Casey and Wintergerste 2000) corresponding to a turbulent intensity of 10% and a turbulent 
length scale of 10% of the width of the inlet annulus. 

2.9 Numerical accuracy 
The requirement on the accuracy of a simulation depends to a large extent on the purpose of the 
analysis. Engineering flows are generally analyzed with a view to identify special features of a design 
in order to improve it and thereby provide economic gains from better product competitiveness and 
functionality (Casey and Wintergerste 2000). Even an inaccurate simulation can be of use in an 
engineering design, provided that error bounds on the predicted parameter can be defined.  

To make a distinction between errors and uncertainties the following definitions can be used (Casey 
and Wintergerste 2000). Errors are a recognizable deficiency that is not due to lack of knowledge 
and uncertainties are a potential deficiency that is due to lack of knowledge. A categorization of the 
errors and uncertainties that have been taken under consideration in this thesis is presented below. In 
most cases, comments have also been made about the actions done in order to reduce or eliminate 
the errors and uncertainties. 

2.9.1 Model uncertainty 

These are the uncertainties due to the difference between the reality and the exact solution of the 
conceptual model equations (see Figure 7). This includes errors due to the fact that the exact 
governing flow equations are not solved but are replaced with a simplified model of reality. For 
example the k-ε model, used to model the Reynolds stress, brings a lot of uncertainties into the 
model. However, in order to minimize the model uncertainties, e.g. for the k-ε model, 
recommended values for the turbulence quantities at the inlet were used (Casey and Wintergerste 
2000). Concerning the proximate analysis model, efforts have been made to base the assumption on 
best available experimental data without unnecessary complexity. 

2.9.2 Discretization error 

These errors arise due to the difference between the exact solution of the model equations and a 
numerical solution with a limited resolution in space and time. The greater the number of grid cells 
is, the closer the results will be to the exact solution of the modeled equations, if a consistent 
discretization scheme has been used. To reduce these errors relatively fine meshes (in 2D) with good 
quality, with respect to orthogonal deviation, grid expansion, skew ratio, twist angle, and taper ratio 
(Ferziger and Perić 1996), have been used.  
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The discretization error was estimated by using a fine-grid Richardson error (Roache 1997) based on 
two systematically refined 2D grids consisting of 50*410 (=20500) and 60*492 (=29520) elements. 
By examining the temperature profiles at a cross section about half way down the reactor for the two 
different grid solutions (see Figure 9), it was ensured that the two solutions adheres asymptotically. 
Based on the length average temperature at this cross section, the relative discretization errors were 
estimated to be 0.5 % and 0.7 % for the 29520 and 20500 2D grids, respectively. 
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Figure 9. Temperature profiles at a cross section about half way down the reactor (0.8 m from top of the 
reactor) for two different solutions with grids consisting of 20500 and 29520 elements. 

 

2.9.3 Iteration error 

These errors occur due to the difference between a fully converged solution on a finite number of 
grid points and a solution that is not fully converged. The aim has been to keep these errors within 
acceptable limits without using an unnecessarily large amount of computer time. The used iterative 
convergence criterion has been that the magnitude of the sum of the absolute residuals (L1-norm) for 
all equations should be reduced at least by three orders of magnitude. In addition, the residuals have 
also been checked to be below 0.1 % of corresponding physical quantities. Hence, the relative errors 
for the continuous phase quantities are estimated to be below 0.1 % (Ferziger and Perić 1996). 

2.9.4 Round-off errors 

Round-off errors are due to the fact that the difference between two values of a parameter is below 
the machine accuracy of the computer. This is caused by the limited number of computer digits 
available for storage of a given physical value. These errors have been minimized in the simulations 
by the use of a double precision storage (64 bit word length) for the computer. 

2.9.5 Code errors 

Errors may also occur due to bugs in the software, unintended programming errors in the 
implementation of models or compiler errors on the computer hardware being used. By the use of 
reliable software from Ansys Inc. (Ansys Europe Ltd. 2004), careful model implementation, and code 
verification the risks for such errors are minimized. Furthermore, the implemented conversion sub-
models in the developed PEHT-BLG CFD model was partial verified by use of an over simplified 
application case in order to enable comparisons of the predictions against hand calculations (see 
section 5.2.1). 
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2.9.6 Numerical performance 

The numerical modeling of the entrained-flow gasifier is performed by customization of the 
commercial CFD code CFX4.4. CFX4.4 is a finite volume code using a structured computational 
mesh with co-located variables and a sequential iterative solver based on the SIMPLEC algorithm 
(Ansys Europe Ltd. 2004). The convergence of the model was in general quite slow. To reach the 
final solution according to the solution strategy in Figure 8 normally one week of computational 
time is needed on a modern desktop computer (Intel Pentium 3 GHz, 2 GB internal memory). The 
long computational time is mainly due to the used multi-step solution approach that is needed in 
order to reach the final solution and the slow convergence of the gas phase iterations. To handle the 
stochastic (due to turbulent dispersion) disturbing effect generated from the droplet trajectory sources 
the discrete phase equations were updated every 500- 1000 iterations and under-relaxed by a factor 
of 0.2. 
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3 Sensitivity analysis 
The objective of the current model is primarily to predict the trends in gasifier function under 
different operating conditions. It is desirable to have a model that is simple and robust but yet 
realistic in order to perform optimization studies of the gasifier design. The current refined PEHT-
BLG CFD reactor model involves many model parameters with significant uncertainties. It is 
therefore of great interest to determine the relative importance of these uncertainties with respect to 
some defined reactor performance parameters. 

3.1 Reactor performance parameters 
The main objective with the black liquor recovery unit, seen from a pulp mill perspective, is to 
recover the inorganic cooking chemicals in the form of so called green liquor. It is important that the 
green liquor is of good quality to minimize disturbances downstream in the pulping process. High 
quality green liquor in a modern kraft pulp mill is associated with high conversion of organic carbon, 
low content of sodium sulfate, and low dregs content. Another objective with the recovery unit is to 
recover the chemical energy in the black liquor with a minimum of losses. 

The conversion of the organic carbon initially in the black liquor into gaseous components is an 
important parameter to characterize both for the quality of the green liquor and the efficiency of the 
gasification process. Ideally this should be 100% in order to produce green liquor with a minimum of 
soot containing dregs (partly suspended solids in the green liquor). At the same time as much as 
possible of the chemical energy in the black liquor should be transformed into chemical energy in 
the product gas. Another important performance parameter is the amount of sodium sulfate in the 
smelt, as sodium sulfate is an unwanted ballast chemical in the kraft recovery cycle. 

The PEHT-BLG process operates at a very low oxygen equivalence ratio (λ of ~0.4). This results in 
reducing conditions in most part of the flame with an associated risk for low carbon conversion rates 
or soot formation that will alter the quality of the green liquor. An increased oxygen equivalence 
ratio normally results in better carbon conversion but it also results in reduced chemical energy in 
the syngas, which is undesirable. If the local temperature and gas composition in the reactor are at 
certain conditions carbon monoxide may form solid carbon (soot). Considering this for design 
optimization of PEHT-BLG, it would be of interest to have some predictable indicator on the 
tendency to form unwanted solid carbon from carbon monoxide in the reactor without involving 
any complex model for soot formation. Furthermore, this would also be of help as a spatial indicator 
for favorable locations in the reactor for a fast gasification of black liquor char. 

The equilibrium reaction of steam gasification of carbon is given as 

 

( ) ( ) ( ) ( )gHgCOgOHsC 22 +↔+  (56) 
 

For this reaction the equilibrium constant can be expressed as 
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where K(56)(T) is defined in terms of the activities of the reactants and the products at equilibrium. 
The bracket symbols “[]” represent partial pressures of indicated gas specie and the carbon activity for 
solid carbon, where the carbon activity at equilibrium is defined to be unity. By comparing a 
predicted composition of CO, H2 and H2O obtained from the CFD model against the equilibrium 
composition, given by the equilibrium constant in expression (57), a check can be made on whether 
reaction (56) has a favorable spontaneous forward progression or a tendency to form solid carbon via 
a spontaneous backward progression. Hence, if the H2 and CO partial pressures are high and the 
partial pressure of H2O is low in comparison with the equilibrium composition (given by K(56)(T)) 
the carbon activity in the predicted gas composition, 
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is larger than unity. This implies, considering only reaction (56), that the backward reaction is 
pronounced and soot can be formed from CO (g). Consequently, if the carbon activity in (58) is less 
than unity the black liquor char carbon is oxidized by H2O(g) to CO(g) and H2(g). 

In the same way considering the Boudouard reaction 

 

( ) ( ) ( )gCOgCOsC 22 ↔+  (59) 
 

the carbon activity based on (59) can be expressed as 
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If the carbon activity [C(s)] in (58) or (60) is close to 1 the net rate of the carbon gasification is low 
and carbon or soot can end up in the green liquor. This will affect the filterability of the green liquor 
and increase the dreg content with voluminous carbon particles. Lost carbon in the dreg also 
represents a corresponding loss of chemical energy in the process gas. Finally, as an indicator for low 
carbon conversion or tendency for soot formation in the process, the post processed maximum 
carbon activity obtained from expression (58) and (60) is used. 

Regarding the energy efficiency, it is of interest to keep the oxygen equivalence ratio (λ) as low as 
possible without altering the quality of the green liquor i.e. having non-converted char carbon or 
soot formation. Thus, the reactor temperature (e.g. represented by the outlet gas temperature) should 
not be higher than needed in order to produce good quality green liquor. 

To prevent high amounts of evaporated alkali compounds, like NaOH(g), that may become a 
problem when the vapor condenses further downstream of the process, the peak temperature in the 
flame should be as low as possible. Thus, the hot spots in the reactor should be minimized. 
Furthermore, the resulting composition of the product gas and resulting smelt are also of interest 
regarding material corrosion issues and raw syngas quality. 
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3.2 Physicochemical parameters 
Concerning uncertainties in physicochemical related model parameters, sensitivities for the specific 
heat capacity of black liquor (Cp), the radiative absorption coefficient (Ka), and the devolatilization 
rate (characterized by a factor αE of the normal activation energy) have been investigated for the 
PEHT-BLG model and presented in Paper II. These parameters are all difficult to specify over the 
wide range of temperatures that exist in the present gasifier (~400-2000 K), especially, if they are to 
be approximated as constants. Experience suggested the chosen parameters to be amongst the most 
important. In order to quantify the effects on the uncertainties in the physicochemical model 
parameters in an objective way a factorial design was applied as presented in Paper II. The low and 
high values for the considered parameters are shown in Table 3. 

It should be noted that the model used in this section (Paper II) is not considering the smelt 
formation stage (section 2.5.4) and has other model parameters than presented in chapter two. 
However, the results presented here are still of interest when considering the influences of these 
parameters for the further refined model presented in Paper III. 

 

Table 3. High and low values for the parameters in the factorial sensitivity analysis. Cp is the specific heat 
capacity of black liquor, Ka is the radiative absorption coefficient, and ααααE is the factor of the normal 
activation energy in expression for the devolatilization rate. 

Parameter Unit Low (-) High (+)

Cp J/kgK 1700 2800

Ka 1/m 15 30

αE − 0.85 1  
 

3.2.1 Results 

The resulting response values for the eight different cases considered in the sensitivity analysis of the 
chosen physicochemical parameters are presented in Table 4. Further details on the performed 
simulations can be found in Paper II. 

Notable in Table 4 is the relatively low char conversion (<99%) for all cases, where case 6 with all 
factors at the high level has the lowest value (93.51%). A wide range of flame temperatures can also 
be seen, from 1735 K (case 6) up to 2016 K (case 1). There is a clear trend between the flame 
temperature and the degree of char conversion. Higher flame temperatures result in higher char 
conversion, except for case 8 that has a higher flame temperature than cases 4 and 7 but slightly 
lower char conversion. This may be explained by the fact that a higher flame temperature results in 
higher droplet temperatures and thus faster gasification rates except when the specific heat is at the 
high level (case 8), which slows down the droplet heat up. Finally, as one might have expected, case 
1 with all factors at the low level has the highest flame and outlet temperature due to a fast pyrolysis, 
low radiative absorption, and a low specific heat. It also results in the highest char conversion. 

The main effects and the interactions of the factors in percentage of the corresponding mean 
response for the 8 different cases are presented in Table 5. Here, the first column shows the 
considered responses, the second column the mean of the responses over the design space, and in the 
following 6 columns the main effects and interactions of the factors on each response are presented. 
Values in bold indicate an effect that is larger than the specified significance level of 1%. 
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Table 4. Resulting response values for the 8 different cases. The first column indicates the different cases 
with factor levels within parentheses. 

Case C con  (%) T max (K) T out (K)
1 (- - -) 98.46 2016 1261
2 (+ - +) 95.39 1828 1160
3 (+ + -) 95.54 1831 1133
4 (- - +) 97.12 1921 1222
5 (- + +) 95.58 1831 1155
6 (+ + +) 93.51 1735 1099
7 (- + -) 97.20 1921 1198
8 (+ - -) 96.81 1937 1192  
 

In Table 5 it can be seen that there is no expected interaction of the factors on the considered 
responses since the interaction effects are all below 1%. For the char conversion (Ccon) all factors 
seem to have nearly the same negative effect –1.8% - –1.5%. This is also the case for the maximum 
(flame) temperature where the effects are in the range –5.2% - –4.8% when the factors are changed 
from the low to the high level. For the outlet temperature (Tout) the effect from the devolatilization 
rate factor (αE) is about half the effect from the other two factors. Thus, the devolatilization rate has 
less effect on the outlet temperature than the specific heat and absorption coefficient within the 
studied factor intervals. 

 

Table 5. Mean responses, main factor and interaction effects as a percentage of the averaged responses. 
Significant values (>1%) are in bold. Factors: A = Cp; B = Ka; C = ααααE. 

Response Mean A B C AB AC BC

C con  (%) 96.20 -1.8 -1.5 -1.7 -0.1 -0.1 -0.2

T max (K) 1878 -4.8 -5.1 -5.2 -0.2 -0.3 0.2

T out (K) 1178 -5.4 -5.3 -3.1 0.2 0.3 -0.1  
 

3.3 Proximate analysis model parameters 
Validation of a complex CFD model with many model parameters is a challenging task. This is 
particularly the case when experiments are costly and pointwise measurements are difficult to 
perform. In order to facilitate a formal model validation a sensitivity analysis of the most important 
proximate analysis model parameters has therefore been performed and presented in detail in Paper 
IV. 

In Table 6 the considered model parameters (taken from the Arabic numbered list of the key 
assumptions in the proximate analysis model section above) and their corresponding levels of 
uncertainty along with the resulting heat of pyrolysis are presented. The amount of sulfur released to 
the gas phase as H2S during devolatilization (parameter no. 2) is set to 50% for the base case. This 
value is based on experiences from a pilot plant for PEHT-BLG (Whitty and Nilsson 2001). The 
high value for this parameter (case 2+) is set to 80% based on equilibrium calculations for the current 
condition. The low value (case 2-) is set symmetrical around the base case i.e. 20%. This range (20% 
- 80%) for the amount of sulfur released to the gas phase as H2S is believed to fully cover the possible 
true value for this parameter. 
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Table 6. Levels for the four considered parameters and the resulting heat of pyrolysis used in the 
performed simulations. 0 is the base case and the + and – signs denotes the high and low values, 
respectively, for each case where the parameters were changed. Corresponding proximate analysis model 
parameter is in parentheses 

Parameter 0 2+ 2- 3+ 3- 4+ 4- 5+ 5-
Fraction of S as H2S (2) 0.5 0.8 0.2 0.5 0.5 0.5 0.5 0.5 0.5
Initial [Na2S]/[Na2SO4] (3) 1 1 1 3 0.33 1 1 1 1
Volatile fraction of C (4) 0.5 0.5 0.5 0.5 0.5 0.55 0.45 0.5 0.5
[CO]/[CO2] in volatile gas (5) 8 8 8 8 8 8 8 10 6
Heat of pyrolysis in kJ/kg BLS 283 189 381 443 124 174 393 322 226  
 

The parameter describing the initial concentration ratio of Na2S and Na2SO4 in the BLS (parameter 
no. 3) is set to be 1:1 in the base case. This value is uncertain and may vary considerably with the 
operating condition in the gasifier. Sricharoenchaikul et al. (1997) showed that for fast pyrolysis black 
liquor char at high temperature (900 °C – 1100 °C) the amounts of sulfate and sulfide as % of total 
sulfur in the char can be in the intervals 10-20 % and 20-60 %, respectively. The sulfate share of the 
total sulfur in the black liquor char may be assigned an even higher value than 10-20% since the 
content of thiosulfate initially in the char can be as high as ~60% (Sricharoenchaikul et al. 1997). 
Since this specie is not considered in the present model this share can be considered as sulfate and 
partly as sulfide as the thiosulfate in the char is converted to these species and hydrogen sulfide 
during pyrolysis. Hence, in order to detect any great influence from this parameter a relatively wide 
range was adopted. The high value for this ratio (case 3+) was set to be 3:1 and the low value (case 
3-) was set to 1:3. 

 

Table 7. Resulting black liquor model composition from the proximate analysis model for each case 
studied, given in %mole and %wt. 

Case Unit H2O H2S CO CO2 H2 CH4 C Na2SO4 Na2S Na2CO3

0 %mole 34.6 1.49 14.1 1.76 6.94 11.9 20.7 0.74 0.74 7.1
0 %wt 24.8 2.02 15.7 3.08 0.56 7.6 9.9 4.20 2.31 29.9
2+ %mole 35.5 2.44 13.7 1.72 4.55 13.0 20.3 0.31 0.31 8.2
2+ %wt 24.8 3.23 14.9 2.93 0.36 8.1 9.4 1.68 0.92 33.6
2- %mole 33.8 0.58 14.4 1.81 9.21 10.8 21.0 1.16 1.16 6.0
2- %wt 24.8 0.81 16.5 3.24 0.76 7.1 10.3 6.73 3.70 26.1
3+ %mole 33.7 1.45 14.9 1.86 9.37 10.3 20.1 0.36 1.09 6.9
3+ %wt 24.8 2.02 17.0 3.34 0.77 6.7 9.9 2.10 3.47 29.9
3- %mole 35.6 1.53 13.3 1.66 4.38 13.6 21.2 1.15 0.38 7.3
3- %wt 24.8 2.02 14.4 2.82 0.34 8.4 9.9 6.31 1.16 29.9
4+ %mole 36.6 1.58 14.9 1.87 1.47 15.5 18.9 0.79 0.79 7.5
4+ %wt 24.8 2.02 15.7 3.08 0.11 9.4 8.5 4.20 2.31 29.9
4- %mole 32.8 1.41 13.4 1.67 11.83 8.6 22.2 0.71 0.71 6.7
4- %wt 24.8 2.02 15.7 3.08 1.00 5.8 11.2 4.20 2.31 29.9
5+ %mole 34.4 1.48 14.6 1.46 7.48 11.5 20.5 0.74 0.74 7.0
5+ %wt 24.8 2.02 16.4 2.57 0.60 7.4 9.9 4.20 2.31 29.9
5- %mole 34.9 1.50 13.3 2.22 6.11 12.4 20.8 0.75 0.75 7.1
5- %wt 24.8 2.02 14.7 3.86 0.49 7.9 9.9 4.20 2.31 29.9  
 

For the fourth parameter in the proximate analysis model, the amount of C in volatile matter, the 
base case is 50%, which is based on results from thermo-gravimetric experiments (Whitty 1997). The 
possible limits for analyzing the sensitivity in this parameter are restricted due to the structure of the 
current proximate analysis model and the total amount of elemental C and H available in the BLS. A 
too high value for this parameter would violate the conservation of elemental H in the BLS. The 
reason is that the hydrogen bound to the volatile elemental C in the BLS (i.e. as CH4 in the current 
model) would become higher than the available amount of elemental H after having accounted for 
the preceding model parameters. In order to avoid this problem, the high value for the amount of C 
in volatile matter (case 4+) is restricted to 55% and by using a symmetric interval around the value 
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for the base case the low value (case 4-) was set to 45%. These are also reasonable limits considering 
the work by Sricharoenchaikul et al. (1998) for fast pyrolysis of small (100 μm) BLS particles. 

Regarding the CO to CO2 concentration ratio, where the base case is set to 8 based on experimental 
observations under similar conditions (Sricharoenchaikul et al. 1998). The high value (case 5+) and 
low value (case 5-) were chosen to be 10 and 6, respectively. The interval spanned by these extreme 
values is wide enough to cover the range observed in the experiments. 

The eight different cases discussed above plus the base case results in nine different inputs of the 
black liquor composition obtained from the proximate analysis model into the PEHT-BLG CFD 
reactor model. These cases are shown in Table 7 for both mole fractions (%) and mass fractions (%). 

3.3.1 Results 

Considering the sensitivity in the considered proximate analysis model parameter, the resulting 
values for the performance response parameters (see section 3.3) for each of the studied cases in 
Paper IV are given in Table 8. Notice that the sulfate reduction efficiency is not sensitive to any of 
the changes made in the studied model parameters. Due to the strongly reducing atmosphere present 
in the gasifier the amount of sodium sulfate for all considered cases has enough residence time and 
sufficiently high temperature for a close to complete reduction to sodium sulfide. However, it is 
important to monitor the sulfate reduction efficiency during optimization of the process to avoid the 
risk of detecting false optima. 

 

Table 8. Predicted values of the considered performance parameters for the studied cases. 

Performance parameter 0 2+ 2- 3+ 3- 4+ 4- 5+ 5-
Carbon conversion (%) 96.3 94.7 97.2 94.6 97.7 96.7 96.6 96.6 96.2
Sulfate reduction (%) 99.8 99.8 99.8 99.9 99.8 99.8 99.9 99.8 99.9
Tout (°C) 1090 1050 1129 1045 1140 1086 1098 1092 1086

Tmax (°C) 1432 1462 1445 1446 1447 1431 1438 1437 1434
Carbon activity of gas 0.042 0.065 0.029 0.069 0.025 0.044 0.039 0.042 0.044  
 

Regarding the carbon conversion in Table 8 there is a significant influence from the amount of 
sulfur released to the gas phase (parameter no. 2). Also, the initial concentration ratio of Na2S and 
Na2SO4 in the black liquor char (parameter no. 3) has a significant influence on the carbon 
conversion as shown in Table 8. As a consequence of the influence on carbon conversion, the outlet 
temperature of the resulting gas is also greatly influenced by these parameters. At higher carbon 
conversion the outlet temperature increases between the variations in all parameters except for the 
variations in fraction of volatile C (parameter no. 4). However, the chemically bound energy 
available in the resulting outlet gas composition, noted as HHV in Table 9, must also be considered 
since this compensate the diversity in outlet temperatures and carbon conversion for the parameter 
specifying the fraction of volatile carbon. Thus, for case 4+ where a higher degree of carbon 
conversion is seen compared to case 4- even though the outlet temperature is lower, the HHV of 
the resulted gas at the outlet is slightly higher than in case 4-. As a general remark on the relatively 
low levels of carbon conversion obtained from the simulations, it must be kept in mind that the 
input parameters were selected without optimization and that the used kinetics controlling the 
gasification reactions (26) and (27) are uncertain. This is then influencing the total carbon conversion 
in the simulations. However, since there is a lack of experimental data on black liquor char 
gasification kinetics at the current conditions, i.e. high temperatures and high pressures, the kinetic 
data used in the present model is considered as the best available. In an optimized gasifier, it is 
expected that the carbon conversion will be significantly higher. 
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Table 9. Predicted outlet gas compositions (%mole) and HHV (MJ/m3
n) for the studied cases. 

Case H2S CH4 H2 CO CO2 H2O HHV
0 1.30 0.00 22.2 25.5 16.2 34.8 6.38
2+ 2.00 0.00 25.5 25.2 16.0 31.3 6.94
2- 0.60 0.00 18.8 25.7 16.3 38.6 5.80
3+ 1.30 0.00 24.3 25.3 16.1 33.0 6.63
3- 1.30 0.00 19.9 25.5 16.2 37.1 6.09
4+ 1.30 0.00 22.2 25.4 16.2 34.9 6.37
4- 1.30 0.00 22.1 25.4 16.1 35.1 6.36
5+ 1.30 0.00 22.1 25.4 16.2 35.0 6.37
5- 1.30 0.00 22.3 25.4 16.1 34.9 6.38  
 

The large changes in H2 to H2O ratios between high and low values for the sodium compound ratio 
(parameter no. 2) and the volatile compound ratio (parameter no. 3) seen in Table 9 are mainly due 
to the differences in carbon conversion. At a higher carbon conversion more CO, CO2 and H2 is 
formed from the gasification reactions (26) and (27) resulting in a higher H2 to H2O ratio. The 
reason for getting a higher carbon conversion in case 3- compared to case 3+ is that a lower volatile 
compound fraction results in a larger initial amount of sodium sulfate available for reaction with the 
char carbon through the sulfate reduction reaction (36). Considering the lower carbon conversion in 
case 2+ compared to case 2- (amount of sulfur that is found as H2S), the interpretation is that as 
more sulfur is released to the gas (case 2+), more internal oxygen originally in the BLS is bound to 
the sodium in the smelt as Na2CO3 (instead of Na2S) as seen in Table 10. Thus, this result in less 
oxygen released to the gas phase and an increase in species without any oxygen. 

An interesting observation is that the CO to CO2 ratio in the pyrolysis gas composition (parameter 
no. 5) has a negligible influence on the outlet gas composition (see Table 9) and the outlet smelt 
composition (see Table 10). The reason for a slightly higher amount of carbon in the resulting smelt 
for case 5- compared to case 5+, is likely caused by a small difference in the temperature distribution 
(e.g. lower maximum temperature) due to changes in the pyrolysis gas composition, which results in 
a lower carbon conversion. 

 

Table 10. Predicted smelt composition (%mole) for the studied cases. 

Case Na2CO3 Na2S Na2SO4 C
0 75.9 15.8 0.032 8.2
2+ 82.8 6.3 0.013 10.9
2- 67.5 25.9 0.052 6.6
3+ 73.1 15.4 0.015 11.5
3- 78.3 16.4 0.033 5.2
4+ 77.3 16.2 0.033 6.4
4- 75.5 16.0 0.016 8.5
5+ 76.4 16.0 0.032 7.6
5- 75.7 15.9 0.016 8.4  
 

3.4 Conclusions 
From the factorial design on the influence from model parameter uncertainties in black liquor 
specific heat capacity, absorption coefficient, and devolatilization rate it is found that there are no 
significant interaction effects on the considered responses: char conversion, maximum temperature 
and outlet temperature. Among the main effects it is seen that all the chosen factors have significant 
effects on the responses. For the char conversion, all of the relative main factor effects are clearly less 



Sensitivity analysis 

 40 

than for the maximum and outlet temperatures. However, no major relative main effects (>6%) on 
the responses could be seen in the responses from the studied factors within the specified intervals. 

It is concluded that all of the examined model parameters influence the studied responses without 
interactions but not substantially. Specifying the considered parameters as accurately as possible 
within the studied limits would be acceptable for use of the model in design optimization under the 
condition that the correct values are within these limits. 

From the sensitivity analysis on the four most important model parameters in the pre-processing 
‘proximate analysis model’ it was found that, among the considered performance response 
parameters, the sulfate reduction efficiency was almost completely insensitive to the variations for all 
of the studied model parameters (<0.2%). Furthermore, the results have shown that the sensitivity to 
the amount of sulfur released to the gas phase as H2S during devolatilization (parameter no. 2) and 
the initial concentration ratio of Na2S and Na2SO4 in the char (parameter no. 3) have relatively large 
effects on the chosen performance response parameters of the pilot gasifier. On the other hand, the 
amount of carbon in volatile matter (parameter no. 4) and the CO to CO2 concentration ratio in the 
volatile matter (parameter no. 4) were shown to be much less influential within the specified interval 
of uncertainty compared to the other two. Hence, careful measurements of the amount of sulfur 
released to the gas phase as H2S during devolatilization and the initial concentration ratio of Na2S 
and Na2SO4 in the formed black liquor char under real process conditions appear to be of great 
importance when model validation of the PEHT-BLG CFD reactor model against experimental data 
is considered. 
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4 Experimental methods 
In this section the experimental methods and equipments that were used, either directly or 
indirectly, within the work of this thesis are presented. 

4.1 Black liquor gasification 
The implemented sub-models used in the PEHT-BLG CFD reactor model for the droplets involve 
parameters that can only be determined experimentally. Experiments suitable for such determinations 
have been performed by researchers within the Swedish BLG program (see foreword) in a 
pressurized entrained-flow reactor (Sinquefield et al. 2001) in which the ambient atmosphere can be 
controlled so that different aspects of the gasification reactions can be studied. The results from this 
study are, however, not yet available. 

4.1.1 Pressurized laminar entrained-flow tube reactor 

The Pressurized Entrained-flow Reactor (PEFR), shown in Figure 1, located at the Institute of 
Paper and Science Technology (IPST) at Georgia Institute of Technology, Atlanta, USA was 
installed in 1998 and has been in operation since then (Sinquefield et al. 2001). 

 

 
Figure 10. Left: The laboratory at IPST showing the red colored pressurized entrained-flow reactor 
(PEFR) in the centre. Right: A schematic drawing of the IPST-PEFR (Sinquefield et al. 2001). 

 

The IPST-PEFR consists of a conventional entrained-flow reactor inside a pressure shell, which is 
rated to 80 bar. Spray dried or pulverized black liquor solids (of the order of 102 μm in diameter) can 
be fed via a screw feeder, housed in a separate vessel above the reactor and the gas preheater. A 
cooled feed tube carries the fuel particles through the gas preheating section to the reaction zone. 
Here, the particles are entrained in a small fraction of the total gas entering the reactor. The bulk of 
the gas enters via the preheater and a flow straightener into the reaction zone as a secondary flow 
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surrounding the primary flow from the feeder. The reaction zone has an inner diameter of 82 mm 
and is surrounded by mullite ceramics (aluminum-silicate material). At the bottom of the reaction 
zone, the product gases and particles are collected by a movable liquid-quenched collector where 
rapid cooling takes place. By either adjusting the gas flow rates or moving the collector in the length 
direction of the PEFR, i.e. changing the reaction zone length, residence times from about 0.5 to 10 s 
can be obtained. 

4.1.2 DP-1 intermediate scale gasifier  

Due to experimental difficulties with highly corrosive conditions, the only experimental results 
currently available from the PEHT-BLG plant are the reactor temperatures at three positions (660; 
1030; and 1410 mm from the top of the reactor) along the interior of the reactor wall, the resulting 
green liquor quality (through analyses) and the gas composition (CO, CO2, H2, H2S, COS, and 
CH4) far downstream after the counter current condenser. 

The temperatures were measured by thermo couples placed inside 99.9 % alumina oxide tubes filled 
with nitrogen at a balance pressure of reactor pressure (15 bar in the presented experiment) plus 1 
bar. The two upper positions for measurement of temperatures (i.e. at 660 and 1030 mm) had 25 
mm diameter tubes with the tip placed flush with the wall. The lowest position (1410 mm) had an 8 
mm diameter tube with the tip protruding ~20 mm from the wall into the reactor. The relatively 
large dimension of the shielding tubes, especially for the two upper ones, will affect the accuracy of 
the temperature measurement. The size of the tube diameter determines the surface area that can 
absorb radiation from the hot flame. Thus, depending on the difference in temperature between the 
shielding tube of the thermocouple and the surroundings (i.e. the spray flame and the refractory wall) 
the measured temperature from a larger tube will deviate more from the actual temperature 
compared to a smaller tube. 

The green liquor was analyzed through standard procedure titration with HCl (called ABC titration) 
that gives the OH- and CO3- ion concentrations in the green liquor. In addition, a RedOx titration 
was used for determination of the HS- and SO4

- concentrations. 

Regarding the gas analyses, the H2 content in the resulting dry gas after the CCC was measured by a 
Thermal Conductivity Detector (TCD), whilst the main carbon containing gas species, i.e. CO, 
CO2 and CH4, were measured using Fourier Transform Infrared Spectroscopy (FTIR). The content 
of sulfurous gas species in form of H2S and COS was detected by Gas Chromatography (GC). It 
should be noted that the measured hydrogen content in the product gas is uncertain due to problems 
with a representative gas for calibration of the TCD. 

4.2 Spray characterization 
For an optimal performance of the PEHT-BLG process it is crucial that the spray burner nozzle 
produces a spray with the right characteristics. A too large fraction of large droplets in the spray will 
produce an unsatisfied fraction of unconverted black liquor char droplets, which is not wanted. 
However, it has been claimed that a too large fraction of small droplets may lead to very long settling 
times for the green liquor dregs.  

If one looks at the conventional combustion of black liquor in recovery boilers little can be learned 
concerning atomization in nozzles for PEHT-BLG. In a recovery boiler, atomization is done in so 
called splash plate nozzles (Adams et al. 1997) where the nozzle initially forms a conical liquid sheet 
of black liquor. This sheet disintegrates into ligaments and drops as it spreads into the boiler via a 
wave and perforation mechanism (Spielbauer and Aidun 1992). The splash plate nozzles produce 
fairly large droplets ~1-5 mm (Loebker and Empie 2002, Empie et al. 1995), which is far too large 
for the gasification process. In regards to suitable nozzles for PEHT-BLG, a brief overview of the 
characteristics of twin-fluid type of nozzles is presented in Paper VII. 
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4.2.1 Pressurized spray test vessel 

As a tool in the burner development for the DP-1 gasifier and to provide spray data for the PEHT-
BLG CFD reactor model, a pressure vessel for testing spray nozzles under the influence of elevated 
ambient pressures has been built in the laboratory of ETC (Karlsson and Westerlund 2006). The 
vessel has an inner diameter of 0.5 m and has been equipped with four optical access ports with high 
quality glass windows (25 cm in diameter and 50 mm thick) in order to enable optical non-intrusive 
spray characterization measurements. A picture of the top of vessel is shown in Figure 11 were three 
of the optical access ports can be seen. 

 

 
Figure 11. Picture showing the top of the spray burner test facility at ETC. 

 

At the top end of the vessel a burner lance with an attached spray nozzle can be mounted and 
traversed vertically. Three independently controlled streams of fluids are currently possible to 
connect and thereby make it possible to use a diverse set of different nozzle types. 

Due to difficulties with droplets ending up on the inside of glass windows accurate PDA 
measurements for gas-assisted nozzles at elevated ambient pressures have so far not been possible. 
However, it is possible to perform quantitative measurements at atmospheric pressure. At this 
condition it is easy to obtain a low pressure at the vessel gas outlet using a fan and thereby forcing a 
flow of air along the wall of the vessel when the top end flange is separated by a small distance. This 
air flow is enough to prevent the spray droplets from ending up on the windows. Work is on-going 
with finding an optimal purging method that will keep the windows clean and still not disturb the 
atomization process significantly. 

4.2.2 Phase Doppler anemometry 

Phase Doppler Anemometry (PDA) is a non-intrusive laser-optical technique that simultaneously 
measures size and velocity of spherical particles (or droplets). Measurements are performed on single 
particles, thus allowing detailed analysis of the atomization characteristics in a developed spray. 
Hence, PDA is a suitable measurement technique for use in the spray burner test facility discussed 
above.  

Basically, the PDA technique is based on focused coherent laser beams that intersect with each other 
to form an interference fringe pattern of bright and dark fringes (see Figure 12). When a particle 
passes though this fringe pattern (i.e. measurement volume) the particle emits light with a frequency 
proportional to its velocity. 
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Figure 12. Two intersecting beams of coherent laser light form an interference pattern in the measurement 
volume in PDA. 

 

Since the fringe distance is known this velocity can be determined without any calibration. 
Furthermore, the PDA system also measures particle diameters, in the range from 1μm to ~2-3mm, 
by processing the phase difference of a signal from the scattered light detected by two different photo 
detectors (see Figure 13). Further details concerning the PDA technique is found e.g. in (Albrecht et 
al. 2003). 

 

 
Figure 13. Schematics of a PDA set-up with two detectors for particle size measurement (Albrecht et al. 
2003). 

 

The PDA system at ETC used in this work is from Dantec dynamics and is mounted on a traverse 
system for an easy movement of the measurement volume. The system has the possibility to measure 
particle sizes using both standard and dual PDA set-up (Albrecht et al. 2003). Due to difficulties in 
measuring dense sprays with dual PDA, which is more accurate regarding droplet sizes, standard 
PDA measurements were performed in this work. Further details about the used PDA set-up are 
found in Paper VI and VII. 
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5 Results and discussion 
In this section, the obtained results from DP-1 experiment, the PEHT-BLG CFD reactor model and 
spray characterization are presented along with relevant discussions. It is clearly pointed out in the 
text where more detailed descriptions and thorough discussions can be found in the appended 
Papers. 

5.1 DP-1 experiment 
The presented experimental results obtained from the DP-1 are based on one experimental run. This 
is due to the limited number of stable operated runs (including all available analyses) performed to 
the point of writing of this thesis.  The considered run showed to have an acceptable carbon 
conversion and good green liquor quality from a mill perspective. The experimental results from this 
run are presented in more detail in Paper V. It should be noted that neither the specified operational 
condition, 44% of design capacity at 15 bar and with an oxygen equivalence ratio (λ) of 0.39, nor 
the spray burner characteristics were optimized for this run. 

The measured temperatures for the specified experimental run via the thermocouples, located as 
described in section 4.1.2 above, can be seen in Table 11. Note that the temperature in the lower 
part of the reactor (at 1410 mm from the top) is more than 100 °C lower than the temperatures 
measured in the upper part (at 660 mm and 1030 mm from the top). This can partly be explained by 
the difference in dimension of the shielding tube between the lowest thermocouple and the two 
upper ones. A larger tube diameter implies a larger surface area that can absorb radiation from the 
hot flame. Thus, depending on the difference in temperature between the shielding tube of the 
thermocouple and the surroundings (i.e. the spray flame and the refractory wall) the measured 
temperature from the larger tube will deviate more from the actual temperature compared to the 
smaller tube. 

 

Table 11. Measured temperatures at three locations along the wall specified from the reactor top. 

Quantity Unit Values
Location mm 660 1030 1410
Measured °C 1064 1066 952  
 

The analysis results of the produced green liquor from the experimental run described above are 
presented in Table 12. It can be noted that, there was no free NaOH present in the green liquor and 
that the amount of sodium sulfate in the green liquor corresponds to a reduction efficiency of 98.0 % 
(i.e. fraction of total sulfur as HS-, or equivalent as Na2S, the in green liquor). 

Due to the reducing condition present in the reactor the reduction efficiency is expected to be very 
close to 100 %. The reasons for not reaching full reduction are first, that the residence time for the 
black liquor droplets might be too short for the sulfate originally present in the black liquor to be 
completely reduced to sulfide. Secondly, the resulting sulfide rich smelt exiting the reactor as small 
droplets might be oxidized in the quenching stage due to the high amount of hot water vapor 
present in the quenching zone as discussed in Paper V. 

The measured gas composition obtained at 35 ºC and 15 bar after the counter current condenser 
(CCC) is given in Table 13. The results had to be corrected in order to include the contents of N2 
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and H2O present in the product gas but not measured. The measured gas composition values in 
Table 13 are based on the assumption that all of the supplied nitrogen leaves the process unaffected, 
and the amount of H2O is approximated to be the same as the partial pressure for steam at the 
current condition at the sampling location. From the amount of H2S and COS in the gas it was 
found that 64.8 % of the elemental sulfur in the BLS was released to the gas phase during conversion 
(this agrees well with the value that was used in the modeling for the H2S part). From the analysis in 
Table 13 it can furthermore be seen that the measured gas composition is relatively rich in hydrogen 
and carbon dioxide. 

 

Table 12. Analysis made on green liquor from the experimental run given in concentrations (mole/l). The 
sodium hydroxide and carbonates were determined via ABC-titration using HCl while the sulfur 
containing species were determined via a standard RedOx analysis. The unconverted carbon content was 
determined according to the description in Paper V. 

Specie mole/l
NaOH 0.000

NaHCO3 0.202
NaHS 0.154
Na2CO3 1.044

Na2SO4 0.003

C 0.273  
 

No direct measurement was possible to determine the carbon conversion. However, based on the 
elemental analysis of the BLS, the measured product gas composition, the green liquor analysis and 
the assumption that the sodium present in the black liquor form sodium sulfide/sulfate and sodium 
carbonate in the resulting smelt, the carbon conversion was determined to be 97.9 ±2 %. This 
procedure is described in more detail in Paper V. 

 

Table 13. Measured gas composition after the CCC in %mol. 

Specie Measured
CO 19.50
CO2 26.50

CH4 2.10
COS 0.02
H2S 1.70

H2 33.00

H2O 0.38

N2 16.81  
 

5.2 CFD simulations 
The results below are from simulations with the chemically inert flow CFD model of the IPST-
PEFR and the refined PEHT-BLG CFD reactor model described in chapter 2. The results from the 
latter simulations are covered in more detail in the appended Papers II-V. The focus in the following 
summarized material of the PEHT-BLG CFD reactor simulations concerns the quantitative results. 
The more qualitative results e.g. the typical flow patterns can be found in Paper II and III. 
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5.2.1 IPST-PEFR 

In order to aid in ongoing experimental work by researchers within the Swedish BLG program (see 
preface) determining black liquor devolatilization kinetics under elevated pressure, simulations were 
performed for the IPST-PEFR (presented in section 4.1.1) using the chemically inert flow CFD 
model (see chapter 2.2.1). Three different cases were studied where the collector in the reactive zone 
in the PEFR was positioned at 140, 500, and 1000 mm from the end of the injector to change the 
residence time for the pulverized black liquor solids. In Table 14 details of the dimensions and 
operating conditions used in the simulations are presented. 

 

Table 14. Dimensions and operating conditions used in the chemically inert CFD simulations of the IPST-
PEFR. The flows marked with an (*) are specified at normal conditions, i.e. 273 K and 1 atm. 

Quantity Unit value
dinjector mm 34

dprimary mm 14

dcollector mm 38

dreactor mm 82
Reactor pressure bar 10
Reactor temperature K 1273
Wall emissivity @1300 K - 0.45
Primary N2 flow* l/min 12.91

Primary N2 Temp K 293
Primary bulk velocity m/s 0.15
Secondary N2 Flow* l/min 124.65

Secondary N2 Temp K 1273
Secodary bulk velocity m/s 0.22
BLS diameter μm 80

BLS density g/cm3 1.356  
 

The resulting residence time and temperature statistics are shown in Table 15 and Table 16, 
respectively, for the three different cases. The statistics are based on 500 sample particles (80 μm) 
uniformly distributed and released from 75 % of the injector inlet center area. The resulting 
residence times are taken from the end of the injector to the tip of the collector. Presented in Table 
15 are also an estimated residence time based on the assumption that the gas flow through the reactor 
is laminar all the way from the injector end to the collector and that the BLS particles are ‘frozen’ in 
the centre of the laminar gas flow. The latter is usually the conventional way of determining the 
residence times for this laminar-flow type of reactor. 

 

Table 15. Approximate laminar residence time and predicted mean residence times along with 
corresponding standard deviations for three different collector positions in the IPST-PEFR. 

Case
Quantity I II III
Collector distance (mm) 140 500 1000
BLS flow rate (g/min) 1.07 1.32 1.29
Est. laminar time (s) 0.345 1.234 2.467
Mean time (s) 0.334 0.943 1.695
Standard deviation (s) 0.025 0.047 0.060  
 



Results and discussion 

 48 

From Table 15 it can be seen that the estimated laminar residence time differ considerably compared 
to the predicted residence times using the chemically inert CFD model. The difference at 500 mm is 
almost 0.3 s and at 1000 mm the difference is almost 0.8 s. However, as a coincidence, at 140 mm 
the difference is very small. 

Furthermore, when the collector distance is increased from 500 to 1000 mm, the mean residence 
time for the 80 μm particles increases by 80 % due to the accelerating flow of the particles. This is 
mainly due to the increased bulk density in the centre core where the particles are located, thus, 
accelerating the flow. However, since the simulations have been done with the chemically inert 
CFD model no effect from the swelling of the BLS particle has been considered. Since the swelling 
increase the particle drag the true residence times are believed to be slightly longer. 

In Table 16 the resulting mean particle temperatures at the collector tip and corresponding standard 
deviations are presented. Note that the simulation for case I indicate that the particles is far from the 
reactor temperature in this case. However, due to weaknesses in modeling the radiative heat transfer 
these values are uncertain. 

 

Table 16. Resulting mean particle temperatures at the collector tip and corresponding standard deviations 
for three different collector positions in the IPST-PEFR. 

Case
Quantity I II III
Collector distance (mm) 140 500 1000
BLS flow rate (g/min) 1.07 1.32 1.29
Mean temperature (K) 997 1268 1270
Standard deviation (K) 42.6 0.15 0.03  
 

In Figure 14 the temperature profiles for the BLS particles is presented for the considered cases. As 
noted in Table 16 it can be seen that the BLS particles in case 1 reaches ~1000 K at the collector tip. 
At ~0.3 m in the reactor the mean temperature of the particles levels out at ~1270 K. Once again it 
should be noted that the swelling and shrinking of the particles during conversion has not been 
modeled and that the radiative heat transfer modeling is uncertain. 
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Figure 14. Temperature profiles for the BLS particles in the different cases. 
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5.2.2 Verification 

As a partial verification, the heat balances in the PEHT-BLG CFD reactor model were studied for a 
simplified model of a long rectangular duct. Oxygen and droplets enter at one end of the duct where 
after the droplets dry, devolatilize and are gasified in the duct. The droplets are assumed to consist of 
H2O, CO, C and smelt. Furthermore, as a droplet dries it releases the contained moisture and during 
devolatilization it releases its CO content. CO reacts with O2 in the gas phase to produce CO2 
through 

 

22 2)(2 COOgCO →+  (60) 
 

The resulting CO2 gasifies the char to produce CO by the forward Boudouard reaction (26). The 
heats of reaction for the reactions are known, as well as the latent heat of vaporization for drying and 
devolatilization and the same constant specific heat is used for all species. The result is a case where 
the heat balance can be determined by hand calculations and compared with the one obtained from 
the model. 

The verification for this case was performed in three steps. First only the devolatilization was 
considered. Then drying was added and finally gasification was considered. This procedure was used 
in order to detect programming errors in any of the different conversion sub-models. A theoretical 
outlet temperature was calculated for all three cases and compared with the numerical values. For all 
three cases the error was less than 1%, which most likely is due to numerical discretization errors (see 
section 2.9.2). Hence, the model gives an accurate prediction of temperatures and a proper heat 
balance for the considered conversion sub-models in Paper II. 

5.2.3 Validation 

The proposed CFD model has been used to predict the experimental run specified in Paper V for the 
presented PEHT-BLG pilot gasifier (see section 1.4.1). The predicted temperatures at the locations 
for the thermocouples at the reactor wall are shown in Table 17 along with the measured 
temperatures. Here it can be seen that the predicted temperature increases from 861 °C at the upper 
most location to 926 °C at the lowest position. The discrepancies between experiment and model 
prediction are discussed below. 

 

Table 17. Measured and predicted temperatures at three locations along the wall specified from the reactor 
top. 

Quantity Unit Values
Location mm 660 1030 1410
Measured °C 1064 1066 952

Predicted °C 861 914 926  

 

In Table 18 the predicted gas composition at the reactor outlet is shown (column marked Predicted) 
along with an adjusted value (considered later on) and measured composition after the CCC. Notice 
the relatively high amounts of CO and H2O that is predicted to be present in the lower part of the 
reactor. Furthermore, the lack of CH4 in the predicted gas composition can be explained by the use 
of a simplified combustion reaction mechanism that does not contain any reaction generating CH4, 
only destruction. 
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Table 18. Predicted reactor outlet gas composition at 926 °C and 15 bar, adjusted gas composition after 
the CCC based on the model prediction, and measured gas composition after the CCC in %mol, The 
amounts of H2O in the measured and adjusted composition were based on the condition at the gas 
sampling location, i.e. 35 ºC and 15 bar. 

Specie Predicted Adjusted Measured
CO 21.09 33.30 19.50
CO2 13.40 21.16 26.50

CH4 0.00 0.00 2.10
COS N/A 0.00 0.02
H2S 1.26 1.99 1.70

H2 18.49 29.20 33.00

H2O 36.91 0.38 0.38

N2 8.85 13.98 16.81  
 

In Table 19 the predicted smelt composition at the reactor outlet is shown. Here, the predicted 
carbon conversion of 93.0 % results in 32.7 % mol of solid C in the smelt. This appears to be 
unrealistically high compared to the experimental result (see model comparison discussion below). 
One hypothesis for the main cause of the low carbon conversion in the model prediction is that it is 
caused by an incorrect spray pattern. The input for the spray characteristics came from an 
atmospheric pressure experiment using a water/syrup mixture. However, it is well known that an 
increased back pressure will have a significant impact on both the spray pattern and the droplet size 
distribution (Lefebvre 1989). Future work on this subject will eliminate this lack of knowledge. 

 

Table 19. Predicted smelt composition in % mole at the reactor outlet. 

Specie Predicted

Na2CO3 59.5

Na2S 7.7
NaOH N/A
Na2SO4 0.04
C 32.7  
 

Regarding the predicted value for sodium sulfate reduction efficiency (99.5 % in Table 20, the 
model predicts a near to complete reduction of the sulfate. This is also expected since the ambient 
atmosphere for the black liquor droplets in the gasifier is highly reducing at the current oxygen 
equivalence ratio (λ=0.39). 

 

Table 20. Predicted values of the maximum temperature, outlet gas temperature, sulfate reduction 
efficiency, and carbon conversion using the current PEHT-BLG CFD reactor model for the specified 
experimental run in Paper V. 

Parameter Unit Value
T max °C 1566

T g,out °C 925
Sulphate reduction % 99.5
Carbon conversion % 93.0  
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Model against experiment comparison 

The only direct comparisons that can be made between the experimental and the numerical 
simulation results are the temperatures at the locations of the thermocouples. As seen in Table 17 
there are considerable differences between the experimental and predicted temperatures at the two 
upper thermocouple positions (~200 °C). However, at the lowest position the prediction is closer to 
the experimentally obtained value (~30 °C). Since, as discussed in Paper V, the dimension of the 
shielding tube between the lowest thermocouple and the two upper ones differ it is expected that the 
measured temperatures from the two upper thermocouples will deviate more from the actual 
temperatures compared to the lowest thermocouple. In other words, the temperatures measured at 
the two upper positions are believed to be more affected by radiation from the hot flame than the 
temperature measured at the lowest position. As a consequence it is expected that the difference 
between experiment and model will decrease if better temperature measurements are performed, e.g. 
using fine wire thermocouples or suction pyrometers. Concerning the predicted temperatures, these 
depend on the resulting steady flow field, local gas composition and the spatial droplet density 
distribution. If the predictions of these matters are not close to the real case (currently not possible to 
be validated), the predicted temperatures will deviate from the real temperatures. 

The resulting carbon conversion in the experimental run was determined indirectly based on 
elemental conservation, the measured product gas composition in Table 13, the green liquor analysis 
in Table 12 and the assumption that the sodium present in the black liquor form sodium 
sulfide/sulfate and sodium carbonate in the resulting smelt (see Paper V). For the current 
experimental run the carbon conversion was determined to be 97.9 ±2 %. This value is lower than 
what would be acceptable in the pulp mill chemical recovery cycle. However, the determined 
experimental carbon conversion is an indirect measurement, which results in a significant error 
margin. The estimated 2 % margin is based on an accuracy of 1 % in the H2 measurement, which is 
believed to be the most uncertain measured value. If the determined value is correct it should be 
noted that the gasifier was run at part load with a non-optimized burner and that it is likely that 
complete carbon conversion can be achieved in the future after considering possible improvements 
in the process.  

The low carbon conversion predicted by the CFD-model (93.0 %) does not seem to be real. The 
good green liquor quality with reasonable small amounts of dregs obtained from the experimental 
run indicates that the carbon conversion (estimated to be 97.9 %) is higher than the predicted value. 
Uncertainties in the spray characteristics and char gasification kinetics are believed to be the main 
explanations for the under-prediction of the carbon conversion. If the model is modified so that the 
carbon conversion becomes higher and more close to the experimental, e.g. via faster 
devolatilization, it is also expected that the predicted peak and outlet temperatures will be slightly 
higher according to the findings in Paper II. However, considering the relatively small difference of 
5 ±2 % between the predicted and experimental carbon conversions, the use of this global 
performance parameter in trend predictions is considered to be appropriate. 

Regarding the sodium sulfate content in the smelt, the over-predicted reduction efficiency (99.5 % 
compared to 98.0 %) is for this experimental run at a level that can be considered to be accurate in 
regards to trend predictions. 

Most of the obtained experimental and numerical simulation results must be corrected and/or 
adjusted in order to make any comparisons. Considering the predicted gas composition at the reactor 
outlet (2nd column in Table 18), this needs to be adjusted (3rd column in Table 18) in order to be 
compared against the experimental gas composition after the CCC (4th column in Table 18). In the 
adjusted gas composition, the amount of H2O is approximated to be the same as the partial pressure 
for steam at the current condition at the sampling location (35 ºC and 15 bar) and the COS content 
is zero since this specie is not modeled due to the expected low amounts actually present in the 
product gas (see 4th column in Table 18). The relative amounts of the remaining considered species 
are preserved from the predicted gas composition at the reactor outlet. The main differences in 
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comparison of the measured and adjusted gas compositions in Table 18 are that the model under-
predicts the amounts of CH4, H2, and CO2, whilst the amounts of CO is over-predicted. The poor 
prediction of CH4 can be explained by the discussion above that a simplified combustion reaction 
scheme is used that only consume CH4 and that CH4 might have been formed in the quenching 
stage at intermediate temperatures. Regarding the higher amount of H2 obtained experimentally after 
the CCC compared to the amount found in the model simulation it might be due to the possible 
oxidization of the sodium sulfide in the smelt, as reasoned in Paper V, which releases hydrogen to 
the gas phase. 

 

Table 21. Predicted and experimentally determined smelt composition in % mole at the reactor outlet. 
The experimental smelt composition is based on the green liquor analyses as described in the text. In the 
two right most columns the unconverted organic carbon content has been excluded. 

Specie Predicted Experimental Predicted Experimental

Na2CO3 59.5 73.2 88.5 83.6
Na2S 7.7 10.8 11.5 12.3
NaOH N/A 3.3 N/A 3.8
Na2SO4 0.04 0.22 0.06 0.25
C 32.7 12.4 - -  
 

In order to compare the predicted smelt composition with the experiment, the experimental green 
liquor (Table 12) needs to be translated to a smelt composition at the exit of the hot reactor. In this 
translation to determine an experimental smelt composition (3rd column in Table 21), the sodium 
sulfate content in the estimated smelt composition is assumed to be the same as the content in the 
green liquor. Even though we suspect that sodium sulfide in the smelt coming from the reactor 
might have been oxidized in the quenching stage (as reasoned above) this assumption is not critical 
due to the relatively small amount of sodium sulfate present. The amount of Na2S in the estimated 
smelt composition is based on the NaHS concentration in the green liquor since the sulfide in the 
sodium smelt forms HS- and OH- ions when hydrolyzed in water. Furthermore, the hydroxide ion 
(OH-), coming either from the hydrolysis of Na2S or from free NaOH in the smelt, absorbs CO2 in 
the quench to form the hydrocarbonate found in the green liquor (Table 12). Hence, from the 
hydrocarbonate content in the green liquor the translation to the amounts of NaOH present in the 
smelt can be determined as the part of sodium hydrocarbonate remaining after the amount of sodium 
contained in the smelt as Na2S (in form of NaHS in the green liquor) has been considered. Notice 
that, due to the high temperature in the reactor, the sodium hydrocarbonate analyzed in the green 
liquor would not likely have been present in the smelt since this molecule is easily dissociated to 
sodium carbonate and CO2 at high temperature. Finally, the remaining sodium present in the green 
liquor is assumed to have been in the form of sodium carbonate when the smelt leaves the hot 
reactor.  

In Table 21 the predicted smelt composition (2nd column) is shown in comparison with the 
experimental smelt composition (3rd column). As seen in Table 21 there are notable differences in 
the predicted and experimentally determined smelt composition when the amount of solid carbon is 
included. However, considering just the inorganic part of the smelt compositions the agreement is 
good. 

5.3 Spray characterization 
In this section, the main results from the characterization studies performed on two different twin-
fluid type of nozzles are presented. These results, found in Paper VI and VII, are of great interest in 
the further development of spray burners for PEHT-BLG. 
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5.3.1 Effects of viscosity in a T-jet nozzle 

The nozzle used in this section was a generic T-nozzle. The T-nozzle is close to the Y-jet nozzle 
(Lefebvre 1989) but with the liquid entering the mixing chamber at right angles to the atomizing 
gas. The high pressure gas is choked close to the mixing chamber causing sonic velocities before 
atomization sets in. The gas velocity then rapidly decreases due to the momentum exchange between 
the liquid and the gas. 

To study the effects of viscosity on the performance of the T-jet nozzle, water and a syrup-water 
mixture (80 mPas dynamic viscosity and a density of 1.295 kg/m3) were used. The nozzle was run 
with both liquids keeping the mass flow rate ratios constant. Since the nozzle is not symmetric two 
orthogonal profiles through the center of the spray at 20 orifice diameters downstream were acquired 
and for each point the size distribution was analyzed. The profiles are named diameter 1 (in the 
direction of the incoming liquid to the T-jet nozzle) and diameter 2 (orthogonal to the incoming 
liquid direction). More details concerning the measurements can be found in Paper VI. 
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Figure 15. D10 and D32 (SMD) profiles for repeated syrup runs and one water run. Not all data points 
were repeated. 

The resulting droplet sizes are shown in Figure 15. For each run, D10 (the arithmetic average) and 
the Sauter Mean Diameter (SMD or D32) is presented. The data shows that the repeated 
measurements for SMD with syrup show significant discrepancies from the first measurements. The 
corresponding differences for the D10 values are much less. This is due to the higher moments 
associated with the SMD since this amplifies the small difference in the samplings. 

What is obvious is that the syrup-water runs show smaller values for D10 than for water, but at most 
positions larger values for D32. For higher order statistics, such as D32, the syrup data gives larger 
values than water. For lower order statistics, the opposite is true. This suggests that the droplet size 
distributions do not have the same shape for the syrup-water mixture and water. 
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Figure 16. Number density (top) and cumulative volume (bottom) distributions for syrup at position -15 
mm along diameter 1. 

 

 
Figure 17. Number density (top) and cumulative volume (bottom) distributions for water at position -15 
mm along diameter 1. 
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Droplet size distributions for the position at -15 along diameter 1 are shown in Figure 16 and Figure 
17 for syrup-water and water, respectively. On top are the number density distributions and below 
are the cumulative volume distributions. As can be seen, the peak in the number density is shifted 
towards smaller diameters for syrup. This causes the smaller values in the lower order statistics. 
However, looking at the volume distributions, it is obvious that the large diameter tail is thicker for 
syrup than for water. The number of droplets in large diameter bins for syrup is typically 10-100. In 
fact, there are possibly undetected syrup droplets since the volume distribution does not 
asymptotically reach 1. For water, most droplet sizes seem to be captured. This pattern is present for 
the other positions as well (not presented here). 
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Figure 18. Cumulative volume distribution with log-normal curve fit to syrup data at position 1. 
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Figure 19. Cumulative volume distribution with log-normal curve fit to water data at position 1. 

 

The log-normal distribution was fitted to the data at position -15 mm along diameter 1 using a 
subset of 65500 samples from each data set. The curve fit was made to the cumulative number 
distribution and presented in Figure 18 and Figure 19 for syrup-water and water, respectively. The 
water data is well described by the log-normal distribution with some deviation for large diameter. 
However, the syrup data is far off at the large tail. This is due to the few droplets in the large 
diameter bins that get a heavier weight for the volume distribution. 
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5.3.2 Swirling coaxial air-assisted nozzle 

In Paper VII, work was performed in order to quantitatively investigate the spray characteristics for a 
coaxial air-assisted (high-velocity air stream) atomizer (see Paper VII for details) for moderate 
industrial flow rates of water (10-20 l/min), high water to air mass flow ratio (3<m<8), high 
momentum flux ratios (10<J<160), and low to intermediate degree of swirl (0.1<S<~0.3) and at 
sonic air flow at the convergent nozzle exit (Mach 1). Samples were recorded at 19 radial positions 
ranging from the center to 10 inner (liquid) nozzle diameters (D=9 mm) in the symmetric spray at 
20D downstream from the atomizer. In the cases considered, two different liquid to gas mass flow 
ratios (m) for two different contraction ratios were studied with and without the use of swirl. This 
corresponds to a total of 8 cases that are presented in Table 22. 

 

Table 22. Nozzle key dimensions, flow rates and corresponding dimensionless numbers. Note, the symbol 
identifies each case in the presented figures, D is nozzle inner diameter for the liquid stream, Gap is the 
width of the annulus for the assisting gas, Aratio is the central to annular nozzle area ratio, Sexit is the 
estimated swirl number at the nozzle exit, m is the liquid to gas mass flow ratio, and J is the air to water 
initial momentum flux ratio. 

Case Symbol D  (mm) Gap (mm) A ratio S exit Water (g/s) Air (g/s) m J 103 Reliquid 103 Regas 103 We 10-3 Oh

1 ▼ 9.0 0.65 2.67 0 127 40.0 3.18 159 18.0 338 81.4 1.26
2 ■ 9.0 1.60 1.00 0 127 40.0 3.18 60 18.0 200 30.6 1.26
3 ◊ 9.0 0.65 2.67 0.13 127 40.0 3.18 159 18.0 338 81.4 1.26
4 □ 9.0 1.60 1.00 0.32 127 40.0 3.18 60 18.0 200 30.6 1.26
5 ▲ 9.0 0.65 2.67 0 309 42.1 7.33 28 43.7 356 85.7 1.26
6 ● 9.0 1.60 1.00 0 309 42.1 7.33 11 43.7 211 32.2 1.26
7 ∆ 9.0 0.65 2.67 0.13 309 42.1 7.33 28 43.7 356 85.7 1.26
8 ○ 9.0 1.60 1.00 0.32 309 42.1 7.33 11 43.7 211 32.2 1.26  

Axial velocity 

In Figure 20 the radial profiles of the axial mean velocities for case 1-4 are presented. It can be noted 
that the introduced swirl decreases the velocity in the center core of the spray. This effect is more 
obvious for the case with lower momentum flux ratio (J=60) and higher degree of swirl (S=0.32) 
where the relative decrease in mean axial velocity in the center due to the introduced swirl is 45 % 
compared to a reduction of 28 % at the higher momentum flux ratio (J=159) and lower swirl 
number (S=0.13). 
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Figure 20. Radial distribution of the axial mean velocities for case 1-4 having m=3.18. The corresponding 
case in Table 22 is shown in parentheses for each curve. 
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A similar effect on the reduction of mean axial velocity due to the introduced swirl for case 5-8, 
having a higher liquid to gas mass flow ratio (m=7.33), can be seen in Figure 21. Here, the relative 
reduction in the mean axial velocity in the center at the lower momentum flux ratio, J=11 and 
S=0.32, is about the same (42 %) as in the former case (45 %) where m=3.17 and J=60. However, 
increasing J to 28 and consequently decreasing S to 0.13 at m=7.33 indicate a much lower relative 
reduction in mean axial velocity in the center (13 %) compared to the cases 1 and 3 (m=3.18) where 
the reduction was 28 %. 
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Figure 21. Radial distributions of the axial mean velocities for case 5-8 having m=7.33. The corresponding 
case in Table 22 is shown in parentheses for each curve. 

 

Spreading rate 

The spreading rate is here defined by the non-dimensional radial distance r/D from the center of the 
spray to the point where the axial mean velocity has reduced to 20 % of the axial mean velocity in 
the center. To determine the position where this occurs, linear interpolation was applied for the 
values in the two nearest sampling locations to the specific point, i.e. the locations bounding the 20 
% value of the mean axial velocity in the center. 

From Figure 22 it can be seen that the spreading of the jet is more pronounced for the higher value 
of m but also for case 4 having m=3.18 and swirl as S=0.32. In case of high m, the momentum flux 
ratio J is lower compared to the corresponding case at lower m. For higher values of J the jet is 
forced into the centre of spray at a higher extent compared to lower values of J. This is also seen in 
Figure 20 and Figure 21 for the mean axial velocities. The explanation for the exception of case 4 
having a spreading rate that is closer to the ones at higher m is due to the swirl (S=0.32). In Figure 
20 it was shown that the swirl decreased the central mean axial velocity considerably, thus resulting 
in the large effect regarding the spreading rate. 

Comparing case 7 (dark grey bar to the right in Figure 22) and case 5 (black bar to the right in 
Figure 22) it is indicated that when swirl is introduced at S=0.13 for m=7.33, the spreading rate is 
nearly unaffected. However, considering the non-swirling case 6 and case 8 where the swirl is 
S=0.32 the spreading rate increases. This is not only due to the increased swirl but also since a 
smaller contraction ratio for case 6 and 8 compared to case 5 and 7 results in less acceleration of the 
axial momentum component in the contraction, thus, lowering J from 28 (case 5 and 7) to 11 (case 6 
and 8). The difference in spreading rate between the non-swirling cases 5 and 6 (m=7.33) shows the 
increased spreading due to the decrease in J independently of S. 
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Figure 22. Spreading rate of the resulting spray in the studied cases, categorized by liquid to gas mass flow 
ratio (m). The spreading rate is defined by the non-dimensional radial distance r/D from the center of the 
spray to the point where the axial mean velocity has reduced to 20 % of the axial mean velocity in the 
center. The corresponding momentum flux ratios (J) are shown in each block. Cases 1 to 8 are from left 
to right (see Table 22). 

 

Droplet sizes 

Regarding the resulting droplet sizes for the cases 1-4 where m=3.18, the radial distributions of the 
Sauter Mean Diameter (SMD) is presented in Figure 23. Here, it is seen that the smallest droplets are 
found ~4D from the centerline in the cases with swirl and are smaller than in the cases without swirl. 
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Figure 23. Radial distributions of the Sauter Mean Diameter (SMD) for case 1-4 having m=3.18. The 
corresponding case in Table 22 is shown in parentheses for each curve. 

 

Comparing the two cases with swirl (case 3 & 4) with the two cases without swirl (case 1 & 2) show 
that the non-uniformity of the droplet sizes throughout the spray is increased by the introduction of 
swirl. Furthermore, in case 4 where swirl is introduced as S=0.32 at a lower J (J=60) the atomization 
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is poorer (larger droplets) in comparison with case 3 where J=159. It is likely that the introduction of 
swirl at the current flow conditions results in less energy for atomization is transferred to the center 
region of the spray. A possible cause for this observation is that the swirling motion of the annular air 
stream tends to ‘miss’ the liquid jet and thereby decrease the transfer of energy to the center. 
However, the atomization is enhanced from the most intensive region of shear (r/D ~ 4) and further 
outwards from the center of the spray. 
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Figure 24. Radial distributions of the Sauter Mean Diameter (SMD) for case 5-8 having m=7.33. The 
corresponding case in Table 22 is shown in parentheses for each curve. 

 

When the water to air mass flow ratio, m, is increased from 3.18 to 7.33 the differences in radial 
SMD distribution between the cases with and without swirl shown in Figure 24 become less clear 
compared to Figure 23 where m=3.18. However, the largest droplets are still found to be in the 
center of the spray and the smallest droplets appear at r/D ~ 4. Furthermore, the SMD values in the 
outer region of the spray are lower for the swirling cases, which were also found for the cases with 
lower m (case 1-4) in Figure 23. 
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6 Conclusions 
In this section the main conclusions from the different parts of the current thesis work are 
summarized. The first sub-section covers the concluding remarks regarding the numerical modeling 
part. The following section deals with the conclusions drawn concerning the spray characterization 
work. 

6.1 Numerical modeling 
The main objective of the applied research work presented in this thesis has been to develop a 
comprehensive CFD reactor model for Pressurized Entrained-flow High Temperature Black Liquor 
Gasification (PEHT-BLG). Different modeling approaches at different levels of complexity have 
been covered within the project. As a result, a comprehensive self-consistent CFD model for the 
PEHT-BLG reactor has been developed that includes the conversion mechanisms that are judged to 
be most significant. Uncertainties in the developed model are mainly found in the model parameter 
values. 

Simulations have been performed for two applications, the DP-1 reactor (section 4.1.2) and the 
IPST-PEFR (section 4.1.1). The numerical simulations of the IPST-PEFR showed that the 
conventional method used to estimate the residence times for this reactor (laminar-flow assumption) 
is over-estimated with about 30-45 % compared to the predicted values by the CFD model when 
the collector is positioned at 500 and 1000 mm. The explanation for this difference is that the 
particles is not ‘frozen’ in the gas field as assumed in the conventional estimation method but 
accelerated due to the increased bulk density in the centre core of the reactor. Furthermore, 
doubling the collector distance in the reactor from 500 to 1000 mm, the mean residence time for the 
80 μm particles only increases by 80 %, which is due to the accelerating flow of the particles. 

The simulations of the IPST-PEFR have been done with the chemically inert CFD model and no 
effect from the swelling of the BLS particle has been considered. Hence, since the swelling increases 
the particle drag the true residence times are believed to be slightly longer but, however, not as long 
as the conventional estimates. 

The most significant benefit with the coarse approximation modeling approach, as described in 
section 2.2.2, is that neither kinetic data nor droplet distribution data is needed for the computations. 
This may be useful in preliminary conceptual designs of spray burners in processes like the PEHT-
BLG process. The disadvantage is that the parameters controlling the distributed sources due to 
droplet conversion are difficult to specify according to the real condition and can only be roughly 
estimated. One explanation why the two different flow patterns for different spray angles were found 
in Paper I but not detected with the refined modeling approach (see section 2.2.3) is probably due to 
that too much of the gas produced from the black liquor droplets is added too close to the burner 
inlet and thus forcing the flow towards the reactor wall. 

Regarding the refined modeling approach, a self-consistent CFD model for the PEHT-BLG reactor 
has been developed and presented in Paper III. The model makes use of eight key assumptions in a 
so called ‘proximate analysis model’ for the translation of elements in the black liquor into a model 
black liquor composition based on experimental data. The model ensures elemental conservation and 
a consistent handling of the available chemical energy in the black liquor. 

A sensitivity analysis on the four most important model parameters in the proximate analysis model 
was performed in Paper IV in order to serve as a guide in the planning of the validation experiments 
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in the pilot plant for PEHT-BLG. Among the considered performance response parameters (see 
section 3.1) the sulfate reduction efficiency was found to be almost completely insensitive to the 
variations for all of the studied model parameters (<0.2%). Furthermore, the results have shown that 
the sensitivity to the transformation of the sulfur species, via the amount of sulfur released to the gas 
phase as H2S during devolatilization and the initial concentration ratio of Na2S and Na2SO4 in the 
black liquor char, have relatively large effects on the chosen performance response parameters of the 
pilot gasifier. On the other hand, the amount of carbon in volatile matter and the CO to CO2 
concentration ratio in the volatile matter were shown to be much less influential within the specified 
interval of uncertainty compared to the other two. Hence, it can be concluded that careful 
measurements of the amount of sulfur released to the gas phase as H2S during devolatilization and the 
concentration ratio of Na2S and Na2SO4 in the black liquor char under real process conditions appear 
to be of great importance in validation of the current PEHT-BLG CFD reactor model. 

In Paper II the influence from model parameter uncertainties in black liquor specific heat capacity, 
gas absorption coefficient, and devolatilization rate were determined using a factorial design. From 
the results it was found that there are no significant interaction effects between the studied factors on 
the considered responses; char conversion, maximum temperature and outlet temperature. Among 
the main effects it is seen that all the chosen factors have significant effects on the responses. For the 
char conversion, all of the relative main factor effects are clearly less than for the maximum and 
outlet temperatures. However, no major relative main effects (>6%) on the responses could be seen 
in the responses from the studied factors within the specified intervals. Hence, it is believed that if 
the parameter values are within the present intervals the model may be used for gasifier design 
optimization in spite of the underlying uncertainties in the model parameters. The reason for this is 
that if the model can predict the trends in gasifier function qualitatively depending on its design, 
low-level uncertainties will not alter those trends significantly. Hence, if the model predicts an 
improvement in carbon conversion from an optimization of the reactor shape, this trend effect is 
expected to be unaffected due to uncertainties in the examined model parameters. 

Regarding validation of the PEHT-BLG CFD reactor model, comparison against experimental data 
obtained from an intermediate gasifier (DP-1, presented in section 4.1.2) has been made. Most of the 
obtained experimental and numerical simulation results had to be corrected and adjusted in order to 
make any comparisons possible since direct measurements are only available for temperatures via 
three thermocouples at the inside of the reactor wall. The indirect comparisons between the 
prediction and the experiment are made by making reasonable assumptions in the transformation of 
data. Based on the results and discussions in Paper V, the following features of the PEHT-BLG CFD 
reactor model are currently considered to be reasonably accurate: 

Temperature predictions in the lower part of the reactor; 

Reduction efficiency; 

Carbon conversion for trend predictions; 

The inorganic smelt composition of the modeled species. 

It should be pointed out that it is currently difficult to judge whether the errors come from the 
indirect experimental results or the simulations. Hence, before a definite conclusion about the 
validity of the PEHT-BLG CFD reactor model can be drawn, more in-situ measurements from the 
inside of the reactor are necessary. Particularly in form of gas sampling, char/smelt sampling and 
accurate spatially resolved temperature measurements. When accurate in-situ measurements are 
available, it will be possible to draw more definite conclusions about what parts of the model that 
needs improvements or adjustments in order to use the model for reactor scale-up. 
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6.2 Spray characterization 
By using the PEHT-BLG CFD reactor model, the reactor performance for different spray 
characteristics (i.e. spray angle, velocities and size distributions) can be studied and optimized. 
However, to actually design nozzles that fulfill the optimal spray characteristics determined by the 
model optimization is not possible without a suitable experimental spray characterization 
methodology. Therefore, a pressurized spray test facility has been constructed in order to test and 
quantitatively characterize different nozzle designs. The resulting optimized designs will finally need 
to be tested in the PEHT-BLG process before any definite conclusions about improved reactor 
performance due to nozzle optimization can be drawn. 

In Paper VI, an air-assisted T-nozzle was tested with water and a syrup-water mixture (μ=80 mPas) 
to investigate the effect of increased viscosity on the droplet size distributions and nozzle 
performance. From this study it was found that an increased viscosity will distort the droplet size and 
cause a ‘tail’ at the large diameter end of the distribution. The larger droplets, although few 
compared to the smaller droplets, will contribute significantly to the overall mass flow. The results 
suggest that even larger droplets are present for the water-syrup mixture while the water spray seems 
almost fully captured within the droplet size interval of the measurement. At the same time, the 
number distribution and the lower order diameter statistics for the syrup-water mixture shows that 
the smallest droplets actually decrease in size compared to water. Thus, if only one statistic was to be 
used to compare the performance to models, different choices of statistic would yield different 
results. The arithmetic mean diameter (D10) indicates that a higher viscosity yields smaller droplets, 
while the Sauter Mean Diameter (SMD or D32) indicates that larger droplets will be the result. 
Typically, a high viscosity would yield larger droplets due to damping of instabilities in the 
atomization process. But there may also be that a high viscosity allows ligaments and sheets to stretch 
further before break-up, thus creating relatively small droplets. The syrup-water mixture did not 
show any non-Newtonian behavior in the viscosity measurements, but the shear rates in the 
atomization process are higher than those tested in the viscosity measurement. 

In Paper VII, work was performed in order to quantitatively investigate the spray characteristics from 
a swirling coaxial gas-assisted atomizer for moderate industrial flow rates of water, low to medium 
swirl generation of the assisting air, and high momentum flux ratios at sonic air velocities at the 
convergent nozzle exit. Due to the high injection gas velocity, the advantages of a swirling annular 
jet are restricted since the jet dispersion is reduced in this case. However, it was found that the 
spreading rate of the spray increased considerably for moderate swirl (S=0.32) and moderate liquid to 
gas mass flow ratio (m=3.18). Furthermore, a decrease in momentum flux ratio (J) increased the 
spreading rate for the studied interval (11<J<159). It was also found that the introduced swirl 
decreases the velocity and increases the SMD in the center core of the spray. This effect is more 
obvious at a moderate liquid to gas mass flow ratio and low momentum flux ratio where the relative 
decrease in mean axial velocity in the center due to the introduced swirl (S=0.32) is 45 %. 
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7 Future work 
In the following sections recommendations for future work in experiments, numerical modeling, and 
spray characterization related to PEHT-BLG are presented. 

7.1 Experiments 
Computer simulations are steadily growing in importance but the definite answers will always lie in 
experiments. This is particularly true for a complex process like the current PEHT-BLG. Large scale 
experiments are the only way at present to be able to determine many of the finer aspects that may 
cause serious perturbations of an industrial process if they are left on their own. Furthermore, in 
order to validate the present PEHT-BLG CFD reactor model, detailed information of the 
conversion process inside the reactor is of great value. As discussed in the conclusions, in-situ results 
from the hot reactor are of great importance for an objective validation and calibration of the model. 
Data of interest are spatially resolved temperatures, gas compositions, particle concentrations, and 
particle compositions and information about the liquid layer of smelt on the reactor wall. Since the 
environment inside the reactor is very hostile to materials, special experimental methods have to be 
developed. Existing and newly developed experimental methods can then be used to determine the 
composition of solid/liquid and gaseous products in different positions and under various 
experimental conditions. The resulting data will be of great importance for future development of 
the PEHT-BLG process and for future model and burner improvements. Specifically, regarding the 
conclusions about the sensitivity in the proximate analysis model parameters for transformation of the 
elemental sulfur into sulfurs species, the amount of sulfur released to the gas phase as H2S during 
devolatilization and the concentration ratio of Na2S and Na2SO4 in the black liquor char are of great 
interests for accurate model predicts. 

Regarding sampling of gaseous components, a conceptual design of a suction probe has already been 
developed. The water cooled gas sampling probe will be installed in the reactor part of the DP-1 
before start up of the gasifier. Gas samples from the reactor will be withdrawn and rapidly cooled in 
order to ‘freeze’ the chemical composition and then sent to the analysis instruments. A 1.5 mm 
thermocouple located at the tip of the probe measures the temperature. The primary goal is to be 
able to take a gas sample from the reactor at a stable operation point and analyze the composition. 

The sampling of particles is more difficult and includes the risk of plugging the suction probe. In 
principle, it should be possible to use a similar probe for this but it is expected that special procedures 
will be necessary to prevent plugging. If this is solved, it will be of interest to size classify the particles 
with an impactor and to analyze the chemical composition of the particles using an Scanning 
Electron Microscope with an Energy Dispersive Spectrometer (SEM-EDS) and X-ray diffraction. 

Another interesting activity concerning future related experimental work in the pilot plant is to 
sample smelt from different positions at the reactor wall using a pneumatic method. The idea is to 
have a spoon shaped collector inside the reactor, covered by a tube during start up. Then, in order to 
take a sample the collector is pneumatically moved out from the cover to fill the collector with 
smelt/char at the wall and then withdrawn inside the cover to ‘freeze’ the sample. 

Finally, the last recommendation concerns additional experimental runs of the DP-1 plant for 
continued model comparisons. Special attention should be made to log the operational conditions 
correctly and put efforts in analyzing the gas and smelt compositions accurately at stable point 
operations of the plant. 
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7.2 Numerical modeling 
Regarding the future efforts in improving the numerical modeling of the reactor in the PEHT-BLG 
process, it is recommended that focus should be on improving the sub-models through the use of the 
IPST-PEFR. This laminar-flow reactor makes it possible to strictly validate the individual sub-
models for the devolatilization and the different char gasification reactions excluding the difficulties 
associated with modeling turbulence. Especially, collaborative efforts should be made to improve the 
black liquor char gasification kinetics at elevated pressure together with researchers within this 
particular field. It is believed that in the considered conversion sub-models, the char gasification 
kinetics have the greatest influence in obtaining accurate predictions of the reactor performance. 

Besides the turbulence, modeling heat transfer through radiation is one of the toughest modeling 
challenges. Since radiation is dominating the heat up of the droplet, this part is very important in the 
current application. It determines the droplet heating rate and associated droplet conversion. 
However, since modeling radiative heat transfer in two-phase flows is very demanding, the focus in 
future work should be in enabling incorporation of available state-of-the-art radiation models rather 
than developing the actual radiation models. This should also be the concern regarding modeling of 
turbulence in the reactor. 

Another important aspect of accurate modeling of the PEHT-BLG process is the spray burner 
characteristics. Here, the constructed spray test facility will be of great help. Even though it is 
currently not possible to run with black liquor, suitable synthetic liquids having similar physical 
quantities as black liquor (e.g. syrup-water mixtures) can provide valuable information for an 
accurate spray modeling. 

7.3 Spray characterization 
Currently, the constructed test facility for spray characterization at elevated ambient pressure 
presented in this thesis suffers from problems with window purging. In order to perform quantitative 
spray measurements at elevated pressures using PDA these problems need to be resolved. To this 
point, a set of flat air-jet nozzles has been tested in order to create an overlapped curtain of high 
velocity air past the cavities of the optical access ports. This concept has this far, however, been 
shown not to work satisfactorily. The recommended next step should be to use a concept having a 
small diameter pipe placed around the side port glass inside the cavity with air inlets directed away 
from the window glass. This ‘air ring’ concept is intended to fill the entire volume inside the side 
port creating a ‘lid’ and thereby prevent contamination on the glass window. As an additional 
alternative, this latter concept might also be used jointly with the former ‘air curtain’ concept. 

After resolving the issue of window purging, the spray test facility can be used to quantitatively 
characterize potential nozzles for use in DP-1 at elevated pressures up to 15 bar. It has been proposed 
that that the atomization process with real black liquor is different from atomization of typical model 
fluids (e.g. syrup-water mixtures). It is therefore of interest to make tests with black liquor to see if 
this is the case. If so, then much of the continued burner optimization work would have to be done 
with real black liquor. 

By using high-speed photography and suitable arrangements at the DP-1 reactor, it is possible to 
make initial tests without too much new infrastructure. The high-speed imaging features high 
resolutions in both space and time and, thus, enabling fundamental observations of the atomization 
of black liquor. The key question initially is to see if droplets are spherical or not. 
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Approximate Modelling of the Flow of Gas and Droplets in an 
Entrained Flow Pressurised Black Liquor Gasification Reactor 

Magnus Marklund1, Rikard Gebart1* and Kevin Whitty2

Abstract

Black liquor, a by-product of the papermaking process, is an important fuel in the paper 
industry that is conventionally burned in a large boiler for the recovery of energy and 
chemicals. Pressurised gasification of black liquor in an integrated combined cycle 
configuration has the potential to produce twice as much electrical power as conventional 
technology. Another advantage with this process is the increased control of the fate of sulphur 
and sodium in the process that can be used to improve the pulp yield and the quality for the 
mill. 

In the entrained flow gasification process, black liquor is atomised in a burner nozzle and 
partially combusted in a cylindrical reactor to form a combustible fuel gas and a molten smelt 
of alkali salts. Important factors for optimum process conditions are that the heat loss to the 
walls is minimised and that an optimum amount of the liquid phase is advected to the walls so 
that a protective layer of solidified smelt is formed. 

In the approximate model for the gasification process that we propose, it is assumed that the 
droplets have no effect on the gas flow before gasification and that the distribution of mass 
sources corresponding to the gasification of droplets is known a priori. Source terms for the 
energy and momentum equations, consistent with the mass source distribution, can be derived 
from the corresponding control volume equations by assuming a symmetric outflow of gas 
from the droplets and a uniform degree of conversion of reactive components in the droplets. 
The resulting model has been implemented in a commercial finite volume code (AEA-CFX) 
through customised Fortran subroutines. 

The magnitude of the degree of conversion of the energy content in the droplets, necessary to 
obtain a target temperature in the reactor, was optimised during the solution. The optimisation 
was done by minimising the difference between the computed and a target value for the 
volume average temperature in the upper half of the reactor. 

The drawback with the approximate model is that the distribution of mass transfer from 
droplets to the gas phase must be prescribed. However, when an optimum distribution has 
been found the problem becomes to design a burner that satisfies this requirement. The main 
advantage of the model is its simplicity and its inherent physical realism. There is no need for 
kinetic model data or droplet size distributions while at the same time the effects of 
turbulence, radiation and density changes from thermal expansion are included in the model.  

The approximate model will be utilised for conceptual design optimisation of the burner in a 
pilot plant for black liquor gasification that is being built at ETC in Piteå, Sweden. However, 
work has also started on a spray combustion model where gas-droplet interaction, 
vaporisation and chemical reactions are included. Experimental results from the pilot plant 
will later be used for validation of the models. 

The primary goal of this study was to investigate the influence of burner spray angle on heat 
flux to the reactor wall and residence times of black liquor droplets of different sizes. From 
the results it could be concluded that a wide spray pattern is preferable with respect to demand 
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for long residence times for black liquor droplets and a low amount of heat flux to the reactor 
wall. 

Introduction

Black liquor is an essential part of the papermaking process. It consists of the remaining 
substances after the digestive process where the cellulose fibres have been extracted from the 
wood. Today, black liquor is conventionally burned in a large boiler for the recovery of 
energy and chemicals. An alternative technology where the black liquor is gasified under 
pressure is presently under development by Chemrec AB. This technology will provide: 

• Up to twice as much electrical power compared to a modern recovery boiler [1], by using 
an integrated gasification combined-cycle (IGCC) process.  

• A natural separation of sodium and sulphur that doesn’t exist in conventional technology, 
thus allowing better control of mill chemistry and improving product yields and quality. 

• A more robust process than the conventional one, leading to a less sensitive overall 
pulping process. 

At the laboratory of Energy Technology Centre (ETC) in Piteå, Sweden, a pilot scale 
pressurised black liquor gasifier is currently being constructed by Chemrec AB. This unit will 
be used in a development program of a full-scale commercial unit and for an underpinning 
research program aimed at development of a complete process model. 

Figure 1: Schematic drawing of the gasification plant. 

The pilot gasifier consists mainly of two parts (figure 1), the gasification reactor (0.6 m in 
diameter and a total length of ~1.9 m) in the upper part and a quench-cooler in the lower part. 
The quench-cooler is needed for separation of the gas and smelt exiting the reactor. The gases 
exiting from the quench-cooler pass through a counter-current condenser where steam and 
other volatile substances are condensed and then further on to a cleaning process before the 
gas can be used in a gas turbine. The gasifier is pressurised to 30 bar and the process 
temperature in the reactor is about 975°C. 

The black liquor is atomised by pressurised injection and enters the reactor through a spray 
nozzle together with oxygen. At the inlet the temperature of the black liquor is around 120°C 
but the small black liquor droplets are heated quickly in the hot environment (estimated to a 
few hundred ms to raise the temperature to 600°C). As the black liquor droplets are being 
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heated they are converted in three stages [2]; drying, pyrolysis and char gasification. The 
resulting hot inorganic smelt in the reactor is very corrosive and will severely damage the 
reactor wall if allowed to come in contact with the wall. One key idea with the process 
proposed by Chemrec AB is to try to get the inorganic smelt to form a protecting solid layer 
on the wall by use of a cooling screen. 

The objective with this study was to investigate the influence of burner spray angle on heat 
flux to the reactor wall, mass flux of smelt to the reactor wall and reactor residence times of 
black liquor droplets of different sizes. The simulations were done by a simplified numerical 
model of the gasification process. 

Model descriptions

One way to model this process would be to use a spray combustion model assuming infinitely 
fast chemistry [3]. However, due to lack of experimental data there are a number of unknowns 
in this model that still would make the results questionable. Hence, it was decided to use a 
simpler approach that eliminated the need for experimental data or unavailable additional 
data. Marklund [4] has developed such a simple model for the gasification process of black 
liquor. This model, with some modifications, was used in this study and is briefly described 
below. 

In the conversion process mass, momentum, and energy are transferred from the black liquor 
droplets to the gas flow. Instead of modelling droplets present in the flow transferring these 
quantities, sources are being located along assumed trajectories of the drops. These 
trajectories are assumed to fill a conical volume starting from the inlet, thus leading to a cone 
of uniformly distributed sources (figure 2). The extent of this conical volume is given by the 
vertical distance from the burner inlet to the end of the gasification zone (X) and was set to 
40% of the length of the main cylindrical wall of the reactor. 

Figure 2: Definition sketch for the assumed spray pattern. To model a full-cone pattern, φ1 is 
set to zero.  

With this approximation the interactions between the droplets and the surrounding gas are 
ignored except with respect to the mass transfer from the droplets to the gas phase. Tests have 
shown [5] that, the rate at which black liquor droplets are gasified, is high near the inlet and 
then decays further down in the reactor. To approximate this behaviour, a vertical power law 
distribution of the strength of the sources has been assumed. The total added mass by mass 

φ2
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X
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sources was set to 2/3 of the total mass flow rate. The remaining 1/3 of the total mass flow is 
assumed to be vapour and gas from volatilisation outside the computational domain and 
oxygen from the burner. This flow enters the reactor through the burner inlet, modelled as a 
circular inlet at the top of the reactor with a diameter of 3.2 cm. 

An iterative routine was used to find the required heat flux from conversion of chemical 
energy in the black liquor that would give the target value of 975°C for the average 
temperature in the upper half of the reactor.  The variations in density due to thermal 
expansion were assumed to follow an ideal gas equation of state. The equation of state was 
assumed to be the same as for air. 

In order to validate the assumed spatial distribution of mass transfer to the gas phase inert 
droplets of various sizes (0.1; 0.4; 0.7; 1.0; 1.3; 1.6; 1.9; mm in diameter) of equal amount 
were introduced at ten equally spaced positions along the radius of the inlet. The droplets 
were given the same initial velocities as the entering gas. The volumetric expansion (swelling) 
effect on the droplets during pyrolysis was considered by calculating an approximate 
volumetric swelling factor (ratio of swollen volume and initial volume) using a relation for 
specific swollen volume for a certain pressure [2]. The calculated factor was 6.2 and reduced 
the density of the black liquor from 1.38 g/cm3 to 0.223 g/cm3. The corresponding trajectories 
were computed taking account of gravitational and aerodynamic forces. The phase coupling 
between the droplets and gas was assumed to be one way so that the droplets did not affect the 
continuous gas flow but the gas flow did affect the droplets. 

The k-ε model with wall functions was used to model the turbulent flow in the reactor. At the 
inlet the turbulent quantities were set to widely recognised values [6] and furthermore, a gas 
velocity was prescribed consistent with the conical pattern of distributed sources described 
above. At the outlet a fully developed flow was assumed. 

At the wall, a total heat transfer coefficient with an estimated value of 100 W/m2K was set 
considering both convective and radiative heat transfer. Outside the reactor wall (cooling 
screen) a reference temperature of 200° C was set. 

The simulations were made with AEA-CFX 4.3 in a 2-dimensional axi-symmetric model of 
the gasification reactor consisting of 21300 cells. The iterative errors were estimated from 
residual reduction to <0.1% and the grid convergence errors were estimated with Richardson 
extrapolation [7] to about 1.0%. 

Results

A first conceptual design study for the burner in the pilot gasification reactor done by 
Marklund [4] indicated that a wide (~100°) full-cone spray pattern was the optimum 
configuration. The configurations chosen in this study were 85°-120° full-cone spray patterns 
(φ1 equal to zero in figure 2) without swirl. 

In figure 3 the heat fluxes through the vertical reactor wall for the different full spray patterns 
are displayed. This includes the convective part, radiative part and the sum of these. Notice 
that there is a minimum in heat flux for a spray angle of about 95°. 
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Figure 3: Total heat flux through the vertical wall of the reactor for different full spray angles. 

Figure 4 displays computed average residence times against droplet diameter for three 
different configurations (90°; 100°; 110°; degrees). The computed values are taken as the 
mean residence time for droplets not ending up on the wall. These droplets either leave the 
reactor through the outlet or exceed the time integration limit (5.0 s). For droplets exceeding 
this limit the corresponding residence times were set to 5.0 s. Notice that the droplet residence 
time for most of the droplet sizes is a maximum for a spray angle of 100°. 
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Figure 4: Average droplet residence times for 7 different droplet diameters and 3 full spray 
configurations. The numbers in the legend correspond to spray angles in degrees. 

In table 1 the fractions of the number of droplets that end up on the wall are given for 
different droplet diameters and spray angles. Notice that the fraction of droplets that end up 
on the wall for cases with a spray angle 100°-105° is moderate (0,3-0,4) for droplets with a 
diameter in the range 0,7-1,0 mm whilst the fractions for both smaller and larger droplets is 
higher (0,6-0,9). 

Table 1: Fraction of the released droplets that end up on the wall. Droplet diameters are given 
in mm and the different spray angles are given in degrees. 

Diameter 85 90 95 100 105 110 115 120
0,1 0,2 0,2 0,9 0,8 0,7 0,9 0,9 0,8
0,4 0,4 0,2 0,4 0,7 0,6 0,6 0,8 0,7
0,7 0,2 0,4 0,3 0,3 0,3 0,4 0,5 0,3
1 0,5 0,9 0,5 0,4 0,4 0,5 0,6 0,5

1,3 0,8 0,8 0,6 0,7 0,7 0,7 0,9 0,7
1,6 0,8 0,7 0,8 0,7 0,7 0,8 0,7 0,8
1,9 0,6 0,8 0,7 0,8 0,9 0,7 0,8 0,8
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Visualizations of the results from the 90°, 95° and 100° cases are presented below. Only one 
half of the reactor is shown (horizontally with the reactor top to the left) since the results are 
rotationally symmetric. 

In figure 5 the plot of streamlines for the 90° case shows that there is a large toroidal re-
circulation zone in the lower part of the reactor (to the right). In the upper part the flow is 
similar to the flow from a circular line source with flow going both upwards and downwards 
from the line source. A fairly large fraction of the flow from the inlet appears to pass directly 
to the outlet giving that part of the flow very little time to react.  

Figure 5: Streamlines for the 90° full-cone case. 

Increasing the spray angle from 90° to 95° results in a totally different character on the flow 
of gas in the reactor (figure 6).  The large re-circulation zone in the lower part of the reactor in 
the 90° case has been replaced by a new zone with clockwise rotation at the top of the reactor 
and the line source-like flow has disappeared. The straight-through flow from inlet to outlet in 
the 90° case has also disappeared. 

Figure 6: Streamlines for the 95° full-cone case. 

The temperature field for the 100° full-cone case, shown in figure 7, indicates that the lowest 
temperatures occur near the inlet and along the walls in the upper part due to the cooling 
effect of inlet flow and walls. 

393 680 967 1253 1540393 680 967 1253 1540

Figure 7: Temperature field in K for the 100° full-cone case. 

In the plot of streamlines for the 100° full-cone case (figure 8) it can be seen that the character 
on the flow of gas is similar to the 95° case above (figure 6). Gas in the upper part of the 
reactor will re-circulate from the wall region, inwards to the symmetry axis and upwards to 
the inlet, forcing the entering gas sideways out towards the wall.  



7

Figure 8: Streamlines for the 100° full-cone case. 

In figure 9 the droplet trajectories for the 100° full-cone spray pattern case are presented. It 
can be seen that larger droplets follow trajectories inside the predicted conical region of 
gasification. Smaller droplets are more affected by viscous forces and hence, have a tendency 
to follow the gas flow along the wall. 

0.0001 0.0005 0.0010 0.0015 0.0019

Figure 9: Droplet trajectories for the 100° full-cone case. Legend shows diameters in m. 

Discussion

One of the difficulties in modelling the droplet motion is that no data on droplet sizes and 
velocities at the inlet were available. Hence, the computed values for e.g. average droplet 
residence times should only be considered as indicators for selection of the best spray type. 
Experimental results in terms of size distributions and velocities of the black liquor droplets 
for a typical burner in the reactor would be very valuable in future developments of the 
model. 

The approximate process model does only involve droplet gasification indirectly, through 
source terms in the continuity, momentum and energy equations. However, useful information 
about the droplet dynamics has still been obtained from a separate computation of the 
trajectories of a distribution of inert droplets released at the inlet of the computational domain.  

In future work the aim will be to develop an advanced gasification model including drying, 
evaporation, char conversion and the interactions between the gas and black liquor droplets 
[8]. When such a model is available a comparison will be made with the current model so that 
conclusions about its accuracy can be drawn.  

The assumption of gasification in a conical region (depending on the spray angles) is 
consistent with the droplet trajectory computations except for the smaller droplets that diverge 
from the prescribed conical region just below the burner inlet. However, since these droplets 
are very small and hence will dry and devolatilize (through pyrolysis) very fast they will 
probably, in the real process, have generated most of their gas before they escape from the 
assumed conical region. The reason why smaller droplets tend to follow the gas flow more 
easily than larger droplets is that the motions for the smaller droplets are dominated by 
viscous forces and inversely, larger droplets are more affected by inertia forces.  
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All of the studied cases have more or less tendencies of delivering black liquor droplets on the 
wall or to the boundary layer on the vertical wall. In table 1 it can be seen that the fraction of 
droplets with a diameter in the range 0.7-1.0 mm that end up on the wall is 30-50% for full 
spray configurations ≥95°, while the fractions of both smaller and larger droplets is higher. 
This may be used as an indicator on preferable droplet size since it is probably not wise to 
allow too much of the spray to impact on the reactor wall immediately due to risk for severe 
corrosion and incomplete gasification. Hence, one may conclude that the burner nozzle should 
be designed to produce droplets smaller than about 1,0 mm. 

As indicated by the plots of streamlines for the 90° and 95° cases (figure 5 and 6) the flow 
pattern in the reactor change shape dramatically in this spray angle range. From a jet-like type 
of flow down the centre core to a flow that follows the wall and re-circulate upward in the 
centre of the upper part of the reactor. The clear tendency of circulation zones in the upper 
part of the reactor for the 95° and 100° spray angle cases (figure 6 and 8) was the same for all 
studied configurations with a spray angle ≥95°. The significant increase in average droplet 
residence time indicates that the ≥95° alternatives are to be preferred. However, the increased 
deposition of smelt on the reactor wall for these cases may have an adverse effect on the 
lifetime of the reactor. 

The low temperatures along the walls (see figure 7) for the 100° full spray case are due to the 
inflow of ‘cold’ gas from the inlet that follows the walls in this case. The same tendency 
could be noticed for all the wider cases (not presented).  

Considering the wall heat flux the results showed that the 95° case had the least heat loss to 
the vertical wall among the studied cases. Ás a consequence the remaining heating value in 
the product gas will be higher for this case. The results of the vertical wall heat flux also 
showed that radiative heat transfer is important and cannot be ignored. 

Conclusions 

The most significant benefit with the simplified numerical model is that neither kinetic data 
nor droplet distribution data is needed for the computations. On the other hand, the task then 
becomes to design a burner that will give the assumed distribution of mass transfer from 
gasification of droplets. 

Iterative errors for the solution of some variables were decreased from three up to nine orders 
of magnitude. Estimation of the discretisation error from solutions with several different 
meshes showed that around 20000 cells are sufficient to reduce the relative error to about 1%. 
Hence, it can be concluded that the numerical results are a good approximation of the 
mathematical model. 

According to the trajectory plots of the droplets, the assumed distribution of sources agrees 
well with the trajectories for larger droplets. On the other hand, these droplets were thought to 
have the same velocity as the mean gas flow at the time for the instant gasification [4], which 
agrees better with the state of the smaller droplets. Thus, the model is not perfectly 
representative for all droplets and all aspects. However, the overall conclusion is that the 
results obtained with the current model is a good approximation of the real process and that 
they can be used as a first guide to the design of an optimum burner configuration. 
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The best design appears to be the 100° full-cone spray pattern as suggested by Marklund [4]. 
Choosing a less wide spray pattern (~95°) may cause instabilities in the flow since the results 
indicated that the flow pattern change dramatically around this angle. The 100° case had low 
heat flux through the vertical wall and displayed a relatively uniform temperature field. The 
residence times for the black liquor droplets in this case were relatively long (almost the same 
for the wider configurations) which is expected to result in increased gasification efficiency of 
the reactor. 
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D. F. FLETCHER

Department of Chemical Engineering,
University of Sydney,
New South Wales, Australia

Introduction of pressurized gasification of black liquor in the

pulping industry has the potential to give a significant increase in

energy efficiency. However, uncertainties about the reliability and

robustness of the technology are preventing large-scale market

introduction. One important step toward a greater trust in the pro-

cess reliability is the development of a better understanding of the

sensitivity of the process to parameter variations. A computational

fluid dynamics model for pressurized gasification of black liquor in

an entrained-flow gasifier is presented and used for investigation of

the effects of uncertainties in the specific heat capacity of black

liquor, the radiation absorption coefficient, and the volatile devo-

latilization rate using factorial design methodology. It is found that

all main factor effects, but none of the interaction effects, influence

the considered responses: char conversion, maximum temperature,

and outlet temperature. However, the main effects are found to be

relatively small and the uncertainties in the examined model
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parameters would not invalidate the results from a design optimiza-

tion with the presented model.

Keywords: numerical modeling, liquid droplets, sprays, gasification

INTRODUCTION

Black liquor (BL), a by-product of the chemical pulping process, is an

important liquid fuel in the pulp and paper industry. It contains almost

all of the inorganic cooking chemicals along with the lignin and other

organic matter separated from the wood during pulping in the digester.

One of the most commonly used chemical pulping processes is called

kraft pulping, where the cooking chemicals are basically made up of

Na2S and NaOH. To recover the organic combustion heat and chemicals

(sodium and sulfur) from the BL produced in kraft pulping,

Tomlinson kraft recovery boilers are used (Adams et al., 1997). This type

of boiler has been around for many years and large efforts have been

made to improve its efficiency. However, the kraft recovery boiler is still

not thermodynamically efficient and suffers from problems with

explosion phenomena, fouling, and emissions. In the United States,

about 60 million tons per annum of BL solids are produced and burned

in recovery boilers. This corresponds to more than 1% of the total annual

U.S. energy production (Maček, 1999). Hence, the use of a more

efficient recovery technology would yield a considerable increase of

‘‘green’’ energy production. One such potential technology is pressurized

gasification of BL with combined cycle technology, which has the poten-

tial to nearly triple the amount of net electricity production in a modern

pulp mill compared with the conventional Tomlinson steam power cycle

(Larson et al., 2000). Furthermore, this unit may be able to decrease the

capital cost for the mill recovery system and open up possibilities for

alternative pulping technologies with higher yield (Frederick, 1999).

At the laboratory of the Energy Technology Centre (ETC) in Piteå,

Sweden, a development plant for pressurized oxygen-blown gasification

of BL is under construction and is scheduled to be commissioned in

the beginning of 2005. This plant is designed for a capacity of 20 tonnes

of BL solids per day and includes an entrained-flow gasifier operating at

30 bar. As a tool in the future optimization work of the gasifier, a

computational fluid dynamics (CFD)-based model for pressurized

gasification of BL has been developed and partially verified (Marklund

et al., 2003). Earlier simulation studies using simpler models have been
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made by Marklund et al. (2001) and Marklund and Gebart (2002). The

present model development is mainly based on a model developed for

general biomass gasifiers (Fletcher et al., 2000) and modified for BL by

use of the work done by Frederick and Hupa (1993) and Whitty (1997).

One of the problems with model predictions is the uncertainty in

many of the input parameter values. This is especially true for modeling

combustion=gasification applications such as the present one. Significant

uncertainties are added into the model through parameters such as

gasification rates, thermodynamic properties, and radiation properties.

In this paper, the effects from some uncertain parameters in our CFD

model are determined by using a factorial design in a way similar to that

of Engström (2003) and Cervantes (2003) for hydropower flows. With

the use of a factorial design, joint effects may easily be detected that

may not be found in more general parametric studies.

NUMERICAL MODEL

General

The present CFDmodel was implemented in the commercial code CFX4.4

through modified subroutines. CFX4.4 is a finite-volume code using a

structured computational mesh with co-located variables and a sequential

iterative solver based on the SIMPLEC algorithm (AEA Technology,

2001). The model uses the Eulerian–Lagrangian approach (Crowe et al.,

1998) to model the gasification process of BL droplets in an entrained-

flow gasifier. For the continuous gas phase, the Reynolds-averaged

Navier–Stokes (RANS) equations and energy equation are solved using

an Eulerian description. The RANS equations are closed by the use of

the k–e turbulence model with standard wall functions (Wilcox, 1993).

The discrete droplets are tracked through the domain by integration of

the droplet momentum equation (Crowe et al., 1998) using a Lagrangian

description. As the droplets are tracked through the gasifier they exchange

momentum, mass, and heat with the gas-phase and generate gas-phase

sources according to the particle source in cell description (Kuo, 1986).

A turbulent dispersion model (Gosman and Ioannides, 1981) accounts

for turbulent fluctuations in the droplet motions.

Geometry and Boundary Conditions

The gasifier presently under consideration is of a symmetric entrained-

flow type with a centered burner at the top. The dimensions are �1.9 m
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in height and 0.6m in diameter. Because the gasifier is axisymmetric

around its center axis, the simulations were performed in two dimensions

using cylindrical coordinates to reduce the computational time. The

computational domain was made up of a mesh consisting of 20,500

structured elements with an estimated discretization error of �1%

(Marklund et al., 2001).

The ceramic-lined wall of the gasifier is modeled as adiabatic with a

radiative emmisivity of 0.5. The burner is modeled as nonswirling and

consists of a small circular inlet where oxygen (k ¼ 0.5 and 20�C) and

discrete BL droplets (115�C) enter the gasifier in a 70� full-cone angle. This
is not an optimized spray angle but will suffice for the purpose of the

present study. Five hundred representative droplets, released at 10 equally

spaced positions along the radius of the burner inlet, constitute the BL

droplet load (20 tonnes of BL solids=24h). The droplet size distribution

is assumed to have a second-order Rossin–Ramler shape (Sirignano,

1999) with a characteristic diameter of 250 mm (corresponding to a Sauter

mean diameter of 141mm). Droplets that hit the wall are assumed to

bounce off, and so all droplets are tracked through the gasifier to the exit

and overall mass conservation is ensured.

Black Liquor Composition

The modeled BL is assumed to have a solid content of 74.8% with the

following elemental composition:

C31H36Na8:4K0:5S1:6O22 ð1Þ

Through the conversion stages (drying, pyrolysis, and char gasifi-

cation), the following species are assumed to be present: H2O (l,g),

H2S (g), H2 (g), CO (g), CO2 (g), CH4 (g), Na2CO3 (s), K2CO3 (s),

Na2S (s), K2S (s), and C (s) as char. Furthermore, it is assumed that

all H2O (g) is released during drying, 50% of the S ends up as volatile

H2S, 50% of the C ends up as volatile matter (CO (g), CO2 (g), and

CH4 (g)), and all alkali species (Na and K) end up as inert carbonates

and sulfides in the resulting smelt.

Mass Transfer

During drying, the conversion of moisture in the BL (H2O (l)) to water

vapor (H2O (g)) is assumed to start when the droplet temperature T is

438 M. MARKLUND ET AL.



at the boiling temperature at 30 bar: Tboil ¼ 537K. Here, the boiling

point rise (the difference in the boiling temperatures of the BL and pure

water) is set to 30K (Adams et al., 1997). The onset of drying is governed

by the parameters in a ‘‘smooth’’ ramp function:

HðT Þ ¼ 0:5 tanhð0:3ðT � Tboilð Þ þ 1Þ ð2Þ
in the expression for the drying rate

_mmH2O ¼ �H ðT Þ
hvap

_QQconv þ _QQrad

� � ð3Þ

where hvap is the latent heat of water at Tboil, and _QQconv and _QQrad are the

convective and radiative droplet heating rates, respectively. The ramp

function H(T) is needed to prevent numerical difficulties.

During devolatilization of the BL droplets, H2S (g), H2 (g), CO (g),

CO2 (g), and CH4 (g) are released to the gas phase. The devolatilization

rate is based on work done on combustion of coal particles (Ubhayakar

et al., 1976) and is given by

_mmdev ¼ � Y1k1 þ Y2k2ð Þmc ð4Þ
where mc is the amount of volatiles and fixed carbon (C in char) in the

droplet, Y1 and Y2 are model constants, and

ki ¼ Bie
� Ei

RT i ¼ 1; 2 ð5Þ
where Bi is a preexponential factor, Ei is the activation energy, R is the

universal gas constant, and T is the droplet temperature. The relative

masses given earlier of the volatile substances in the BL are assumed

to be preserved during devolatilization.

The heterogeneous reactions during the gasification of the char in

the BL droplets are modeled by

C sð Þ þH2O gð Þ ! CO gð Þ þH2 gð Þ ð6Þ

C sð Þ þ CO2 gð Þ ! 2CO gð Þ ð7Þ
and

C sð Þ þO2 gð Þ ! CO2 gð Þ ð8Þ
The rates for these char gasification reactions are based on the work

done by Frederick and Hupa (1993) and are controlled by the limiting

contribution from either mass transfer through the boundary film
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layer at the droplet surface, _mmi
C

� �
film

, or by reaction kinetics inside the

droplet, _mmi
C

� �
kin

, limited by pore diffusion. The effective rates are then

determined by

_mmi
C ¼ �min _mmi

C

� �
film

; gi _mmi
C

� �
kin

� � ð9Þ
where gi is an effectiveness factor due to the rate-limiting effect of pore

diffusion (Frederick and Hupa, 1993) and _mmi
C is the effective rate of gasi-

fied C in the char droplet by gasifying agent i (i.e., H2O, CO2, or O2).

The film mass transfer rate is expressed as

_mmi
C

� �
film

¼ A Mi½ �h ð10Þ

where A is the droplet surface area, [Mi] is the concentration of gasifying

agent (i.e., CO2, H2O, or O2) at the droplet surface, and the mass transfer

coefficient h is found from the correlation

Sh ¼ hd

D
ð11Þ

where Sh is the Sherwood number, d is the droplet diameter, and D is the

diffusivity. The Sherwood number, which accounts for both free and con-

vective effects, is specified as (Treybal, 1980)

Sh ¼ 2þ 0:569ðGrSciÞ0:25 þ 0:347ðRedSc0:5i Þ0:62 ð12Þ
where Gr and Sci are the Grashof and Schmidt numbers for gasifying

agent i, respectively.

Since the kinetic rates in the work done by Frederick and Hupa

(1993) are based on a 3-mm droplet with a maximum swelling factor

of 3.0, the rates have been scaled by a factor of p(3�0.003)2=Amax to

account for the difference in droplet diameter for the present case. Here

Amax is the maximum area for the modeled droplets based on the initial

diameter and a maximum swelling factor during devolatilization of 1.6.

The kinetic rate expressions for gasification by CO2, H2O, and O2 are

given by

_mmCO2

C

� �
kin

¼ p0:0092

Amax
C½ �V3:2 � 107e�22500=T pCO2

pCO2
þ 3:4pCO

ð13Þ

_mmH2O
C

� �
kin

¼ p0:0092

Amax
C½ �V2:56 � 109e�25300=T pH2O

pH2O þ 1:42pH2

ð14Þ
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and

_mmO2

C

� �
kin

¼ p0:0092

Amax
X01:38 � 104e�33950=ð1:987T ÞpO2

ð15Þ

respectively, where [C] is the molar concentration of carbon in the

droplet; V is the droplet volume; X0 is the internal surface area of the

char droplet; and pCO2
; pCO; pH2O, and pO2

are the partial pressures of

the indexed species in the gas phase at the droplet surface.

The swelling behavior of BL droplets during the conversion stages is

based on the model presented by Blasiak et al. (1997) with high-pressure

corrections on the maximum swollen volume during drying and devola-

tilization based on the work done by Whitty (1997).

Heat Transfer

Droplets are heated through convective and droplet=gas coupled radiat-

ive heat transfer, where the discrete transfer model (Lockwood and

Shah, 1981) is used to model radiative transfer. From the black liquor

solids (BLS) heating value—13.92MJ=kg, determined experimentally

for the specified BLS composition and the specified assumptions about

the species formed earlier—a theoretical heat of devolatilization is

determined as 1.289 MJ=kg pyrolysis gas.

Combustion of the volatile gas species with the supplied O2 at

k ¼ 0.5 is modeled by a four-step mechanism suggested by Jones and

Lindstedt (1988):

CH4 þ 0:5O2 ! COþ 2H2 ð16Þ

CH4 þ 2H2O ! COþ 3H2 ð17Þ

H2 þ 0:5O2 ! H2O ð18Þ

COþH2O $ CO2 þH2 ð19Þ
The effective rates for reactions (16)–(18) are controlled by chemical

kinetics or turbulent mixing according to the model of Magnussen and

Hjertager (1976). In the current simulations, water–gas shift reaction

(19) is assumed to be controlled entirely by chemical kinetics, since

numerical instabilities occurred when turbulent mixing effects were

included in both directions for this reaction. This problem arises because
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the reversible reaction can then be controlled in both directions by

the turbulent mixing rate and the resulting chemical equilibrium is then

no longer consistent with that from the chemical kinetic rates. This

assumption results in very high reaction rates, and care is required to avoid

numerical instability (see later discussion). The backward rate in reaction

(19) is based on its equilibrium according to Gururajan et al. (1992).

Verification

To verify the heat balances in the present CFD model, a simplified model

of a long rectangular duct was used (Marklund et al., 2003). Oxygen and

droplets enter at one end; the droplets dry, devolatilize, and are gasified

in the duct. The droplets are assumed to consist of H2O, CO, C, and

smelt. Hence, as a droplet dries it releases its water and as it devolatilizes

it releases its CO content. CO reacts with O2 in the gas phase to produce

CO2 through

COðgÞ þ 0:5O2ðgÞ ! CO2ðgÞ ð20Þ
The resulting CO2 gasifies the char to produce CO by reaction (7). The

heats of reaction for the reactions are known, as well as the latent heat of

vaporization for drying and devolatilization, and the same constant

specific heat is used for all species. The result is a case where the heat

balance can be calculated by hand and compared with the one obtained

from the model.

The verification for this case was performed in three steps. First only

the devolatilization was considered, then drying was added, and finally

gasification was considered. This procedure was used to detect program-

ming errors in any of the different conversion submodels. A theoretical

outlet temperature was calculated for all three cases and compared with

the numerical values. For all three cases, the error was less than 1%,

which most likely is due to numerical truncation errors. Hence, the

model gives an accurate prediction of temperatures and a proper heat

balance.

Numerical Performance

The simulations were performed for a two-dimensional axisymmetric

geometry (using 20,500 cells) in cylindrical coordinates using a

second-order discretization scheme and double precision for numerical
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accuracy. Due to the different time scales in the fluid dynamics and the

combustion reactions, it is very difficult to find a solution with this kind

of model, as noted earlier by Fletcher et al. (2000). The problem gets

even worse when the model is applied to a pressurized application like

the present one due to the higher concentrations of rate determining

species. To obtain a solution, a multistep solution approach is adapted.

First, a solution to an isothermal gas flow is found. Then a solution is

found for the case of including combustion reactions (16)–(18) and

CO oxidizing reaction (20) instead of water–gas shift reaction (19),

because the latter generates numerical instabilities. Finally, water–gas

shift reaction (19) is included with strong under-relaxation of the reac-

tion rates and reaction (20) is no longer included. The under-relaxation

is performed in such a way that only a small fraction (2.0E�5) of

the change in the rates between consecutive iterations is added at

each step during the iterative process. The strong under-relaxation is

needed to obtain a stable iterative process. However, the resulting

slow convergence necessitates a very large number of iterations. The

final solution step with the inclusion of the water–gas shift reaction

was made for 600–700 particle iterations with 200 continuous phase

iterations in between each particle iteration. Hence, at least 120,000

iterations were made during the last solution step. The time needed for

the final solution was around 3 weeks on a SUN Ultra Spark with

a 333MHz processor.

The residuals in the simulations were reduced by three orders of

magnitude or more, resulting in an estimated iterative error of 0.1%

(Ferziger and Perić, 1997). However, because the iterative error is also

affected by the discretization error (estimated at �1%; Marklund

et al., 2001), the limit for an effect to be considered significant when

model parameters are changed is set to 1% of the mean response.

UNCERTAIN MODEL PARAMETERS

The goal of the current model development is to obtain a model that can

predict the trends in gasifier function under different operating conditions.

It is desirable to have a model that is simple and robust but yet realistic in

order to perform optimization studies of the gasifier design. Because the

present model is already relatively complex, it involves many model para-

meters with significant uncertainties such as reaction rates, thermodynamic

properties, turbulent parameters, and spray properties.
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To limit the computational cost, only the uncertainties in the specific

heat capacity of BL, the radiative absorption coefficient, and the devola-

tilization rate are investigated in this preliminary study. These para-

meters are all difficult to specify over the wide range of temperatures

in the present gasifier (�400–2000K), especially if they are to be

approximated as constants; experience suggested the chosen parameters

to be among the most important. To quantify the effects on the uncer-

tainties in the model parameters in an objective way, a factorial design

was applied. In this method, low and high levels for the parameters must

be chosen.

Specifying a representative constant specific heat for BL in the tem-

perature interval �400–2000K is difficult. From being a mixture of

water and BLS at �400K to an almost inviscid smelt at 1500K, the

value of Cp for BL changes considerably. Cp for BL during drying

is �2.8 kJ=kg=K, whereas for the smelt at 1500K it is �1.7 kJ=kg=K.

Therefore, a low constant value of 1.7 kJ=kg=K and a high constant value

of 2.8 kJ=kg=K are chosen.

The absorption coefficient of thermal radiation in gases, Ka, is pro-

portional to pressure (Modest, 1993). Hence, if Ka is changed slightly at

1 atm the equivalent change at 30 bar will be 30 times as large. A typical

constant value for this parameter used in combustion modeling at atmos-

pheric conditions is 0.5 m�1 (see, e.g., Magel et al., 1996). In some recovery

boiler computations by Wessel et al. (1998), the absorption coefficient was

computed to be �1.0 m�1 at locations near the spray nozzles. Hence, in

this study, after adjustment for the higher pressure, the low value for Ka

is set to 15.0m�1 and the high value is set to 30.0m�1.
Accurate devolatilization rate parameters for gasification of tiny BL

droplets (�200–300 mm) with very high heating rates under pressure are

not available. Using parameters from coal combustion probably under

predicts the rate, because it is known that BL is a lot more reactive than

coal due to the catalytic effect of the alkali in the BL (Whitty, 1997).

However, the high pressure in the gasifier probably reduces the rate com-

pared with atmospheric conditions, because the swelling during devola-

tilization is under much less pressure. Lowering the activation energies in

the expression for the devolatilization rate, Eq. (4), by adding a reduction

factor, aE, to Ea results in faster devolatilization. The high value for

this factor was chosen to 1.0 (i.e., the same parameter value as for coal

pyrolysis; Ubhayakar et al., 1976) and the low value was set to 0.85

(i.e., 85% of the parameter value for coal pyrolysis).

444 M. MARKLUND ET AL.



FACTORIAL DESIGN

Factorial design was originally developed as a statistical method for

experimental design (Montgomery, 2001). In this method the factors that

are believed to influence the process are varied systematically to deter-

mine effects from the factors and their interactions. Factorial designs

are more efficient than one-factor-at-a-time analyses and are necessary

when interactions between factors may be present to avoid misleading

conclusions. The disadvantage of the method is the large size of the

experimental matrix when the number of uncertain parameters increases.

For k uncertain parameters studied at two levels the number of elements

in the matrix is 2k. More details in the factorial design method can be

found in the literature (Montgomery, 2001).

For this work a full 23 factorial design was used to examine the

effects from the three different uncertain input parameters (factors)

within their individual intervals as discussed earlier. By making a fac-

torial design of the simulations, joint effects may be found that would

not have been found in a parametric study where only one parameter

was changed at the time. The chosen factors are labeled as follows.

. Cp: BL specific heat (J=kg=K)

. aE: Reduction factor for the activation energies in the equation for

the pyrolysis rate [Eqs. (4) and (5)]

. Ka: Gas absorption coefficient for thermal radiation (1=m)

In Table 1 the different cases that were simulated are presented

along with the corresponding levels of the three factors. The influence

from the uncertainties in the three factors was studied using the char

conversion (Ccon), the maximum temperature (Tmax) in the gasifier,

and the outlet temperature (Tout). The objective is to determine if the

effects are considered to be significant enough to invalidate future results

from design optimization studies using the current model.

RESULTS AND DISCUSSION

General Results

In Figure 1, the resulting temperature field for low values of all para-

meters (case 1) is presented. The long torch-shaped flame in the center

of the gasifier, which is due to the relatively narrow spray angle and
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the lack of swirl stabilization, is noteworthy. The highest temperature

(2016K) can be seen at the end of the flame in the lower half of the

gasifier.

In Figure 2, the axial velocity (m=s) and some streamlines are

displayed for case 1. Notice the recirculation along the gasifier wall

and the narrow jet-shaped region with relatively high velocities in the

center. The high flame temperatures may be partially explained by the

recirculation of hot combustible gases (mainly CO and H2) to the top

of the gasifer. The hot combustible gases mix and react with pure O2,

which yields an even higher temperature.

The flame shape seen in Figure 1 is similar to the ones in the other

cases and is probably not the optimum shape with respect to char

conversion and emissions. BL droplets that travel near the wall away

from the flame might not get hot enough for acceptable char conversion

during the short residence times (�1 s). Also the high peak temperature

created by the recirculating flow can produce unnecessarily high NOx

emissions compared with a case where the flame temperature is lower.

However, the optimization of the flame shape and other process charac-

teristics is the subject of ongoing work in our group and will not be

discussed further in this paper.

In Figure 3, trajectories for droplets with an initial diameter of

250–300 mm are shown. In the first plot from the left, the droplet dia-

meters are shown during the conversion of the droplets. The increase

in diameter along the droplet paths corresponds to the swelling during

drying and devolatilization and the decrease in diameter corresponds

to the droplet shrinking during char gasification. These consecutive

Table 1. Factor levels for the cases in the 23 factorial design

Case Cp (J=kgK) Ka(1=m) aE

1 (� � � ) 1700 15 0.85

2 (þ � þ ) 2800 15 1

3 (þ þ � ) 2800 30 0.85

4 (� � þ ) 1700 15 1

5 (� þ þ ) 1700 30 1

6 (þ þ þ ) 2800 30 1

7 (� þ � ) 1700 30 0.85

8 (þ � � ) 2800 15 0.85
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steps—drying, devolatilization, and char gasification—can be seen in the

three panels to the right of the droplet diameter plot. The path of the

trajectories is plotted until completion of each conversion step. It is

notable that the largest droplet diameters are obtained where devolatili-

zation is completed. (Compare the droplet diameter plot with the third

plot from the left in Figure 3). In this initial droplet diameter range

(250–300 mm), it can be seen that the droplets are completely converted

because the white droplet paths end before the gasifier exit in the right-

most plot in Figure 3. In the case of unconverted char in the simulations,

it is mainly larger droplets (> �300 mm) that are unconverted. The

presence of unconverted char is mainly due to short residence times

for the droplets. An optimized burner=gasifier design would increase

the residence times and thus the char conversion.

Figure 1. Gasifier temperature field (K) for case 1.
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Results of Factorial Design

The resulting response values for the eight different cases are presented

in Table 2. The first column indicates the different cases, with factor

levels within parentheses. The second column shows the resulting char

conversion and the third and fourth columns represent the maximum

temperatures and outlet temperatures, respectively. Noteworthy here is

the relatively low char conversion (<99%) for all cases, where case 6

with all factors at the high level has the lowest value (93.51%). A wide

range of flame temperatures can also be seen, from 1735K (case 6) up

to 2016K (case 1). There seems to be a trend between the flame tem-

perature and the degree of char conversion. Higher flame temperatures

result in higher char conversion, except for case 8, which has a higher

flame temperature than cases 4 and 7 but slightly lower char conversion.

Figure 2. Axial gas flow velocity (m=s) and streamlines for case 1.
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This may be explained by the fact that a higher flame temperature results

in higher droplet temperatures and, thus, faster gasification rates, except

when the specific heat is at the high level (case 8), which slows the

droplet heat up. Finally, as one might have expected, case 1 with all

factors at the low level has the highest flame and outlet temperature

due to a fast pyrolysis, low radiative absorption, and a low specific heat.

It also results in the highest char conversion.

The main effects and the interactions of the factors in percentage of

the corresponding mean response for the eight different cases are pre-

sented in Table 3. The first column shows the considered responses,

the second column the mean of the responses over the design space,

and in the remaining six columns the main effects and interactions of

the factors on each response are presented. Values in bold indicate an

effect that is larger than the specified significance level of 1%.

From Table 3 it is seen that there is no expected interaction of the

factors on the considered responses because the interaction effects are

all below 1%. The main effects in Table 3 are more clearly presented

in Figure 4. For the char conversion (Ccon), all factors seem to have

nearly the same negative effect: �1.8 to �1.5%. This is also the case

for the maximum (flame) temperature, where the effects are in the range

Figure 3. Droplet trajectories for droplets with an initial diameter of 250–300 mm. In the

left-most panel, droplet diameters (m) are shown during conversion. In the following three

panels from left to right, the distances for complete drying, devolatilization, and char

gasification, respectively, are outlined. The point where the path lines change color is the

end of each conversion step.
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�5.2 to �4.8%, when the factors are changed from the low to the high

level. For the outlet temperature (Tout), the effect from the devolatiliza-

tion rate factor (aE) is about half the effect from the other two factors.

Thus, the devolatilization rate has a lesser effect on the outlet tempera-

ture than the specific heat and absorption coefficient within the studied

factor intervals.

Even though all of the factors seem to have effects on the considered

responses, it is believed that if the parameter values are within the

present intervals the model may be used for gasifier design optimization

in spite of the underlying uncertainties in the model parameters. The

reason for this is that, if the model can predict the trends in gasifier

function qualitatively depending on its design, low-level uncertainties

will not significantly alter those trends.

CONCLUSIONS

An advanced CFD model for pressurized gasification of BL has been

developed, partially verified, and used to determine the influence from

model parameter uncertainties in BL specific heat capacity, absorption

Table 3. Mean responses, main factor, and interaction effects as a percentage of the

averaged responses

Response Mean A B C AB AC BC

Ccon (%) 96.20 � 1.8 � 1.5 � 1.7 � 0.1 � 0.1 � 0.2

Tmax(K) 1878 � 4.8 � 5.1 � 5.2 � 0.2 � 0.3 0.2

Tout (K) 1178 � 5.4 � 5.3 � 3.1 0.2 0.3 � 0.1

Significant values (>1%) are in bold. Factors: A ¼ Cp; B ¼ Ka; C ¼ aE.

Table 2. Resulting response values for the eight different cases

Case Ccon (%) Tmax (K) Tout(K)

1 (� � � ) 98.46 2016 1261

2 (þ � þ ) 95.39 1828 1160

3 (þ þ � ) 95.54 1831 1133

4 (� � þ ) 97.12 1921 1222

5 (� þ þ ) 95.58 1831 1155

6 (þ þ þ ) 93.51 1735 1099

7 (� þ � ) 97.20 1921 1198

8 (þ � � ) 96.81 1937 1192

450 M. MARKLUND ET AL.



coefficient, and devolatilization rate using a factorial design. The simula-

tions have shown the model to be difficult to converge, with strong

under-relaxation of the water–gas shift reaction being needed; as a result,

a large number of iterations (>100,000) were performed to achieve an

acceptable convergence level.

The verification showed that the submodels for the conversion of

the BL (drying, devolatilization, and char gasification) have proper heat

balances and yield theoretically correct outlet temperatures to within

1%. From the factorial design, it is found that there are no significant

interaction effects between the studied factors on the considered

responses: char conversion, maximum temperature, and outlet tempera-

ture. Among the main effects it is seen that all the chosen factors have

significant effects on the responses. For the char conversion, all of the

relative main factor effects are clearly less than for the maximum and

outlet temperatures. However, no major relative main effects (>6%) on

the responses could be seen in the responses from the studied factors

within the specified intervals.

It is concluded that all of the examined model parameters influence the

studied responses without interactions but not substantially. Specifying the

considered parameters as accurately as possible within the studied limits

would be acceptable for use of the model in design optimization under

the condition that the real values are within these limits.

Figure 4. Diagram of main factor effects (factors A ¼ Cp; B ¼ Ka; C ¼ a).
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ABSTRACT

High temperature pressurised black liquor gasification has the potential to significantly 
improve the efficiency of energy and chemical recovery in the pulping industry. 
However, a lack of demonstration of the reliability of the process has delayed a large 
scale industrial implementation of the process. As an important step towards a greater 
trust in the process reliability a self-consistent CFD model has been developed. This 
paper contains a detailed description of the developed model and a performance 
prediction of an entrained flow pilot gasifier for a typical operational condition. 
Emphasis is put on the modelling of input data for the CFD simulation where eight key 
assumptions form the basis for a consistent model of the black liquor composition. The 
results for the pilot gasifier performance with typical values for the design variables 
indicate that the droplet size should be <200 μm and/or have a residence time of 2-3 s 
for a high level of carbon conversion. 

Key Words: Black liquor, gasification, droplet, CFD, modelling 

NOMENCLATURE 

c concentration (mole m-3) 
Cp specific heat at constant pressure (J kg-1 K-1) 
D gas diffusion coefficient (m2 s-1) 
d droplet diameter (m) 
h heat of reaction (J kg-1) 
k mass transfer coefficient (m s-1); turbulent kinetic energy (m2 s-2); kinetic 

reaction rate constant (s-1) 
K equilibrium constant 
m mass (kg) 
m&  mass transfer rate (kg s-1) 
M molar mass (kg mol-1) 
p partial pressure (Pa) 
Q&  heat transfer rate (J s-1) 
r reaction rate constant (s-1) 
t time (s) 
Re Reynolds number 
Sc Schmidt number
T temperature (K) 
Greek letters: 
α ratio of stoichiometric reaction coefficients of reactants A and B 
ε rate of dissipation of turbulent energy (m2 s-3) 
θ degree of swelling 
λ oxygen equivalence ratio 
ρ density (kg m-3) 
Subscripts: 
A reactive specie in droplet 
B reactive specie in gas 
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boil boiling point 
c char carbon 
C carbon 
char char gasification stage; char compounds 
conv convection 
d droplet 
dev devolatilization stage 
dry drying stage 
film boundary layer film at droplet surface 
g gas phase 
i index for specie i 
kinetic reaction kinetics 
max maximum value 
out outlet value 
pore pore diffusion in droplet 
rdi radiation 
smelt smelt phase 
vol volatile matter 
0 initial value 
+ forward direction 
- backward direction 
Acronyms: 
BL black liquor 
BLS black liquor solids 
CFD computational fluid dynamics 
HHV higher heating value 
PEHT-BLG pressurised entrained flow high temperature black liquor gasification 
HR-ICP-MS high resolution inductively coupled plasma mass spectrometry 
ICP-AES inductively coupled plasma-atomic emission spectrometry 
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INTRODUCTION 

Black liquor (BL), a valuable by-product of the chemical pulping process, is an 
important liquid fuel in the pulp and paper industry. It consists of approximately 30% 
inorganic cooking chemicals along with lignin and other organic matter separated from 
the wood during chemical pulping in a digester. One of the most commonly used 
chemical pulping processes is called Kraft pulping, where the active cooking chemicals 
mainly are a water solution of Na2S and NaOH. Conventionally, Tomlinson Kraft 
recovery boilers (Adams et al. 1997) are used to recover the organic combustion heat as 
steam and, most important, to recover the cooking chemicals from the produced black 
liquor in Kraft pulp mills. This type of boiler has served the pulping industry for about 
70 years and a continuous effort has been made to improve its efficiency. However, 
despite these efforts the Kraft recovery boiler still has a relatively low efficiency for 
generation of electricity ~10% (Arakawa and Tran 2003) and suffers from problems 
with explosion risk and tube fouling. 
Due to both economical and environmental protection driving forces, one of the most 
important objectives with the black liquor recovery unit is to recover the inorganic 
cooking chemicals in the form of so called green liquor. A good green liquor quality is 
associated with high conversion of organic carbon, high degree of sodium sulphate 
reduction, low dregs content, and high effective alkali content (as NaOH). Ideally, this 
should be combined with high energy recovery efficiency. 
In the USA, the world’s largest producer of pulp, about 60 million tons per annum of 
black liquor solids are produced and burnt in recovery boilers. This corresponds to more 
than 1% of the total annual energy production (Maček 1999). For Sweden and Finland, 
the two largest pulp producing countries in Europe, the black liquor share of the energy 
balance in 2003 was even higher corresponding to 5.7% or 35.3 TWh (Energy in 
Sweden 2004) and 9.9% or 42.1 TWh (Energy review 2005) of the total energy 
consumption, respectively. The use of a more efficient recovery technology would 
hence have a significant impact on green energy production in these countries. One such 
potential technology is Pressurised Entrained flow High Temperature Black Liquor 
Gasification (PEHT-BLG). In combination with a combined cycle power production 
PEHT-BLG has the potential to nearly triple the amount of net electricity production in 
a modern pulp mill compared with the conventional Tomlinson steam power cycle 
(Larson et al. 2000). An interesting alternative to the combined cycle application in 
PEHT-BLG is to generate green chemicals, e.g. fuels for transportation, from the 
produced syngas. Furthermore, this unit may be able to decrease the capital cost for the 
mill recovery system and open up possibilities for alternative pulping technologies with 
higher yield (Frederick 1999).  
In comparison with the traditional recovery boiler where the black liquor is sprayed into 
the boiler as relatively large droplets (~1-5 mm), the twin fluid atomizer in the PEHT-
BLG gasifier produces small droplets (~100-300 μm). In addition, PEHT-BLG uses 
pure oxygen instead of air as oxidant. As a result of this the residence time can be much 
shorter than in recovery boilers and still result in complete carbon conversion. An 
important feature of PEHT-BLG is that more than half of the energy content in the BL 
is converted to chemical energy, i.e. syngas rich in H2 and CO, and not into heat. 
Another feature of PEHT-BLG is that a significant fraction of the sulphur leaves the 
gasifier with the gas phase instead of with the liquid smelt phase.  
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The recovery unit for the PEHT-BLG process mainly consists of (Figure 1): 

an entrained-flow gasifier with a gas assisted burner nozzle where fine black 
liquor droplets are directly gasified through reactions with oxygen, steam and 
carbon dioxide to produce a synthesis gas (syngas) and a smelt containing 
mainly Na2CO3 and Na2S; 
a quench cooler where the product gas and smelt are separated and the smelt is 
dissolved in water; 
and a counter current condenser that cools the syngas and condenses water 
vapour and possibly volatile species. The heat recovered from the gas is used to 
generate low/medium pressure steam that can be used in the pulp and paper 
process. 

´ 
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Figure 1. Schematic drawing of the PEHT-BLG process. 

The produced syngas is cleaned and used for generation of green electricity or for 
generation of valuable green fuels e.g. methanol or dimethyl ether (DME).
The concept of black liquor gasification at high temperature using an entrained flow 
gasifier and quench has been proven successful for atmospheric conditions (Brown et al. 
2004).  Also, at moderate operating pressures this concept has been proven in pilot scale 
(Whitty and Nilsson 2001). However, even though the concept of gasification of black 
liquor at high temperature has been proven experimentally, uncertainties about the 
reliability and robustness of the technology have prevented a large-scale market 
introduction. 
In order to obtain an accepted proof of the current recovery concept of PEHT-BLG 
under extended periods of operations, a pilot-scale development plant (20 tonnes BL 
solids/24h) has been constructed by Chemrec AB at Energy Technology Centre in Piteå, 
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Sweden. The initiative and funding of the plant comes from a Swedish black liquor 
gasification consortium consisting of a group of companies, government agencies and 
independent research foundations. The goal with the development plant is to optimize 
the performance of each of the components described above and to prove the reliability 
and robustness of the technology. 
It is well known from other technologies that the development process can be speeded 
up significantly if supported with suitable theoretical tools, e.g. computational fluid 
dynamics (CFD). CFD models for the conventional recovery boiler are already available 
(Wessel et al. 1997, Mueller et al. 2002, and Blasiak et al. 1997). However, since the 
process in the recovery boiler differs considerably from the process in PEHT-BLG these 
models are not directly applicable to the latter process. The main differences in PEHT-
BLG compared to the recovery boiler besides the physical furnace geometry can be 
found in the high elevated process pressure, highly reducing atmosphere with a high 
H2(g) and CO(g) generation, smaller BL droplets with associated higher heating and 
reaction rates, different conversion chemistry, differences in swelling behaviour of the 
BL droplets and the absence of a char bed. 
The scope of the present paper is to present a detailed description of our proposed 
model for PEHT-BLG and to present an example simulation of the gasifier performance 
for a specified operational condition. The paper is divided into a section about pre-
processing of input data including a thorough description about the choices that must be 
made to obtain a self-consistent model that conserves chemical species, mass and 
energy. This is followed by a detailed description of the conversion model, a discussion 
on numerical accuracy and a description of the example simulation. Finally, the results 
from the example of a typical design simulation are presented along with conclusions 
about the proposed model. 

MATHEMATICAL MODELLING 

Pre-processing model of input data 

A flow chart of the solution strategy for the proposed model of the PEHT-BLG process 
is presented in Figure 2. The dashed box at the top, representing the pre-processing 
steps, indicates the work needed prior to specifying the inputs to the CFD solver. An 
obvious step in all CFD models is that the geometry must be specified and discretised 
into a set of control volumes. It is also necessary to specify the spray characteristics in 
terms of droplet distribution parameters. Another important pre-processing step, which 
is rarely considered in detail, is the proximate analysis modelling that leads to the 
definition of an idealized model black liquor composition and corresponding heat of 
formation of the modelled species. This last step, about translation of chemical analysis 
data and thermodynamic data into model information, must be consistent with known 
experimental data and is described in detail below. 
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Figure 2. Flow chart of the PEHT-BLG CFD solution strategy. 

PROXIMATE ANALYSIS MODEL. The detailed elemental composition of black liquor 
differs between different pulp mills depending on the feedstock and the process 
engineers’ preferences regarding cooking chemicals. However, for a Kraft pulp mill a 
typical composition obtained by standard chemical analysis (e.g. with ICP-AES and 
HR-ICP-MS) is presented in Table 1. Based on this elemental analysis the relatively 
small amount of chlorine in BL can be neglected from the current modelling point of 
view since this is only important for the eutectic properties of the resulting smelt and for 
the aspect of corrosion. Moreover, the elemental potassium can be incorporated in the 
elemental sodium since these two alkali elements have approximately the same 
behaviour in the recovery process. The composition of the model black liquor solids, in 
moles, can thus be written as Na9C31H35S2O23 for the black liquor solids (BLS) in Table 
1. However, the elemental composition is not sufficient as input to the model since the 
model describes the reactions of different compounds, e.g. evaporation of water and 
release of volatile hydrogen and carbon containing gases with several different 
components. Hence, the elements in the model black liquor need to be distributed into a 
consistent amount of compounds in the gas, solid, and liquid phases that are treated by 
the CFD model. This needs to be done in a physico-chemical consistent way conserving 
mass and energy. 
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Analysis Model Model
Element %wt %wt %mole
C 34.90 35.25 30.51
H 3.40 3.43 35.41
Na 19.40 20.85 9.43
S 5.00 5.05 1.64
K 2.12 0.00 0.00
Cl 0.11 0.00 0.00
O 35.07 35.42 23.01
Others 0.00 0.00 0.00

Table 1: Elemental analysis of typical black liquor and the corresponding idealized 
elemental composition. The mole amount of potassium is added to the original 
mole amount of sodium in the model composition. 

The composition of the idealized black liquor is assumed to consist of water solution, 
volatile matter, fixed carbon in char, and inorganic cooking chemicals that will form a 
smelt after complete conversion. The species that are assumed to make up each of these 
fractions are given in Table 2. The distribution of the various elements in the virgin 
black liquor solids, e.g. Na9C31H35S2O23, along with the solvent water is determined by 
conservation of elements and eight key assumptions. These assumptions are based upon 
the best available experimental data and knowledge, and are the following: 

1. All of the solvent water in the black liquor is released during the first drying 
stage of the conversion. The water content in the process black liquor depends 
on the evaporation unit of the black liquor preparation system but is typically 
between 25-35% by weight. 

2. A known fraction of the total sulphur in the black liquor is released as H2S 
during devolatilization. At present this fraction is assumed to be 50%, which is 
based upon experience from pilot tests (Whitty and Nilsson 2001). 

3. The remaining sulphur is lumped into sodium sulphide and sodium sulphate at a 
known mole ratio. At present the mole ratio is assumed to be one to one but can 
easily be changed. The remaining sodium, when all the sodium bound to sulphur 
is accounted for, is then assumed to be sodium carbonate. This is based on the 
knowledge that organic sodium salts decompose very fast at heating and will not 
be found in the smelt. 

4. During devolatilization, a known fraction of the carbon in the black liquor is 
released as different gaseous compounds. The fraction of carbon that goes into 
these compounds is assumed to be 50%, which is based upon small scale 
experiments (Whitty 1997). In the current model the carbon containing gases are 
assumed to be CO, CO2, and CH4. 

5. The total amount of CO and CO2 in the volatile gases depends upon the 
available oxygen chemically bound in the virgin black liquor still left after 
formation of the oxygen containing components described in step 3 and 4 above. 
A mole ratio for [CO]/[CO2] has to be defined. At present, this mole ratio is 
assumed to be 8, which is in reasonable agreement with experimental work on 
devolatilization for Kraft black liquor (Sricharoenchaikul et al. 1998). 
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6. The remaining part of the volatile carbon in the black liquor is then lumped into 
CH4.

7. The remaining hydrogen in the system after the steps above is dealt with as H2.
8. Finally, the remaining carbon is modelled as char carbon. 

These eight assumptions guarantee that the elements from the model black liquor are 
conserved and that the gas and smelt composition produced by the gasification reactions 
is in reasonable agreement with experimental observations. The model parameters, e.g. 
the fraction of sulphur in BL that is emitted as H2S, can be adjusted when better 
experimental data becomes available. The resulting distribution of elements into 
compounds for the idealized black liquor in Table 1 is presented in Table 2. The char 
carbon, sodium sulphide, and sodium sulphate still left in the droplet after the reactions 
described above will eventually inter-react or react with oxygen, water vapour, and 
carbon dioxide in the surrounding gas to reform into a different liquid composition or to 
form H2, CO, and CO2. The exact amounts of each of these depend on details in the 
gasifier that will be explained below. 

Specie %wt %mole Proximate matter
H2O 24.80 34.61 Moisture 
H2S 2.02 1.49 Volatile matter
CO 15.70 14.09 Volatile matter
CO2 3.08 1.76 Volatile matter
H2 0.56 6.94 Volatile matter

CH4 7.58 11.88 Volatile matter
C 9.87 20.65 Char in smelt
Na2SO4 4.20 0.74 Smelt
Na2S 2.31 0.74 Smelt

Na2CO3 29.87 7.08 Smelt

Table 2. Gaseous and liquid species in the present model. Some of the species are 
present in the virgin black liquor and some are produced by gasification reactions. 
The weight and mole fractions are consistent with the idealized BLS composition. 

HEAT OF BLACK LIQUOR DECOMPOSITION. The next step in the pre-processing 
model of input data is to ensure that the total chemical energy in the BL is conserved. 
The heat needed for the decomposition of black liquor solids (BLS) into volatile matter, 
char and smelt according to the description above is based on the experimentally 
determined higher heating value (HHV) from calorimetric combustion. The model 
involves three processes that must be matched to the experimental HHV of 13.840 
MJ/kg BLS: 

I. Complete (stoichiometric) combustion of the model BLS pure elements. The 
exothermic heat of reaction for this can be calculated from thermodynamic data as 
20.797 MJ/kg BLS elements at 298 K. This value is much higher than the HHV of 
the BLS since the exothermic heat is generated from pure elements. 
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II. Distribution of the model BLS elements into the compounds described in the 
previous section. The exothermic heat of reaction associated with these reactions 
can be calculated from thermodynamic data as 6.674 MJ/kg BLS elements at 298 
K. 

III. Heat from devolatilization. When the heat in II is subtracted from the heat in I 
there is still a difference when compared with the HHV. This endothermic heat 
must come from the reactions associated with devolatilization that forms char 
from the original BLS. For the current model the resulting endothermic heat of 
devolatilization becomes 283 kJ/kg BLS. 

Hence, depending on the thermal input (i.e. HHV and BLS load), the heat from the 
modelled devolatilization balances the enthalpy of the system consistently with the 
decomposition model of BLS into volatile matter, black liquor char and smelt. 

Multi-phase chemistry

The chemical interaction between the black liquor droplets and the surrounding gas in 
Kraft recovery boilers occurs mainly through drying, devolatilization, char gasification, 
and smelt oxidation (Adams et al. 1997). The same general scenario is valid for 
pressurised gasification conditions but with significant differences within the 
conversion stages. 

DRYING. Drying is assumed to start when the droplet temperature, Td, is at the boiling 
temperature, Td,boil. This temperature is set to be equal to the boiling temperature of pure 
water at 30 bar (233.9 ºC) and with an additional boiling point rise of 20 ºC to account 
for the solute BLS material (Adams et al. 1997). The drying is activated by a smooth 
ramp function 

( )( )( )13.0tanh5.0)(H boild,d +−= TTT (1) 

instead of a pure step function in the expression for the drying rate in order to prevent 
numerical instabilities. However, the difference to a step function is relatively small. 
The mass transfer rate due to drying is assumed to be controlled by the heating rate 
according to 

( )rdiconv
dry

dry

)(H
QQ

h

T
m &&& +−= . (2) 

The drying rate expression (eq. 2) is not strictly correct from a physical point of view. 
Due to the high ambient pressure in the gasifier the water contained in the droplet will 
start to evaporate before the droplet reaches the boiling temperature. However, the error 
is expected to be negligible since the droplets are small and the drying is complete 
within a very short time and thus within a very short distance from the burner nozzle. 
The difference with a more detailed model would be a small change in the size and 
shape of the small drying zone but no significant change in the overall result from the 
model. 
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The effect of exothermic heat of dilution due to the solution of water and black liquor 
solids is included in the model. This effect arises because the forces of attraction 
between dissimilar molecules differ from those of similar molecules. The contribution 
from the heat of dilution is collected in the heat of reaction during drying resulting in 
the following expression: 
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The first two terms in eq. 3 represent the latent heat for pure water at Td,boil. The last 
bracketed term in eq. 3, which is a constant, is the exothermic heat from the heat of 
dilution, which is about 5% of the latent heat of water at 298 K for the present liquor 
composition. Equation 3 is based on the work by (Stoy and Fricke 1994) with the 
additional assumption of a linear relationship between the heat of dilution and the dry 
solids content in the range of 60 – 80 % dry solids. 

DEVOLATILIZATION. The mass transfer rate of volatile matter due to devolatilization 
is controlled by reaction kinetics as (Järvinen et al. 2001) 

cvol
T

dev mem d
,

3705310755.1 −⋅−=& (4) 

where mvol,c is the amount of volatiles and fixed carbon in the droplet. This expression is 
based upon experimental data (Sricharoenchaikul and Frederick 1995) made on small 
particles of black liquor solids (~100 μm) and at high heating rates. The relative masses 
of the volatile substances in Table 2 are assumed to be preserved during 
devolatilization. The heat of reaction for devolatilization is discussed under section 
2.1.2 and has been determined to be 283 kJ/kg BLS. 

CHAR GASIFICATION. Mass transfer from char gasification is modelled by three 
heterogeneous reactions and one homogeneous reaction with the fixed carbon in the 
black liquor char. The following heterogeneous reactions describe gasification of black 
liquor char carbon through diffusion of H2O, CO2, and O2 into the droplet:  

( ) ( ) ( ) ( )gHgCOgOHsC 22 +→+ , (5) 

( ) ( ) ( )g2COgCOsC 2 →+ , (6) 

and 

( ) ( ) ( )gCOgOsC 22 →+ . (7) 

The chemical reaction rates (r) at which the heterogeneous reactions in eq. 5 – 7 react 
are controlled by three different resistances originating from either mass transfer 
limitations through the boundary layer film at the droplet surface (1/rfilm), limiting pore 
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diffusion in the droplet (1/rpore), or by reaction kinetics inside the droplet (1/rkinetic) 
(Whitty 1997). The overall reaction rate (roverall) is dominated by the largest of these 
resistances and determined through: 

kineticporefilmoverall

1111

rrrr
++= . (8) 

The film mass transfer resistance depends on the gas film diffusion coefficient, the 
concentration of the reacting species, and size of the droplet (Crowe et al. 1998) and the 
corresponding reaction rate is given by: 

dc

ck
r

A

Bfilm
film

6α
= (9) 

where the gas film coefficient is based on the low mass transfer rate approximation 
given by (Bird et al. 1960) 

)ScRe6.02( 33.05.0
dfilm +=

d

D
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The pore diffusion resistance is related to the gas diffusivity, concentration of the 
reacting species and the size of the droplet (Frederick and Hupa 1991) and the 
corresponding reaction rate is given by: 
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The reaction rate due to kinetic limitations are determined from Arrhenius expressions 
(van Heiningen and Connolly 2003) and given by 
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for gasification by H2O and CO2, respectively. For black liquor char oxidation by O2 the 
kinetic limitation is taken from (Järvinen 2002), which is based on activated carbon 
(Smith 1982) and given by  
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dT
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Gasification of the char carbon can also occur through the sodium sulphate reduction 
reaction: 

( ) ( ) ( ) ( ) ( ) ( ) ( ) ( )gCOfgCOflSNa
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where fC/S is a modelling constant. Here, a value of 0 is used since CO2 has been shown 
experimentally to be the main product for this reaction (Wåg et al. 1995). The reaction 
rate for this reaction is controlled by chemical kinetics as (Wåg et al. 1995) 
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The resulting mass transfer rates of carbon from the char gasification reactions (eq. 5 - 7 
and 15), resulting in the products CO, H2, CO2, and Na2S, are then calculated as 

[ ] [ ]( ) C
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where the sodium content dependence in eq. 17 and 18 are according to observations by 
van Heiningen and Connolly (2003). 
Finally, the total mass transfer rate of carbon into products due to the gasification 
reactions in eq. 5 – 7 and the reduction reaction (eq. 15) is the sum of the rates defined 
above: 

42222 SONa
char

O
char

OH
char

CO
charchar mmmmm &&&&& +++= . (21) 

SMELT REACTIONS. The model also includes the most important inorganic 
components in the black liquor. The sodium sulphide present in the black liquor solids 
and in the resulting smelt can easily be oxidized in contact with oxygen through the 
reaction: 
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( ) ( )lSONagOlSNa 4222 )(2 →+ . (22) 

Even though the atmosphere around a black liquor char/smelt droplet is strongly 
reducing in most of the gasifier volume, the reaction in eq. 22 is still considered in the 
present model. This is due to the importance of characterizing the green liquor quality 
as discussed in the introduction. Exclusion of this reaction (eq. 22) will result in a 
slightly over predicted reduction efficiency. The rate for this reaction is treated in the 
same way as the heterogeneous char gasification reactions (eq. 5 – 7 above). The 
chemical kinetic rate is based upon oxidation of activated carbon (Smith 1982) and 
approximations for the pre-exponential factor made by Järvinen (Järvinen 2002) as 

dT
O
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kinetic epr /217005104.2

2

2 −⋅= . (23) 

The resulting internal oxidation of sodium sulphide due to reaction (22) is then given by 

[ ] SNa2
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overall
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char 2

22 MSNarm −=& . (24) 

Since reaction (22) is the only considered smelt phase reaction in the current model the 
total mass transfer rate due to smelt phase reactions is the absorption of oxygen through 
reaction (22) based on the rate given by expression (24). 
The heat of reactions for the char gasification reactions (5) – (7) and (15), and the smelt 
phase reaction (22) are determined from the reaction enthalpies for the species at 298 K. 
In reality the heats of reaction vary up to 17% in the interval 300 - 1500 K. However, 
the influence from the approximation with constant values is expected to be negligible. 
One concluding remark within the discussion of multi phase chemistry modelling is the 
absence of a reaction dealing with the release and re-condensation of alkali vapour (e.g. 
Na+(g) or NaOH(g)) during black liquor conversion. The reason for this is the difficulty 
in treating two-way heterogeneous reactions within the numerical Euler-Lagrangian 
description we are using. However, it is expected that the effect of this omission on the 
overall performance prediction will be small. 

Gas phase chemistry 

In the current model transport equations are solved for the gas components: H2O; H2S; 
CO; CO2; H2; CH4; and O2. The chemical interaction between the gas phase species are 
modelled via the Jones and Lindstedt mechanism (Jones and Lindstedt 1988) developed 
for combustion of hydrocarbons. This mechanism involves all of the above specified 
gas species except H2S, which currently is treated as chemically inert in our model. The 
amount of H2S released to the gas phase during devolatilization is based on 
experimental experiences (Whitty and Nilsson 2001), as mentioned in section 2.1.1. The 
Jones and Lindstedt reaction scheme is a four-step mechanism and given as 

224 2HCOO
2

1
CH +→+ , (25) 
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224 3HCOOHCH +→+ , (26) 

OHO
2

1
H 222 →+ , (27) 

and 

222 HCOOHCO +↔+ . (28) 

The reaction rates for the scheme above are chosen as the minimum of the turbulent 
mixing rate according to the Eddy dissipation model (Magnussen and Hjertager 1976) 
and the chemical kinetic rate as given by (Jones and Lindstedt 1988). The backward 
kinetic rate (k-) for the water-gas shift reaction (eq. 28) is based on the forward kinetic 
rate (k+) and the thermo-chemical equilibrium constant (K) as k- = k+/K using 

-2613 100.1079064101.5853859-1.4969614)log( TTK ⋅+⋅+= − , (29) 

which is based on data from (Bale et al. 2002). The reaction direction effect (Brink et al. 
2000) that might occur when modelling a reversible reaction is included in the present 
model for the water gas shift reaction in eq. 28. This is to prevent the apparent rate to 
unrealistically force the reaction away from equilibrium during the iterative solution 
procedure. 
The heat of reactions for the combustion reactions in eq. 25 – 28 above are calculated 
from the reaction enthalpies for the species at 298 K. No temperature dependencies for 
the reaction heats are considered for the reactions in eq. 26 and 27 since the changes in 
the heat of reactions are all less than 10 % in the temperature range 300 - 1500 K. 
However, since the reaction in eq. 25 and the water-gas shift reaction (eq. 28) have 
considerable temperature dependence in the heat of reaction and are also decisive for 
the total heat balance the temperature dependence in their heat of reaction is considered. 

Black liquor swelling 

The black liquor swelling model is based on (Blasiak et al. 1997) which is based on 
experiments by (Frederick and Hupa 1993). The droplets are assumed to swell during 
heat up as 
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−
−
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and when the droplet temperature has reached the boiling point but moisture is still 
present in the droplet the diameter stays constant:

dry0θdd = . (31) 
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During the following devolatilization stage the black liquor droplet continuous to swell 
according to 
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Finally, during char gasification and smelt phase reactions the droplet shrinks as 

( )
3

1

smelt,0d,char,0d,

smelt,0d,d3
smelt

3
max

3
max0 1 ⎟

⎟
⎠

⎞
⎜
⎜
⎝

⎛
⎟⎟
⎠

⎞
⎜⎜
⎝

⎛

−
−

−−−=
mm

mm
dd θθθ  (33) 

where 
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m
= (34) 

and ρd,smelt is set to 2300 kg/m3. Hence, the final droplet diameter after complete 
conversion becomes θsmeltd0.
The effect of pressure on the maximum relative diameter (θmax) and the maximum 
relative diameter during drying (θdry) for the droplet are based on (Whitty 1997). The 
resulting values for θmax and θdry at 30 bar gasifier pressure are 1.6 and 1.14, 
respectively, corresponding to a volume change of about 400% and 150% from the 
initial volume, respectively. 

Black liquor specific heat 

The specific heat for black liquor changes from an initial value of ~3 kJ kg-1 K-1 to a 
value of ~1.5 kJ kg-1 K-1 for the resulting smelt after complete conversion (Adams et al. 
1997). To model the specific heat of the black liquor, constant values for the specific 
heats of the different components present in the black liquor droplets were assumed. 
During conversion, the black liquor specific heat was determined as a mass fraction 
weighted average (mixing formula) of the compounds in the black liquor droplet. The 
values used for the different components in the black liquor solids are shown in Table 3. 
Here, the values for the volatile matter and char carbon, which are unknown, have been 
chosen so that the mass weighted value for the specific heat of dry solids is the same as 
the experimental value at the boiling temperature (2.86 kJ kg-1 K-1) (Adams et al. 1997). 
The specific heat for the alkali species in Table 3 are based on initial mass weighted 
reference values of the individual alkali components.  
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Specie Cp kJ/kg/K

H2S 4.02
Na2S 1.54

Na2SO4 1.54
Na2CO3 1.54
CO 4.02
CO2 4.02
H2O 4.02
H2 4.02
CH4 4.02
Char C 4.02

Table 3. Specific heats of the different species in the black liquor solids. 

Radiation 

Heat transfer due to radiation is modelled by the discrete transfer model (Lockwood and 
Shah 1981) treating the gas as grey with a pressure absorption coefficient of 0.5 bar-1 m-

1. The emissivity of the black liquor droplets is set to 0.9 (Wessel et al. 1998). The 
gasifier walls are treated as optically smooth having an emissivity of 0.5. 

Geometry and burner modelling 

The gasifier presently under consideration is of a symmetric entrained flow type with a 
co-axial burner at the top, see Figure 1. The dimensions are ~1.9 m in height and 0.6 m 
in inner diameter. Since the gasifier is axi-symmetric around its centre axis the 
simulations were performed in 2D using cylindrical coordinates to reduce the 
computational time. 
The burner is modelled as a centrally placed circular inlet (19 mm in diameter) for the 
black liquor with a surrounding annular inlet (22.4 and 27 mm inner and outer diameter, 
respectively) for the oxygen. 500 representative droplets (results differed <0.5% 
compared to simulations with 2000 droplets), released at ten equally spaced positions 
along the radius of the black liquor inlet, constitute the black liquor droplet load. The 
droplet size distribution of the modelled spray is assumed to have a 2nd order Rossin-
Ramler shape (Sirignano 1999) with a characteristic diameter of 200 μm (corresponding 
to a Sauter mean diameter of 113 μm).  

Wall-droplet interaction 

Droplets that hit the wall are assumed to bounce off with a reduction in the 
perpendicular velocity component given by a coefficient of restitution (0.5 in present 
model). Since the gasifier is refractory lined the wall surface will be well above the 
melting temperature of the smelt. Hence, the smelt is not likely to stick on the wall to 
form solid deposits but rather flow downwards into the quench. By modelling the 
droplet-wall interaction via a coefficient of restitution all the mass will be forced to 
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leave the gasifier without need for a wall film model to ensure global conservation of 
species, mass and energy. 

Numerical procedure 

The numerical modelling of the hot gasifier is performed by customization of the 
commercial CFD code CFX4.4. The model described above has been implemented in 
the software through subroutines that define source terms in the conservation equations 
for turbulent, chemically reacting multi-phase fluid flows with heat transfer. CFX4.4 is 
a finite volume code using a structured computational mesh with co-located variables 
and a sequential iterative solver based on the SIMPLEC algorithm (Aansys Europe Ltd. 
2004). The model uses the Eulerian-Lagrangian approach (Crowe et al. 1998) to model 
the gasification process of black liquor droplets, similar as in e.g. (Liu et al. (2001)) for 
coal gasification. For the continuous gas phase the Reynolds Averaged Navier-Stokes 
equations (RANS) and energy equation are solved using an Eulerian description. The 
RANS equations are closed by the use of the k-ε turbulence model with standard wall 
functions (Wilcox 1993) but other turbulence models available within the code can 
easily be used. The discrete droplets are tracked through the domain by integration of 
the droplet momentum equation using a Lagrangian description. As the droplets are 
tracked through the gasifier they exchange momentum, mass and heat with the gas 
phase and generate gas phase sources according to the particle source in cell description 
(Kuo 1986). A turbulent dispersion model (Gosman and Ioannides 1981) accounts for 
the effect of turbulent fluctuations in the droplet motions. 
The simulations were performed in a computational domain represented by a structured 
2D mesh consisting of 50*410 elements with an estimated discretization error, using 
Richardson extrapolation (Ferziger and Perić 1996), of ~1% (Marklund et al. 2001). The 
resulting equations were solved for cylindrical coordinates using a 2nd order 
discretization scheme and double precision for numerical accuracy. Due to the different 
time scales of the fluid dynamics and the combustion reactions it is very difficult to find 
a converged solution with this kind of model, as noted earlier by (Marklund et al. 2005). 
To obtain a solution a multi-step solution approach was adopted where first an 
isothermal gas flow field was calculated before all the different conversion/reaction sub 
models were added one after another (see the solver flow chart in Figure 2). The time 
needed for the final solution was ~1 week on a Linux based PC with a 2.8 GHz 
processor. The sum of the absolute residuals in the final solutions was used to estimate 
the iterative errors by comparing with corresponding physical quantities (Ferziger and 
Perić 1996). The magnitudes of the estimated iterative errors were all below 0.1%.  

DESIGN SIMULATION 

The proposed model has been used to study the current gasifier performance for a stated 
example design case with input data corresponding to the Chemrec development unit 
under commissioning in the ETC laboratory. Below are some details about the 
operational condition and the applied boundary conditions. 
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Operational condition 

The standard black liquor load was set to 20 tons BLS/24h having a dry solids content 
of 75.2%. The rate of oxygen supply was set to 233 Nm3 h-1, corresponding to an 
oxygen equivalence ratio (λ) of 0.40. The inlet temperature of the black liquor and 
oxygen was both set to 120°C and the gasifier pressure was 30 bar.  

Boundary conditions 

The black liquor was fed through the central nozzle orifice with an angular distribution 
corresponding to a 70° full-cone angle. The droplet size distribution from the burner is 
described in section 2.7. The oxygen was supplied at the specified rate through the 
surrounding annulus (see section 2.7) in a direction normal to the inlet surface (axially). 
The axial velocity component for the droplets was set to be the same as for the resulting 
axial velocity of the oxygen. The turbulent quantities (k and ε) at the inlet were set 
according to widely recognised standard values (Casey and Wintergerste 2000) 
corresponding to a turbulent intensity of 10% and a turbulent length scale of 10% of the 
width of the inlet annulus. 
At the outlet a constant static pressure profile was set. For all other variables a 
vanishing normal derivative was assumed. This means that the flow at the outlet is 
assumed to be fully developed. 
Due to the low thermal conductivity in the refractory lining, the gasifier wall is 
approximated as adiabatic.  

RESULTS AND DISCUSSION 

The obtained results from the example design simulation described above are presented 
in this section along with related discussions. The results are presented as 2-dimensional 
(2D) plots on a plane through the centre axis of the geometry. 
In the left plot in Figure 3 the 2D streamlines of the resulting gas flow in the gasifier are 
displayed. It can be seen that a relatively large toroidal re-circulation zone is formed 
around the centreline of the gasifier. Some of the black liquor droplets, especially the 
smaller droplets, generated from the burner will be trapped in this flow as can be seen in 
the centre plot in Figure 3, which shows the resulting droplet trajectories (only 20% of 
the total simulation trajectories are shown for clarity). However, a relatively large 
fraction of the droplets travel through the central core region of the gasifier to the outlet. 
The short residence time for these droplets may yield an incomplete gasification of the 
black liquor if the droplets are too large in size. However, the high temperature of the 
flame that is located close to the centreline appears to compensate for the short 
residence time as evidenced by a total carbon conversion of about 96 %. 
Due to the re-circulation pattern shown in the left plot in Figure 3, hot gas from the 
lower part of the gasifier will move up along the wall to the top of the gasifier. The re-
circulated gas is rich in reactive species (i.e. CO and H2) and has a high temperature. 
Hence, it will easily be oxidized when brought in contact with the oxygen coming from 
the burner. This assists the flame to withhold its high temperature even though the 
operating condition is at a low under-stoichiometric level.  The gasifier temperature 
field plot (right plot in Figure 3) shows that the maximum flame temperature is 1432 °C 



20

in the flame tip region. Hotspots, with temperatures up to 1400 °C, are also present 
close to the burner where oxygen mixes with the re-circulated gas. 

Figure 3. Streamlines (left), droplet trajectories (middle), and temperature contour 
field (right) for the current simulation. Note, a toroidal re-circulation zone is 
formed around the centerline of the gasifier and the highest temperature is 1432 
°C at the tip of the flame. 

The average gas temperature at the outlet is predicted to be 1090 °C as noted in Table 4. 
For this temperature, a thermodynamic equilibrium composition of the water gas shift 
species (see eq. 28) using eq. 29 can be calculated. The predicted equilibrium constant, 
based on the gas composition in Table 5, is about 23 % higher than the calculated 
thermodynamic equilibrium constant at 1090 °C. Thus, the predicted fractions of CO 
and H2O are about 5% higher than the thermodynamic equilibrium composition, or on 
the other hand, the predicted amounts of CO2 and H2 are about 5% lower than the 
thermodynamic equilibrium composition at the outlet temperature. A deviation from 
equilibrium is to be expected due to the relatively short residence time of the BL 
droplets. However, only experimental results from the PEHT-BLG pilot plant in Piteå 
can show whether the prediction is accurate or not. 

Parameter Unit Value
T max °C 1432
T g,out °C 1090
Sulphate reduction % 99.8
Carbon conversion % 96.3
Carbon activity of gas - 0.042

Table 4. Predicted values for the key performance parameters from the current 
example simulation. 
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Specie %mole
H2S 1.30

CH4 0.00
H2 22.25
CO 25.47
CO2 16.18
H2O 34.80

O2 0.00

Table 5. Predicted outlet gas composition from simulation.  

The other key performance parameters shown in Table 4 are the carbon conversion, 
carbon activity at the outlet, and resulting sodium sulphate reduction to sodium 
sulphide. The carbon activity is a measure of the tendency to form solid carbon (soot). 
The carbon activity is determined from the resulting outlet gas composition at the 
corresponding temperature using the reactions in eq. 5 and 6 as equilibrium reactions. A 
value close to unity would indicate that solid carbon is likely to be formed locally. Due 
to the amount of added oxygen into the system and the high outlet temperature, the 
carbon activity of the resulting outlet gas composition (see Table 5) is predicted to be 
quite low (0.042). Hence, one would not expect to find soot in the raw gas at the current 
process conditions. 

Specie %mole
Na2CO3 76.63
Na2S 15.09

Na2SO4 0.02
C 8.27

Table 6. Predicted outlet smelt composition from simulation. 

The observed carbon conversion of 96.3 %, resulting 8.27 %mole of C in the smelt (see 
Table 6), is considered to be low for the current process application. Besides the energy 
loss, this would also result in green liquor that is difficult to handle from a chemical 
recovery point of view. In Figure 4 the mean residence time and carbon conversion for 
the different droplet diameters are presented. From this figure it can be seen that 
gasification is nearly complete for all droplets <200 μm. For these droplets, where a 
large fraction is entrained in the toroidal re-circulation zone, the residence times are up 
to several seconds. For the droplets that pass along the symmetry axis the residence 
times are much shorter but this is compensated for by the very high heating rate and 
maximum temperature obtained that yields very fast carbon conversion. For droplets 
>200 μm the variation in residence time is much smaller and also the carbon conversion 
decreases considerably for increasing droplet diameters. This indicates that the fraction 
of BL droplets >200 μm generated from the spray burner should be minimized. 
Regarding the value for sodium sulphate reduction (99.8 %), this must be considered as 
complete. This is also expected since the ambient atmosphere for the black liquor 
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droplets in the gasifier is highly reducing at the current oxygen equivalence ratio 
(λ=0.4). 

Droplet mean residence time and mean carbon conversion
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Figure 4. Predicted mean residence times and mean carbon conversion for the 
different droplet diameters. 

CONCLUSIONS 

A consistent CFD model for pressurised high temperature black liquor gasification has 
been described in detail along with results obtained from an example design simulation. 
The main conclusions that can be drawn are the following: 

• Through the use of eight key assumptions for the translation of experimental 
data into a model black liquor composition, conservation of elements is assured. 

• A self-consistent theoretical heat from devolatilization is determined in order to 
close the energy balance to make it consistent with the experimental heating 
value. 

• For the specified gasifier geometry and burner characteristics it has been shown 
that droplets having an initial diameter > 200 μm the carbon conversion will not 
go to completion. This is particularly true for droplets passing straight through 
the gasifier with corresponding short residence times (~0.5 s). 

• The input parameters in the example simulation are probably not at an optimum. 
However, a systematic design optimization study with the model will make it 
possible to find optimal choices for spray pattern, droplet diameter distribution, 
oxygen equivalence ratio and other design parameters.  
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Abstract 

Pressurized high temperature black liquor gasification has the potential to significantly 
improve the efficiency of energy and chemical recovery in the pulping industry and to enable 
new processes, e.g. production of renewable motor-fuels from the syngas. However, the 
current process is still considered as novel and the interest in validated computer models for 
scale-up and process optimisation is large. In this paper a sensitivity analysis on the four most 
important model parameters in the pre-processing ‘proximate analysis model’ for a proposed 
CFD model has been performed. It was shown that careful measurements of the amount of 
sulphur released to the gas phase as H2S during devolatilization and the initial concentration 
ratio of Na2S and Na2SO4 in the black liquor under real process conditions are of great 
importance for calibration of the model. 

Keywords: Black liquor, gasification, CFD 

1. Introduction 

Black liquor is a liquid by-product from the chemical Kraft pulping process [1]. It is a mixture 
of water, inorganic cooking chemicals, lignin and other organic substances separated from the 
wood during chemical pulping in a digester. Roughly 50% of the wood ends up in the black 
liquor while the other 50% ends up in the pulp. Equal parts of value of black liquor come 
from the energy content in the organic compounds and from the cooking chemicals in Kraft 
pulping, i.e. different Na and S compounds. Hence, it is imperative to recover both chemicals 
and energy from the BL. The industry standard is to use Tomlinson Kraft recovery boilers [1] 
for this recovery. The heat from combustion in the Kraft recovery boiler is used for steam 
generation while the cooking chemicals, remaining after combustion, are dissolved in water to 
produce so called ‘green liquor’. The resulting quality of the green liquor is of great 
importance for the pulp mill since it is used for generating new cooking liquors, i.e. ‘white 
liquor’, by addition of lime and make-up chemicals. 

A novel technology that can improve the recovery of energy and chemicals in Kraft pulping is 
Pressurized Entrained flow High Temperature Black Liquor Gasification (PEHT-BLG) [2]. 
The recovery unit for the PEHT-BLG process mainly consists of (see Fig. 1):

an entrained-flow gasifier with a gas assisted burner nozzle where fine black liquor 
droplets are directly gasified through reactions with oxygen, steam and carbon dioxide 
to produce a synthesis gas (syngas) and a smelt containing mainly Na2CO3 and Na2S; 

a quench cooler where the product gas and smelt are separated and the smelt is 
dissolved in water; 

and a counter current condenser that cools the syngas and condenses water vapour and 
possibly volatile and tar species. The heat recovered from the gas is used to generate 
low/medium pressure steam that can be used in the pulp and paper process. 

In addition to high carbon conversion, the PEHT-BLG process also needs to generate a high 
quality green liquor, i.e. having a low level of organic carbon, high degree of sodium sulphide 
content, low dregs content, and high effective alkali content (as NaOH). During operation, 
these necessities control the operational parameters of the process. 
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Fig. 1. Schematic drawing of the PEHT-BLG process 

In combination with a combined cycle power production PEHT-BLG has the potential to 
nearly triple the amount of net electricity production compared with the conventional 
Tomlinson steam power cycle [3]. As an alternative, it is possible to produce synthetic motor 
fuels, e.g. methanol or dimethyl ether, from the syngas at a price that is compatible to the 
price of fossil fuels [4]. Furthermore, the technology opens up new possibilities for alternative 
pulping technologies with higher yield [5]. However, even though the concept of gasification 
of black liquor at high temperature has been proven experimentally [2, 6], uncertainties about 
the reliability and robustness of the technology have prevented a large-scale market 
introduction. 

In order to demonstrate reliable operation of PEHT-BLG under extended periods of 
operations, a pilot-scale development plant (20 tonnes solids/24h at 30 bar pressure) has been 
constructed by Chemrec AB at Energy Technology Centre in Piteå, Sweden. The goal with 
the development plant is to optimize the performance of the gasifier and to prove the 
reliability and robustness of the technology. As an aiding tool in these efforts a 
comprehensive CFD model for PEHT-BLG has been developed based on earlier work by 
Marklund et. al. [7]. In [7] the uncertainties in some of the physical parameters used in the 
early version of the PEHT-BLG CFD model are studied in order to quantify their importance 
on the accuracy in the model predictions. Beside these studied uncertainties of the physical 
parameters in the model there are a number of other approximations that are of importance to 
consider. 

The aim of the present paper is to identify the parameters in the proposed proximate analysis 
model that have the strongest impact on the simulation results from the PEHT-BLG CFD 
model. With this understanding it will then be possible to prioritise future work. The paper 
starts with a brief summary of the PEHT-BLG CFD model followed by a sensitivity study of 
the fundamental assumptions in the proximate analysis model. Finally, the results from the 
sensitivity study are discussed and conclusions are drawn. 
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2. PEHT-BLG CFD model 

In this section details around the PEHT-BLG CFD model of the current gasification reactor 
schematically shown in Fig. 1 is presented. The ceramic lined reactor is of an axi-symmetric 
entrained flow type with a coaxial twin fluid burner at the top. The dimensions are ~1.9 m in 
height and 0.6 m in inner diameter. The fuel, i.e. black liquor from the Kraft process, is 
atomised by a gas assisted spray nozzle using oxygen for atomisation. The dispersed spray 
droplets are then gasified in the reducing atmosphere of the reactor (low oxygen equivalence 
ratio) generating converted ‘smelt’ droplets and a raw syngas that are separated in the 
following quench (see Fig. 1). The current model domain is bounded by the gasification 
reactor wall reaching all the way from the spray nozzle down to the entrance to the quench. 

2.1. Computational details 

Since the gasifier is axi-symmetric around its centre axis the simulations were performed in 
2D using cylindrical coordinates to reduce the computational time. The numerical model of 
the PEHT-BLG process in the gasification reactor is implemented by modification of 
subroutines in the commercial CFD code CFX4.4. This is a finite volume code using a 
structured computational mesh with co-located variables and a sequential iterative solver 
based on the SIMPLEC algorithm [8]. The model uses the coupled Eulerian-Lagrangian 
approach [9] to model the gasification process of black liquor droplets, similar to models for 
combustion of coal particles like in e.g. [10]. For the continuous gas phase the Reynolds 
Averaged Navier-Stokes equations (RANS) and energy equation are solved using an Eulerian 
description. The k-ε turbulence model with standard wall functions [11] are used to close 
RANS equations and the rates of the used combustion reactions (see eq. 6 – 9) are controlled 
by the minimum of the Eddy dissipation rate [12] and the chemical kinetic reaction rate [13]. 
To model radiation the discrete transfer model [14] is used, treating the gas as grey having a 
pressure absorption coefficient of 0.5 bar-1 m-1. The simulations were performed in a 
computational domain represented by a structured 2D mesh consisting of 50*410 elements 
with an estimated discretization error of ~1% [15], using Richardson extrapolation [16].  

2.2. Proximate analysis model 

The elemental composition from a chemical analysis of the black liquor is not sufficient as 
input to the CFD simulation. Instead, a separate pre-processing model called ‘proximate 
analysis model’ must be used to translate the elemental composition into the amounts of 
reactive and inert species that will result when heat is absorbed by the spray droplets and 
when they react with the surrounding gas. The proximate analysis model determines the 
model composition of the dry black liquor solids (BLS), presently described as 
Na9C31H35S2O23, and the heat from devolatilization in a self consistent way. The following 
eight key assumptions form the basis of the model and are based upon the best available 
experimental data and estimates based on equilibrium analysis. 

1. The solvent water in a black liquor droplet evaporates when the droplet temperature 
reaches the boiling point at a rate proportional to the heat transfer rate to the droplet 
surface. 

2. A known fraction of the total sulphur in the black liquor is released as H2S during 
devolatilization. At present this fraction is assumed to be 50%, which is based upon 
experience from pilot gasifier tests [2]. 
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3. The remaining sulphur is assumed to form sodium sulphide and sodium sulphate at a 
known mole ratio. At present this mole ratio is assumed to be one to one. The 
remaining sodium, when all the sodium bound to sulphur is accounted for, is then 
assumed to form sodium carbonate. The motivation for this assumption is that it is 
known that organic sodium salts decompose very fast at heating and will not be found 
in the smelt. 

4. During devolatilization, a known fraction of the carbon in the black liquor is released 
as different gaseous compounds. The fraction of carbon in the black liquor that goes 
into these compounds is assumed to be 50%, which is based upon small scale 
experiments [17]. In the current model the carbon containing gases are assumed to be 
CO, CO2, and CH4. 

5. The total amount of CO and CO2 in the volatile gases depends upon the available 
oxygen chemically bound in the virgin black liquor still left after formation of the 
oxygen containing components described in step 3 above. A mole ratio for [CO]/[CO2] 
has to be defined. At present, this mole ratio is assumed to be 8, which is in reasonable 
agreement with experimental work on devolatilization for Kraft black liquor [18]. 

6. The remaining part of the volatile carbon in the black liquor is then assumed to form 
CH4.

7. The remaining hydrogen in the system after the steps above is assumed to be released 
as H2.

8. Finally, the remaining carbon is modelled as char carbon that will eventually be 
converted to CO and CO2 through gasification reactions at the droplet surface 
described below. 

These eight assumptions guarantee that the elements from the model black liquor are 
conserved and that the gas and smelt composition produced by the gasification reactions is in 
reasonable agreement with experimental observations. The model parameters, e.g. the fraction 
of sulphur in black liquor that is emitted as H2S, can be calibrated when better experimental 
data becomes available. The sensitivity study presented below will be a valuable aid in the 
planning of the calibration experiments that will be necessary before a more formal validation 
of the model can be made. 

2.3. Chemistry 

The chemical interaction between the black liquor droplets and the surrounding gas in Kraft 
recovery boilers occurs mainly through drying, devolatilization, char gasification, and smelt 
oxidation [1]. The same general scenario is valid for pressurized gasification conditions but 
with some significant differences within the conversion due to the elevated pressure and 
reductive atmosphere. 

Mass transfer due to gasification of the black liquor char is modelled through droplet film 
diffusion of H2O, CO2, and O2 to the droplet surface. The associated reactions are described 
by 

( ) ( ) ( ) ( )gHgCOgOHsC 22 +→+ (1) 
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( ) ( ) ( )g2COgCOsC 2 →+ (2) 

and 

( ) ( ) ( )gCOgOsC 22 →+ (3) 

The chemical reaction rates at which the heterogeneous reactions in eq. 1 – 3 occur are 
controlled by three different resistances originating from either mass transfer limitations 
through the boundary layer film at the droplet surface, limiting pore diffusion in the droplet, 
or by reaction kinetics inside the droplet [17]. 

Gasification of the char carbon is also modelled through the possible reduction of the sodium 
sulphate available in the black liquor as 

( ) ( ) ( ) ( ) ( ) ( ) ( ) ( )gCOfgCOflSNaflSONafsC SCSCSCSC 2//2/42/ 12
4

1
2

4

1 −++−→−+  (4) 

where fC/S is a modelling constant. Here, a value of 0 is used since, as pointed out by [19], 
CO2 has been shown experimentally to be the main product for this reaction. The sodium 
sulphate reduction reaction (eq. 4) above occurs inside the droplet or at the droplet surface 
and is assumed to be completely controlled by reaction kinetics according to [19]. 

If oxygen is present around the droplet, the sodium sulphide is oxidised to sodium sulphate as 

( ) ( )lSONagOlSNa 4222 )(2 →+ (5) 

The rate for reaction (5) is treated in the same way as the heterogeneous char gasification 
reactions (1) – (3) above.  

In the current model, transport equations with a turbulent diffusivity are solved for the gas 
components: H2O; H2S; CO; CO2; H2; CH4; and O2. The chemical interaction between the gas 
phase species is modelled via the Jones and Lindstedt mechanism [13] developed for 
combustion of hydrocarbons. This reaction scheme is a four-step mechanism and given as 

224 2HCOO
2

1
CH +→+ , (6) 

224 3HCOOHCH +→+ , (7) 

OHO
2

1
H 222 →+ , (8) 

and 
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222 HCOOHCO +↔+ . (9) 

The reaction rates for eq. 6 – 9 are determined by the smallest of the rates from the eddy 
dissipation concept model [12] for turbulent combustion and the chemical kinetics model by 
[13]. 

2.4. Operational condition 

The black liquor load was set to 20 tons BLS/24h with a dry solids content of 75.2%. The rate 
of oxygen supply was set to 233 Nm3 h-1, corresponding to an oxygen equivalence ratio (λ) of 
0.38. The inlet temperature of the black liquor and oxygen were both set to 120°C and the 
gasifier pressure was 30 bar. The black liquor was fed through the central nozzle orifice of the 
coaxial twin fluid burner with an angular distribution corresponding to a 70° full-cone spray 
angle. The droplet size distribution of the modelled spray is assumed to have a 2nd order 
Rossin-Ramler shape [20] with a characteristic diameter of 200 μm (corresponding to a Sauter 
mean diameter of 113 μm). The oxygen was supplied at the specified rate through the 
surrounding annulus of the burner. Due to the low thermal conductivity in the refractory 
lining, the gasifier wall is approximated as adiabatic. 

3. Sensitivity analysis 

Validation of a complex CFD model with many model parameters is a challenging task. This 
is particularly the case when experiments are costly and point wise measurements are difficult 
to perform. In order to facilitate a formal model validation a sensitivity analysis of the most 
important proximate analysis model parameters has therefore been performed. The first 
parameter concerning the evaporation of the moisture contained in the black liquor is not 
believed to be crucial neither are the last three parameters (no. 6 - 8) in the list above, since 
these are all consequences of the preceding parameters. Hence, the parameters considered to 
have the most influence on the results are parameter no. 2 - 5 in the list above. The results 
from the current study will show if the uncertainty in any of these parameters is critical for the 
prediction of the gasifier performance in the development plant. A large impact from the 
uncertainty implicates a need for better input data before a complete model validation can be 
made. 

Table 1 

Levels for the four considered parameters and the resulting heat of pyrolysis used in the 
performed simulations. 0 is the base case and the + and – signs denotes the high and low 
values, respectively, for each case where the parameters were changed. Corresponding 
proximate analysis model parameter is in parentheses 
Parameter 0 2+ 2- 3+ 3- 4+ 4- 5+ 5-
Fraction of S as H2S (2) 0.5 0.8 0.2 0.5 0.5 0.5 0.5 0.5 0.5
Initial [Na2S]/[Na2SO4] (3) 1 1 1 3 0.33 1 1 1 1
Volatile fraction of C (4) 0.5 0.5 0.5 0.5 0.5 0.55 0.45 0.5 0.5
[CO]/[CO2] in volatile gas (5) 8 8 8 8 8 8 8 10 6
Heat of pyrolysis in kJ/kg BLS 283 189 381 443 124 174 393 322 226

In Table 1 the considered model parameters and their corresponding levels of uncertainty 
along with the resulting heat of pyrolysis are presented. The amount of sulphur released to the 
gas phase as H2S during devolatilization (parameter no. 2) is set to 50% for the base case. 
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This value is based on experiences from a pilot plant for PEHT-BLG [2]. The high value for 
this parameter (case 2+) is set to 80% based on equilibrium calculations for the current 
condition. The low value (case 2-) is set symmetrical around the base case i.e. 20%. This 
range (20% - 80%) for the amount of sulphur released to the gas phase as H2S is believed to 
fully cover the possible true value for this parameter. 

The parameter describing the initial concentration ratio of Na2S and Na2SO4 in the BLS 
(parameter no. 3) is set to be 1:1 in the base case. This value is very uncertain since no 
reliable experimental data is available and in order to detect any great influence from this 
parameter a relatively wide range was adopted. The high value for this ratio (case 3+) was set 
to be 3:1 and the low value (case 3-) was set to 1:3. 

For the fourth parameter in the proximate analysis model, the amount of C in volatile matter, 
the base case is 50%, which is based on results from thermogravimetric experiments [17]. The 
possible limits for analysing the sensitivity in this parameter are restricted due to the structure 
of the current proximate analysis model and the total amount of elemental C and H available 
in the BLS. A too high value for this parameter would violate the conservation of elemental H 
in the BLS. The reason is that the hydrogen bound to the volatile elemental C in the BLS (i.e. 
as CH4 in the current model) would become higher than the available amount of elemental H 
after having accounted for the preceding model parameters. In order to avoid this problem, the 
high value for the amount of C in volatile matter (case 4+) is restricted to 55% and by using a 
symmetric interval around the value for the base case the low value (case 4-) was set to 45%. 

Table 2 
Resulting black liquor composition from the proximate analysis model for each case studied, 
given in %mole and %wt 

Case Unit H2O H2S CO CO2 H2 CH4 C Na2SO4 Na2S Na2CO3

0 %mole 34.6 1.49 14.1 1.76 6.94 11.9 20.7 0.74 0.74 7.1
0 %wt 24.8 2.02 15.7 3.08 0.56 7.6 9.9 4.20 2.31 29.9
2+ %mole 35.5 2.44 13.7 1.72 4.55 13.0 20.3 0.31 0.31 8.2
2+ %wt 24.8 3.23 14.9 2.93 0.36 8.1 9.4 1.68 0.92 33.6
2- %mole 33.8 0.58 14.4 1.81 9.21 10.8 21.0 1.16 1.16 6.0
2- %wt 24.8 0.81 16.5 3.24 0.76 7.1 10.3 6.73 3.70 26.1
3+ %mole 33.7 1.45 14.9 1.86 9.37 10.3 20.1 0.36 1.09 6.9
3+ %wt 24.8 2.02 17.0 3.34 0.77 6.7 9.9 2.10 3.47 29.9
3- %mole 35.6 1.53 13.3 1.66 4.38 13.6 21.2 1.15 0.38 7.3
3- %wt 24.8 2.02 14.4 2.82 0.34 8.4 9.9 6.31 1.16 29.9
4+ %mole 36.6 1.58 14.9 1.87 1.47 15.5 18.9 0.79 0.79 7.5
4+ %wt 24.8 2.02 15.7 3.08 0.11 9.4 8.5 4.20 2.31 29.9
4- %mole 32.8 1.41 13.4 1.67 11.83 8.6 22.2 0.71 0.71 6.7
4- %wt 24.8 2.02 15.7 3.08 1.00 5.8 11.2 4.20 2.31 29.9
5+ %mole 34.4 1.48 14.6 1.46 7.48 11.5 20.5 0.74 0.74 7.0
5+ %wt 24.8 2.02 16.4 2.57 0.60 7.4 9.9 4.20 2.31 29.9
5- %mole 34.9 1.50 13.3 2.22 6.11 12.4 20.8 0.75 0.75 7.1
5- %wt 24.8 2.02 14.7 3.86 0.49 7.9 9.9 4.20 2.31 29.9

Regarding the CO to CO2 concentration ratio, where the base case is set to 8 based on 
experimental observations under similar conditions [18]. The high value (case 5+) and low 
value (case 5-) were chosen to be 10 and 6, respectively. The interval spanned by these 
extreme values is wide enough to cover the range observed in the experiments. 

The eight different cases discussed above plus the base case results in nine different inputs of 
the black liquor composition obtained from the proximate analysis model into the PEHT-BLG 
CFD model. These cases are shown in Table 2 in both mole fractions (%) and mass fractions 
(%). 
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3.1. Performance response parameters 

The main objective with the black liquor recovery unit, seen from a pulp mill perspective, is 
to recover the inorganic cooking chemicals in the form of so called green liquor. It is 
important that the green liquor is of good quality to minimise disturbances of the pulping 
process. A good green liquor quality is associated with high conversion of organic carbon, 
high degree of sodium sulphate reduction, low dregs content, and high effective alkali content 
(as NaOH). Another objective with the recovery unit is to recover the chemical energy in the 
black liquor with a minimum of losses. 

An obvious parameter to characterise both the quality of the green liquor and the efficiency of 
the gasification process is the conversion of the organic carbon initially in the black liquor 
into gaseous components. Ideally this should be 100% in order to produce green liquor with a 
minimum of soot containing dregs. At the same time as much as possible of the chemical 
energy in the black liquor should be transformed into chemical energy in the product gas. 
Another important performance parameter is the amount of sodium sulphide as opposed to 
sodium sulphate in the smelt as the former is the most suitable sodium compound for re-
generation of the cooking chemicals in the pulping process. 

The PEHT-BLG process operates at a very low oxygen equivalence ratio (λ of ~0.4). This 
results in reducing conditions in most part of the flame with an associated risk for low carbon 
conversion rates or soot formation that will alter the quality of the green liquor. An increased 
oxygen equivalence ratio normally results in better carbon conversion but it also results in 
reduced chemical energy in the syngas, which is undesirable. If the local temperature and gas 
composition in the reactor are at certain conditions carbon monoxide may form solid carbon 
(soot). Considering this for design optimization of PEHT-BLG, it would be of interest to have 
some predictable indicator on the tendency to form unwanted solid carbon from carbon 
monoxide in the reactor without involving any complex model for soot formation. 
Furthermore, this would also be of help as a spatial indicator for favourable locations in the 
reactor for a fast gasification of black liquor char. 

The equilibrium reaction of steam gasification of carbon is given as 

( ) ( ) ( ) ( )gHgCOgOHsC 22 +↔+     (10) 

For this reaction the equilibrium constant can be expressed as 

[ ][ ]
[ ][ ]

eq
gOHsC

gHgCO
TK ⎟⎟

⎠

⎞
⎜⎜
⎝

⎛
=

)()(

)()(
)(

2

2
)10(     (11) 

where K(10)(T) is defined in terms of the activities of the reactants and the products at 
equilibrium. The bracket symbols “[]” represent partial pressures of indicated gas specie and 
the carbon activity for solid carbon, where the carbon activity at equilibrium is defined to be 
unity. By comparing a predicted composition of CO, H2 and H2O obtained from the CFD 
model against the equilibrium composition, given by the equilibrium constant in expression 
(11), a check can be made on whether reaction (10) has a favourable spontaneous forward 
progression or a tendency to form solid carbon via a spontaneous backward progression. 
Hence, if the H2 and CO partial pressures are high and the partial pressure of H2O is low in 



10

comparison with the equilibrium composition (given by K(10)(T)) the carbon activity in the 
predicted gas composition, 

[ ] [ ][ ]
[ ] )()(

)()(
)(

)10(2

2

TKgOH

gHgCO
sC =     (12) 

is larger than unity. This implies, considering only reaction (10), that the backward reaction is 
pronounced and soot can be formed from CO (g). Consequently, if the carbon activity in (12) 
is less than unity the black liquor char carbon is oxidized by H2O(g) to CO(g) and H2(g). 

In the same way considering the Boudouard reaction 

( ) ( ) ( )gCOgCOsC 22 ↔+     (13) 

the carbon activity based on (13) can be expressed as 

[ ] [ ]
[ ] )()(

)(
)(

)13(2

2

TKgCO

gCO
sC = (14) 

If the carbon activity [C(s)] in (12) or (14) is close to 1 the net rate of the carbon gasification 
is low and carbon or soot can end up in the green liquor. This will affect the filterability of the 
green liquor and increase the dreg content with voluminous carbon particles. Lost carbon in 
the dreg also represents a corresponding loss of chemical energy in the process gas. Finally, as 
an indicator for low carbon conversion or tendency for soot formation in the process, the post 
processed maximum carbon activity obtained from expression (12) and (14) is used. 

Regarding the energy efficiency, it is of interest to keep the oxygen equivalence ratio (λ) as 
low as possible without altering the quality of the green liquor i.e. having non-converted char 
carbon or soot formation. Thus, the reactor temperature (e.g. represented by the outlet gas 
temperature) should not be higher than needed in order to produce good quality green liquor. 

To prevent high amounts of evaporated alkali that may become a problem when the vapour 
condenses further downstream of the process, the peak temperature in the flame should be as 
low as possible. Furthermore, the resulting composition of the product gas and resulting smelt 
(ash that contains alkali and sulphur chemicals) are also of interest regarding material 
corrosion issues and raw syngas quality. 

4. Results and discussion 

The resulting values for the performance response parameters discussed above for each of the 
studied cases, including the base case, are given in Table 3. 
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Table 3 

Resulting values of the considered performance parameters for the studied cases 
Performance parameter 0 2+ 2- 3+ 3- 4+ 4- 5+ 5-
Carbon conversion 96.3 94.7 97.2 94.6 97.7 96.7 96.6 96.6 96.2
Sulfate reduction 99.8 99.8 99.8 99.9 99.8 99.8 99.9 99.8 99.9
Tout 1090 1050 1129 1045 1140 1086 1098 1092 1086
Tmax 1432 1462 1445 1446 1447 1431 1438 1437 1434
Carbon activity of gas 0.042 0.065 0.029 0.069 0.025 0.044 0.039 0.042 0.044

Notice in Table 3 that the sulphate reduction efficiency is not sensitive to any of the changes 
made in the studied model parameters. Due to the strongly reducing atmosphere present in the 
gasifier the amount of sodium sulphate for all considered cases has enough residence time and 
sufficiently high temperature for a close to complete reduction to sodium sulphide. However, 
it is important to monitor the sulphate reduction efficiency during optimization of the process 
to avoid the risk of detecting false optima. 

Table 4 

Resulting outlet gas compositions (%mole) and HHV (MJ/m3
n) for the studied cases 

Case H2S CH4 H2 CO CO2 H2O O2 HHV
0 1.30 0.00 22.2 25.5 16.2 34.8 0.00 6.38
2+ 2.00 0.00 25.5 25.2 16.0 31.3 0.00 6.94
2- 0.60 0.00 18.8 25.7 16.3 38.6 0.00 5.80
3+ 1.30 0.00 24.3 25.3 16.1 33.0 0.00 6.63
3- 1.30 0.00 19.9 25.5 16.2 37.1 0.00 6.09
4+ 1.30 0.00 22.2 25.4 16.2 34.9 0.00 6.37
4- 1.30 0.00 22.1 25.4 16.1 35.1 0.00 6.36
5+ 1.30 0.00 22.1 25.4 16.2 35.0 0.00 6.37
5- 1.30 0.00 22.3 25.4 16.1 34.9 0.00 6.38

Regarding the carbon conversion there is a significant influence from the amount of sulphur 
released to the gas phase (parameter no. 2). Also, the initial concentration ratio of Na2S and 
Na2SO4 in the BLS (parameter no. 3) has a significant influence on the carbon conversion as 
shown in Table 3. As a consequence of the influence on carbon conversion, the outlet 
temperature of the resulting gas is greatly influenced by these parameters. At higher carbon 
conversion the outlet temperature increases between the variations in all parameters except for 
the variations in fraction of volatile C (parameter no. 4). However, the chemically bound 
energy available in the resulting outlet gas composition, noted as HHV in Table 4, must also 
be considered since this compensate the diversity in outlet temperatures and carbon 
conversion for the parameter specifying the fraction of volatile carbon. Thus, for case 4+ 
where a higher degree of carbon conversion is seen compared to case 4- even though the 
outlet temperature is lower, the HHV of the resulted gas at the outlet is slightly higher than in 
case 4-. As a general remark on the relatively low levels of carbon conversion obtained from 
the simulations, it must be kept in mind that the input parameters were selected without 
optimisation and that the used kinetics controlling the gasification reactions in eq. 1 and 2 are 
uncertain. This is then influencing the total carbon conversion in the simulations. However, 
since there is a lack of experimental data on black liquor char gasification kinetics at the 
current conditions, i.e. high temperatures and high pressures, the kinetic data used in the 
present model is considered as the best available. It is expected that the carbon conversion of 
an optimised gasifier will be significantly higher.
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The large changes in H2 to H2O ratios between high and low values for the sodium compound 
ratio (parameter no. 2) and the volatile compound ratio (parameter no. 3) seen in Table 4 are 
mainly due to the differences in carbon  conversion. At a higher carbon conversion more CO, 
CO2 and H2 is formed from the gasification reactions in eq. 1 and 2 resulting in a higher H2 to 
H2O ratio. The reason for getting a higher carbon conversion in case 3- compared to case 3+ 
is that a lower volatile compound fraction results in a larger initial amount of sodium sulphate 
available for reaction with the char carbon through the sulphate reduction reaction (eq. 8). 
Considering the lower carbon conversion in case 2+ compared to case 2- (amount of sulphur 
that is found as H2S), the interpretation is that as more sulphur is released to the gas (case 2+), 
more internal oxygen originally in the BLS is bounded to the sodium in the smelt as Na2CO3

(instead of Na2S) as seen in Table 5. Thus, this result in less oxygen released to the gas phase 
and an increase in species without any oxygen. 

Table 5 

Resulting smelt composition (%mole) for the studied cases 

Case Na2CO3 Na2S Na2SO4 C
0 75.9 15.8 0.032 8.2
2+ 82.8 6.3 0.013 10.9
2- 67.5 25.9 0.052 6.6
3+ 73.1 15.4 0.015 11.5
3- 78.3 16.4 0.033 5.2
4+ 77.3 16.2 0.033 6.4
4- 75.5 16.0 0.016 8.5
5+ 76.4 16.0 0.032 7.6
5- 75.7 15.9 0.016 8.4

An interesting observation is that the CO to CO2 ratio in the pyrolysis gas composition 
(parameter no. 5) has a negligible influence on the outlet gas composition (see Table 4) and 
the outlet smelt composition (see Table 5). The reason for a slightly higher amount of carbon 
in the resulting smelt for case 5- compared to case 5+, is likely caused by a small difference in 
the temperature distribution (e.g. lower maximum temperature) due to changes in the 
pyrolysis gas composition, which results in a lower carbon conversion.  

5. Conclusions 

A sensitivity analysis on the four most important model parameters in the pre-processing 
‘proximate analysis model’ for a proposed CFD model for PEHT-BLG has been performed. 
This study was performed as an initial step before a complete model validation against 
experimental data is done. Results from the sensitivity study will serve as a guide in the 
planning of the validation experiments that will be performed in the pilot plant for PEHT-
BLG. 

Among the considered performance response parameters the sulphate reduction efficiency 
was found to be almost completely insensitive to the variations for all of the studied model 
parameters (<0.2%). Furthermore, the results have shown that the sensitivity to the amount of 
sulphur released to the gas phase as H2S during devolatilization (parameter no. 2) and the 
initial concentration ratio of Na2S and Na2SO4 in the BLS (parameter no. 3) have relatively 
large effects on the chosen performance response parameters of the pilot gasifier. On the other 
hand, the amount of carbon in volatile matter (parameter no. 4) and the CO to CO2

concentration ratio in the volatile matter (parameter no. 4) were shown to be much less 
influential within the specified interval of uncertainty compared to the other two. Hence, 
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careful measurements of the amount of sulphur released to the gas phase as H2S during 
devolatilization and the initial concentration ratio of Na2S and Na2SO4 in the BLS under real 
process conditions appear to be of great importance when model validation of the PEHT-BLG 
CFD model against experimental data is considered. 
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Abstract 

Pressurized high temperature black liquor gasification has the potential to significantly 
improve the efficiency of energy and chemical recovery in the pulping industry. The 
process, which is based on the entrained-flow principle, is under strong development 
and a scale-up with one to two orders of magnitude from an existing pilot gasifier is 
planned. As an important tool for scale-up, a self-consistent CFD model has been 
developed in conjunction with the pilot gasifier experiments. This paper presents a 
comparison of a model prediction against available experimental data from the 
entrained flow pilot gasifier for one specific operational condition. The agreement 
between model and experiments is encouraging in certain areas while significant 
discrepancies are found for other areas. The predictions of global performance 
parameters, such as sulfate reduction efficiency and carbon conversion, are in 
reasonable agreement with the experiments while e.g. the predicted gas composition 
exhibits significant differences to the experiment. However, direct measurements of 
quantities that are of interest for the current model validation are difficult due to severe 
conditions in the gasifier and many of the considered model comparisons are based on 
indirect values. Hence, it is difficult to judge whether the errors come from the 
experiment or the simulation. Therefore, improved in-situ measurements inside the 
gasifier are necessary before a definite conclusion about the validity of the model can be 
drawn. 

Keywords: Numerical modeling, Droplets, Gasification 
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Introduction 

Black liquor, a by-product of the chemical kraft pulping process, is an important liquid 
fuel in the pulp and paper industry. It consists of roughly 30% water, 30% inorganic 
cooking chemicals (valuable for the pulp mill) and 40% lignin and other organic 
substances separated from the wood during chemical pulping in a digester. Due to both 
economical and environmental constraints it is important to recover both the chemicals 
and the energy from the black liquor. A critical part of the black liquor recovery process 
is to recover the inorganic cooking chemicals in the form of so called green liquor. A 
high quality green liquor in a modern kraft pulp mill is associated with high conversion 
of organic carbon, low content of sodium sulfate, and low dregs content. Ideally, this 
should be combined with high energy efficiency. 

A novel technology, not yet commercialized, for the recovery of black liquor is 
Pressurized Entrained-flow High Temperature Black Liquor Gasification (PEHT-BLG). 
In combination with a combined cycle power production PEHT-BLG has the potential 
to nearly triple the amount of net electricity production in a modern pulp mill compared 
with conventional technology for black liquor recovery, i.e. using the Tomlinson steam 
power cycle (Larson et al. 2000). A very interesting alternative to the combined cycle 
application in PEHT-BLG is to generate bio-fuels for transportation, e.g. methanol or 
dimethyl ether (DME), from the produced syngas (Ekbom et al. 2003). Furthermore, 
PEHT-BLG may be able to decrease the capital cost for the mill recovery system and 
open up possibilities for alternative pulping technologies with higher yield (Frederick 
1999). 
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Figure 1. Schematic drawing of the PEHT-BLG process. The currently available locations for 
measurements are indicated by the boxes. 

The main parts of the recovery unit in the PEHT-BLG process are shown schematically 
in Figure 1. A refractory lined entrained-flow gasification reactor, with a gas assisted 
burner nozzle producing small black liquor droplets, is used for direct gasification of the 
black liquor at about 1000 °C through reactions with oxygen, steam and carbon dioxide 
to produce a synthesis gas (syngas) and a liquid smelt containing mainly Na2CO3 and 
Na2S. Beneath the reactor is a quench cooler where the product gas and smelt are 
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separated and the smelt is dissolved in water producing green liquor. The product gas 
(‘raw’ syngas) passes through a counter current condenser (CCC) that cools the syngas 
and condenses water vapor and any volatile and tar species that may be present. The 
heat recovered from the gas is used to generate low/medium pressure steam that can be 
used in the pulp and paper process. 

Lack of demonstration of long term operation of the technology has delayed a large 
scale industrial implementation of the process. However, a development (pilot) plant for 
PEHT-BLG, named DP-1, with a capacity of 20 tonnes dry solids/24h is in operation by 
the technology vendor Chemrec AB at the laboratory of Energy Technology Centre in 
Piteå, Sweden. A commercial scale gasifier would have to have a capacity that is at least 
15 times larger to be profitable. An important tool for reduction of the technical risk 
associated with the scale up to commercial scale is a reliable CFD model. For this 
reason, a comprehensive self-consistent CFD model for the PEHT-BLG process has 
been developed (Marklund et. al. 2005, Marklund et. al. 2006). In this paper the focus is 
on comparison of the model prediction to an experiment with the PEHT-BLG process at 
~50 % capacity. 

Mathematical modeling 

An important pre-processing step in CFD modeling of fuel conversion processes is the 
proximate analysis modeling of the considered fuel. The fuel (BL) is currently specified 
as Na8.7C30.2H37.0S1.4O22.7 on dry basis, which is based on an elemental analysis of real 
black liquor having 72 % dry solid content. The proximate analysis modeling leads to 
the definition of an idealized model fuel composition, given in Table 1, and a 
corresponding heat of formation of the modeled species. This translation of chemical 
analysis data and thermodynamic data into model information must be consistent with 
known experimental data. A detailed description on how this is achieved in the current 
model is given in (Marklund et. al. 2006), which also contains a thorough presentation 
of the complete PEHT-BLG CFD reactor model. Below follows a brief description of 
the main parts of the model. 

Table 1. Gaseous and liquid species considered in the present model. Some of the species are present in 
the virgin black liquor and some are results of the conversion process. The weight and mol fractions are 
consistent with the idealized BLS composition, based on elemental analysis of real BLS.

Specie %wt %mole Proximate matter
H2O 24.80 34.61 Moisture 
H2S 2.02 1.49 Volatile matter
CO 15.70 14.09 Volatile matter
CO2 3.08 1.76 Volatile matter
H2 0.56 6.94 Volatile matter

CH4 7.58 11.88 Volatile matter
C 9.87 20.65 Char in smelt
Na2SO4 4.20 0.74 Smelt
Na2S 2.31 0.74 Smelt

Na2CO3 29.87 7.08 Smelt
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Multi-phase chemistry 

The chemical interaction between the black liquor droplets and the surrounding gas in 
conventional kraft black liquor recovery boilers occurs mainly through drying, 
devolatilization, char gasification, and smelt formation (Adams et al. 1997). The same 
general scenario is valid for pressurized gasification conditions but with significant 
differences. The main differences in PEHT-BLG compared to the recovery boiler 
besides the physical furnace geometry can be found in the smaller droplet distribution 
with associated higher heating rates, different swelling behavior, the absence of a char 
bed and considerably more H2 and CO than in a recovery boiler. 

The following heterogeneous reactions describe gasification of black liquor char carbon, 
formed after drying and devolatilization, through diffusion of H2O, CO2, and O2 to the 
droplet surface: 

( ) ( ) ( ) ( )gHgCOgOHsC 22 +→+ , (1) 

( ) ( ) ( )g2COgCOsC 2 →+ , (2) 

and 

( ) ( ) ( )gCOgOsC 22 →+ . (3) 

Gasification of the char carbon can also occur through the sodium sulfate reduction 
reaction: 

( ) ( ) ( ) ( ) ( ) ( ) ( )gCOf1gCOfls,SNa
4

f2
l)(s,SONa

4

f2
sC 2C/SC/S2

C/S
42

C/S −++−→−+  (4) 

where fC/S is a modeling constant. Here, a value of 0 is used since CO2 has been shown 
experimentally to be the main product for this reaction (Wåg et al. 1995).  

The model also includes the most important inorganic components in the black liquor. 
The sodium sulfide present in the black liquor solids and in the resulting smelt can 
easily be oxidized in contact with oxygen through the reaction: 

( ) ( )ls,SONa(g)2Ols,SNa 4222 →+ . (5) 

Even though the atmosphere around a black liquor char/smelt droplet is strongly 
reducing in most of the gasifier volume, reaction (5) is still considered in the present 
model since droplets may be recirculated up to the vicinity of the spray nozzle where 
the O2 concentration is relatively high. 
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Gas phase chemistry 

In the current model, transport equations are solved for the gas components: H2O; H2S; 
CO; CO2; H2; CH4; and O2. The chemical interaction between these gas phase species 
(except H2S that is treated as inert in the gas phase) are modeled via a four-step 
mechanism by Jones and Lindstedt (1988) developed for combustion of hydrocarbons:  

224 2HCOO
2

1
CH +→+ , (6) 

224 3HCOOHCH +→+ , (7) 

OHO
2

1
H 222 →+ , (8) 

and 

222 HCOOHCO +↔+ . (9) 

The reaction rates for the scheme above are chosen as the minimum of the turbulent 
mixing rate according to the Eddy dissipation model (Magnussen and Hjertager 1976) 
and the chemical kinetic rate as given by (Jones and Lindstedt 1988) based on mean 
concentrations and temperatures.  

Geometry and burner modeling 

The gasifier presently under consideration is of a refractory lined cylindrically 
symmetric entrained flow type with a coaxial gas assisted burner at the top (see 
“REACTOR” in Figure 1). The dimensions are ~1.9 m in height and ~0.6 m in inner 
diameter. Due to the azimutal symmetry and to reduce computational time a 2-
dimensional model of the reactor is applied. 

The burner nozzle is modeled as a centrally placed circular inlet at the top of the reactor 
for the black liquor with a surrounding annular inlet for the oxygen. 500 representative 
spherical droplets (results differed <0.5% compared to simulations with 2000 droplets), 
released at ten equally spaced positions along the radius of the black liquor inlet, 
constitute the black liquor droplet load in the 2-dimensional CFD model. The spray 
characteristics are estimated by comparison to experimental values for one of the 
nozzles used in the pilot gasifier. This information was obtained by use of Phase 
Doppler Anemometry (PDA) in a preliminary study on burner characteristics at 
atmospheric pressure using a syrup/water mixture with approximately the same 
viscosity, surface tension and density as the experimental black liquor. The turbulent 
quantities (k and ε) at the inlet were set according to widely recognized standard values 
(Casey and Wintergerste 2000) corresponding to a turbulent intensity of 10% and a 
turbulent length scale of 10% of the width of the inlet annulus. 
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Numerical procedure 

The numerical modeling of the entrained flow gasifier is performed by customization of 
the commercial CFD code CFX4.4. The model described above has been implemented 
in the software through subroutines that define source terms in the conservation 
equations for turbulent, chemically reacting multi-phase fluid flow with heat transfer. 
CFX4.4 is a finite volume code using a structured computational mesh with co-located 
variables and a sequential iterative solver based on the SIMPLEC algorithm (Ansys 
Europe Ltd. 2004). The model uses the Eulerian-Lagrangian approach (Crowe et al. 
1998) to model the gasification process of black liquor droplets. For the continuous gas 
phase the Reynolds Averaged Navier-Stokes equations (RANS) and the energy equation 
are solved using an Eulerian description. The RANS equations are currently closed by 
use of the k-ε turbulence model with standard wall functions (Wilcox 1993) for a wall 
cell thickness ranging between 18<y+<40 (most part of the domain has 25<y+). Heat 
transfer due to radiation is modeled by the discrete transfer model (Lockwood and Shah 
1981) treating the gas as grey, with a pressure absorption coefficient of 0.5 bar-1 m-1. 
Furthermore, the emissivity for the black liquor was set to 0.9 (Wessel et al. 1998). 

The discrete droplets are tracked through the domain by integration of the droplet 
momentum equation using a Lagrangian description. As the droplets are tracked 
through the gasifier they exchange momentum, mass and heat with the gas phase and 
generate gas phase sources according to the particle source in cell description (Kuo 
1986). A turbulent dispersion model (Gosman and Ioannides 1981) accounts for the 
effect of turbulent fluctuations in the droplet motions. 

The simulations were performed in a computational domain represented by a structured 
2D mesh consisting of 60*492 (total of 29520) elements. The resulting equations were 
solved for cylindrical coordinates using a 2nd order discretization scheme and double 
precision for numerical accuracy. The iterative convergence of the model was in general 
quite slow, especially for the energy equation, but after about 40000 iterations the 
absolute residuals were reduced at least by 3-4 decades. The discrete phase equations 
were updated every 500 iterations and under-relaxed by a factor of 0.2 in order to 
prevent strong oscillations in the solution procedure. In addition to the reduction in the 
absolute residuals, the residuals in the final solution were used to estimate the iterative 
errors by comparing with corresponding physical quantities (Ferziger and Perić 1997). 
The magnitudes of the estimated iterative errors were all estimated to be below 0.1 %. 

The discretization error was estimated by using a fine-grid Richardson error (Roache 
1997) based on two systematically refined 2D grids consisting of 50*410 and 60*492 
elements. Based on the cross-sectional average temperature at about half way down the 
reactor (close to the tip of the resulting flame), the relative discretization error was 
estimated to be 0.5%. 

Experimental 

The operational condition for the performed PEHT-BLG experimental run was ~50% of 
design capacity at 15 bar, corresponding to 507.5 kg BL/h (or about 10 tonnes dry 
solids/24h) at 120°C having a dry solids content of 72%. The rates of oxygen and 
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nitrogen supply were set to 103 Nm3 h-1 at 20°C and 51 Nm3 h-1 at 20°C, respectively, 
which corresponds to an oxygen equivalence ratio (λ) of 0.39. 

Due to experimental difficulties with highly corrosive conditions, the only experimental 
results currently available from the PEHT-BLG plant are the reactor temperatures at 
three positions (660; 1030; and 1410 mm from the top of the reactor) along the interior 
of the reactor wall, the resulting green liquor quality (through analyses) and the gas 
composition (CO, CO2, H2, H2S, COS, and CH4) downstream of the reactor after 
passing through the quench cooler and the counter current condenser (see Figure 1). 

The temperatures were measured by thermo couples placed inside 99.9 % alumina oxide 
tubes filled with nitrogen at a balance pressure of reactor pressure (15 bar) plus 1 bar. 
The two upper positions for measurement of temperatures (i.e. at 660 and 1030 mm) 
had 25 mm diameter tubes with the tip placed flush with the wall. The lowest position 
(1410 mm) had an 8 mm diameter tube with the tip protruding ~20 mm from the wall 
into the reactor. 

The green liquor was analyzed through standard procedure titration with HCl (called 
ABC titration) that gives the OH- and CO3- ion concentrations in the green liquor 
(Scandinavian pulp, paper and board testing committee 1985b). In addition, RedOx 
titration was used for determination of the HS- (Scandinavian pulp, paper and board 
testing committee 1994) and SO4

- (Scandinavian pulp, paper and board testing 
committee 1985a) concentrations. Regarding the gas analyses, the H2 content in the 
resulting dry gas after the CCC was measured by a Thermal Conductivity Detector 
(TCD), whilst  the main carbon containing gas species, i.e. CO, CO2 and CH4, were 
measured using Fourier Transform Infrared Spectroscopy (FTIR). The content of 
sulfurous gas species in form of H2S and COS was detected by Gas Chromatography 
(GC). 

Results and discussion 

In the first part of this section the results and related discussions from the experimental 
run are presented. This is followed by a discussion concerning the numerical model 
prediction for the specified experimental run. Finally, to conclude this section, a 
comparison of the prediction and the experiment is being made. 

Experimental 

The experimental results obtained from the experimental run are based on one 
experiment. Neither the specified operational condition nor the spray burner 
characteristics were optimized for this run but the resulting gas composition and green 
liquor quality are judged as acceptable from a mill perspective. 

The measured temperatures for the specified experimental run via the thermocouples, 
located as described above, can be seen in Table 2 (2nd row). Note that the temperature 
in the lower part of the reactor (at 1410 mm from the top) is more than 100 °C lower 
than the temperatures measured in the upper part (at 660 mm and 1030 mm from the 
top). This can partly be explained by the difference in dimension of the shielding tube 
between the lowest thermocouple and the two upper ones. A larger tube diameter 
implies a larger surface area that can absorb radiation from the hot flame. Thus, 
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depending on the difference in temperature between the shielding tube of the 
thermocouple and the surroundings (i.e. the spray flame and the refractory wall) the 
measured temperature from the larger pipe will deviate more from the real gas 
temperature compared to the smaller pipe. 

Table 2. Measured and predicted temperatures at three locations along the wall specified as the 
downstream distance from the reactor top. 

Quantity Unit Values
Location mm 660 1030 1410
Measured °C 1064 1066 952

Predicted °C 861 914 926

No direct measurement was possible to determine the carbon conversion, specified as 1 
minus the fraction of remaining fixed carbon relative to the total carbon content initially 
in the black liquor. However, based on the elemental analysis of the black liquor, the 
resulting product gas composition (Table 3), and realistic assumptions regarding the 
smelt composition based on the green liquor analysis (see below regarding the 
experimental smelt composition), the carbon conversion was determined to be 97.9 %. 
The assumptions regarding the smelt composition are that the sodium present in the 
black liquor form sodium carbonate, sodium sulfide, sodium sulfate and sodium 
hydroxide in the smelt. Since this is an indirect value a significant error margin, mainly 
dependent on the accuracy in the measurement of the gas composition, bounds this 
value. Assuming an error of ±1 % in of any of the H2, CO2 or CO measurements, the 
carbon conversion value will have a ±2 % error margin. 

Table 3. Predicted reactor outlet gas composition at 925 °C and 15 bar, adjusted gas composition after the 
CCC based on the model prediction at the reactor outlet and measured gas composition after the CCC, 
The amounts of H2O in the measured and adjusted composition were based on the condition at the gas 
sampling location, i.e. 35 ºC and 15 bar. 

Specie Unit Predicted Adjusted Measured
CO %mol 21.09 33.30 19.50
CO2 %mol 13.40 21.16 26.50

CH4 %mol 0.00 0.00 2.10
COS %mol N/A 0.00 0.02
H2S %mol 1.26 1.99 1.70

H2 %mol 18.49 29.20 33.00

H2O %mol 36.91 0.38 0.38

N2 %mol 8.85 13.98 16.81

Regarding the amounts of dregs in the green liquor for this experimental run of the 
plant, it was about the same as the amount of dregs in the green liquor from the 
recovery boiler in the mill that delivers the black liquor to the gasifier. 
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The measured gas composition obtained after the counter current condenser (CCC) at 35 
ºC and 15 bar is given in Table 3 (third column). The presented measured gas 
composition had to be corrected in order to include the contents of N2 and H2O that 
were present in the product gas but not measured in the experiment. The measured gas 
composition values in Table 3 are based on the assumption that all of the supplied 
nitrogen leaves the process unaffected, and the amount of H2O is approximated to be the 
same as the partial pressure for steam at saturation for the current condition at the 
sampling location. From the amount of H2S and COS in the gas it was found that 64.8 
% of the elemental sulfur in the BLS was released to the gas phase during conversion 
(64.1 % as H2S). From the analysis in Table 3 it can furthermore be seen that the 
measured gas composition is rich in hydrogen, carbon dioxide and carbon monoxide, 
which corresponds to a HHV of the syngas equal to 7.95 MJ/mn

3. It should be noted that 
the accuracy of the measured hydrogen content in the product gas is uncertain due to 
difficulties in calibration of the TCD. 

The analysis results of the produced green liquor from the experimental run described 
above are presented in Table 4. It can be noted that, there was no free NaOH present in 
the green liquor and that the amount of sodium sulfate in the green liquor corresponds to 
a reduction efficiency of 98.0 % (i.e. fraction of total sulfur as HS-, or equivalently as 
Na2S, the in green liquor). Due to the reducing condition present in the reactor the 
reduction efficiency is expected to be very close to 100 %. The reasons for not reaching 
full reduction are first, that the residence time for the black liquor droplets might be too 
short for the sulfate originally present in the black liquor to be completely reduced to 
sulfide. Secondly, the resulting sulfide rich smelt exiting the reactor as small droplets 
might be oxidized in the quenching stage via the reaction 

( ) ( ) ( ) ( )gH4ls,SONagOH4ls,SNa 24222 +→+  (10) 

due to the high amount of hot water vapor present in the quenching zone (or oxidized 
with air during the handling of the green liquor sample before analysis). The sodium 
hydrocarbonate (NaHCO3) content in the green liquor (see Table 4) is believed to be 
due to NaOH hydrolysis of absorbed CO2 (g) in the formed green liquor. 

Table 4. Analysis made on green liquor from the experimental run given in mol/liter. The sodium 
hydroxide and carbonates were determined via HCl ABC-titration while the sulfur containing species 
were determined via a standard RedOx analysis. The carbon content was determined according to the 
description in the text.

Specie mol/l
NaOH 0.000

NaHCO3 0.202
NaHS 0.154
Na2CO3 1.044

Na2SO4 0.003

C 0.273
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Numerical simulation 

The proposed model has been used to predict the specified experimental run in the 
PEHT-BLG pilot gasifier in Piteå, Sweden (see above). The resulting fraction of sulfur 
released to the gas phase as H2S, which is an important model parameter in the current 
model (Marklund et. al. 2006), was based on the experimental results above and 
specified as 64.1 %. Here, the small amount of measured COS (~200 ppm) has been 
excluded since this specie is not modeled. 

The predicted temperatures at the locations for the thermocouples at the reactor wall are 
shown in Table 2 (3rd row). Here it can be seen that the temperature increases from 861 
°C at the upper most location to 926 °C at the lowest position. The average gas 
temperature at the outlet is predicted to be 925 °C as noted in Table 5. 

Table 5. Predicted values of the maximum temperature, outlet gas temperature, sulfate reduction 
efficiency, and carbon conversion using the current PEHT-BLG CFD reactor model for the specified 
experimental run.

Parameter Unit Value
T max °C 1566

T g,out °C 925
Sulphate reduction % 99.5
Carbon conversion % 93.0

In earlier simulations (Marklund et. al. 2005, Marklund et. al. 2006) it has been shown 
that a relatively large thoroidal re-circulation zone is formed around the centerline of the 
gasifier when using the current type of burner. This forces a relatively large fraction of 
the droplets to travel through the hot central core region of the gasifier to the outlet. 
This results in black liquor droplet trajectory paths with a short residence time in a hot 
environment. Furthermore, the short residence times at high temperature for these 
droplets may yield an incomplete gasification of the black liquor if the droplets are too 
large in size. However, the high temperature of the flame that is located close to the 
centerline, as seen in Figure 2, appears to partly compensate for the short residence time 
since the carbon conversion for the experimental run was predicted to be 93.0 % (Table 
5). 

In Table 3 (1st column) the predicted gas composition at the reactor outlet is shown. 
Notice the relatively high amounts of CO and H2O that is predicted to be present in the 
lower part of the reactor. Furthermore, the lack of CH4 in the predicted gas composition 
can be explained by the use of a simplified combustion reaction mechanism that does 
not contain any reaction generating CH4 but only destruction through reactions (6) and 
(7). 
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Figure 2. Temperature contour plot obtained from the simulation of the current experimental run. 

In Table 6 (1st column) the predicted smelt composition at the reactor outlet is shown. 
Here, the predicted carbon conversion of 93.0 % results in 32.7 % mol of solid C in the 
smelt, which appears to be unrealistically high compared to the experimental result (see 
below). One hypothesis for the main cause of the low carbon conversion is that it is 
caused by an incorrect spray pattern. The input for the spray characteristics came from 
an atmospheric pressure experiment using a water/syrup mixture. However, it is well 
known that an increased back pressure will have a significant impact on both the spray 
pattern and the droplet size distribution (Lefebvre 1989). 

Table 6. Predicted and experimentally determined smelt composition in % mol at the reactor outlet. The 
experimental smelt composition is based on the green liquor analyses as described in the text. In the two 
right most columns (bold values) the unconverted organic carbon content has been excluded. Note, NaOH 
is not modeled and therefore not included in the prediction.

Specie Predicted Experimental Predicted Experimental

Na2CO3 59.5 73.2 88.5 83.6
Na2S 7.7 10.8 11.5 12.3
NaOH N/A 3.3 N/A 3.8
Na2SO4 0.04 0.22 0.06 0.25
C 32.7 12.4 - -

Regarding the predicted value for sodium sulfate reduction efficiency (99.5 % in Table 
5), the model predicts a near to complete reduction of the sulfate. This is expected since 
the atmosphere for the black liquor droplets in the gasifier is highly reducing at the 
oxygen equivalence ratio used in the experiment (λ=0.39). 

Model against experiment comparison 

The only direct comparisons that can be made between the experimental and the 
numerical simulation results are the temperatures at the locations of the thermocouples. 
As seen in Table 2 there are considerable differences between the experimental and 
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predicted temperatures at the two upper thermocouple positions (~200 °C).  However, at 
the lowest position the prediction is closer to the experimentally obtained value (~30 
°C). Since, as discussed above, the dimension of the shielding tube between the lowest 
thermocouple and the two upper ones differ it is expected that the measured 
temperatures from the two upper thermocouples will deviate more from the actual 
temperatures compared to the lowest thermocouple. In other words, the temperatures 
measured at the two upper positions are believed to be more affected by radiation from 
the hot flame than the temperature measured at the lowest position. As a consequence it 
is expected that the difference between experiment and model will decrease if better 
temperature measurements are performed, e.g. using fine wire thermocouples or suction 
pyrometers. 

The resulting carbon conversion in the experimental run was determined indirectly 
based on elemental conservation, the measured gas composition in Table 3, and the 
green liquor analysis in Table 4 as mentioned in the experimental part above. The 
fundamental assumptions made in the determination of the experimental carbon 
conversion are that all Na in the BLS ends up in the green liquor (in the forms shown in 
Table 4) and that all S except the measured H2S(g) and COS(g) form Na2S(l) in the 
smelt. Even though some of the Na in the BLS might be as vapor or fume (nano-
particles) when leaving the hot reactor this will, however, be returned to the green liquor 
bath at the bottom of the quench via the condenser condensate that is used as quench 
liquid. Based on these assumptions and the use of the titration analysis data on the green 
liquor a value for the residual unconverted carbon can be determined. For the current 
experimental run the carbon conversion was determined to be 97.9 % (±2 %). The 
determined experimental carbon conversion is an indirect measurement, which results in 
a significant error margin. The estimated 2 % margin is based on an accuracy of 1 % in 
the H2 measurement, which is believed to be the most uncertain measured value. If the 
determined value is correct it should be noted that the gasifier was run at part load with 
a non-optimized burner and that it is likely that complete carbon conversion can be 
achieved in the future after considering possible improvements in the process.  

The low carbon conversion predicted by the CFD-model (93.0 %) does not seem to be 
real. The good green liquor quality with reasonable small amounts of dregs obtained 
from the experimental run indicates that the carbon conversion (estimated to be 97.9 %) 
is higher than the predicted value. Uncertainties in the spray characteristics and char 
gasification kinetics are believed to be the main explanations for the under-prediction of 
the carbon conversion. If the model is modified so that the carbon conversion becomes 
higher and more close to the experimental, e.g. via faster devolatilization, it is also 
expected that the predicted peak and outlet temperatures will be slightly higher 
according to Marklund et al. (2005). However, considering the relatively small 
difference of 5 % between the predicted and experimental carbon conversions, the use 
of this global performance parameter in trend predictions is considered to be 
appropriate. 

Regarding the sodium sulfate content in the smelt, the over-predicted reduction 
efficiency (99.5 % compared to 98.0 %) is for this experimental run at a level that can 
also be considered to be acceptable with regard to trend predictions. 

Most of the obtained experimental and numerical simulation results must be corrected 
and/or adjusted in order to make any comparisons. Considering the predicted gas 
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composition at the reactor outlet (1st column in Table 3), this needs to be adjusted (2nd

column in Table 3) in order to be compared against the experimental gas composition 
after the CCC (3rd column in Table 3). In the adjusted gas composition, the amount of 
H2O is approximated to be the same as the partial pressure for steam at the current 
condition at the sampling location (35 ºC and 15 bar) and the COS content is zero since 
this specie is not modeled due to the expected low amounts actually present in the 
product gas (see 3rd column in Table 3). The relative amounts of the remaining 
considered species are preserved from the predicted gas composition at the reactor 
outlet. The main differences in comparison of the measured and adjusted gas 
compositions in Table 3 are that the model under-predicts the amounts of CH4, H2, and 
CO2, while the amounts of CO is over-predicted.  The poor prediction of CH4 can be 
explained by the discussion above that a simplified combustion reaction scheme is used 
that only consume CH4 and that the measured CH4 might have been formed in the 
quenching stage at intermediate temperature. Regarding the higher amount of H2

obtained experimentally after the CCC compared to the amount found in the model 
simulation it might be due to a possible oxidization of the sodium sulfide in the smelt, 
as discussed in connection to reaction (10) above, which releases hydrogen to the gas 
phase. 

In order to compare the predicted smelt composition with the experiment, the 
experimental green liquor (Table 4) needs to be translated to a smelt composition at the 
exit of the hot reactor. In this translation to determine an experimental smelt 
composition (2nd column in Table 6), the sodium sulfate content in the estimated smelt 
composition is assumed to be the same as the content in the green liquor. Even though 
we suspect that sodium sulfide in the smelt coming from the reactor might have been 
oxidized in the quenching stage (as reasoned above) this assumption is not critical due 
to the relatively small amount of sodium sulfate present. The amount of Na2S in the 
estimated smelt composition is based on the NaHS concentration in the green liquor 
since the sulfide in the sodium smelt forms HS- and OH- ions when hydrolyzed in water. 
Furthermore, the hydroxide (OH-), coming either from the hydrolysis of Na2S or from 
free NaOH in the smelt, absorbs CO2 in the quench to form the hydrocarbonate found in 
the green liquor (Table 4). Hence, from the hydrocarbonate content in the green liquor 
the translation to the amounts of NaOH present in the smelt can be determined as the 
part of sodium hydrocarbonate remaining after the amount of sodium contained in the 
smelt as Na2S has been considered. Notice that, due to the high temperature in the 
reactor, the sodium hydrocarbonate analyzed in the green liquor would not likely have 
been present in the smelt since this molecule is easily dissociated to sodium carbonate 
and CO2 at high temperature. Finally, the remaining sodium present in the green liquor 
is assumed to have been in the form of sodium carbonate when the smelt leaves the hot 
reactor.  

In Table 6 the predicted smelt composition (1st column) is shown in comparison with 
the experimental smelt composition (2nd column). As seen in Table 6 there are notable 
differences in the predicted and experimentally determined smelt composition when the 
amount of solid carbon is included. However, considering just the inorganic part of the 
smelt compositions the agreement is good. 
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Conclusions 

A consistent CFD model for the reactor in pressurized entrained-flow high temperature 
black liquor gasification has been compared with results obtained from an experimental 
run in a prototype gasifier. Currently, most of the obtained experimental and numerical 
simulation results must be corrected and/or adjusted in order to make any comparisons 
since direct measurements are only available for temperatures via three thermocouples 
inside the reactor. The indirect comparisons between the prediction and the experiment 
are made by making reasonable assumptions in the transformation of data. 

Based on the results and discussion in this paper, the following features of the PEHT-
BLG CFD reactor model are currently considered to be reasonably accurate: 

Temperature predictions in the lower part of the reactor; 

Reduction efficiency; 

Carbon conversion for trend predictions; 

The inorganic smelt composition of the modeled species. 

However, in order to improve the current PEHT-BLG CFD reactor model the following 
are considered to be of most importance: 

Improved black liquor char gasification kinetics at elevated pressure; 

Accurate black liquor spray characteristics at the conditions in the DP-1 plant; 

Radiative heat transfer properties and improved radiation modeling. 

Finally it should be pointed out that it is currently difficult to judge whether the errors 
come from the indirect experimental results or the simulations. Hence, before a definite 
conclusion about the validity of the model can be drawn, more in-situ measurements 
from the inside of the reactor are necessary. Particularly in form of gas sampling, 
char/smelt sampling and accurate spatially resolved temperature measurements. When 
accurate in-situ measurements are available, it will be possible to draw more definite 
conclusions about what parts of the model that needs improvements or adjustments. 
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Abstract 
An air-assisted T-nozzle was tested with water and a syrup-water mixture to investigate the effects of viscosity on 
nozzle performance. The mixture dynamic viscosity was 80 times that of water. The mass flow rate ratios were con-
stant for both liquids by keeping the same air pressure and liquid mass flow rate. Data profiles of droplet velocity 
and size were sampled through the center of the spray at 20 orifice diameters downstream from the nozzle exit. It 
was found that the increased viscosity yields a shift of the peak in the number density distribution towards smaller 
droplets, thus causing low order statistics such as D10 to decrease. However, the large diameter “tail” of the distri-
bution is thicker for the syrup mixture which is confirmed by higher order statistics such as D32 (SMD) and Dv50 
(volume median diameter) increasing with increasing viscosity. The log-normal distribution was fitted to data sets 
for both liquids. The curve fit was good for the water data and fairly good for the syrup data when looking at number 
density distributions, but for the cumulative volume distributions the large diameter “tail” shows a large deviation 
for the syrup data. The relatively few large droplets represent a large fraction of the total volume of the spray. A few 
very large droplets may be the limiting factor in a combustion process, where they may be the major cause for haz-
ardous emissions. Explanations for the behavior due to increased viscosity are discussed. 
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Introduction 
Air-assist atomizers have been used extensively 

for high viscosity liquids such as residual oils and 
coal-water slurries. The applications range from in-
dustrial gas turbines to oil-fired furnaces. The advan-
tage is the low pressure drop required for the liquid 
and the low flow rate of atomizing gas (typically air 
or steam). There are two main concepts; internal and 
external mixing, depending on if the liquid and the 
atomizing gas mix within the nozzle or not. The in-
ternal mixing is more efficient but both kinds require 
energy consuming high pressure gas supplies [1]. 

The nozzle in this work was a generic T-nozzle, 
designed to produce one jet in a multiple jet nozzle. 
The high pressure gas is choked close to the mixing 
chamber causing sonic velocities before atomization 
sets in. The gas velocity then rapidly decreases due to 
the momentum transfer from the gas to the liquid. 

All atomizers produce a droplet size distribution 
rather than a uniform size. Different atomizers yield 
different distributions and average sizes and several 
statistical measures are used to characterize the dis-
tribution with one number. Also, different distribu-
tion functions have been suggested to describe the 
size distributions. At least two numbers are needed to 
describe a droplet distribution: A mean diameter and 
a measure of the size dispersion (variation around the 
mean). However, each measure is directly correlated 
to the chosen distribution function which makes com-
parisons of e g mean diameters difficult. 

The behavior of different droplets in a specific 
process is also important. A small fraction of very 
large droplets may be the most important property of 
a spray. For instance, in a combustion process a small 
fraction of very large droplets may be the major 
source of hazardous emissions. 

Many empirical models have been suggested to 
describe mean diameters, most commonly the Sauter 
mean diameter (SMD or D32). The models may take 
into account fluid properties, nozzle dimensions, op-
erating conditions and more. However, since most 
models only yield one measure, there is no informa-
tion on the droplet size dispersion. Some attempts 
have been made to build a model that predicts the 
droplet distribution instead of the SMD. Kim et al. 
used the maximum entropy principle to predict the 
droplet size and velocity distribution [2]. 

The empirical data that models are based on 
come from different experimental methods, thus 
yielding different results: some are pointwise and 
others are integral methods. The sensitivity to differ-
ent droplet sizes varies which may affect the result. 
SMD is estimated in different ways for the various 
methods which may bias the models, since the pre-
dicted distribution may be resolved with varying ac-

curacy, both between methods and for different size 
ranges for one method. 

An accurate pointwise method with good spatial 
and temporal resolution is phase Doppler anemom-
etry (PDA). PDA has been used here to investigate 
the effects of viscosity on the performance of a T-
nozzle. Water and a syrup-water mixture were used 
as test liquids. PDA yields droplet sizes and veloci-
ties in a small measuring volume, which is moved 
through the spray to obtain the entire spray character-
istics. The nozzle was run with both liquids keeping 
the mass flow rate ratios constant. Two profiles 
through the center of the spray at 20 orifice diameters 
downstream were acquired and for each point the size 
distribution was analyzed.  

Method 
The T-nozzle (Figure 1) was operated in an 

open-air spray test rig consisting of a 3 m long, 
500 mm diameter vertical pipe mounted on top of a 
droplet collection vessel. The vessel also served as 
the container for the atomized liquid. A lobe-rotor 
pump (Sikama) supplied the liquid to the nozzle 
which was placed above the vertical pipe. A fan 
evacuated air from the vessel, thus causing a down-
draft through the pipe to keep droplets contained. 
High pressure air was supplied from a compressor 
and throttled to the operating pressure (Figure 2).

The transmitting and receiving probes of a phase 
Doppler anemometry system was mounted on a 
three-coordinate traversing system which could posi-
tion the measuring volume in the spray. 

Phase Doppler anemometry is a laser-based in-
terferometric method that is non-intrusive. Details 
about the method can be found in [3]. The receiving 
probe was configured as a standard-PDA system with 
three detectors for extended size range and validation. 
The system used here was a Dantec Dynamics P60 
BSA Flow processor. Two wavelengths of a Spectra-
Physics Stabilite 2017 Argon-Ion laser were used: 
514.5 nm for the axial velocity component and size 
measurement and 488 nm for the transverse compo-
nent. The focal length of the front lenses of both 
probes was 500 mm and beam expanders (1.98) were 
also used to get a smaller measuring volume (mv). 
The mv size was 0.12 × 3.7 mm. The beam separa-
tion was 15 mm before expansion. The receiving 
probe was positioned at an off-axis angle of 31° and 
first-order refraction was assumed to be the dominat-
ing scattering order. Mask B was used to get a maxi-
mum diameter of about 300 m. The mask has non-
integer phase factor ratios which suppresses the 
Gaussian beam and the slit effects. 

Two perpendicular profiles (five points each) 
through the center of the spray were acquired at 20 



orifice diameters from the nozzle exit. At each point 
samples were collected for 60 s or stopped at 
300 000 samples. Apart from small adjustments to 
the system settings, the same setup was used for high 
voltage, signal amplification, velocity range, and re-
cord length for all measurements. The laser power 
was increased for measurements in regions with high 
attenuation. The signal was monitored on an oscillo-
scope to verify signal quality. Typical spherical vali-
dation was 70 % with a 10 % acceptance band. 

To test the effect of viscosity, water and a syrup-
water mixture were used. The mixture was blended to 
yield an 80 mPas dynamic viscosity with a density of 
1.295 kg/m3. The viscosity was measured with a Boh-
lin rheometer and the mixture did not show any non-
Newtonian behavior up to a shear rate of 1000 s-1.
Both liquids were tested in 20 °C. The refractive in-
dex for water was set to the standard value 1.33 and 
for the mixture 1.45. The latter was measured with a 
refractometer and verified with table data. The mass 
flow rate was kept constant for both liquids and the 
air pressure also, yielding a constant mass flow ratio 
for both cases. The liquid flow rate was 0.21 kg/s and 
the air pressure was 4.1 bar, measured immediately 
before the nozzle exit. 

The water-syrup mixture was stirred in the vessel 
and allowed to settle for at least 24 h. All data was 
captured before the mixture had recirculated into the 
pump loop to avoid effects of entrapped air. When 
the mixture is atomized, a lot of air gets entrapped 
when the droplets reach the container surface and the 
high viscosity slows the deareation. It is unclear 
whether entrapped air (typically 1-2 %) affects the 
atomization, but the possibility was undesired and 
avoided. 

Results
The axial velocity (main component) profiles for 

one of the two diameters are shown in Figure 3. The 
syrup runs were repeated on different days and the 
water run contains repeated points acquired on the 
same occasion, but not consecutively. The peak ve-
locity is 108 m/s and drops down below 20 m/s at the 
spray edges. The profiles are very similar for all runs, 
regardless of viscosity. 

The corresponding profiles for the droplet size 
are shown in Figure 4. For each run, D10 (the arith-
metic average) and the Sauter Mean Diameter (SMD 
or D32) is presented. The data shows more scatter 
than the velocity data and the repeated measurements 
for D32 with syrup show significant deviations from 
the first measurements. 

What is obvious is that the syrup runs show 
smaller values for D10 than for water, but at most 
positions larger values for D32. The data for three 
positions (1 – 3) in Figure 3 and Figure 4 is presented 

in Table 1. The usual statistics D10 – D43 are shown 
together with the volume fractions Dv10 – Dv90 (e g 
Dv10 is the diameter below which 10 % of the total 
volume is accumulated). The samples were divided 
into 100 bins and then evaluated. 

For higher order statistics (D32, D43, Dv50, and 
Dv90) the syrup data consistently gives larger values 
than water. For lower order statistics, the opposite is 
true. This suggests that the droplet size distributions 
do not have the same shape for the water-syrup mix-
ture and water. 

Droplet size distributions for position 1 are 
shown in Figure 5 and Figure 6 for syrup and water, 
respectively. On top are the number density distribu-
tions and below are the cumulative volume distribu-
tions. As can be seen, the peak in the number density 
is shifted towards smaller diameters for syrup. This 
causes the smaller lower order statistics. However, 
looking at the volume distributions, it is obvious that 
the large diameter tail is thicker for syrup than for 
water. The number of droplets in large diameter bins 
for syrup is typically 10-100. In fact, there are possi-
bly undetected syrup droplets since the volume dis-
tribution does not asymptotically reach 100 %. For 
water, most droplet sizes seem to be captured. This 
pattern is present for the other positions as well (not 
presented here). 

The log-normal distribution was fitted to the data 
at position 1 using a subset of 65500 samples from 
each data set. The curve fit was made to the cumula-
tive number distribution, but presented in Figure 7
and Figure 8 are the number density distributions. 
The water data is captured well by the log-normal 
distribution. The syrup data is fairly well represented 
but the peak of the distribution is underpredicted by 
the curve fit. A different view can be seen in Figure 9
and Figure 10, where the cumulative volume distribu-
tions are shown. The water data is still well described 
by the log-normal distribution with some deviation 
for large diameter. However, the syrup data exhibits a 
poor fit for large diameters. The few droplets in the 
large diameter bins influence the volume distribution 
relatively much, due to the D3- behavior. 

Discussion and conclusions 
An air-assisted T-nozzle was tested with water 

and a syrup-water mixture to investigate the effect of 
viscosity on nozzle performance. The syrup data 
shows a thick “tail” at the large diameter end of the 
distribution, which has a large impact on the volume 
distribution. The results suggest that even larger 
droplets are present for the water-syrup mixture while 
the water spray seems almost fully captured. At the 
same time, the number distribution and the lower 
order diameter statistics for syrup shows that the 
small droplets actually decrease in size compared to 



water. This is due to the shift of the peak of the num-
ber distribution towards smaller diameters. Thus, if 
only one statistic was to be used to compare the per-
formance to models, different choices of statistic 
would yield different results. D10 indicates that a 
higher viscosity yields smaller droplets, while D32 
(SMD) indicates larger droplets. 

There may be two different phenomena respon-
sible for this behavior. Typically, a high viscosity 
would yield larger droplets due to damping of insta-
bilities in the atomization process. However, the high 
viscosity may also allow ligaments and sheets to 
stretch further before break-up, causing thinner liga-
ments and thus yielding relatively small droplets on 
break-up. 

The syrup-water mixture did not show any non-
Newtonian behavior in the viscosity measurements, 
but the shear rates in the atomization process are 
higher than those tested. 

The PDA technique is sensitive to noise in bins 
with small number of droplets. This may affect 
higher order statistics [4]. However, in this compari-
son the same settings were used (except for refractive 
index) for both fluids so the influence should be 
minimized. 

It must be stressed that the cumulative volume 
distribution is important to confirm that the signifi-
cant volume flux of the spray is captured for combus-
tion applications, where few but large droplets may 
be limiting to the process. 
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Figure 1. T-nozzle design. The spray is at an angle to produce swirl in a multiple jet nozzle.

Figure 2. The spray test rig.
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Figure 3. Axial velocity profiles for repeated syrup runs and a water run. Not all data points were repeated.
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Figure 4. D10 and D32 (SMD) profiles for repeated syrup runs and a water run. Not all data points were repeated.



Position 1 2 3
Syrup Water Syrup Water Syrup Water

D10 26.4 48.8 26.5 47.0 39.8 56.9
D20 33.5 55.2 34.6 53.6 57.8 70.8
D30 46.2 63.5 48.3 61.8 79.2 85.5
D32 87.7 83.9 94.4 82.1 148.9 124.6
D43 168.8 121.2 175.3 115.1 203.8 159.0
Dv10 33.5 44.3 36.7 44.2 78.3 70.3
Dv50 170.6 90.3 177.3 90.1 209.2 153.5
Dv90 301.4 255.4 305.0 212.6 305.0 251.0
Span 1.6 2.3 1.5 1.9 1.1 1.2

Table 1. Diameter statistics for three positions. One syrup and one water run shown. DvXX is the diameter below 
which XX % of the total volume is accumulated.
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Figure 5. Number density (top) and cumulative volume (bottom) distributions for syrup at position 1.

Figure 6. Number density (top) and cumulative volume (bottom) distributions for water at position 1.
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Figure 7. Number density distribution with log-normal curve fit to syrup data at position 1.
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Figure 8. Number density distribution with log-normal curve fit to water data at position 1.
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Abstract 
The present work was performed in order to quantitatively investigate the spray characteristics for a 
coaxially convergent air-assisted atomizer for moderate industrial flow rates of water, high water to 
air mass flow ratio, high momentum flux ratios, low to intermediate degree of swirl and at sonic air 
flow conditions at the convergent nozzle exit. In the cases considered, two different liquid to gas 
mass flow ratios for two different contraction ratios were studied with and without the use of swirl. 
Due to the high injection gas velocity, the advantages of a swirling annular jet are restricted since 
the jet dispersion is reduced in this case. However, it was found that the spreading rate of the spray 
increased considerably for moderate swirl and moderate liquid to gas mass flow ratio. Furthermore, 
it was found that the introduced swirl decreases the velocity and increases the Sauter Mean 
Diameters in the center core of the spray for the considered nozzle and operating conditions. 

Keywords: atomization, sonic, gas assisted, swirl 

1. Introduction 
For twin-fluid atomizers, a high-velocity stream of air (or other gaseous fluids) is used to impinge 
on a relatively low-velocity liquid stream in order to augment atomization of the liquid. Depending 
on the quantity of air employed for atomization, this type of nozzle can be characterized as either 
air-assist, using small amounts of air at very high velocity, or air-blast, having larger amounts of air 
and air velocities usually less than 120 m/s (Lefebvre 1989). In the case of coaxial twin-fluid 
atomizers the gas and liquid streams flow coaxially directed to the nozzle where the outer annular 
stream interacts with the central stream via convergent, straight or divergent mixing. The two 
streams are either mixed internally inside the nozzle or externally outside the nozzle.  

When a pure liquid jet issues from a nozzle into stagnant air at low jet Reynolds number (Rel = 
ρlUlDl/μl of the order of 102) it becomes unstable due to hydrodynamic instabilities caused by 
surface tension that, however, are inhibited by the liquid viscosity. The upper limit depends on the 
Ohnesorge number (Oh = μl/(ρlσDl)

½). At larger Rel the liquid jet becomes wavy due to 
aerodynamic effects and at very high Rel (order of 105) atomization takes place due to short-
wavelength shear instability at the liquid-gas interface (Lefebvre 1989). The breakup of a liquid jet 
in the presence of a high-speed coaxial annular air stream is fundamentally different from the pure 
liquid jet breakup mechanism (Lasheras and Hopfinger 2000). When the momentum flux of the 
annular air stream is greater than that of the liquid jet, the breakup of the jet is caused by the 
transfer of kinetic energy from the gas stream to the liquid jet. In the analysis of the stability and 
spray formation for this type of atomization, the aerodynamic Weber number (We = ρgUg

2Dl/σ), the 
gas Reynolds number (Reg = ρgUg(Dg- Dl)/μg), and the liquid to gas mass flow ratio (m = ρlUlAl

/ρgUgAg) are used in addition to the already mentioned J, Rel and Oh numbers above. A detailed 
review on the breakup mechanisms at conditions with different values of these numbers was 
presented by Lasheras and Hopfinger (2000).  

For externally mixed coaxial air-blast atomizers, having a convergent and swirling annular gas 
stream surrounding a central liquid jet, it is well known that the breakup of a water jet exhibits an 
explosive disintegration above a certain critical swirl number associated with the onset of vortex 
breakdown (Hopfinger and Lasheras 1996, Dunand et al. 2005). In addition to the enhanced jet 
breakup, the applied swirl, even at a relatively low degree, increases the lateral spreading of the 
spray (Lasheras and Hopfinger 2000). The degree of swirl is characterized by the swirl number (S) 
usually defined as the ratio of the axial flux of angular momentum to the axial flux of axial 
momentum times the radius of the outlet. For the coaxial external mixing type of nozzle considered 
in this paper, the swirl number is closely approximated by the tangential to axial velocity ratio Ut/Uz

(Lasheras and Hopfinger 2000). 
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Hopfinger and Lasheras (1996) found, for a fixed nozzle geometry, that at high values (~102 or 
higher) for the gas to liquid momentum flux ratio (J = ρgUg

2/ρlUl
2), explosive breakup of a water jet 

caused by an annular coaxial swirling air jet occurred independently of J and at the critical swirl 
number of Scr≈0.45. Dunand et al. (2005) studied the influence of the strength of annular coaxial 
swirling air flow (0<S<0.6) assisting atomization of a water jet coupled with variation of the 
momentum flux ratio (3<J<13) and elevated ambient pressure (up to 5 bar). They found that when S 
was changed from 0.4 to 0.6, a complete change in the spray properties was observed. An 
unordinary droplet size distribution resulted, having a central cone-shaped region containing small 
droplets and large liquid structures at the edge of the spray. For low and moderate swirl numbers 
(S<0.4), Dunand et al. (2005) concludes that primary atomization, occurring close to the nozzle, is 
little affected by the swirl. However, secondary atomization is enhanced due to displacement of 
liquid structures at the interface of the gas and liquid jets. Furthermore, Hardalupas and Whitelaw 
(1998) showed that the atomization process in coaxial air-blast atomizers is affected even by low 
degree of swirl (S<0.2) for high momentum flux ratios (21<J<60) and liquid to gas mass flow ratios 
(m) in the interval 0.4-2. Préaux et al. (1998) performed measurements on the resulting water spray 
for the air-blast nozzle studied by Hopfinger and Lasheras (1996) for J>50 and found that the 
smallest droplets are in the center of the spray and increasing the degree of swirl decreases the 
Sauter Mean Diameter (SMD) in the center of the spray. 

In the case of high Rel (>4*103), high We (>3*103), and moderate to high J (~100-102), fiber type 
atomization is present according to the atomization regime diagram proposed by Lasheras and 
Hopfinger (2000). Here, it is likely that surface tension is unimportant in determining the drop sizes 
from the primary formation of ligaments due to the presence of shear induced vorticity layers 
originated from the walls of the nozzle. Lasheras et al. (1998) showed that these primary fiber type 
ligaments decrease in size as We and, as a consequence, J are increased. Furthermore, at high We it 
was concluded that J is the crucial parameter regarding the intact length of the jet in the near field 
region of the spray. When Reg is of the order of 104 – 105, as for the cases under consideration in 
this paper, the effect of the viscosity inside a drop is unimportant for the turbulent breakup in the 
far-field spray region, i.e. secondary atomization (Lasheras and Hopfinger 2000). The secondary 
breakup of drops is only due to the dynamic pressure caused by the turbulent velocity change for a 
drop traveling a distance that is of the order of the diameter of the drop. 

In the studies mentioned above small liquid flow rates (< 5 l/min) and gas velocities at subsonic 
conditions at the nozzle exits were used, i.e. air-blast nozzle type (Lefebvre 1989). The present 
work was performed in order to quantitatively investigate the spray characteristics for a coaxial air-
assisted (high-velocity air stream) atomizer for moderate industrial flow rates of water (<19 l/min), 
high water to air mass flow ratio (3.2<m<7.3), high momentum flux ratios (11<J<159), and low to 
intermediate degree of swirl (0.13<S<0.32) and at sonic air flow at the convergent nozzle exit 
(Mach 1). The main focus is on the effects on the spray characteristics for different water to air 
mass flow ratios (m) and the applied low to intermediate degree of swirl in the annular sonic air 
stream. 

2. Method 
The coaxial air assisted swirling atomizer under consideration was operated in an open-air spray test 
rig consisting of a 3 m long and 0.5 m diameter wide vertical pipe mounted on top of a vessel 
serving as the container for the water. A frequency controlled lobe-rotor pump supplied the water to 
the nozzle via a magnetic flow monitor measuring the flow rate. The nozzle was placed above the 
top end of the vertical pipe spraying the water down into the pipe. A fan evacuated air from the 
vessel, thus causing a downdraft through the pipe to keep droplets contained. High pressure air for 
the air assisted atomization was supplied from a compressor and throttled to yield the correct 
operating pressure and air flow rate. 
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The spray characteristics were obtained using Phase Doppler Anemometry (PDA), which is a non-
intrusive laser-based interferometric method (Albrecht et al. 2003).  The system used here was a 
Dantec Dynamics P60 BSA Flow processor. The transmitting and receiving optical probes of the 
PDA system was mounted on a three-coordinate traversing system which could position the 
measuring volume in the spray. The receiving probe was configured as a standard-PDA system with 
three detectors for extended size range and validation. Two wavelengths of laser light from a 
Spectra-Physics Argon-Ion laser were used: 514.5 nm (green light) for the axial velocity component 
and size measurement and 488 nm (blue light) for the radial velocity component. The focal length 
of the front lenses of both probes was 500 mm and beam expanders (1.98) were also used to get a 
smaller measurement volume with approximate sizes 0.123 × 4.12 mm (green light) and 0.116 × 
3.75 (blue light). The beam separation was 15.02 mm and 15.67 mm before beam expansion for the 
green and blue light, respectively. The receiving probe was positioned at an off-axis angle of 31° 
and first-order refraction was assumed to be the dominating scattering order. Dantec’s mask B was 
used in the receiving probe, which resulted in a maximum detectable diameter of 286.8 μm. The 
mask yields non-integer phase factor ratios which suppresses the Gaussian beam and slit effects 
(Albrecht et al. 2003). 

At each point, samples were collected for 120 s or stopped at 300 000 samples (resulted in 
minimum sampling times >15 s) in order to obtain accurate statistics. By repeating the 
measurements and comparing both low and high order moments the experimental uncertainty 
(based on repeatability) was found to be below 5 % for all quantities (i.e. diameters and velocities). 
Apart from small adjustments to the system settings, the same setup was used for laser power, high 
voltage, signal amplification, velocity range, and record length for all measurements. The signal 
was monitored on an oscilloscope to verify signal quality. Typical spherical validation was 60 % or 
higher with a 5 % acceptance band. Water and air temperatures were 20 °C and the refractive index 
for water was set to the standard value 1.33. 

3. Experimental 
The nozzle under consideration is of twin-fluid coaxially convergent air-assisted type having the 
liquid in the non-swirling central jet and the gas in a surrounding annular jet. Two different 
configurations of this type of nozzle were studied having different contraction ratios for the coaxial 
annular air jet in order to change the momentum flux ratio (J) at constant liquid to gas mass flow 
ratio (m). The schematics of the nozzles are seen in Figure 1, where the inner and outer diameter of 
the liquid nozzle exit was 9 and 11 mm, respectively. The two different annular nozzle inner 
diameters were 12.3 and 14.2 mm. This corresponds to annular contraction ratios (ratio of entrance 
to exit area of the contraction) of 16.5 and 6.2, respectively. 

Swirl in the annular gas stream is introduced via the use of a swirl register just upstream of the 
contraction. Currently, only one type of swirl register is available that produces a 45° rotating flow 
angle out from the swirl register being equivalent to a swirl number (S = Ut/Uz) of unity. The degree 
of swirl is assumed to be conserved in the swirl chamber i.e. the space from the swirl register to the 
entrance of the contraction. The annular contraction for the gas stream accelerates the flow in the 
axial direction due to the reduction in axially projected flow area and the tangential direction due to 
the decrease in distance to the rotation axis. Applying the angular momentum principle (Kundu 
1990), conservation of mass, and assuming a radially uniform pressure distribution and isentropic 
conditions in the contraction, the swirl number at the nozzle exit can be estimated.  
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Figure 1. Schematics of the two considered nozzles. Left: liquid to gas nozzle exit area ratio equal to 2.67 and 
annular contraction ratio of 16.5. Right: liquid to gas nozzle exit area ratio equal to 1.00 and annular contraction 
ratio of 6.2. In the use of swirl, this is generated in the gray colored area where the tangential to axial velocity 
ratio in the rotating flow is equal to unity. 

The quantitative results presented in this paper were obtained by using the PDA equipment 
described above. Samples were recorded at 19 radial positions ranging from the center to 10 inner 
(liquid) nozzle diameters (D=9 mm) in the symmetric spray at 20D downstream from the atomizer. 
For locations outside this section of the spray the sampling rates for many of the cases become too 
low in order to obtain accurate statistics in reasonable times for the used PDA parameter settings. In 
the cases considered, two different liquid to gas mass flow ratios (m) for two different contraction 
ratios were studied with and without the use of swirl. This corresponds to a total of eight cases that 
are presented in Table 1. The nozzle operating range used in the present study results in Rel ~ 104, 
We ~ 104, and J ~101-102, thus, this indicating a fiber type of atomization according to Lasheras and 
Hopfinger (2000). 

Table 1. Nozzle key dimensions, flow rates and corresponding dimensionless numbers. Note, the symbol 
identifies each case in the presented figures, D is nozzle inner diameter for the liquid stream, Gap is the width of 
the annulus for the assisting gas, Aratio is the central to annular nozzle area ratio, Sexit is the estimated swirl 
number at the nozzle exit, m is the liquid to gas mass flow ratio, and J is the air to water initial momentum flux 
ratio. 

Case Symbol D (mm) Gap (mm) Aratio Sexit Water (g/s) Air (g/s) m J 103 Reliquid 103 Regas 103 We 10-3 Oh

1 ▼ 9.0 0.65 2.67 0 127 40.0 3.18 159 18.0 338 81.4 1.26
2 ■ 9.0 1.60 1.00 0 127 40.0 3.18 60 18.0 200 30.6 1.26
3 ◊ 9.0 0.65 2.67 0.13 127 40.0 3.18 159 18.0 338 81.4 1.26
4 □ 9.0 1.60 1.00 0.32 127 40.0 3.18 60 18.0 200 30.6 1.26
5 ▲ 9.0 0.65 2.67 0 309 42.1 7.33 28 43.7 356 85.7 1.26
6 ● 9.0 1.60 1.00 0 309 42.1 7.33 11 43.7 211 32.2 1.26
7 ∆ 9.0 0.65 2.67 0.13 309 42.1 7.33 28 43.7 356 85.7 1.26
8 ○ 9.0 1.60 1.00 0.32 309 42.1 7.33 11 43.7 211 32.2 1.26
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4. Results and discussion 

Axial velocity 

In Figure 2 the radial profiles of the axial mean velocities for case 1-4 are presented. It can be noted 
that the introduced swirl decreases the velocity in the center core of the spray. This effect is more 
pronounced for the case with lower momentum flux ratio (J=60) and higher degree of swirl 
(S=0.32), where the relative decrease in mean axial velocity in the center due to the introduced 
swirl is 45 % compared to a reduction of 28 % at the higher momentum flux ratio (J=159) and 
lower swirl number (S=0.13).  
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Figure 2. Radial distribution of the axial mean velocities for case 1-4 having m=3.18. The corresponding case in 
Table 1 is shown in parentheses for each curve. 
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Figure 3. Radial distributions of the axial mean velocities for case 5-8 having m=7.33. The corresponding case in 
Table 1 is shown in parentheses for each curve. 
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A similar effect on the reduction of mean axial velocity due to the introduced swirl for case 5-8, 
having a higher liquid to gas mass flow ratio (m=7.33), can be seen in Figure 3. Here, the relative 
reduction in the mean axial velocity in the center at the lower momentum flux ratio, J=11 and 
S=0.32, is about the same (42 %) as in the former case (45 %) where m=3.17 and J=60. However, 
increasing J to 28 and consequently decreasing S to 0.13 at m=7.33 indicates a much lower relative 
reduction in mean axial velocity in the center (13 %) compared to the cases 1 and 3 (m=3.18) where 
the reduction was 28 %. 

As a general remark on the mean axial velocities in Figure 2 and Figure 3, the increased m from 
3.18 to 7.33 in case 5-8, which yields lower J values compared to case 1-4, results in much lower 
velocities in the center core of the spray compared to case 1-3. Case 4 (S=0.32, J=60, m=3.17) is an 
exception since the mean axial velocity profile for this case looks more like the ones in Figure 3 
having m=7.33. This is likely due to that swirl at the moderate level (S=0.32) has a stronger effect 
on the spray at lower values of m. Further out from the center of the spray, e.g. at r/D=5, the 
velocities for case 5-8 (m=7.35) is about twice as high as for case 1-3 where m=3.18, which is due 
to the increased spreading of the spray at high values of m when S is low (S=0.13). This is better 
illustrated by the diagram of the spreading rate of the spray for the different cases presented in 
Figure 4.  

Spreading rate 

The spreading rate is here defined by the non-dimensional radial distance r/D from the center of the 
spray to the point where the axial mean velocity has reduced to 20 % of the axial mean velocity in 
the center. To determine the position where this occurs, linear interpolation was applied between the 
values in the two nearest sampling locations to the specific point, i.e. the locations bounding the 20 
% value of the mean axial velocity in the center. 
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Figure 4. Spreading rate of the resulting spray in the studied cases, categorized by liquid to gas mass flow ratio 
(m). The spreading rate is defined by the non-dimensional radial distance r/D from the center of the spray to the 
point where the axial mean velocity has reduced to 20 % of the axial mean velocity in the center. The 
corresponding momentum flux ratios (J) are shown in each block. Case 1 to 8 is from left to right (see Table 1). 
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From Figure 4 it can be seen that the spreading of the jet is more pronounced for the higher value of 
m but also for case 4 having m=3.18 and swirl as S=0.32. In case of high m, the momentum flux 
ratio J is lower compared to the corresponding case at lower m. For higher values of J the jet is 
forced into the centre of spray at a higher extent compared to lower values of J. This is also seen in 
Figure 2 and Figure 3 for the mean axial velocities. The explanation for the exception of case 4, 
having a spreading rate that is closer to the ones at higher m, is due to the swirl (S=0.32). In Figure 
3 it was shown that the swirl decreased the central mean axial velocity considerably, thus resulting 
in the large effect regarding the spreading rate. 

Comparing case 7 (dark grey bar to the right in Figure 4) and case 5 (black bar to the right in Figure 
4) it is indicated that when swirl is introduced at S=0.13 for m=7.33, the spreading rate is nearly 
unaffected. However, considering the non-swirling case 6 and case 8 where the swirl is S=0.32 the 
spreading rate increases. This is not only due to the increased swirl since a smaller contraction ratio 
for case 6 and 8 compared to case 5 and 7 results in less acceleration of the axial momentum 
component in the contraction that lowers J from 28 (case 5 and 7) to 11 (case 6 and 8). The 
difference in spreading rate between non-swirling cases 5 and 6 (m=7.33) shows the increased 
spreading due to the decrease in J independently of S. 

Droplet sizes 

Regarding the resulting droplet sizes for the cases 1-4 where m=3.18, the radial distributions of the 
Sauter Mean Diameter (SMD) is presented in Figure 5. Here, it is seen that the smallest droplets are 
found about 4D from the centerline in the cases with swirl and are smaller than the cases without 
swirl. This difference is more obvious at higher J. In comparison with the PDA measurements by 
Préaux et al. (1998) on the resulting water spray for the air-blast nozzle studied by Hopfinger and 
Lasheras (1996) for J>50, the present SMD distribution looks completely different. Instead of 
having the smallest droplets in the center of the spray, as found by Préaux et al. (1998), the largest 
droplets are found to be in the center, which were also found by Dunand et al. (2005) and 
Hardalupas and Whitelaw (1998). Furthermore, the use of swirl increases the SMD in the center of 
the spray whereas Préaux found that swirl decreases the SMD in the center of the spray.  
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Figure 5. Radial distributions of the Sauter Mean Diameter (SMD) for case 1-4 having m=3.18. The 
corresponding case in Table 1 is shown in parentheses for each curve. 
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Comparing the two cases with swirl (case 3 & 4) with the two cases without swirl (case 1 & 2) 
shows that the non-uniformity of the droplet sizes throughout the spray is increased by the 
introduction of swirl. Furthermore, in case 4 where swirl is introduced with S=0.32 at a lower J 
(J=60) the atomization is poorer (larger droplets) in comparison with case 3 where J=159. It is 
likely that the introduction of swirl at the current flow conditions results in less energy for 
atomization is transferred to the center region of the spray. A possible cause for this explanation is 
that the swirling motion of the annular air stream tends to ‘miss’ the liquid jet and thereby decrease 
the transfer of energy to the center. However, the atomization is enhanced from the most intensive 
region of shear (r/D ~ 4) and further outwards from the center of the spray.  

When the water to air mass flow ratio, m, is increased from 3.18 to 7.33, the differences in radial 
SMD distribution between the cases with and without swirl shown in Figure 6 become less clear 
compared to Figure 5 where m=3.18. However, the largest droplets are still found to be in the center 
of the spray and the smallest droplets appear at r/D ~ 4. Furthermore, the SMD values in the outer 
region of the spray are lower for the swirling cases, which were also found for the cases with lower 
m (case 1-4) in Figure 5. 
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Figure 6. Radial distributions of the Sauter Mean Diameter (SMD) for case 5-8 having m=7.33. The 
corresponding case in Table 1 is shown in parentheses for each curve. 

5. Conclusions 
The present work was performed in order to quantitatively investigate the spray characteristics from 
a swirling coaxial gas-assisted atomizer for moderate industrial flow rates of water, low to medium 
swirl generation of the assisting air, and high momentum flux ratios at sonic air flow at the 
convergent nozzle exit. Due to the high injection gas velocity, the advantages of a swirling annular 
jet are restricted since the jet dispersion is reduced in this case. However, it was found that the 
spreading rate of the spray increased considerably for moderate swirl (S=0.32) and liquid to gas 
mass flow ratio, m=3.18. Furthermore, a decrease in momentum flux ratio (J) increased the 
spreading rate for the studied interval (10<J<160). 

It was found that the introduced swirl decreases the velocity in the center core of the spray. This 
effect is more obvious at low m and J where the relative decrease in mean axial velocity in the 
center due to the introduced swirl is 45 %. 
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