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Preface
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description.
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within and funded by the Centre for High Performance Steel (CHS)1 . The support from
CHS and its partners is gratefully acknowledged.
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Hans-Åke Häggblad for their supervision during the course of this work, for providing
an opportunity for the present author to pursue a PhD, and most of all, for enriching
his intellectual skills. In addition, Dr. Daniel Berglund of Gestamp Hardtech R&D
is gratefully acknowledged for his assistance during the course of this work, and for
providing the opportunity to carry out parts of the work at the press-hardening research
group. Many thanks to his present and former colleagues for creating a pleasant and
friendly environment. Especially, the many fruitful discussions with Dr. Greger Bergman
are greatly appreciated.
Without the spirited atmosphere and the many stimulating discussions at the division
of Mechanics of Solid Materials, the completion of this thesis would be insurmountable.
Accordingly, the author wishes to extend his gratitude to the friends and colleagues at
the division. Thanks to Jan Granström for supporting the experimental work, and to
Hans Åhlin for designing the plane hardening tool used in Papers D-E. The excellent
cooperation received from co-author Stefan Golling is greatly appreciated. Many thanks
to Stefan for the enjoyable and fruitful collaboration. Prof. Dimitris C. Lagoudas of the
Department of Aerospace Engineering, Texas A & M University, is gratefully acknowledged for supplying a code for the numerical evaluation of the Eshelby tensor used in
Papers D-E.
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Center for High Performance Steel implements technology development and research projects, in the
field of high-performance steel, to increase industrial competence and competitiveness in order to create
growth. Activities are conducted in collaboration between universities, industry and research institutes.
http://www.ltu.se/centres/chs
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Abstract
Reduction of fuel consumption and emissions by vehicle weight minimization constitute
a major driving force for the development of new materials and manufacturing processes in the automotive industry. Simultaneously formed and quenched boron steel
components have higher strength to weight ratio than conventional mild steel components. Additionally, hot formed components can be tailored to have regions with lower
strength and higher ductility, improving their crash performance. This is often realized
via differential in-die cooling rates, thus yielding a variable microstructure composition
giving rise to distributed mechanical properties. Predicting the performance envelopes of
these types of components poses some challenges in terms of constitutive modelling, due
to the differential material composition and mechanical properties. Moreover, fracture
initiation is often a limiting design factor. This thesis aims to contribute to the constitutive and ductile fracture modelling of quench-hardenable boron steels, with reference
to microstructure composition and hence process history. Modelling techniques which
in an approximate manner can estimate the effective material properties based on the
properties of the constituents in combination with ductile fracture models are presented.
Computational issues concerning numerical finite element modelling of material instabilities are also addressed, essentially via two different methods. Introducing a discretization
dependent parameter in the constitutive description, or by kinematic enhancements with
respect to the localization problem. Both aim to reduce mesh sensitivity and provide
improved predictions of post-instability response with industrially relevant mesh sizes.
Additionally, an experimental investigation on the flow and fracture properties of boron
steel, with a comprehensive range of different microstructure compositions, is presented.
A full-field measurement technique enabled the direct evaluation of mechanical properties
and fracture relevant data from tensile tests. These results have supported the establishment of models and enabled their calibration, and they provide further insight to the
influence of microstructure and processing conditions on the ductile fracture properties.
Comparisons between simulations and experiments indicate that useful predictions of the
overall hardening behaviour and fracture elongations can be obtained by the suggested
microstructure based modelling approach.
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Thesis
This is a compilation thesis consisting of a synopsis and the following scientific articles:
Paper A
R. Östlund, M. Oldenburg, H.-Å Häggblad and D. Berglund. Evaluation of localization
and failure in boron alloyed steels with different microstructure compositions. Journal
of Materials Processing Technology 214, 592 – 598, 2014.
Paper B
R. Östlund, M. Oldenburg, H.-Å Häggblad and D. Berglund. Failure model evaluation
for varying microstructure based on material hardness. In: Oldenburg, M., Prakash, B.,
Steinhoff, K. (Eds.), Hot Sheet Metal Forming of High-Performance Steel, Verlag Wissenschaftliche Scripten. 41 – 48, 2011.
Paper C
R. Östlund, M. Oldenburg, H.-Å Häggblad and D. Berglund. Numerical failure analysis
of steel sheets using a localization enhanced element and a stress based fracture criterion.
International Journal of Solids and Structures 56-57, 1 – 10, 2015.
Paper D
S. Golling, R. Östlund and M. Oldenburg. Characterization of ductile fracture properties
of quench-hardenable steel: Influence of microstructure and processing conditions. To be
submitted.
Paper E
R. Östlund, S. Golling and M. Oldenburg. Microstructure based modeling of ductile
fracture initiation in press-hardened sheet metal structures. To be submitted.

Contributions by the present author
In Papers A-C, the present author bore the primary responsibility for all parts of the
work. Papers D-E was written jointly by the present author and S. Golling, where the
present author’s main responsibility concerned the modelling issues, and S. Golling bore
the primary responsibility for the experimental work.
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Chapter 1
Introduction
This thesis begins with an introduction which aims to situate the need for the present
work, and describe some of the driving forces behind current developments as regards
ductile fracture modelling of press-hardened components. While doing so, it will hopefully
at the same time describe the more general context to which the present work aims to
contribute to.

1.1

Objective

The present thesis is concerned with modelling of ductile fracture initiation in presshardened boron alloyed steel components, which consist of multiphase microstructures
with varying volume fraction of phases. The objective is to develop a modelling approach capable of simulating the deformation behaviour and predict fracture initiation
of press-hardened boron steel components with a wide range of different microstructure
compositions, with useful accuracy and at reasonable computational expense.

1.2

Industrial background and motivation

Reduction of fuel consumption and emissions constitute a major driving force for the
development of advanced materials and manufacturing processes in the automotive industry. Successful deployment of highly fuel-efficient vehicles relies on the development of
technologies that result in significant mass reduction of the car body structure. Although
the body accounts for only about one-third of the weight of an automobile, reducing the
weight of the body is the sine qua non of the lightweight, fuel-efficient automobile. A car
with a lighter body can use a lighter engine, a less massive suspension, and a less elaborate structure. These secondary weight savings can roughly double the benefits (Field
III and Clark, 1997). A major technical challenge of lightweigthing is the assurance of
structural integrity with respect to in-service loads. These include crashworthiness and
collision safety, driving dynamics and stiffness, durability, among other aspects. Con3
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cerning crashworthiness, improvements of automobile safety have steadily reduced injury
and death rates in all first world countries. Nevertheless, auto collisions are the leading cause of injury-related deaths, an estimated total of 1.2 million in 2004, or 25% of
the total from all causes, (Peden, 2004). It is clear that continued efforts for increased
passenger safety are needed, whilst still reducing the mass of the vehicle structure. New
materials and processes are developed to meet these demands by increasing the strength
to weight ratio. Needless to say, materials and manufacturing technologies must also
be cost-effective, so as to remain within the confines of customer price demands. Low
alloyed carbon steels have been the main structural material since the invention of the
automobile. In relation to other materials, such as aluminum or fibre-reinforced plasics,
steel is still an attractive material in forthcoming vehicle development programs due
to both competitive price and mechanical properties. Modern automotive grades have
higher strength than conventional mild steels, allowing for thinner gauge sheets and thus
enabling weight reduction.

1.2.1

Automotive steels

Automotive steels are classified in several different ways, most commonly either by metallurgical designation providing some process information, or by reference to its mechanical
properties. Most common automotive grades includes low-strength steels, interstitial-free
(IF) and mild steels. High strength grades include carbon-manganese (CMn), bake hardenable (BH) steels. Advanced high-strength steels (AHSS) groups a number of different
grades, including dual phase (DP), transformation-induced plasticity (TRIP), twinninginduced plasticity (TWIP), ferritic-bainitic (FB), complex phase (CP), martensitic steels
(MS) and Manganese-Boron alloyed hot-forming steels (MnB+HF). These grades are illustrated in terms of mechanical properties, with the aforementioned generally accepted
acronyms, in Fig. 1.1. The AHSS grades are characterized by improved properties in relation to conventional steels, but with relatively low alloying content compared to other
high-strength steels. Instead, mechanical properties are improved by microstructural
design through thermo-mechanical processing. They have been engineered to meet the
weight reduction demands on current and future vehicles, and AHSS continues to be an
active area of research and development. This work centres around the quench-hardenable
boron alloyed hot forming steel.

1.2. Industrial background and motivation
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Figure 1.1: Classification of automotive steel grades according to mechanical properties.
Image courtesy of WorldAutoSteel association.

1.2.2

Simultaneous forming and quenching

Simultaneous forming and quenching, also termed press-hardening, hot stamping, or hot
sheet metal forming, is the manufacturing process of sheet metal components where
forming takes place at elevated temperatures. Concerning hot forming of steel, the blank
is normally heated above the upper equilibrium temperature between ferrite and austenite
allowing complete austinitic transformation. Then, the blank is transferred from the
furnace to the forming die, where the blank is simultaneously formed and quenched.
Complex geometries are realised due to the high formability and low yield stress at
elevated temperatures. Conventionally, liquid coolant channels within the tool ensures
that the in-die cooling rate exceeds the critical cooling rate for martensite transformation,
resulting in a fully martensitic microstructure in the final component. This gives a very
high yield and ultimate tensile strength in the as-formed condition.
However, the manufacturing process can be designed in such a way that the blank is
subjected to differential in-die cooling rates, thus yielding different phase compositions
and spatial variation of phases present within the component, giving rise to distributed
mechanical properties. The integration of zones with lower strength and higher ductility
within an otherwise fully quenched material can be beneficial for the crash performance
of certain components. These are often referred to as tailored properties (TP) components. One such is the B-pillar, depicted in Fig. 1.2, where tailored properties offer
a combination of high intrusion protection and energy absorption potential. Typical
formability charts, as the one illustrated in Fig. 1.1, are actually misleading as regards
press-hardening steels (MnB+HF in Fig. 1.1), since a wide range of mechanical properties are obtainable depending on the processing conditions. Other technical solutions
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Fully hardened
Transition zone
Soft zone

Figure 1.2: Schematic of a B-pillar with tailored properties.
to produce press-hardened TP components have been developed. Such are tailor welded
blanking where blank sections are joined from hardenable and non-hardenable steel grades
by welding, or partial austenitization where only certain sections of the blank are fully
austenitized, or by post tempering to reduce the martensite strength. In this work,
the differential in-die cooling approach is pursued, realized via cartridge heating of tool
sections.
To illustrate typical applications of AHSS, and press-hardened components in particular, three automotive body structures from two Swedish automakers are shown in
Fig. 1.3. Press-hardened components are in red color, otherwise indicated with arrows.
This picture also shows an interesting historical development, where the 1986 SAAB 9000
were the first car to incorporate a press-hardened component in the form of a side impact
protection beam. The 1st and 2nd generation Volvo XC90 shows the increase in use of
press-hardened components over this thirty-year period.

1.3

Scientific background

A key factor to the competitiveness of manufacturing companies is the ability to develop
their products cost-efficiently, innovatively, with short lead times and at a high quality. This requires knowledge concerning the mechanics of the products’ interaction with
their manufacturing processes and service environments. Theoretical, experimental and
numerical developments in the field of engineering sciences aims to advance this knowledge. Solid mechanics is a branch of engineering sciences, devoted to the analysis of the
behaviour of materials in their solid state under the action of external and/or internal
agents, such as forces, thermal loads, phase changes, etc.
The present thesis is concerned with aspects of ductile fracture relevant to the modelling of materials which have multiphase microstructures and where the volume fraction
of phases varies within a component. The term “ductile fracture” is referred to as the
type of fracture which is preceded by the progressive nucleation, growth and coalescence
of voids during plastic deformation, as opposed to brittle fracture which is preceded by
little or no plastic deformation. Fracture initiation designates material decohesion creating a surface discontinuity at the macroscopic scale, but with a crack length small
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2015 Volvo XC90

2002 Volvo XC90

Press-hardened components.

1986 SAAB 9000

Figure 1.3: Automotive body structures. Press-hardened components are shown in red,
otherwise indicated with arrows. Image courtesy of Saab automobile AB and Volvo Car
Corporation.
compared to the dimensions of the structure. The propagation of fracture is not studied
in this work. The words fracture and failure are used interchangeably throughout this
thesis.

1.3.1

Fracture initiation criteria and modelling of damage

The last decades have seen substantial work on the modelling of ductile fracture and
damage, motivated by essentially the same objectives as in this work. Improving design tools to increase the efficiency of structures by reduction of weight or increase of
service loads, at maintained or increased safety. The proposed models can be categorized, although quite crudely, in the following way. Early investigations on void growth
by McClintock (1968) and Rice (1969) have inspired developments on porous plasticity
models where the influence of micro-voids to the plastic flow is taken into account in the
constitutive framework, most prominently by Gurson (1977). The original Gurson model
has been extensively modified and extended to account for additional phenomena, see
e.g. Needleman and Tvergaard (1984).
The concept of continuum damage mechanics (CDM), with main developments by
Lemaitre (1984, 1985) and Chaboche (1988a,b) considers the smeared effect of internal
voids represented by a scalar or tensorial internal variable termed damage. The damage
is coupled to the constitutive relation, but described by a separate evolution equation.
CDM models are often referred to as phenomenological since their development is essentially based on macroscopic considerations. They are however derived within a consistent
thermodynamical framework which guarantees positive energy dissipation of the damaging process. A comprehensive review on CDM and the successive developments of the
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Gurson model can be found in (Besson, 2010).
In addition to the Gurson type and CDM models, several phenomenological and empirical fracture criteria and damage indicator models have been proposed. Most damage
indicator models are uncoupled from the constitutive model, but considers fracture initiation as a limit state of a damage evolution process. A general form of the damage
variable is given by the integral of a stress-state dependent weighting function along the
equivalent plastic strain path,
Z
f (σij ) dεp ,
(1.1)
D=
εp

where a critical value of the damage, D = Dc , typically indicates fracture initiation.
Several forms of the weighting function f have been suggested, (Wilkins et al., 1980;
Cockcroft and Latham, 1968; Hooputra et al., 2004), Johnson and Cook (1985) (who,
besides dependence on the stress state also included dependence on strain rate and temperature), to name a few. A comparative study of various weighting functions was done
by Bao and Wierzbicki (2004). Coupled phenomenological damage and plasticity models
have also been suggested, see e.g. Xue (2007).
Ductile fracture initiation criteria define the critical state where fracture initiation
takes place, which can be generally represented, in a stress based format, by
F (σij ) = 0,

(1.2)

which, in contrast to Eq. 1.1, are path independent thereby neglecting any path dependence on ductile fracture initiation. In that respect, they are similar to initial yield
criteria, and criteria which has served as yield criteria have also been applied to ductile
fracture modelling. These are for example the Tresca, (Tresca, 1864) and Mohr-Coulomb,
(Coulomb, 1776; Mohr, 1900) criteria. A more recent stress based fracture criterion is
the one proposed by Khan and Liu (2012a), described in some detail in Section 2.6.
Criteria on the form of Eq. (1.2) can be integrated into a damage indicator format using the inverse of Eq. (1.2) as the weighting function f (σij ), after a transformation to a
mixed stress/strain representation via a suitable constitutive relation. Bai and Wierzbicki
(2010) performed such transformation of the Mohr-Coulomb criterion. Studies comparing
the predictive capabilities of stress based criteria and mixed stress/strain based damage
indicator models, Gurson type, and CDM models can be found in (Ebnoether and Mohr,
2013; Dunand and Mohr, 2011; Li et al., 2011). The conclusions from these studies do
not agree in all aspects, suggesting that there is no approach which is significantly better
than the other. Two different approaches to ductile fracture modelling are undertaken
in this work. In Paper A, a coupled damage indicator inspired formulation is presented,
applicable to plane stress shell elements. However the weakening function is associated to
the effects of strain localization rather than material deterioration. This model is further
described in Paper A, and in Section 2.4. In Papers C-E, the stress based fracture criterion of Khan and Liu (2012a) is employed in conjunction with kinematic enhancements
with respect to the localization problem. Using a simple and versatile stress based fracture criterion rather than a damage function in the framework of multi-scale constitutive
equations was also motivated by simplicity reasons.
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1.3.2

Continuum micromechanics

Continuum micromechanics is a set of theories and models that deal with homogenization
of micro-heterogeneous materials, for which it is possible to define a representative volume
element (RVE) satisfying
d  l  D,
(1.3)
where d, l and D are characteristic lengths illustrated in Fig. 1.4. The first inequality,
d  l , states that the RVE must be of sufficient size to be representative of the microstructure, i.e. must contain a significant number of inhomogeneities. Secondly, The
RVE must be sufficiently small for the influence of macroscopic gradients to be negligible. Then, the boundary conditions on the RVE can be considered homogeneous, and
the volume average of the local stress and strain tensors taken over the RVE domain Ω
equals the applied (constant) macroscopic fields,
R
hσij i = Ω1 Ω σij (xk ) dΩ = σijapplied ,
(1.4)
R
.
hεij i = Ω1 Ω εij (xk ) dΩ = εapplied
ij
It is useful to define average fields of each phase present within the RVE. Consider an nphase material where phase r occupies the subdomain Ωr at a volume fraction vr = Ωr /Ω,
then
R
P
hσij i(r) = Ω1r Ωr σij (xk ) dΩ with hσij i = r vr hσij i(r) ,
(1.5)
R
P
hεij i(r) = Ω1r Ωr εij (xk ) dΩ with hεij i = r vr hεij i(r) .
Mean field homogenization (MFH) approaches describe interactions between phases in
a collective way in terms of the phase-wise uniform hσij i(r) , hεij i(r) fields. Expressions
relating the local response to the loading conditions on the macroscopic scale are referred
to as localization or projection relations and take the general form
(r)

hσij i(r) = Aijkl hσkl i,
(r)

(1.6)

hεij i(r) = Bijkl hεkl i,
where A and B are the stress and strain concentration tensors (or influence functions).
When these are identified, Eqs. 1.5 and 1.6 define the scale transition. Within MFH techniques, most expressions of the concentration tensors involve results by Eshelby (1957)
who studied the elastic fields of an ellipsoidal subregion within an infinite medium undergoing a stress-free uniform transformation strain (or eigenstrain), ετij . The strain resulting
from the constraint of the surrounding medium is given by
εcij = Sijkl ετkl ,

(1.7)

which is uniform for ellipsoidal shapes in an infinite linear elastic body. The components
of the Eshelby tensor are given by e.g. Mura (1987) for a number of different inclusion
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l

inclusion phase 1

D
RVE
inclusion phase 2

d

Figure 1.4: Schematic representation of the separation of scales requirement, Eq. (1.3).

shapes. The Eshelby solution can be extended to the case where the ellipsoidal subregion has different material properties, and the infinite medium is loaded at its remote
boundary by a uniform stress or strain. This is accomplished by ”adjusting” the eigenstrain so that the stress field of the subdomain (which has the same properties as the
matrix) is the same as if it where made of the actual inclusion material. This is sometimes referred to as the equivalent inclusion relation, and gives the strain concentration
tensor for dilute concentrations of inclusion phases. To encompass the full range of volume fractions, expressions of the concentration tensors which take into account in an
approximate way the interaction between inclusions have been suggested. These include
the Mori-Tanaka (Mori and Tanaka, 1973; Benveniste, 1987) model for matrix-inclusion
type microstructures and the self-consistent (see eg. Hill, 1965a) for polycrystals, among
others.
Linearization schemes within continuum micromechanics that extend the above theory to model elasto-plastic constituent phases have been proposed, the most popular
approaches being the secant method (Weng, 1990), limited to proportional loading, and
the incremental (Hill, 1965b) method. In this work an incremental approach based on a
variant of the Mori-Tanaka model proposed by Lielens et al. (1998); Doghri and Ouaar
(2003) is employed, described in Sec. 2.5 and Papers D-E.

1.3. Scientific background

1.3.3

11

Finite element analysis of material instabilities

The numerical solutions to problems involving material and geometric instabilities, such
as plastic strain localization and fracture, are associated with some difficulties, primarily
manifested as being strongly mesh dependent. There is an abundance of proposed methods to solve this issue, which can be roughly divided into the following categories. Methods which regularize the problem by introducing an internal length scale, such as gradient
(De Borst and Mühlhaus, 1992) or integral non-local (Baǎzant and Jirásek, 2002), higherorder continuum (Vernerey et al., 2007), visco-plastic regularization (Needleman, 1988)
etc. These methods solves the mesh dependency issue by distributing the localized zone
according to the length scale determined by the model. They do however require high resolution computations to resolve the sharp gradients of localized deformation and fracture.
Other techniques involve kinematic enhancements to improve the coarse-mesh accuracy
and reduce mesh dependency of finite element models for unstable phenomena, such as
embedded bands (Ortiz et al., 1987; Simo et al., 1993) or nodal enrichments (Moës et al.,
1999). An approach based on embedded bands in shell elements is presented in Paper
C and Section 2.7. A third option is to adapt material parameters to element size, so
that the constitutive response depends on a discretization parameter, (see eg. Hillerborg
et al., 1976; Neukamm et al., 2009). A similar method is used in Paper A, which is also
discussed in Section 2.4.

1.3.4

Boron alloyed steels

This section summarizes some of the research on modelling of press-hardened boron
alloyed steels relevant to this work. Efforts concerning modelling of the press-hardening
process have been carried out in several investigations, see Åkerström (2006); Åkerström
et al. (2005); Åkerström and Oldenburg (2006); Åkerström et al. (2007) and Bergman
(1999); Bergman and Oldenburg (2004); Eriksson et al. (2002), among others. These
studies have focused on various modelling aspects of the thermomechanical response of
the blank during forming, including phase transformations and microstructure evolution.
Several aspects of ductile fracture modelling have also been investigated. Mohr and
Ebnoether (2009) studied the fracture behaviour of boron steel in the martensitic state.
Constitutive and ductile fracture models able to represent a range of different microstructure compositions have been developed recently, including (Bardelcik et al., 2010, 2012,
2014; Eller et al., 2014), with the aim to simulate the deformation behaviour of TP components. The aforementioned models are based on microstructure dependent coefficients,
either trough a hardness measure computed from phase content, or directly coupled to
phase content. The particular form of these coefficients are obtained from experimental
observations. A ductile fracture model cast in this format is presented in Paper B. In
Papers D-E, a constitutive and fracture model based on MFH is established to capture
the effects of various microstructure compositions.
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Scope and limitations

The main concern of this work is the modelling of flow and ductile fracture initiation
of thin-walled press-hardened structures with reference to local phase composition. The
sheet is assumed to be in a state of plane stress, i.e. the transverse normal stress is
considered equal to zero. Anisotropic flow and fracture properties are common for rolled
sheet metal, something that is not taken into account in this work. For fully quenched
martensitic boron steel, Mohr and Ebnoether (2009) observed that the planar isotropic
Hill’48 yield surface provides good estimates of the stress-strain response over a wide
range of loading paths. Eman et al. (2009) concluded that the directional dependence
on flow properties were small, but it had a significant influence on fracture initiation. In
this work it is assumed that an isotropic J2 plasticity model can describe with sufficient
accuracy the stress-strain response of boron steel in the martensitic, bainitic and ferritic
state. Anisotropy of fracture is not accounted for, however all mechanical testing is done
across rolling direction (the less ductile direction). An additional constitutive simplification employed is rate-independent elasto-plasticity. Bardelcik (2012) found that boron
steel is moderately strain rate dependent, indicated by an increase in ultimate tensile
strength by approximately 80 MPa when the loading rate was increased from 0.003 s−1
to 80 s−1 , and that the rate-dependence was more pronounced in the softer material
conditions, ferrite and bainite, than the stronger martensitic condition. Material rate
dependence is not taken into account in this work.
Concerning micro-topological simplifications, the multi-phase steel microstructures
are idealized as a combination of one or several inclusion phases dispersed within a matrix phase to a certain degree, and that the inclusion phase may also form interwoven
networks. It is further assumed that the statistical average inclusion shape is spherical (ensuring isotropic overall properties). Moreover, elastic properties are considered
isotropic and homogeneous for all phases, with a Young’s modulus E = 2.06 GPa and
a Poissons’s ratio ν = 0.3. The constituent phases taken into account in modelling are
ferrite, bainite and martensite. The small fractions of retained austenite are ignored.

Chapter 2
Modelling and experimental
methods

2.1

Introduction

Coming from the general description of the scientific background in Chapter 1, this chapter addresses those experimental and modelling methods with immediate relevance to the
present work. These are to a large extent covered in the appended papers, however some
aspects that have been left out for the case of brevity are discussed here. To make the
following presentation reasonably self-contained, some repetition is however unavoidable.
Regarding experiments, the most central parts are the processing system used to obtain
a wide range of microstructure compositions and a procedure to estimate constitutive
properties from full-field measurements. In terms of models, the key elements of this
work are the localization and fracture model (named the OPTUS-model) of Paper A &
B, the enhanced shell and stress based fracture criterion of Paper C, and the integrated
Double Inclusion - ductile fracture MFH scheme of Papers D-E.

2.2

Tensile specimens

All mechanical experiments have been performed on AlSi-coated steel of the 22MnB5
alloy, delivered by ArcelorMital under the trade name Usiborr . Tensile specimens, shown
in Fig. 2.1, were cut perpendicular to rolling direction using abrasive water jet cutting.
Then, specimens underwent thermal treatment to obtained the desired microstructure
composition. Two slightly different thermal processes have been used during the course
of this work. In Papers A-C, thermal treatment was done on larger blanks prior to
specimen cutting, using a heated plane hardening tool. To obtain a wider range of phase
compositions, a somewhat more extensive processing system was used in Papers D-E.
This included dual furnaces and a heated/cooled plane hardening tool, see Fig. 2.2.
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Figure 2.1: Picture of tensile specimens. Schematic drawings can be found in Fig. 2 of
Paper C and Fig. 1 of Paper D.

2.3

Estimating constitutive parameters based on fullfield measurements

To successfully model a material’s response to deformation, most constitutive theories
rely on parameters which needs to be measured from experiments. Throughout this work,
a novel method for extracting material parameters based on full field measurements of
tensile tests have been used. This method was conceived by Eman (2007), Häggblad
et al. (2009), and co-workers, with some developments done by the present author during
the course of this work. The following exposition describes this method in its most recent
version, as used during the later part of this work in Papers C-E. The slightly different
approach used in Papers A-B is described in the end of this section.

2.3.1

Digital image correlation

Digital image correlation is an optical experimental method that enables full-field measurements of the motion of an object. By capturing digital images of the object surface
during deformation, a point-wise displacement field can be determined by tracing small
regions of the image by a cross-correlation procedure. The correlation procedure relies
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Figure 2.2: Picture of plane hardening tool. A Schematic drawing is shown in Fig. 2 of
Paper D.
on a random surface pattern so that individual subimages can be recognized and traced.
Then, the deformation gradient can be determined point-wise by numerical differentiation. Normally, some type of filtering technique is used to reduce noise, see eg. Kajberg
and Lindkvist (2004). The correlation procedure is performed step-wise through the set
of digital images, providing the in-plane deformation gradient Fijn at time Tn for all spatial points in the grid. A review of digital image correlation can be found in (Pan et al.,
2009).

2.3.2

Flow curve identification

The primary unknown, which is to be determined, is the flow curve. This is represented
by a piece-wise linear continuous function of the yield strength, σY , versus equivalent
plastic strain εp ,
σYk = σYk−1 + H k (εkp − εpk−1 ),

k = 1, 2, 3, ...nk ,

(2.1)

where H is the hardening modulus and nk indicate the number of points that represent
the flow curve. Provided that the virgin yield strength σY0 is known, (which can be
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identified from a standard uniaxial tensile test) the only unknowns of Eq. (2.1) are the
current hardening modulus, H k , and the equivalent plastic strain, εkp . The procedure to
estimate these can be shortly summarized in the following steps,
1 Choose a suitably located cross-section S of the specimen, preferably so that all
points that lie on S experience plastic loading throughout the entire deformation
process after initial yield.
2 For the time increment ∆T = Tn − Tn−1 , and given an initial start value on H k ,
compute the stress via constitutive evaluation from the measured deformation field
and constitutive history, of all points that lie on S.
3 Evaluate the traction vector acting on S, and integrate to obtain the total force
acting on the cross-section. Compare with the measured force at time Tn that was
recorded during the experiment.
4 Find the H k that minimizes the difference of the calculated cross-sectional force
and the measured force.
5 Update H k and εkp , then advance to next time step and repeat items 2-5.
Each of these steps are elaborated in the following. An illustration of a typical tensile
sample and cross-section is shown in Fig. 2.3. v denote the normal vector to S and F
the applied force. Constitutive update (item 2 above) is performed in the following way.

v

F

S

F

x1
x2
Figure 2.3: Schematic of a typical tensile sample and suitably chosen cross-section.
Given the in-plane deformation gradient components Fijn , as determined by digital image
correlation, the co-rotational effective rate of deformation tensor over the time increment
is given by
n
dˆij = Rki
dkl Rljn ,
(2.2)
where Rn is the rotation tensor at the end of the time step computed by polar decomposition of the deformation gradient. The effective rate of deformation over the time
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increment is calculated from the push forward of the Green’s strain increment,
dij =

1
(Fkin )−1 ∆Ekl (Fljn )−1
∆T

where

n−1
n
∆Eij = 21 (Fikn Fkj
− Fikn−1 Fkj
).

(2.3)

Then, an update of the corotational Cauchy stress is performed using J2 elasto-plasticity
and the radial return mapping algorithm. First, the elastic trial stress is calculated,
el ˆ
σ̂ijt = σ̂ijn−1 + Dijkl
dkl ∆T,

(2.4)

and if the trial effective stress, σ t , is less then the current yield stress, the solution is
advanced to the next time increment with σ̂ijn = σ̂ijt . Else, provided an initial value on
H k , the plastic multiplier is given by
∆λ =

σ t − σY (εpn−1 )
,
3G + H k

(2.5)

) is the yield stress at Tn−1 obtained by interpolation. The stress and
where σY (εn−1
p
equivalent plastic strain at Tn is given by
t
δij /3,
σ̂ijn = (1 − 3G∆λ/σ t )Ŝijt + σ̂kk

εnp = εpn−1 + ∆λ,

(2.6)

where Ŝ t is the corotational deviatoric trial stress and G the elastic shear modulus. In
addition, the plane stress constraint is enforced, by determining dˆ33 so that σ̂33 = 0.
When a first estimate of the stress acting on S is computed, it is time to evaluate the
traction and force vector (item 3 above). First, a transformation is performed to obtain
the Cauchy stress components in the global coordinate system
n n n
σijn = Rik
σ̂kl Rjl .

(2.7)

Now, it is possible to compute the components of the nominal traction vector with respect
to the global coordinate system acting in the undeformed configuration. The purpose of
using the nominal traction is to simplify the evaluation of the force components, since
this is simply obtained as an integral over the initial undeformed cross-section. This is
done by evaluating the 1st Piola-Kirchoff stress,
n
n −1
Pijn = J n σik
(Fkj
) ,

(2.8)

where J n is the determinant of F n . Prior to evaluation of P n , the through-thickness
normal component of the deformation gradient is updated (where dˆ33 was given by the
plane stress constraint) according to
n
F33
= tn /t0

where tn = (1 + dˆ33 )tn−1 ,

(2.9)
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and t is the sheet thickness. The traction vector acting on a surface element dS with
normal v follows from
Tin = Pjin vj
(2.10)
which gives the total computed force components in the global coordinate system,
Z
Tin dS.
(2.11)
fin =
S

Turning to item 4, a force residual is defined according to R = F − f . If this residual
is smaller than some tolerance, the solution has converged in terms of H k . If not, a new
correction to H k is computed by
∂R
H k ← H k − R/
,
(2.12)
∂H k
where
Z
∂Ri
∂fi ∂Pjk ∂σmn ∂ σ̂pq
t
q P Sji
vj dS
(2.13)
=
=
∂H k
∂Pjk ∂σmn ∂ σ̂pq ∂H k
S
and
(σ t − σY (εn−1
) 3G
p
q=
.
(2.14)
(3G + H k )2 σ t
In Eq. (2.13), P S t is the trial deviatoric 1st Piola Kirchoff stress. This is computed from
the corotational deviatoric trial stress by the same series of transformations as described
earlier. The dependence of F33 on H k has been ignored in Eq. (2.13). With the new
estimate on H k , the entire process is repeated until convergence.
The major difficulty of this process is how to establish the overall equivalent plastic
strain εkp in the flow curve definition, since the plastic strain is generally inhomogeneous.
One simple method, that provides good convergence characteristics, is to take the spatial
average of the accumulated plastic strain of all points on S,
Z
1
k
εp =
εn dS.
(2.15)
As S p
with this in mind, the obtained flow curve should be considered as an estimate of the actual flow properties of the material. The procedure of step-wise optimising the hardening
modulus might give rise to some oscillations in the estimated flow curve. Anyhow, the
method produces good results if the cross-section is chosen so that it coincides with any
eventual band of localized deformation. It is also versatile and fast, enabling flow curve
estimates using different specimen geometries, including the in-plane shear sample, at
significantly less computational expense compared to inverse methods involving detailed
finite element analyses.
In Paper A, a slightly different approach was used, excluding much of the large deformations theory outlined above. Instead, the constitutive evaluation was based on the
incremental logarithmic Hencky strain tensor, see Eman (2007). However, both methods give approximately the same results when material points do not experience large
rotations, as is the case for normal tensile tests. Taking large rotations into account are
necessary when analysing shear sample, where the central shear zone can rotate quite
significantly during deformation.
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2.4

The OPTUS-model

The OPTUS-model, employed in Paper A, was developed by Häggblad et al. (2009) with
the intention not to model the phenomenon of localized deformation as such, but rather
the effects on load response and subsequent fracture initiation using relatively coarse shell
element meshes. The idea is to circumvent mesh dependency in the post-localization
regime by introducing a discretization parameter in the constitutive description and the
ductile fracture model. Calibration of the discretization dependent parameter relies on
experimental observations at different measuring lengths enabled by full-field measurements. Element size dependency is introduced into the constitutive model by a weakening
factor L, termed localization function, coupled to the yield function,
Φ = σ − σy (1 − L),

(2.16)

where σ is the Von Mises effective stress and σy is the yield strength. The localization
function evolves exponentially with equivalent plastic strain εp ,
L = A(exp[B(εp − ε0 )] − 1),

εp ≥ ε0 .

(2.17)

In Eq. (2.17), A and B are functions of the characteristic element size and ε0 is an
equivalent localization threshold strain. The localization threshold is assumed to be
constant and independent of loading state, which off-course is a simplification. Additional
development may be necessary if the model is to be applicable to a wider range of loading
conditions than those studied in Paper A.

2.5

The double-inclusion model

The specific mean field homogenization model used in this work is the double-inclusion
(DI) model on the form suggested by Lielens et al. (1998); Doghri and Ouaar (2003).
Ghossein and Lévesque (2012) performed a comprehensive validation of several homogenization models for the case of ellipsoidal particles reinforced composites and found that
this model was among the most accurate. It is based on interpolation between the inverses of the regular Mori-Tanaka, Bl(r) , and the inverse Mori-Tanaka, Bl(r) model where
the properties of the matrix and inclusion have been permuted,
B(r) = [(1 − ξ(vr ))(Bl(r) )−1 + ξ(vr )(Bu(r) )−1 ]−1 ,
so that
DI
hε̇i(r) = BDI
(r) : hε̇i where B(r) = B(r) :


−1
X
vm I +
vr B(r)
.

(2.18)
(2.19)

r6=m

The interpolation ξ(vr ) function given by is given by


vr
vr
ξ=
1+
,
(2.20)
2(vm + vr )
vm + vr
where vr denote the volume fraction of inclusion phase r and vm the volume fraction of
matrix phase. Throughout this work, it is assumed that the phase first transformed from
austenite takes the role as the matrix phase.
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Fracture criteria

Khan and Liu (2012a) established, on a phenomenological basis, a universal fracture
criterion applicable to ductile metals based on the magnitude of the stress vector in
principal stress space,
q
M SV =

σ12 + σ22 + σ32 ,

(2.21)

expressed as quadratic polynomial function of the mean hydrostatic stress,
M SV = c1 (σ mean )2 + c2 σ mean + c3 .

(2.22)

The M SV stress measure is illustrated as the vector OQ in Fig. 2.4. In their original criσ2
Q
O

σ1

σ3
Figure 2.4: Schematic of the principal stress vector.
terion, two separate sets of polynomial coefficients were used in the positive and negative
hydrostatic pressure regions, and the criterion was written in terms of the magnitude of
σ mean . Eq. (2.21) can also be written in terms of stress tensor invariants,

1/2
2 2
M SV =
σ + 3(σ mean )2
,
(2.23)
3
In a plane state of stress, the coefficients must fulfil the following inequality, otherwise
infinite ductility prevails for certain load paths,
√ 2

3 2
c2 −
− 4c3 c1 > 0.
(2.24)
2
This criterion is applied in terms of the macroscopic stress tensor in Paper C, and in
Papers D-E it is formulated in terms of the local phase-wise average stress. Within the
micromechanics framework, it is assumed that the MSV criterion can represent the state
of critical void nucleation occurring within grains or at interfaces between adjacent grains
of the same phase. For the modelling of ductile fracture initiation caused by interface
decohesion between adjacent grains of different phases, a simple maximum principal stress
criterion is used,
σ1 = σ crit ,
(2.25)
where σ crit denote the interface strength. Both of these criteria are employed in Papers
D-E.
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2.7

Enhanced shell

The embedded band approach for shell elements presented in Paper C relies on a kinematic enhancement with respect to the localization problem to alleviate mesh dependency. It is based on the reduced integration Belytschko-Lin-Tsay (Belytschko et al.,
1984) shell element, where kinematic measures are formulated with respect to the basis
(e1 ,e2 ,e3 ) which rotates with the element, see Fig 2.5. The present implementation is
based on the developments of the embedded band approach for continuum problems by
Ortiz et al. (1987); Belytschko et al. (1988); Sluys and Berends (1998). The main difference, roughly described, is that traction continuity across the band is enforced in terms of
the stress resultant (force per unit width) tσij , where t is the sheet thickness, as opposed
to requiring that the stress is continuous across the band. It is assumed that the stress
state within the localized zone remains plane, which is a simplification. The additional
mode is activated when material instability is signalled, for each through-thickness gauss
point. This means that one-sided localization can occur in combined stretch and bending.
However, the bending behaviour has not been fully evaluated, and additional development may be required for these modifications to be applicable in e.g. crashworthiness
analysis. In this formulation, the localized band passes through the element centroid
at the integration point location, so that geometric conformity across the mesh is not
enforced.
e3

e1

e2
Figure 2.5: illustration of the localization enhanced shell.
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Chapter 3
Results summary
This chapter summarises the main results of Papers A-E, and aims to connect the various
results obtained to provide a common context throughout the work. It also relates the
findings of each paper to the overall objective of the research project.

3.1

A first approach

Paper A presents the OPTUS model, a coupled damage indicator inspired ductile fracture model also discussed in Section 2.4, capable to model the post-necking response
and predict crack initiation of thin-walled structures discretized with shell elements. A
calibration procedure based on full-field measurements enables the size dependence of
both the localization function and fracture model to be directly observed from experiments. Material parameters for three different grades of boron steel, named HT400,
HT550 and HT800, relevant to soft zones in tailored properties components, are presented. The results show that the approach of adapting material parameters to element
size is a feasible method for modelling post-localization and failure in tension-dominated
loadings. A metallographic analysis revealed that the HT400 and HT800 grades consists
of predominantly one constituent phase, where HT400 is ferritic and HT800 is bainitic.
This model makes no direct reference to microstructure composition, instead three sets
of material parameters referring to each grade is presented.
An extension of the ductile fracture model within the OPTUS framework is presented
in Paper B. To account for the processing history and microstructure, a hardness based
ductile fracture model is suggested. This is supported by an experimental investigation on ductile fracture properties in relation to indentation resistance, using essentially
the same experimental data as in Paper A. The intention at that time was to expand
the OPTUS model by including the effect of varying microstructure composition on the
flow properties, and combine with the hardness based fracture model. Attempts to estimate overall properties using iso-strain and iso-work assumptions where made but proved
unsuccessful. Instead, the route taken towards microstructure based modelling was the
mean field homogenization approach. However, directly incorporating the OPTUS model
23
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with MFH results in some difficulties. Partly conceptual, i.e. introducing element size
dependent softening on the constituent level, and partly technical, e.g. dealing with softening material behaviour. These issues motivated the developments presented in Paper
C.

3.2

Microstructure based modelling

In Paper C, an approach based on embedded bands in the element formulation, also discussed in Section 2.7, is proposed as an alternative method to alleviate mesh dependency
issues concerning ductile fracture prediction. Discontinuities in the strain field are introduced when instability is signalled by a local bifurcation analysis. For ductile fracture
prediction, the stress based MSV fracture criterion discussed in Section 2.6 is employed.
This paper also involves a recalibration of the ferritic HT400 and bainitic HT800 grades
from a somewhat more comprehensive experimental program to cover a larger span of
loading conditions. The presented modelling concept was more or less developed to be
easily extended to multi-phase materials, which is the topic of Papers D-E.
A systematic experimental investigation of the influence of phase content on the overall flow properties and ductility of boron steel is presented in Paper D. For this purpose,
a thermal processing system was developed and used to produce tensile specimens with
a wide range of microstructure compositions. Additionally, an integrated MFH-ductile
fracture model is evaluated where two separate fracture criteria, the MSV and an interface strength criteria, are formulated in terms of the local per-phase average stresses. The
experimental results shows significant ductility variations depending on microstructure
composition, which could not be captured by the MSV fracture criterion alone. Specifically, those specimens containing ferrite and martensite exhibit low ductility, which
motivated the concept of limited interface strength for the ferrite phase. Using the material parameters for ferrite and bainite obtained in Paper C, together with parameters
for martensite calibrated in the same way, the integrated MFH-ductile fracture model
seems to provide reasonably good predictions of the overall flow properties and ductility.
Paper E presents essentially a combination of the developments in Paper C and D, to
arrive at modelling approach which can be used to estimate the performance envelopes of
press-hardened components with tailored properties. A simple extension of the localization criteria based on bifurcation analysis to multi-phase materials is shown. Numerical
developments include a forward Euler scheme for integrating the MFH relations suitable
for explicit finite element analysis, which gives substantial savings in terms of computational expense compared to the implicit rule used in paper D. Numerical simulations of
tensile tests (the same tensile tests as in Paper D) indicates that useful predictions are
attainable.

Chapter 4
Conclusions and discussion
Reduction of fuel consumption and emissions by reduced vehicle weight constitute the
major driving force for the development of advanced materials and manufacturing processes in the automotive industry. One such technology is the simultaneous forming and
quenching, or press-hardening, of boron alloyed steel blanks, which can be used to produce high-strength sheet metal components. Depending on the in-die cooling rate, the
final component can attain a wide variety mechanical properties and spatial variation
thereof. This thesis work has looked at various aspects of ductile fracture modelling with
the objective to develop a modelling approach capable of simulating the deformation
behaviour and predict fracture initiation of press-hardened boron steel components with
a wide range of different microstructure compositions
To explicitly take into account the properties of the steel constituent phases, a modelling approach based on mean field homogenization was explored. This was combined
with two separate ductile fracture criteria referring to inter-phase and intra-phase fracture
mechanisms formulated in terms of the local average stress, so that the stress partition
between phases and the fracture limit of each phase and/or interface determines the effective ductility. In spite of inherent approximations concerning field fluctuations, geometry
and interactions at the microscale, and the uncertainties of the properties of each individual phase, predictions of the overall ductility and flow properties are satisfying. This
confirms that the different fracture behaviour observed can be captured, for the material
compositions studied in this work. This also indicates that a mean-field homogenization
approach combined with local fracture criteria is an efficient approach to the constitutive
and ductile fracture modelling of boron alloyed steel.
The flow and ductile fracture properties of constituent phases where estimated from
macroscopic tensile tests consisting of predominantly one phase which was considered
homogeneous, a principal assumption of this work. It is shown that the calibration
procedure based on full-field measurements can provide flow curves up to large strains,
and the stress state at fracture initiation, directly from the experimentally determined
deformation field.
A shell element with embedded discontinuities was employed to reduce mesh depen25
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dency in the post-localization deformation regime and increase coarse-mesh accuracy, a
method applicable to industrially relevant mesh sizes. This is an important requirement
with respect to computational expense when applied to large-scale simulations. It can
be concluded from numerical examples involving tensile tests of various geometries that
mesh sensitivity in the post-localization regime is significantly reduced, with improved
coarse-mesh accuracy for ductile fracture prediction. Given that an instability criterion
can be derived, the multi-scale constitutive model can be incorporated in a straightforward manner. Predictions of the elongation to fracture of tensile specimens consisting
of a wide range of microstructure compositions are, for the majority of compositions,
within a ten percent error margin of the experiments. From these results, it can be concluded that the developments presented in this thesis can prove to be valuable for the
establishment of predictive tools that can aid the design of press-hardened components.

Chapter 5
Outlook
Naturally, the work presented in this thesis was delimited in several aspects. A rational extension would be to consider some of the limitations discussed in Section 1.4,
such as anisotropy and strain rate dependency. Mean field homogenization schemes for
elasto-viscoplastic constituents applicable to general loading conditions have been recently proposed (see e.g. Mercier and Molinari, 2009; Doghri et al., 2010) which are
interesting for the present application. Khan and Liu (2012b) extended the stress based
fracture criterion to strain rate and temperature dependence. The effect of non-spherical
inclusion shapes on resulting overall anisotropic properties could also be evaluated. The
stress based fracture criterion performed well in terms of fracture initiation prediction.
However, if propagation is simulated by diminishing the load-bearing capability of the
material point which has exceeded the fracture limit, some additional dissipative mechanism should be added. Otherwise, specifically in dynamical simulations where stress
waves propagate through the structure, spurious cracking might occur. In Papers C-E
a power-law flow stress model is used to represent the stress-strain behaviour, which
is calibrated from experimental data obtained from full-field measurements. This was
chosen mainly for simplicity, but a more elaborate expression might be able to represent
experimental data with higher accuracy. In general, additional verification and validation of the proposed modelling approach when it comes to more complex geometries and
component-like structures would be helpful.
It would also be interesting to pursue the vision of predicting the performance envelopes of tailored properties components with varying microstructure, using the predicted as-formed geometry and microstructure composition from a thermomechanical
forming process simulation employing the phase transformation models put forward by
Åkerström (2006). That would enable a product development tool capable of predicting
the deformation and fracture behaviour of components based solely on manufacturing
process conditions.
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P. Åkerström, G. Bergman, and M. Oldenburg. Numerical implementation of a constitutive model for simulation of hot stamping. Modelling Simulation Mater. Sci. Eng.,
15(2):105, 2007.
Y. Bai and T. Wierzbicki. Application of extended mohr-coulomb criterion to ductile
fracture. International Journal of Fracture, 161(1):1–20, 2010. ISSN 0376-9429.
Y. Bao and T. Wierzbicki. A comparative study on various ductile crack formation
criteria. Journal of Engineering Materials and Technology, 126(3):314–324, 2004.
A. Bardelcik. High Strain Rate Behaviour of Hot Formed Boron Steel with Tailored
Properties. PhD thesis, University of Waterloo, 2012.
A. Bardelcik, C. P. Salisbury, S. Winkler, M. A. Wells, and M. J. Worswick. Effect of
cooling rate on the high strain rate properties of boron steel. International Journal of
Impact Engineering, 37(6):694 – 702, 2010. Impact Loading of Lightweight Structures.
A. Bardelcik, M.J. Worswick, S. Winkler, and M.A. Wells. A strain rate sensitive constitutive model for quenched boron steel with tailored properties. International Journal
of Impact Engineering, 50(0):49 – 62, 2012.
A. Bardelcik, M. J. Worswick, and M. A. Wells. The influence of martensite, bainite
and ferrite on the as-quenched constitutive response of simultaneously quenched and
deformed boron steel - experiments and model. Materials & Design, 55(0):509 – 525,
2014.
29

30

References
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A. Hillerborg, M. Modéer, and P.-E. Petersson. Analysis of crack formation and crack
growth in concrete by means of fracture mechanics and finite elements. Cement and
Concrete Research, 6(6):773 – 781, 1976.
H. Hooputra, H. Gese, H. Dell, and H. Werner. A comprehensive failure model for
crashworthiness simulation of aluminium extrusions. International Journal of Crashworthiness, 9(5):449–464, 2004.
G. R. Johnson and W. H. Cook. Fracture characteristics of three metals subjected
to various strains, strain rates, temperatures and pressures. Engineering Fracture
Mechanics, 21(1):31 – 48, 1985.
J. Kajberg and G. Lindkvist. Characterisation of materials subjected to large strains
by inverse modelling based on in-plane displacement fields. International Journal of
Solids and Structures, 41(13):3439 – 3459, 2004.
A. S. Khan and H. Liu. A new approach for ductile fracture prediction on al 2024-t351
alloy. International Journal of Plasticity, 35(0):1 – 12, 2012a.
A. S. Khan and H. Liu. Strain rate and temperature dependent fracture criteria for
isotropic and anisotropic metals. International Journal of Plasticity, 37(0):1 – 15,
2012b.
J. Lemaitre. How to use damage mechanics. Nuclear Engineering and Design, 80(2):233
– 245, 1984. 4th Special Issue on Smirt-7.
J. Lemaitre. A continuous damage mechanics model for ductile fracture. Journal of
Engineering Materials and Technology, 107(1):83–89, 1985.
H. Li, M.W. Fu, J. Lu, and H. Yang. Ductile fracture: Experiments and computations.
International Journal of Plasticity, 27(2):147 – 180, 2011.
G. Lielens, P. Pirotte, A. Couniot, F. Dupret, and R. Keunings. Prediction of thermomechanical properties for compression moulded composites. Composites Part A: Applied Science and Manufacturing, 29(1-2):63 – 70, 1998. Selected Papers Presented at
the Fourth International Conference on Flow Processes in Composite Material.
F. A. McClintock. A criterion for ductile fracture by the growth of hole. Journal of
Applied Mechanics, 35(2):363 – 371, 1968.
S. Mercier and A. Molinari. Homogenization of elastic-viscoplastic heterogeneous materials: Self-consistent and mori-tanaka schemes. International Journal of Plasticity, 25
(6):1024 – 1048, 2009.

References

33
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Abstract
Within the press-hardening technology, where hot sheet blanks are simultaneously formed
fixed and quenched, new methods with differential thermal treatment come to light.
With controlled tool temperature variation, components with tailored properties can be
produced. Automotive components combining high energy absorption and intrusion protection in a crash situation are feasible. In the present work the mechanical properties
of three different material qualities, beginning with the same base sheet metal subjected
to different thermal histories, are investigated. A strategy for modelling post-necking
response and crack initiation using shell elements larger then the typical bandwidth of
the localized neck is used. The model relies on a sequence of full field measurements
throughout a tensile test; i.e. Digital Speckle Photography(DSP). The full field experimental method allows for evaluation of mechanical and failure properties at different
analysis lengths, providing parameters for a model which accounts for shell element size.
Additionally the model contains a strain based failure criteria as a function of stress
triaxiality. Good correlations between a simulated tensile test and experimental results
were found. A detailed metallographic study of the three grades was performed and is
presented.

1

Introduction

The increasing demand to reduce vehicle weight in the automotive industry has led to
a increase in use of ultra high strength press hardened safety structures. The presshardening process uses boron steel blanks which are first austenitized at a temperature
of ∼ 900o C and then formed and quenched between cold tools. The coming generation of
these components can have tailored mechanical properties, providing additional means
for designing the structural response in a crash situation. Soft zones in certain areas of
the component can give an advantageous crash deformation mode, whilst retaining homogeneous thickness. Varying properties can be obtained by controlling the cooling rate
during the forming process. By controlled tool temperature variation, zones of bainiticferritic microstructure with continuous transition to ultra high strength martensite gives
the desired mechanical properties. The final microstructure composition of a press hardened part can be predicted by finite element simulations using the constitutive model
suggested by Åkerström et al. (2005). This is based on modelling of the decomposition of
austenite into daughter phases during simultaneous forming and quenching (Åkerström
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and Oldenburg, 2006). Material parameters for boron alloyed steel where estimated in
Åkerström et al. (2007).
An important precondition for the application of tailored components in vehicle structures is the characterization of deformation and fracture properties of the different material grades present in the component. This study comprises of evaluation of mechanical
properties including post-necking and failure behaviour three material grades. The material grades are produced by press-hardening of a boron alloyed steel with different
thermal histories according to those typically used for soft zones. They are labelled
HT400, HT550 and HT800 according to their yield strength.
During initial tensile plastic deformation of a sheet metal, plastic strain is generally
distributed uniformly within the volume. If further loaded, the plastic strain often localizes first forming a diffuse neck and finally a localized neck preceding rupture. Once
a neck has formed, subsequent straining is confined within the neck. This causes an
instability when the increase in stress due to decrease in load-carrying area is greater
then the increase in load-carrying ability of the metal due to strain hardening. The rate
of decrease in cross-sectional area may also be accelerated due to material deterioration
caused by ductile plastic damage. Localized necking is the dominant mechanism leading
to fracture of safety components in a crash.
In this work the localization process is observed experimentally using full field Digital
Speckle Photography (DSP) measurements in accordance with the method used by Eman
(2007). The DSP method produces a two-dimensional displacement field determined at a
very small measuring length compared to ordinary tensile testing with extensiometer. In
this work a smallest measurement length of 0.5 mm is sufficient for capturing localization
and obtaining material data, however higher resolutions are possible which was discussed
in Eman (2007). Calculation of the strain field is described in Eman (2007), where
the theoretical background can be found in textbooks such as Bonet and Wood (2008).
Hencky’s logarithmic strain tensor is used. With this method the evolving strain field
during a tensile experiment can be measured over time, and the strain levels within the
localized band surface up to rupture can be determined. Using Digital image correlation
for materials characterization is described further by Kajberg and Lindkvist (2004), who
used an inverse procedure to obtain material parameters.
Finite element analyses using various yield criteria and constitutive relations have
been widely applied to analyse plastic deformation of ductile materials and predict strain
localization behaviour. Strategies to alleviate mesh-dependence includes rate dependant
material description (Needleman, 1988), and non-local constitutive relations (De Borst
and Mühlhaus, 1992) in which a material characteristic length scale is introduced.
The aim of the current work is to be able to cost-effectively predict the mechanical response of the three investigated material qualities under large-scale industrial simulation
circumstances using the finite element method. Traditionally, this precludes an element
size small enough to spatially resolve localized necking, since the size of the localized
zone is comparable to sheet thickness.
Approaches concerning the modelling of post localization material behaviour under
these circumstances with large spatial discretization (compared to the studied phenom-
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ena) has been presented in literature. See Kessler et al. (2009) where a post instability
strain is calculated based on element dimensions, to minimize mesh dependency on failure prediction. The objective of this work is similar in the sense that the intent is not
to model the phenomenon of localized necking, but rather its effects on load response
and subsequent rupture. This leads to a methodology adopted here which suggests that
constitutive and failure parameters should be adapted to element size, by introducing an
’analysis’ length scale into the yield equation. Analysis length is not viewed as a material
parameter, but rather as a coupling between local plastic strain and the plastic strain
calculated with at certain mesh size. From the experimental DSP evaluation at a small
analysis length, parameters for a model which minimizes mesh dependency on both post
localization response and failure prediction can be determined.

2

Material

The base steel material investigated is USIBOR 1500 P produced by ArcelorMittal. This
steel contains boron which suppresses the nucleation of proeutectoid ferrite on austenitic
grain boundaries, thereby increasing the hardenability. Prior to heat treatment, USIBOR
1500 P exhibits homogeneous distribution of pearlite and an equiaxed grain ferritic matrix. By a controlled tool temperature process in a plane hardening tool, the hot blanks
are subjected to different thermal cycles. The sheet is first heated to austenitization temperature and then cooled at a controlled rate and finally post-cooled, See Figure 1. Three
different multi-phase microstructures were developed and characterized by a combination
of light-optical metallography and electron backscattered diffraction. These grades are
intended to be used in vehicle components with tailored properties. The microstructural
phase fraction content of the materials is shown in Table 1. The addition of boron is
a necessary requirement for a successful heat treatment to obtain these grades. Three
different plasticity and fracture test specimen geometries are cut from the sheets, one
with notch radius 30 mm, second with notch radius 10 mm and a third straight sample.

Table 1: Phase fraction content.
Grade

HT800
HT550
HT400

3

Austenite

Ferrite
Polygonal

0.75 ± 0.3
1.50 ± 0.5
1.75 ± 0.5

−
−
≤ 0.50

Phase content (%)
Irregular

Bainite
Upper

Lower

−
25.0 ± 15.0
95.0 ± 5.0

−
75.0 ± 25
≤ 3.0

97.0 ± 2.0
≤ 5.0
−

Martensite
1.00 ± 0.5
2.25 ± 0.5
3.50 ± 1.0

Modelling

Mesh dependency issues in conventionally conducted finite element analysis of localization
phenomena incorporates several aspects. Loss of ellipticity of the governing equations
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Figure 1: Schematic illustration of temperature history with the definitions of process
sequences. Temperatures illustrated are Ta which is the austenitization temperature and
Tr denotes ambient temperature. tph is the time for pre-handling between furnace and
tool, ttc is the tool cooling time and tpc is the post cooling time.
causes numerical solutions to be inherently mesh dependent as the width of the localized
band is set by the mesh spacing (Needleman, 1988). The ability of the finite element
mesh to resolve localized necking clearly influences numerical results. Both of these
effects have a significant impact on computed stiffness and deformation characteristics.
As earlier mentioned the aim of the current work is to include predictive capability of postlocalization load response using elements larger then the localized zone. A modification
of von Mises yield equation is suggested,
p
σ = 3J2 ,
(1)
f = σ − σy (1 − L),
where σy is the current yield strength and J2 is the second deviatoric stress invariant.
L is termed the localization function introduced to reduce load bearing capability of
the material. L is dependent on analysis length, denoted l, and evolves with equivalent
plastic strain εp ,
L = A[exp(B(εp − ε0 )) − 1],
εp ≥ ε0 .
(2)
A and B are functions of l,

A0
,
B = B0 l,
(3)
l
and ε0 is equivalent localization threshold strain. A0 and B0 are material parameters.
The localization function approach is adopted from Häggblad et al. (2009), but with
A=
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the modification that the L function causes weakening, by reduction of the current yield
strength, instead of reduction of Youngs modulus. L can be viewed as to be composed
of both geometric effects unresolvable by the mesh, and micro-voids induced by plastic
damage, although to a lesser extent.
A strain based failure criterion by Häggblad et al. (2009) is used in which failure
strain, εf , is also dependant on analysis length and the state of stress,
εf = (εf0 − ε0 )e−Cl + ε0 .

(4)

The analysis length dependence is introduced to comply equivalent strain to failure with
element size. The variable εf0 of Equation (4) is failure strain at zero l, i.e. εf = εf0 for
l → 0. Failure is postulated to occur when the localization function reaches its critical
value Lf ,
Z tf
L̇
dt = 1,
(5)
f
0 L
where the rate form of L yields
L̇ = B(L + A)ε̇p ,

Lf = A exp[B(εf − ε0 ) − 1].

(6)

To account for the state of stress on failure any suitable equation where equivalent failure
strain is a function of the stress invariants can be used within this framework. The ductile
failure function of Hooputra et al. (2004) is adopted here and inserted in Equation (4)
εf0 = d0 e−dη + d1 edη ,

η=

σm
.
σ

(7)

where η is the stress triaxiality parameter, the ratio of mean hydrostatic stress to equivalent stress. Analysis length, l in Equations (2) to (7), is taken to be a dimensionless
characteristic element size, e.g. square root of shell element area, Ainit , divided by thickness, tinit . Observe that it is the initial area and thickness that is used i.e. l describes
the level of spatial discretization, not a measure of deformation.
√
Ainit
(8)
l=
tinit
The introduction of l into the constitutive equations allows for an effective treatment of
mesh sensitivity in terms of load response and failure prediction.

4

Experimental procedure

The full-field measurements provides direct information about the local planar deformation field at the region of interest for a number of time instants during deformation. If
the specimen surface exhibits a random pattern the in-plane displacement of any small
unique region can be determined by a cross-correlation procedure of the digital images
taken before and after deformation. The digital image correlation is performed stepwise
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using the previous image as reference state. The in-plane strain and shear components
are calculated from the displacement field. A detailed description of the digital image
correlation procedure and the method of determining the strain field can be found in
Kajberg and Lindkvist (2004).
A servo-hydraulic testing machine and a charge-coupled device (CCD) camera is used
to perform tensile plasticity and failure experiments. The speckle pattern is applied with
black and white spray paint. About 40 images are taken from initial unloaded specimen
up to final fracture. The image sampling rate is adjusted so that the homogeneous
deformation is captured by the first 12-15 images, and then the sampling rate is increased
when deformation localizes. This gives approximately a constant strain increment per
image. All tests are run under quasi-static displacement control at room temperature.
Three repetitions of each test are performed. Three material qualities and two specimen
geometries render in an experimental program of 18 tests.
The experimentally determined strain field together with the specimen force recordings constitute the basis for evaluation of parameters for the material model. To determine the flow curve and experimental values of the localization function, denoted Lexp ,
a strategy that closely follows Eman (2007) is adopted. With an assumption of plane
state of stress and the above discussed material relationship, associative J2 plasticity and
isotropic piecewise linear hardening, the stress acting within a cross-section of the tensile
specimen is calculated using a hypo-elastoplastic rate formulation:
ep
σ˙ij = Dijkl
ε̇kl

(9)

ep
where Dijkl
is the elasto-plastic tangent stiffness. If the yield stress term of Equation
(L)

ep
(1) is rewritten as σy (1 − L) = σy , the derivation of Dijkl
follows standard procedure
for J2 plasticity and can be found in textbooks such as Ottosen and Ristinmaa (2005).
Equation (9) is integrated using the radial return algorithm (Simo and Taylor, 1985)
and an iterative Newton method to find the through-thickness strain increment which
satisfies the plane stress constraint. When the stress is known, the specimen force can
be evaluated by integration over the current cross-sectional area. While the strain field
is homogeneous according to the Considére stability criterion, (Considére, 1885),

H − σ ≥ 0,

(10)

is met, the plastic modulus H is determined in each step by minimization of the difference
between recorded and calculated force with respect H and Lexp = 0. If Equation (10)
is not met, H is kept constant at H = σ c , the effective stress value at the point of
instability, and Lexp is the function value determined. The resulting flow and localization
curves are piecewise linear with a number of points equal to the number of experimentally
determined strain fields. The purpose of the introduction of Lexp is to eliminate possible
softening in the flow-curve which is instead represented by the localization curve. An
advantage is that depending on the analysis length at which the strain field is observed,
a corresponding Lexp curve can be determined whilst the flow curve remains the same.
This is taken advantage of by averaging the strain field at a number of different grid
sizes and repeating the described procedure to produce several experimental localization
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Figure 2: Schematic illustration of the strain field averaging procedure at 5 mm grid
size. a: Strains within each of the grid squares are averaged to the center, where the
stresses are calculated. b: Normalized major strain averaged at l = 0.38, 0.78 and 4.1
dimensionless analysis length, i.e. the square root of grid square area divided by sheet
thickness.
curves each corresponding to a certain analysis length. A schematic evaluation at 5
mm analysis length is shown in Figure 2a with an outline of the specimen in thick
line and crosses illustrating the points where the strain field is determined. The strain
field is averaged within each grid square and the stresses are calculated at mid-point
designated by circles. Figure 2b shows the resulting normalized major strain produced
by the averaging procedure for three different analysis lengths.

5

Calibration

The choice of failure loci, Equation (7), dictates the number of test geometries required
for calibration. From an extensive experimental program performed by Eman (2007)
and Häggblad et al. (2009), it was observed that the results from different specimen
thicknesses are consistent if normalized by thickness. Since the equation for analysis
length, Equation (8), contains a normalizing thickness parameter, only one specimen
thickness is used for calibration in this work.
The flow curve is constructed in a piecewise linear manner as described, using one
of the specimens preferably with the highest failure strain to define a flow curve up to
the highest possible equivalent plastic strain. Failure is assessed as the image directly
preceding a to the eye visible crack opening. When a flow curve is obtained, experimental
localization curve data are computed for all test geometries at a number of different
experimental measuring distances. Once experimental localization curves are obtained,
calibration of the localization and failure model is performed in a stepwise procedure. In
total the model contains 7 parameters, A0 , B0 , C, ε0 , d, d0 and d1 .
1. Localization threshold strain, ε0 , is observed as the value of equivalent strain when
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H − σ = 0, i.e at point of tensile instability.
2. Using Equation (4) together with experimentally obtained failure strains for a number of different analysis lengths and triaxiality values, εf0 and C can be obtained
by best fit.
3. When εf0 is known, which is failure strain extrapolated to zero l, for at least 3
triaxiality values, d, d0 and d1 in Equation (7) can be determined.
4. B0 is found from the normalized localization function LLf , in which B is the only
unknown. A best fit by least squares to the normalized experimental localization
curves from three experimental repetitions is performed.
5. Finally the function A/l is the only remaining unknown and is determined with
Equation (2) together with experimental localization curves at a number of different
analysis lengths.

Since the triaxiality parameter may vary during the loading process, additional assumptions are needed to calibrate the failure model. To overcome this issue, the failure loci
is calibrated to a weighted average of the experimentally determined stress triaxiality at
the location of subsequent crack initiation,
hηi =

Z
0

εf

∆Lexp
η dεp ,
max(Lexp )

(11)

where h•i denotes an average, ∆Lexp is the increment of the experimental localization
value and max(Lexp ) is the maximum value (at fracture). Thus the weight used is the
normalized increment of the experimental localization value, introduced to give a larger
significance of η at the end of the loading process closer to fracture. The hypothesis is
that the stress state during localized necking and ductile fracture process has a larger
influence on the ductility limit than the stress state during initial plastic loading. To
summarize the calibration procedure it is clear that the experimental localization curves,
determined from the full-field measurements, are the key quantities. The calibration
result is shown in table 2. Since only two specimen geometries where used for model
calibration the second term of Equation (7) is unused.

Table 2: Model parameters.
Grade

A0

B0

C

ε0

d

d0

d1

HT800
HT550
HT400

5.2e-01
1.1e-01
1.4e-01

3.3e+00
3.1e+00
2.7e+00

2.7e-01
2.5e-01
2.5e-01

5.0e-02
6.0e-02
1.0e-01

1.1e+01
3.0e+00
2.9e+00

1.8e+02
2.3e+00
2.3e+00

0.0e+00
0.0e+00
0.0e+00
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6

Results

Primary experimental results are the time-histories of the tensile force and elongation,
together with the plane displacement field of the speckled subimages. The presented
method produces stress and strain fields at the region of interest at known time instants.
The main results of the calibration are the model parameters, shown in Table 2. The
performance of the model is validated through comparison of simulated tensile tests and
experimental data.
It is possible to follow the development of certain quantities at the critical point where
a crack eventually initiates. To illustrate the differences in localization behaviour between
the material grades, the direction of the localized band with respect to the loading axis is
shown in Figure 3, for the 30 mm radius specimen. A greater amount of strain hardening

x2

x1
θ

Figure 3: Experimentally determined localized band direction with respect to the loading
axis, x1 . HT800, HT550 and HT400 gives θ = 69.9, 75.5 and 76.9 degrees, respectively.
seems to favour localization directions at sharper angles with respect to the loading axis.
From the localization threshold value, ε0 in Table 2, it is observed that a larger initial
yield strength accelerates the formation of a localized neck. The hardening characteristics
play an important role in which deformation mode dissipates the minimum energy.
An illustration of the localization and failure model is shown in Figure 4. The thick
solid line is the flow curve. Solid, dashed and dash-dot curves are the localization curves
L for different analysis lengths, while stars, squares, circles etc. are the corresponding
experimental localization values. The failure locus, Equation (7), is shown in figure 5.
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The dots represent the calibration points, which are the weighted average of the stress
triaxiality, Equation (11), together with equivalent strain to failure. The thick line is the
failure function, and the dashed and dash-dotted lines are experimental results without
averaging. It is observed especially for the two softer material grades that the local stress
triaxiality approaches that of transverse plane strain tension irrespective of notch radius.

l
l
l
l
l
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= 0.38
= 0.78
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0.4
0.5
True equivalent plastic strain (-)

0.6

Figure 4: Flow curve (thick line) and localization curves for a number of analysis lengths,
HT400. Stars, squares circles etc. are experimental localization curves which the localization model (Equation (2)) is fitted to. The apparent fracture strain, dependent on the
analysis length l, is indicated by a zero inclination of the localization functions.

7

Error assessment and model validity

The uncertainties concerned with the DSP evaluation is dependent on the correlation
values and the size of the speckles and subimages. The total error will be a consequence
of errors corresponding to all incremental displacement steps used. This is discussed in
detail by Kajberg and Lindkvist (2004), who found that the uncertainties in equivalent
plastic strain lay in the approximate interval 0.0015 to 0.0056.
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Figure 5: Failure envelope for HT400 (thick line), Dots indicate calibration points. The
dashed and dash-dot lines are the time-histories of stress triaxiality and equivalent plastic
strain obtained from experiments of the two notched samples.
The most significant experimental uncertainty arise from the failure strain assessment.
As mentioned the strain field is evaluated incrementally through the set of digital images
from the first one to the one directly preceding a visible crack opening. Thus the failure
strain error is the increment from the last sample to the true crack initiation point. The
last sampling of the equivalent plastic strain increment provides an assessment of the
underestimation error, which is about 0.022. Including the uncertainties related to the
DSP method, this gives a total relative error of 3% to 5 % in underestimation of the true
fracture strain. The presented failure loci can therefore be viewed as a lower bound.
The stress state is directly determined from the measured inhomogeneous strain field
and the recorded cross-section force. We make use of the von Mises associative plasticity
model which provides sufficient accuracy for the loading states studied. However, this
experimental method as such is not limited to any specific constitutive model, more advanced theories, such as the plasticity model proposed by Bai and Wierzbicki (2008) is
feasible within the proposed experimental procedure. The specimen is assumed to be in a
state of plane stress through the complete deformation history. This assumption is analogous with that of shell elements, thus the experimentally determined stress triaxiality
conforms with the stress triaxiality that would be reproduced by a shell element.
The intended application of the present model is post localization load response and
fracture initiation analysis using the finite element method, with finite elements that
are larger then the size of the localized zone. The model is limited to shell element
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discretization, and certain limits are imposed on the element size as well. To obtain
accurate results, the allowed element size is bounded by the smallest and largest measurement length used for model calibration. With the parameters presented in this study
the element size should be between 0.5 mm and 7.5 mm. As shown in figure 2, the
localization function fits well to experimentally obtained values.
The failure model, Equation (7) with the parameters in table 2 represents a monotonic function of failure strain with respect to the stress triaxiality parameter. This is
experimentally supported within the loading range studied here. However in a larger
span of loading conditions, experimental evidence has shown that material ductility is
not a monotonic function of η which is discussed in Wierzbicki et al. (2005). Therefore
the calibration points of Figure 5 should be viewed as the validity limits on stress triaxiality in this work. A simplification is made where the localization threshold strain ε0 is
assumed to be constant and independent of stress state and history.
As a validation example a finite element simulation of a tensile fracture experiment is
performed using different mesh sizes. The purpose is to review the predictive capability
in terms of overall load response, failure elongation and failure load compared to the
corresponding experiment. The conformity of results using different element sizes are
investigated. A straight initially uniaxial specimen is chosen, which has a lower stress
triaxiality than both of the specimens used for calibration.
The presented localization and failure model together with associative J2 plasticity
and piecewise linear isotropic hardening material routine is implemented into the commercial finite element solver LS-DYNA (Hallquist, 2006) through a user-defined material
subroutine. The specimen is discretizised with fully integrated quadrilateral shell elements (Type 16) using three different element sizes, see figure 6. Displacement boundary
conditions are prescribed to zero at one end of the specimen and linear displacement on
the other corresponding to experimental conditions. The result is depicted in figure 7 in
the form of stress-strain curves determined with a 50 mm gauge length.

8

Conclusion

Three different multiphase steel grades with significantly different behaviour in terms
of mechanical and failure properties are characterized. Experimental observations of
post-localization crack initiation phenomena are facilitated by a full field measurement
technique. Using these experimental results a phenomenological localization and failure
model is parametrized. The predictive capacity in terms of stiffness and crack initiation
is mesh-independent, to engineering type accuracy, within the characteristic shell element
sizes studied. The introduction of the localization function in the constitutive relations
controls the response of the element where strain localizes in a manner consistent with
experiments. The model is not applicable for numerical analyses of the localization
phenomena itself using a discretization smaller than the width of the localized band.
Only ductile failure is considered in this work. It is however possible to use a more
comprehensive failure function by expanding the dependence of failure strain on stress
state within this strategy. Similarly a more general criteria to determine the localization
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2 elements trough specimen width

3 elements trough specimen width

4 elements trough specimen width
Figure 6: Tensile test specimen discretized by 3 different mesh sizes. The width of the
test specimen body is 12.5 mm.

initiation point would be useful to analyse a wider range of loading conditions.
Comparing the stress-strain response obtained with different mesh sizes, the results
show that the approach of adapting material parameters to element size with the presented model is a feasible method for modelling post-localization and failure in e.g. largescale crashworthiness simulations. The press-hardening process offers a technological
advantage, where varying material properties within a component are obtainable by differential thermal treatment during forming. The present model can be used in situations
where the components are manufactured with discrete fields with tailored material properties according to the defined steel grades. The intention is to expand model capabilities
to continuously varying tailored material properties within the same component.
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Figure 7: Predicted and measured stress-strain response of a uniaxial tensile test specimen with 50 mm gauge length, for three material grades. Three mesh sizes are used
designated by 4, 3 and 2 elements trough the width of the specimen. The experimental curves are obtained from three repetitions, where the experimental variations are
illustrated by bars with height of one standard deviation.
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R. De Borst and H-B. Mühlhaus. Gradient-dependent plasticity: Formulation and algorithmic aspects. International Journal for Numerical Methods in Engineering, 35(3):
521–539, 1992. ISSN 1097-0207.
J. Eman. Study and characterization of localization and failure behaviour of ultra high
strength steel, 2007.
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Failure model evaluation for varying microstructure
based on material hardness
R. Östlund, M. Oldenburg, H.-Å. Häggblad and D. Berglund

Abstract
The growing demands to reduce vehicle weight in the automotive industry has led to
an increase in the use of press hardened safety structures. Using new thermo-mechanical
processes with differential heating and cooling, components with tailored mechanical
properties can be produced. Specific zones of a component can be subjected to a slower
cooling rate, producing a bainitic-ferritic multiphase microstructure with continuous transition to fully quenched ultra-high strength martensite. This combination of properties
within a component gives additional means for designing the structural response in a
crash situation. An important prerequisite for the application of new material grades
is the characterization of its failure properties. In this work post-necking and rupture
of five different grades is studied using full-field measurement techniques. A strategy to
account for varying phase composition in failure modelling based on material hardness
is evaluated. This is incorporated in the modelling method where mesh size dependency
of post-localization and failure prediction is accounted for. Constitutive and failure parameters are adapted to element size by introducing an analysis length scale parameter
into the constitutive and failure model equations. Failure strain is taken to be dependant
on stress state represented by the stress triaxiality parameter and phase fraction content characterized by material hardness. With the mechanical properties predicted by a
thermo-mechanical phase-transformation simulation and the failure mixture law based on
material hardness, the aim is to be able to predict the structural response of components
with tailored properties.

1

Introduction

Simultaneous forming and heat treatment of thin sheet structures offers many interesting
technological advantages compared to ordinary cold working. A high strength of the final
part together with high level of geometrical complexity makes it suitable for light weight
and high-performing car crash protection systems. Due to low ductility of the ultrahigh strength martensitic micro-structure further increase in crash performance can be
obtained by producing components with tailored properties. Generally two different
approaches to realize components with tailored properties within the press-hardening
technology can be identified. The first one applies tailored welded blanks consisting
of heat-treatable and non heat-treatable steel grades, and in the other approach the
57
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homogeneous blank is subjected to differential heat treatment. By adjusting local microstructural phase compositions a wide range of mechanical properties are obtainable within
the same component. High energy absorption and high intrusion protection in a crash
situation can be combined.
Trough recent advances of process modelling within the press-hardening technology,
predictions of the workpiece final constituent properties are feasible. Micro-structure
evolution with its related change in deformation properties is determined by finite element (FE) simulations of the thermo-mechanical problem together with models for
phase transformation kinetics. Details of the process modelling strategy can be found in
Åkerström (2006), and a study of process parameters to obtain soft zones in a typical
press hardened component is presented in Oldenburg and Lindkvist (2010). To achieve
a crashworthiness modelling concept for tailored components, a failure criterion which
accounts for the significantly different ductility of various phase mixtures obtainable in
the manufacturing process is needed. The aim of the current work is to evaluate a failure
model (Häggblad et al., 2009), in context of tailored components with spatially varying
micro-structure composition. It is investigated whether local failure strain can be related
to material hardness.
During initial tensile plastic deformation of a sheet metal, plastic strain is generally
distributed uniformly within the volume. If further loaded the plastic strain often localizes, first forming a diffuse neck and finally a localized neck preceding rupture. Once a
neck has formed, subsequent straining is confined within the neck. This causes an instability and the ductility limit of the material is rapidly reached. Plastic strain rate increase
may also be accelerated due to material deterioration caused by ductile plastic damage.
Localized necking is a dominant mechanism leading to fracture of safety components in
a crash situation.
Instability is also associated with the analysis of localization problems, where under quasi-static loading conditions the equations of incremental equilibrium for rateindependent material descriptions lose ellipticity (Needleman, 1988). As a consequence
finite element (FE) numerical solutions of localization problems are mesh dependent
Tvergaard et al. (1981). The discretization decides the width of the localized band and
therefore affects calculated stiffness and strain level within the localized zone. Another
issue is the ability of the mesh to accurately resolve localized necking. These matters
must be addressed in order to successfully use a strain based failure criterion for problems
where localized necking is a probable mode of deformation. A methodology suggested
in Häggblad et al. (2009) is adopted here where constitutive and failure parameters are
adapted to element size by introducing an ’analysis’ length scale into these equations.
Analysis length is not viewed as a material parameter but rather as a coupling between
local plastic strain and the plastic strain calculated with a certain mesh size.
Material indentation resistance in relation to mechanical properties have been numerously investigated in literature, see e.g. Belenḱii et al. (1976),Umemoto et al. (2013). In
the present work the correlation between Vickers hardness HV and equivalent plastic failure strain is phenomenologically investigated. Tensile failure experiments of five material
grades subjected to different thermal histories are performed. A full-field measurement
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technique using Digital Speckle Photography (DSP) is used to record the displacement
field at a small length scale compared to conventional tensile testing with extensiometer.

2

Failure model

The failure criterion suggested in Häggblad et al. (2009) is chosen for the present evaluation. Failure strain, εf is formulated as a monotonically decreasing function of analysis
length, l
εf = (εf0 − ε0 )e−Cl + ε0

(1)
εf0

and ε0 represents localization threshold strain. The quantity
is failure strain at zero
l, i.e. εf = εf0 for l → 0. C is a material dependent parameter that describes the
exponential decay in failure strain with respect to analysis length. Analysis length is
defined as the square root of element area, Ainit , divided by sheet thickness, tinit ,
√
Ainit
l=
.
(2)
tinit
Observe that it is the initial area and thickness that is used i.e. l describes the level
of spatial discretization, not a measure of deformation. It is assumed that shell element
representation of the workpiece is used. The localization threshold strain is here identified
as the equivalent plastic strain value at instability in uni-axial tension according to the
Considére criterion (Considére, 1885)
h(ε0 ) − σ = 0,

h=

∂σ
.
∂εp

(3)

Where the von Mises equivalent stress, σ at instability in Equation (3) can be approximated as the ultimate tensile strength σ t of the material. A linear relationship between
hardness and strength is normally assumed as a rule of thumb in estimating the strength
of steels from hardness measurements. With this assumption threshold strain can be
solved from the relation
σ t = kHV , h(ε0 ) − kHV = 0
(4)
where h is the flow curve tangent of the composite phase-mixture. The quantity εf0 in
Equation (1) is taken to be a function of the stress triaxiality parameter, η, and the local
microstructure of the material point characterized by hardness Vickers, HV .
Among assumptions in literature, Leskovšek et al. (2002) suggested that local equivalent failure strain is inversely proportional to the hardness of the matrix phase of highspeed steels. Umbrello et al. (2004) investigated the relation between critical damage
value and hardness and concluded that critical damage decreases linearly with hardness
for AISI 52100 bearing steel. Based on experimental observations for the boron alloyed
steel it is proposed that local failure strain is exponentially decreasing with hardness
2

εf0 = (aH V + b)e−(cH V +d)η ,

HV =

HV
,
HV∗

η=

σm
,
σ

(5)
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where a, b, c, and d are model parameters, σm is mean stress and σ is equivalent stress.
Equation (5) states that failure strain decreases monotonically with η which is assumed
to be sufficiently accurate within 0.4 ≤ η ≤ 0.58, the validity limits on stress triaxiality
in this work. In a larger span of loading conditions, experimental evidence has shown
that material ductility is not a monotonic function of η which is discussed in Wierzbicki
et al. (2005). Hardness is normalized with the maximum measured hardness, HV∗ , of the
fully quenched martensitic microstructure.

2.1

Hardness estimation model

The equations for hardness calculation presented in Åkerström (2006) in context of presshardening of boron alloyed steels are recapitulated here for conceptual completeness:
HVf p = Kf p1 + Kf p2 log10 V
HVb

= 259.4 − 254.7C + 4834.1C

(6)
2

HVm = 181.1 + 2031.9C − 1940.1C 2

(7)
(8)

where the superscripts fp, b and m stands for ferrite/pearlite, bainite and martensite.
The different K for the ferrite/pearlite products depends on the alloying elements and can
be found in Maynier et al. (1977). V is the average cooling rate between 800 and 5000 C
and C is the carbon content. To determine the the hardness of the final microstructure
a linear mixture law is used
4
X
HV =
HVi xi , 0 ≤ x ≤ 1
(9)
i=1

where xi is the i’th phase (or phase mixture) relative mass content of the steel grade.

3

Experimental methods

The full-field measurements provides direct information about the local planar deformation field at the region of interest for a number of time instants during deformation. If the
specimen surface exhibit a random pattern the in-plane displacement of any small unique
region can be determined by a cross-correlation procedure of the digital images taken before and after deformation. The digital image correlation is performed stepwise using the
previous image as reference state. With an incompressibility condition the strain field
is calculated. A detailed description of the digital image correlation procedure and the
method of determining the strain field can be found in Kajberg and Lindkvist (2004).
Failure strain is assessed as the highest equivalent strain of the image directly preceding a to the eye visible crack opening. Due to highly localized deformation directly
preceding fracture, failure strain is dependent on which measuring length the strain field
is observed. The strain field is averaged to several different measuring lengths and corresponding failure strain values are extracted, to find the dependence of failure strain to
measuring length.
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Figure 1: Schematic illustration of temperature history with the definitions of process
sequences.

3.1

Material

The base steel material investigated is USIBOR 1500 P produced by ArcelorMittal. Prior
to heat treatment, USIBOR 1500 P exhibit homogeneous distribution of pearlite and an
equiaxed grain ferritic matrix. By a controlled tool temperature process in a plane hardening tool, the hot blanks are subjected to different thermal cycles. The sheet is first
heated to austenitization temperature and then cooled at a controlled rate and finally
post-cooled in air, see Figure 1. Four different multi-phase microstructures were developed and labelled HT400, HT550, HT700 and HT800 according to their yield strength.
The three qualities HT400, HT550 and HT800 together with a fourth fully martensitic
material are used to calibrate the presented failure function, Equations (1) to (5). The
predictive capability is then reviewed by comparison to the intermediate quality HT700.
Two different fracture test specimen geometries are cut, one with a notch radius of 30
mm and the second is a plane strain specimen with notch radius 10 mm.

3.2

Calibration

The DSP full field measurements constitutes the basis for model calibration, where the
equivalent strain within the localized neck from unloaded state to macro crack initiation
is directly measured. The first step of the calibration procedure is to fit the parameters
C and εf0 of Equation (1) to experimental values of equivalent failure strain at a number
of different l , experimental measuring length. The variable l is taken as a experimental
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characteristic length, and corresponds to element size when the calibrated model is then
used in a finite element simulation. When εf0 and the hardness values are known for
all investigated material qualities and specimen loading conditions, the failure surface
Equation (5) can be fitted by least squares. Concerning specimen loading conditions the
initial triaxiality values are used, that is η = 0.4 for the 30 mm notch radius specimen
and η = 0.58 for the 10 mm notch radius specimen. Average values of three repetitions
of each experiment are used for final calibration.

4

Results

The aim for the current evaluation is to investigate a possible correlation between local
failure strain and material hardness for steel grades of the same chemical composition
but subjected to different thermal treatment. The primary result is the calibrated failure
surface , Equation (5), shown in figure 2 with parameters in table 1.
The concern is now whether a failure curve can be determined from a thermomechanical phase transformation simulation of a heat treatment process. The accuracy of
the hardness calculation of the final micro-structure is reported in Åkerström (2006) and
is not investigated further in this work. Instead the measured hardness of the intermediate quality HT700 is used to compare measured failure strain to computed failure strain
versus stress triaxiality using Equation (5). The resulting failure curve and measured
equivalent failure strain is shown in figure 3.
The agreement is acceptable in the low triaxiality range however as the triaxiality
increases towards plastic plain strain the failure function overestimates the ductility of
HT700. An interesting phenomenon is that according to these measurements the local
equivalent failure strain of the HT700 grade is almost identical for η = 0.4 compared
to the softest grade, HT400. This fact is however difficult to establish due to the large
standard deviation of the experimental results.

Table 1: Failure model parameters for zero analysis length, l = 0, Equation (5).
Parameter a
b
c
d
Value
3.7 0.52 6.8 −1.2

5

Conclusion

Local fracture ductility in relation to material indentation resistance is phenomenologically investigated, facilitated by full-field measurements performed on fracture specimens
of five different material grades. A failure function is defined in space of analysis length,
stress triaxiality and material hardness. From the calibrated surface, a failure curve
of equivalent failure strain and stress triaxiality for zero analysis length, l = 0, and
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Figure 2: Calibrated failure surface, Equation (5), in space of stress triaxiality and
Hardness Vickers. Black dots are calibration points.
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Figure 3: Predicted failure curve and experimental failure strain results of HT700, HV =
270 HV. Error bars are one standard deviation symmetrically around the mean-value for
three repetitions of the same experiment.
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HV = 270 is compared to corresponding experimental results for HT700. The suggested
strategy is considered as a first approach towards a failure model concept for steels with
varying microstructure. A more thorough study of the different microstructure morphologies failure properties, subjected to a larger span of different loading conditions could be
fruitful in the work towards establishing a failure criterion for tailored safety components.
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Numerical failure analysis of steel sheets using a
localization enhanced element and a stress based
fracture criterion
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Abstract
Strain localization and fracture initiation of elasto-plastic thin steel sheets is analyzed. A shell element enhanced by embedded discontinuities is developed to improve
coarse-mesh accuracy in terms of fracture initiation prediction and to regularize the postinstability response. Discontinuities in the strain field are introduced when instability
is signaled by a local bifurcation analysis. The enhancements are implemented for the
Belytschko-Lin-Tsay shell element. This is combined with a stress based fracture criterion which relates the magnitude of the stress vector and the first invariant of the stress
tensor. A robust experimental procedure based on full-field measurements enable direct
calibration in stress space, and provides a flow curve up to large strains. Numerical
examples involving tensile samples with different localization behavior are presented to
demonstrate significant reduction of spurious mesh dependence. Moreover, the engineering feasibility of the direct use of a stress based fracture criterion in combination with
the enhanced element is evaluated by comparison of measured and calculated fracture
elongations.

1

Introduction

The prediction of the ductility limit of sheet metal structures has attracted large interest
during the last decades. Research and development in this field is motivated by a variety
of practical applications, e.g. for determining safe forming limits in the stamping process or facilitate the design and development of sheet metal products. Major attention
has been directed towards the development of models predicting the onset of necking
instability and the analysis of sheet metal formability. A method based on imperfection analysis was proposed by Marciniak and Kuczyński (1967). Alternative approaches
are the perturbation analysis proposed by Dudzinski and Molinari (1991) or bifurcation
analysis, Hill (1952); Stören and Rice (1975). Necking criteria derived from these models
are often used to determine limits in forming operations, usually represented as forming
limit curves (FLC). However for the design and assessment of product performance of
certain sheet metal components, such as automotive crash protection systems, localized
necking may not be the limiting case. Instead fracture may be a limiting design factor,
requiring analysis beyond plastic instability. Furthermore, fracture might occur without
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preceding necking for certain load paths, thus requiring an additional criterion for ductile
fracture initiation. Stoughton and Yoon (2011) studied the relationship between necking
and fracture limits, and proposed a combined criterion. They converted a strain based
FLC to stress space, and established a maximum shear stress (MSS) fracture criterion.
Recently, several empirical stress based criteria for ductile fracture prediction have
been proposed in literature. The modified Mohr-Coulomb (MMC), which has a mean
stress dependency in contrast to the MSS criterion, was transformed to a strain based
representation by Bai and Wierzbicki (2010), and further evaluated in Dunand and Mohr
(2011). A new approach for ductile fracture prediction was proposed by Khan and Liu
(2012), based on the magnitude of stress vector and the mean stress.
For the numerical analysis of post-localization deformation and fracture using plane
stress finite elements, a regularization procedure is necessary. Necking instability occurs in the hardening regime, as predicted by FLC models, and causes mesh dependent
solutions. With shell elements several times larger than the typical width of the localized zone, and using a rate-independent constitutive description, one suitable method
for alleviating mesh dependence and capturing strain localization is the embedded discontinuity approach put forward by Ortiz et al. (1987); Belytschko et al. (1988); Simo
et al. (1993), among others. It essentially consists of enriching the standard finite elements with additional modes devised for capturing the physical localization deformation.
The enhancement is placed inside the elements irrespective of the size and orientation of
them. Numerical analysis of localization problems that involves discontinuities in the velocity gradient, not in the velocity itself, is often termed weak discontinuity. Huespe et al.
(2009) employed the weak discontinuity approach for ductile fracture analysis. They used
a modified Gurson type constitutive model for porous plasticity and fracture prediction.
As an alternative to elemental based enrichment, the extended finite element method
can be used for problems involving fracture. Song and Belytschko (2009) developed a
method for the simulation of dynamic crack propagation in shell structures. Another
method based on regularization of the material parameters to compensate for different
element sizes, relying on full field measurement techniques, has been studied in Östlund
et al. (2014); Ehlers and Varsta (2009). However, studies concerning the weak discontinuity approach for shell elements and non-softening material behaviour with connection
to sheet instability analysis seem, to the authors knowledge, to be missing.
The current work aims to provide an integrated approach for ductile fracture analysis
of shell structures. A von Mises type J2-plasticity model is used, together with threedimensional plane stress shell elements modified with embedded discontinuities activated
when instability is signalled by local bifurcation analysis. Furthermore, the MSV fracture
criterion proposed by Khan and Liu (2012) is employed. A robust calibration procedure
based on plasticity and fracture experiments using full field measurements is put forward,
where the regularization parameter is experimentally determined from the measured data.
In this paper indical notation is used where Latin indices range from 1 to 3 and Greek
indices from 1 to 2. Summation of repeated indices are implied. Equations pertaining
to numerical implementation are given in matrix form, denoted by bold face symbols
and where Voigt notation is used. We consider material instability as a characteristic
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surface across where discontinuities in field variables may take place. Square brackets ,
[•], denotes the difference of the variable across such a surface.

2

Material modeling

2.1

Constitutive relation

The steel sheet material is assumed to be rate independent elasto-plastic, the material
is assumed to be isotropic and the properties are assumed to be homogeneous through
the sheet thickness. The total strain rate ε̇ij is decomposed as a sum of the elastic strain
rate ε̇eij and plastic strain rate ε̇pij ,
ε̇ij = ε̇eij + ε̇pij .

(1)

The constitutive equations for classical J2 plasticity are
f = σ − σY ≤ 0,

with σ =

σijdev = σij − σ mean δij

and



3 dev dev
σ σij
2 ij

1/2

σ mean = 13 σkk ,

,

(2)

where σij is the stress tensor components, σY the yield strength of the material and δij
the Kronecker’s symbol. Moreover, The plastic strain rate is given by
p

ε̇pij = ε̇ rij ,

where rij =

3σijdev
∂f
=
,
∂σij
2σ

(3)

p

and ε̇ is the equivalent plastic strain rate. A power-law hardening function on the form
σY = σY 0 + K(εp )m ,

(4)

is chosen, where σY 0 , K and m are material parameters. The elasto-plastic tangent
constitutive tensor is given by
(2µ)
ep
el
Dijkl
= Dijkl
− 3µ+h
rij rkl , where


1
ν
el
Dijkl = 2µ 2 (δik δil + δil δjk ) + 1−2ν
δij δkl ,
2

(5)

such that the total stress and strain rates are related by
ep
σ̇ij = Dijkl
ε̇kl ,

(6)

where µ and ν is the elastic shear modulus and Poissons ratio, respectively, and h is the
hardening modulus.
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Localization

We consider strain localization as a jump in the velocity gradient over a planar band
with finite width in the plane of the sheet. The velocity, vi , remains continuous, thus the
localized zone remains kinematically compatible with the surrounding material, which
requires the velocity jump to be on the form
∂
[vi ] = q̇i nj ,
∂xj

[vi ] = vil − vi0 .

(7)

Square brackets denote the difference between a field inside and outside the localized
zone where vil is the velocity within the localized zone and vi0 the velocity outside, and n
is the unit normal to the band, illustrated in Figure 1. The deformation mode inside the

q̇
Ω0

n

Ωl

Ω0

t0
tl

Figure 1: Sketch of a sheet body traversed by a band of localized deformation.
band is characterized by the rate vector q̇. If (q̇ k n) a pure opening mode is obtained,
and (q̇ ⊥ n) implies pure shear. Equilibrium requires that the resultant traction rate is
continuous
[tσ˙ij ]nj = 0,
(8)
Where t is the sheet thickness. If the stress rate components and the constitutive modulus
are uniform throughout, which is reasonable to assume at the initiation of bifurcation,
the classical necessary condition for discontinuous bifurcations in the plane of the sheet
is obtained, as given by e.g. Hill (1952); Stören and Rice (1975),
([σ̇ij ] + σij [d33 ])nj = 0,

where [d33 ] = −(q̇1 n1 + q̇2 n2 ),

(9)

and the rate of deformation is given by the symmetric part of the velocity gradient,


∂vj
1 ∂vi
+
.
(10)
dij =
2 ∂xj ∂xi
By considering moment equilibrium, Zhu et al. (2001) showed that the shear stress rate
term [σ̇12 ] vanishes, and Eq. (9) reduces to
ñ1 ([σ̇1 ] − σ1 (q̃˙1 ñ1 + q̃˙2 ñ2 )) = 0
ñ2 ([σ̇2 ] − σ2 (q̃˙1 ñ1 + q̃˙2 ñ2 )) = 0,

(11)
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˜ denotes components expressed with respect to a basis aligned
where a superposed (·)
with the principal stress directions, and σ1 , σ2 are the in-plane principal stresses ordered
such that σ1 ≥ σ2 .
If the bifurcation analysis is proceeded using the elasto-plastic model, Eqs. (2, 3),
instability stresses that are too large is predicted, compared to experimental observations.
An isotropically expanding smooth yield surface stabilizes plastic flow since ε̇pij is always
directed normal to the yield surface, and sudden changes in the stress-rate do not alter
the flow pattern instantaneously. However, this can be remedied by using a simplified
deformation theory of plasticity for the localization analysis, as demonstrated by Stören
and Rice (1975), who used the deformation plasticity to model a yield surface vertex.
Following the same line of thought, the bifurcation limit and unit normal are determined
from the following relations:
If σ1 ≥ 2σ2 ,
 m−1

m
σ−σY 0
K

else


σ−σY 0
K

"
−

− m1 

1
(σ1
2mK

4
σ
3

−

+ σ2 ) = 0,

σ(1−m)+mσY 0 2
σ1
σ2

ñ =

2σ1 −σ2
3(σ1 −σ2 )
σ1 −2σ2
3(σ1 −σ2 )

0



− σ1 = 0,

#1/2
(12)

" 1 #
ñ = 0 .
0

This implies an inconsistency between how the bifurcation limit is determined in relation
to the constitutive relations used in simulation, defined by Eqs. (2, 3). Eqs. (12) defines
an instability criterion that is derived from a bifurcation analysis using a deformation
theory of plasticity. However, if we assume that the mechanisms that destabilize plastic
flow is a function of only the current state of stress, the criterion derived above can
be used together with incremental elasto-plasticity. A similar argument was made by
Stoughton and Zhu (2004). Details of the derivation of Eqs. (12) are given in Appendix
A.

2.3

fracture

The ductile fracture criterion suggested by Khan and Liu (2012) involves the magnitude
of the stress vector, M SV , as the fracture indicator. They found that that the values of
M SV can be fitted closely by a quadratic equation of the magnitude of the hydrostatic
mean stress for the Al 2024-T351 alloy. The difference in fracture mechanism in positive
and negative pressure regions was considered by using different quadratic function for
each region. We consider that only the positive region being of relevance for thin-walled
structures, with the general expression
q
(13)
M SV = c1 (σ mean )2 + c2 σ mean + c3 , where M SV = σ12 + σ22 ,
where the coefficients c1 , c2 , c3 are material parameters determined from fracture experiments.
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Finite element model

The shell element used here is based on the four node element with one stack of integration
points and hourglass stabilization, developed by Belytschko et al. (1984), and is well
known. Therefore the following exposition focuses on the necessary modifications for
the modeling of the necking process, which follows the method described in Belytschko
et al. (1988); Sluys and Berends (1998), with some modifications. The kinematics of the
shell are formulated with respect to the corotational basis (e1 ,e2 ,e3 ) where e1 and e2 are
tangent to the midplane and e3 = e1 × e2 . The velocity field is interpolated by
v̂i = (ν̂iI + zeij3 θ̂jI )NI

(14)

where ν̂iI and θ̂jI are the nodal velocities and nodal angular velocities, respectively. z
is the thickness coordinate in the e3 direction. A superposed hat indicates that the
components are expressed with respect to the basis ei . NI are the conventional fournode finite element bilinear shape functions, and eijk is the permutation operator. The
in-plane components of the velocity gradient are
∂v̂α
= (ν̂αI + zeαk3 θ̂kI )bβI + ~ q̂˙α n̂β ,
∂ x̂β
where
bαI =

1
2Ω



α = 1, 2,

ŷ2 − ŷ4 ŷ3 − ŷ1 ŷ4 − ŷ2 ŷ1 − ŷ3
x̂4 − x̂2 x̂1 − x̂3 x̂2 − x̂4 x̂3 − x̂1



β = 1, 2.

(15)

,α = 1
, α = 2.

(16)

The second term of Eq. (15) represents the discontinuity mode, and
~=

n Ω0 /Ωl ∀ x̂ ∈ Ωl
i
−1
∀ x̂i ∈ Ω0 ,

(17)

where Ωl , Ω0 is the area of the localized and non-localized part of the element, and Ω is
the total element area. The localized band passes through the element centroid at the
integration point location, and its width is considered a regularizing material parameter,
w, which is discussed in Section 4.5. The length of the band is calculated from the
element dimensions and the angle under which the localized mode is superimposed.
Since ν̂iI , θ̂iI describes the total motion, it must include the effect of the velocity
gradient jump. The scalar coefficient ~ ensures, in an average sense, compatibility of
deformation. Inserting Eq. (15) into Eq. (10) gives the rate of deformation components,
dˆ11 = b1I (v̂1I + z θ̂2I ) + ~q̂˙1 n̂1
dˆ22 = b2I (v̂1I − z θ̂2I ) + ~q̂˙2 n̂2
2dˆ12 = b2I (v̂1I + z θ̂2I ) + b1I (v̂2I − z θ̂1I ) + ~(q̂˙1 n̂2 + q̂˙2 n̂1 )
2dˆ13 = b1I v̂3I + NI θ̂2I
2dˆ23 = b2I v̂3I − NI θ̂1I

(18)

The transverse shear components are not affected by the velocity gradient jump since
only in-plane discontinuities are considered. At each quadrature point, we define a dual
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set of field quantities, corresponding to the localized mode and non-localized mode of
deformation. Thus the respective rate of deformation fields are computed from Eq. (18)
with the appropriate values for ~ and z, i.e.
dˆlij = dˆij |~=Ω0 /Ωl , z=z(tl ) ,

dˆ0ij = dˆij |~=−1, z=z(t0 ) ,

(19)

where tl and t0 denotes the sheet thicknessess. Resultant traction continuity is enforced,
(tl σ̂ijl − t0 σ̂ij0 )n̂j = 0

(20)

where constitutive evaluation provides localized and non-localized stresses, and from a
plane stress law the through-thickness components dˆl33 and dˆ033 are determined such that
l
0
σ̂33
= σ̂33
= 0. This in turn gives the thickness rates as
Z
Z
ṫl = tl dˆl33 dz, ṫ0 = t0 dˆ033 dz.
(21)
The internal element nodal forces are developed from the principle of virtual power for
an element with an localized zone Ωl and non-localized zone Ω0 ,
Z
Z
∂(∆v̂i ) 0
∂(∆v̂i ) l
∆θ̂iI m̂iI + ∆ν̂iI fˆiI =
σ̂ij dVΩl +
σ̂ dVΩ0 ,
(22)
∂
x̂
∂ x̂j ij
j
VΩ0
VΩ
l

where fiI and miI are the force and moment components of node I. By multiplication
of the additional discontinuity mode by the scalar quantity χ = q̂˙α n̂β (ν̂αI + zeαk3 θ̂kI )bβI ,
Eq. (15) can be converted to a more convenient form
∂v̂α
= bαβγI (ν̂γI + zeγk3 θ̂kI ),
∂ x̂β

bαβγI = (δαγ δβκ +

~˙
q̂α n̂β q̂˙γ n̂κ )bκI .
χ

(23)

By using the arbitrariness of the variation of Eq. (22), with Eq. (23) and one-point
quadrature, the discretized element nodal forces are obtained as
l
0
fˆαI = Ωl blαβγI fβγ
+ Ω0 b0αβγI fβγ

fˆ3I = κΩl (b1I f13l + b2I f23l ) + κΩ0 (b1I f130 + b2I f230 )
l
0
m̂1I = Ωl (bl1βγI mβγ
− κ4 f23l ) + Ω0 (b01βγI mβγ
− κ4 f230 )

(24)

l
0
m̂2I = Ωl ( κ4 f13l − bl2βγI mβγ
) + Ω0 ( κ4 f130 − b02βγI mβγ
)

m̂3I = 0
where κ is the shear reduction factor, and
R
R
fijl = σijl dz, mijl = − zσijl dz
fij0 =

R

σij0 dz,

R
mij0 = − zσij0 dz

with z = z(tl ),
with z = z(t0 )

(25)

76

Paper C

and

blαβγI = bαβγI |~=Ω0 /Ωl , z=z(tl ) ,

b0αβγI = bαβγI |~=−1, z=z(t0 ) .

(26)

Finally an hourglass control force is added to the internal force followed by a transformation from the corotational to the global coordinate system. This is described in
Belytschko et al. (1984).

3.1

Resultant traction continuity enforcement

The finite element equations of motion are integrated in time using the explicit central
difference method. During the loading process, the localization criterion defined by Eq.
(12) is monitored at each integration point and time step. Consider a time interval
(Tn , Tn+1 ), ∆T = Tn+1 − Tn , during which stability according to this criterion has been
violated. Given the nodal velocities and angular velocities at Tn+1 , the problem consists of
determining the components of the jump vector q̂˙α such that resultant traction continuity
between localized and non-localized fields are satisfied. Consider the matrix form of this
problem by making the substitutions
σ̂ij → σ,

el
Dijkl
→ D el ,

ep
D̂ijkl
→ D ep ,

1 ˙
(q̂i n̂j + q̂˙j n̂i ) → q̇ ,
2

dˆij → d ,

(27)

where the stress, rate of deformation and jump vectors are arranged such that
σ T = (σ̂11
d T = (dˆ11
q̇ T = (q̂˙1 n̂1

σ̂22 σ̂33 σ̂12 σ̂13 σ̂23 )
dˆ22 dˆ33 2dˆ12 2dˆ13 2dˆ23 )
q̂˙2 n̂2 • q̂˙1 n̂2 + q̂˙2 n̂1 0 0).

(28)

The through-thickness component of the strain jump vector is not determined explicitly,
instead the plane stress constraint provides the thickness strain rate of each zone. The
traction continuity condition , Eq. (20), is rewritten in residual form
f res = R(tl σ ln+1 − t0 σ 0n+1 ),

(29)

where R is a transformation matrix between the element coordinate system and a coordinate system aligned with the normal vector n, given by
"
#
cos2 (φ)
sin2 (φ)
0 2 sin(φ) cos(φ)
0 0
R=
,
(30)
− sin(φ) cos(φ) sin(φ) cos(φ) 0 cos2 (φ) − sin2 (φ) 0 0
where φ is the inclination angle of the normal vector n with respect to the element local e1
direction. Localized stresses are obtained through constitutive update using the implicit
return mapping scheme. In the non-localized zone, elastic unloading is enforced,
σ ln+1 = σ ln + D ep d l ∆T,
σ 0n+1 = σ 0n + D el d 0 ∆T.

(31)
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Eq. (29) is a non-linear function of q̇ , which is solved iteratively with Newton’s method.
A new correction is obtained through
m ← m − f res /

∂f res
,
∂ q̇

where q̇ = RT m,

(32)

and the jacobian matrix is given by
∂f res
Ω0
t0
= R( D ep + l D el )RT .
∂ q̇
Ωl
t

(33)

Once f res is sufficiently small, convergence is achieved and constitutive history variables
are updated. All preceding relations of this subsection pertain to the material point level.
In this implementation, the element thicknessess of the respective zones are lagging one
time step behind other kinematic quantities. During initial loading, preceding material
instability, the formulation reduces to the standard element of Belytschko et al. (1984).
In addition to the localization criterion, the fracture criterion is monitored at each time
step, irrespective of whether localization has occurred or not.

4

Plasticity and fracture experiments

Material parameters were determined from tensile tests performed at room temperature with a crosshead displacement rate of 0.5 mm/s, using a servo-hydraulic testing
machine. The displacement field on the specimen surface was measured using digital
image correlation (DIC). The high spatial resolution obtained, compared to extensiometer measurements, makes it a suitable method for fracture experiments. If the specimen
surface exhibits a random pattern the in-plane displacement of any small unique region
can be determined by a cross-correlation procedure of the digital images taken before
and after deformation. The digital image correlation was performed stepwise using the
previous image as reference state. The random speckle pattern was applied with black
and white spray paint, and approximately 50 images were captured during a test. In addition to DIC measurements, the elongation at 50 mm gauge length was recorded using
an extensiometer.

4.1

Specimens

Seven different sheet specimens with a nominal thickness of 1.2 mm were used for calibration, shown schematically in Fig. 2. Specimens were cut using abrasive water-jet
from steel sheets. All specimens were dimensionally verified prior to tensile testing.

4.2

Material parameter evaluation

The deformation gradient is determined by differentiation of the measured in-plane displacements, described in e.g. Kajberg and Lindkvist (2004). The strain measure used
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Figure 2: Overview of tensile specimens. Nominal sheet thickness is 1.2 mm and the
groove depth of specimen #3 and #4 is half the thickness, i.e. 0.6 mm milled from one
side of the specimen. All dimensions are in millimeters.
is the co-rotational rate of deformation where the material point rotation is determined
from polar decomposition of the deformation gradient. The experimentally determined
rate of deformation fields together with the specimen force recordings constitute the basis
for determining a flow curve up to large strains, and the stress state at the location and
instant of crack initiation. Based on the experimental rate of deformation field and using
a piecewise linear flow curve representation,
σYn = σYn−1 + H n (εnp − εn−1
),
p

n = 1, 2, 3 ... nf ,

(34)

the stress state acting within a cross-section of the specimen can be determined using
the constitutive relations described in Section 2.1. σY is the current yield strength and
H is the plastic modulus, superscript denotes the load step where nf is the final step.
When the stress state is known, the force vector acting on the cross-section can be
evaluated by integration over the cross-sectional area. This is achieved by rotating back
the Cauchy stress to the global coordinate system followed by a pull-back operation to
the undeformed configuration.
The plastic modulus is then determined iteratively in each load step by minimization
of the difference between recorded and calculated force component with respect to H n .
Provided that the virgin yield strength σY0 is known, the flowcurve is constructed stepwise
through the set of measured strains up to fracture. This procedure utilizes the measured
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strain field directly, without resorting to detailed finite element analyses of each test.
Further description and error estimates can be found in Eman (2007); Östlund et al.
(2014).
In the work of Dunand and Mohr (2010), the instant of onset of fracture was defined
by the first detectable discontinuity in the measured displacement field at the specimen
surface, and the location of fracture by the location of the highest equivalent plastic
strain, max(εp ). However at this instant, due to decorrelation, the stress components
cannot be determined directly from the measured displacement field. Therefore we define
the preceding load step, denoted nf , as the instant of onset of fracture. Calibration of
the fracture criterion is based on the values of the stress components at the position of
max(εp ) and time instant nf . The position of fracture initiation is roughly correlated
visually from the digital images and all test specimens fail at the position of max(εp ).

4.3

Material

The Usiborr hot forming steel was chosen for the present study, which is an aluminiumsilicone coated boron alloyed steel produced by ArcelorMittal. Two different grades,
HT400 and HT800, were developed through thermal treatment by Berglund (2009). The
blanks were heated to and kept at austenitization temperature, followed by a continuous cooling process. Microstructural characterization was performed in Östlund et al.
(2014) and it was found that HT800 has a bainitic microstructure and HT400 a ferritic
microstructure.

4.4

Calibration procedure

Piecewise linear flow curves were determined from the full-field measurements for each
material grade, using specimens #1, #2 and #7. Then the flow stress model, Eq. (4), was
fitted by least squares to the piecewise linear measured flow curves of those three specimen
geometries per material grade. The result is shown in Fig. 3a. Regarding the fracture
criterion, Eq. (13), there are three material constants, c1 , c2 and c3 , to be determined
for each material grade. Specimens #3 and #4 were excluded from calibration due to
their low fracture limit compared to the other geometries. This is believed to be a result
of the manufacturing process of the groove. The results from the fracture measurements
of all geometries except #3 and #4 were used to determine the fracture parameters
by least squares. The result is shown in Fig. 3b, and a summary of the obtained
material parameters are shown in Table 1. The localization and fracture criterion is
further illustrated in Fig. 4, where we have used the HT400 material parameters.

4.5

Mesh size regularization parameter

Many researchers have investigated the accuracy and resolution concerning strain measurements by digital image correlation, see e.g. the review article by Pan et al. (2009).
The resolution obtainable is closely related to the quality of the speckle pattern on the
specimen surface. Connected to that, there are essentially three parameters, using the
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(b) Fracture limit curves of HT800 and HT400.

Figure 3: Flow and fracture limit curves for each steel grade. In (a), the power-law fit
and the corresponding points obtained from Eq. (34) are shown. The fracture criterion
is illustrated in (b), where squares, triangles etc. indicate fracture initiation as obtained
from experiments, and the solid lines are the fracture limit curves according to the MSV
criterion. The legend entries in (b) refer to the test specimen number as depicted in Fig.
2, and applies to (a) and (b).
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Figure 4: The localization criterion, Eq. (12), and the fracture criterion, Eq. (13),
plotted in principal stress space, space of equivalent plastic strain and stress triaxiality,
and lastly principal strain space. Stress triaxiality is defined as η = σ mean /σ. The last
two are only valid for proportional loading.
nomenclature of Pan et al. (2009), which influence the resolution: the subset size, ls ,
distance between subset centres, ld , and the number of points contained within the strain
calculation window, np . We define the strain measurement reference length as the characteristic size of the area covered by all subsets included within the strain calculation
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Table 1: Material parameters.
Grade
σY 0
HT800
HT400

window,

306
203

Parameter
Flow stress model
Fracture criterion
(MPa) K (MPa)
m (-)
c1 (MPa)−1
c2 (-)
c3 (MPa)
916
724

0.0942
0.182

6.564e-4
1.284e-3

0.2997
0.1093

√
l = ls + ( np − 1)ld ,

996.4
755.0

(35)

and have found that l ≈ 0.5 mm provides a reasonable compromise between accuracy
and measurement noise contamination, for the speckle pattern applied with spray paint
as done in this work. A sufficient resolution is important for the following discussion.
Furthermore, we have used np = 9 and ls ≈ 4ld .
From the measured axial strain distribution of a tensile test, we propose a simple
method to study the width of the localized zone, in order to relate this to the mesh size
regularization parameter w. Consider an axial section of a tensile sample, parallel to the
loading axis containing the location of fracture initiation. Then the width wexp can be
estimated by requiring that the total axial elongation produced by two constant strain
fields is equal to the elongation produced by the measured strain distribution,
0
011 (x2 − x1 ) + (max
11 − 11 )wexp =

Z

x2

x1

11 dx,

(36)

Where ij are the lagrangian strain tensor components and x is the axial coordinate in
the reference configuration. This procedure is schematically illustrated in Fig. 5a. The
integration limits are determined by solving 11 − 011 = 0, where 011 is the instability
strain. Combining Eqs. (4), (12) and assuming proportional plane strain loading and
incompressibility, 011 can be solved from
2
2
mK( √ 011 )m−1 − K(011 )m − √ σy0 = 0.
3
3

(37)

These assumptions are valid simplifications for the loading state of tensile specimen #1,
which is used to study the width of the localized zone during loading up to fracture
initiation. The results for HT400 and HT800 are shown in Fig. 5b. The band-width
decreases with loading since the material within the localized zone is unstable, promoting
continuous bifurcations with smaller band-widths. The proposed procedure requires that
sufficient localization has occurred. Concerning the finite element regularization parameter, we have chosen the terminal value of wexp , i.e. w = wexp (nf ), and thus, for simplicity,
assumed a constant band width. The resulting values for the mesh size regularization
parameter was w = 0.96 and w = 0.98, for HT800 and HT400, respectively.
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Figure 5: Illustration of a procedure to estimate the width of the localized zone. Quantities in (a) refers to Eq. (36). (b), the resulting experimentally determined evolution
of wexp with respect to εp , where the equivalent plastic strain at instability, ε0 , has been
subtracted. Error bars are of one standard deviation.

5

Numerical verification

In this section two verifying numerical examples are presented, primarily to demonstrate
significant reduction of mesh sensitivity in the post-localization deformation regime. The
ability to reproduce and predict measured fracture displacements is also illustrated. Tensile specimen #1 was discretized using three different structured meshes with 7, 9 and
11 elements through the specimen width, resulting in average characteristic element sizes
of 2.85, 2.22 and 1.82 mm. These are labelled Mesh #11, Mesh #12 and Mesh #13,
respectively, and depicted in Fig. 6. Furthermore, a uniaxial tensile sample featuring a
12.5mm wide gauge section was discretized using four different structured meshes with
3, 5 and 7 and 9 elements through the specimen width, thus giving average characteristic
element sizes of 4.16, 2.50, 1.78 and 1.38 mm. These are labelled Mesh #21, Mesh #22,
Mesh #23 and Mesh #24, respectively, and depicted in Fig. 7. Observe that the uniaxial
specimen has not been used in the calibration process. These two specimens were chosen
due to their different localization behavior. Specimen #1 develops a localized band which
is oriented perpendicular to the loading axis, in contrast to the uniaxial specimen where
the band will be inclined. The uniaxial specimen will also produce a homogeneous state
of stress within the gauge section prior to localization. No weak elements to trigger localization at a specific point were introduced in any of the meshes. Displacement boundary
conditions corresponding to experimental conditions were imposed. The elongation was
measured experimentally with a 50mm gauge length extensiometer, and the correspond-

83

6. Discussion

ing calculated elongation was determined accordingly. The simulations were interrupted
when fracture initiation was indicated at any integration point in the mesh.
The embedded discontinuity shell element was implemented into the commercial finite element software LS-DYNA, Hallquist (2006), through the user-element routine. A
dual set of field quantities was defined for each integration point in the mesh. The
elasto-plastic material model and the traction continuity enforcement algorithm was implemented through the user material interface. No specific band tracing algorithm was
employed, and geometric conformity of the band across element edges was not enforced
in any way. Material parameters according to Table 1 where used, and the regularization
parameter w was set to w = 0.96 and w = 0.98, for HT800 and HT400, respectively
as discussed in the previous section. The measured and calculated force-displacement
curves are plotted in Figs. 8 and 9.

(a)
#11

Mesh (b)
#12

Mesh (c)
#13

Mesh

Figure 6: Finite element meshes of specimen #1.

(a) Mesh #21

(b) Mesh #22

(c) Mesh #23

(d) Mesh #24

Figure 7: Finite element meshes of the uniaxial specimen.

6
6.1

Discussion
Mesh size regularization

To further illustrate the effect of the mesh size regularization, a comparison is made between the enhanced element and the standard Belytschko-Lin-Tsay element using specimen #1 and HT400 material parameters, shown in Fig. 10. The results obtained with
different element sizes by the embedded localization approach are not numerically identical, but the mesh dependence is strongly reduced. Considering the simple implementation
of the embedded localization approach, without any discontinuity tracking algorithm, the
results are surprisingly good. A reason for this may be that the element is not driven that
far in the instability regime, as crack initiation interrupts further loading. Furthermore
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Figure 8: Force displacement curves, specimen #1. The average of three experimental
repetitions with a error bar height of one standard deviation is shown. Errorbars are
omitted in the detailed plots for clarity.

the local state of stress within the localized zone seem to be resolved to a sufficient degree
for the applicability of a stress based fracture criterion.
The experimentally determined band width showed little material dependence, both
material qualities gave similar result, see Fig. 5b. A natural extension would be to
establish w as a function of initial sheet thickness, to increase the model capabilities of
predicting the elongation to fracture for different sheet thicknessess.
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Figure 9: Force displacement curves, uniaxial specimen.

6.2

Fracture criterion

Progressive nucleation, growth and coalescence of micro-voids during plastic loading ultimately lead to ductile fracture. This path dependent process is not reflected by a fracture
criterion formulated solely in stress space. A comparison of the predictive performance
of the Mohr-Coulomb criterion cast in stress space and a mixed stress/strain damage
indicator version was performed by Ebnoether and Mohr (2013), and the results were in
favor for the damage indicator formulation. However, the effect on the loading path on
the fracture locus in stress/strain space was examined in Benzerga et al. (2012) and they
remarked that under non-proportional loadings, the fracture locus determined by averaging loading histories is non-unique. They further remarked that stress-based fracture
models should incorporate a set of internal variables in order to capture the essential
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Figure 10: Computed force displacement curves for specimen #1 using the embedded
localization element and the standard Belytschko-Lin-Tsay element.
features of path-dependent ductile fracture. The lack of path dependence is however a
simplification that greatly facilitates calibration of the fracture criterion. Only the terminal values of of the stress tensor components at the location and instant of fracture
are needed.
Modeling of the necking process using separate necking and fracture criteria is advantageous in those cases where fracture is the limiting factor. The material can be utilized
to its full extent, including the deformation available after localization.
The choice of phenomenological empirical fracture criteria is generally based on their
simplicity and accuracy in terms of ease of calibration and predictive performance. Although this work is not a comprehensive investigation of various fracture models it is
interesting to compare the Mohr-Coulomb fracture model and the MSV criterion used
in this work in terms of the goodness of fit to experimental data. In Fig. 11a the experimentally determined values of the terminal maximum shear stress are normalized,
f
denoted kτmax
k, and plotted as a function of normalized mean stress, kσ mean k. The
f
Mohr - Coulomb equation, kτmax
k + a1 kσ mean k = a2 is fitted to the experimental data
and included in the plot. For a direct comparison, the terminal value of the normalized
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magnitude of the stress vector, kM SV k, is plotted against normalized mean stress in
Fig. 11b together with the MSV criterion. This shows that the MSV criterion fits better
to experimental data for the material grades of this investigation, at the expense of one
additional parameter. The sum of squared errors is about six times smaller for the MSV
criterion compared to the Mohr-Coulomb criterion.
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Figure 11: Normalized fracture limit curves of the HT400 grade. The legend entries
refers to the test specimen number as depicted in Fig. 2. (a), Mohr-Coulomb fracture
model and (b) the MSV criterion.

6.3

Remarks

The elongation to fracture of the uniaxial specimen is overpredicted, whilst the computed
fracture elongation of specimen #1 is slightly lower than the measured values. This may
be attributed to the simple flow-stress and isotropic plasticity model used. The power law
flow stress model was chosen due to its simplicity, enabling algebraic expressions of the
localization criterion expressed only as a function of stress. More sophisticated flow stress
and constitutive model might increase the predictive capacity of the overall hardening
behavior and fracture initiation. The combined embedded band approach with stress
based fracture modeling is not limited to any specific constitutive model. For example,
anisotropic models could be considered provided that the instability criterion, Eq. (12)
is re-derived and that the same constitutive model is used in the calibration process.
The additional computational effort related to the enhanced element is small. Since
localization and fracture are local phenomena, only a few elements in the mesh become
unstable during computation. The increased coarse-mesh accuracy, reduced mesh size
dependency and relative simplicity without significant impact on computational burden,
provides a competitive approach in determining the performance envelopes of sheet metal
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structures which are not amenable to three dimensional solid modeling.

7

Conclusions

A shell element enriched with embedded discontinuities have been combined with a rateindependent plasticity model and stress-based fracture criterion to develop a complete
approach for the numerical simulation of deformation, strain localization and fracture
initiation of thin-walled structures. The instant of onset of instability is determined
based on bifurcation analysis using a simplified deformation theory, providing localization criterion only depending on the current state of stress, which is then employed
in conjunction with incremental hypo-elasto-plasticity. A robust calibration procedure
based on full-field measurements provide flow curves up to large strains, and the fracture
initiation points are directly obtained from the experimentally determined stress field.
Two different material grades based on boron alloyed press-hardening steel are evaluated.
Numerical examples have shown that mesh sensitivity in the post-localization regime is
significantly reduced, with improved coarse-mesh accuracy for ductile fracture prediction
with industrially relevant mesh sizes. Further studies of the performance of the suggested
approach are needed, including plane biaxial loading, bending and buckling problems.
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A

Derivation of the localization criterion

We give here the derivation of the localization criterion, Eq. (12). Assuming increasing
proportional loading such that integrating the flow rule gives,
Z
3σijdev
.
(A.38)
ε̇pij dt = εpij = εp
2σ
Ignoring elastic strains Eq. (A.38) gives,
σ1 =

2σ
(2εp1
3εp

+ εp2 ),

σ2 =

2σ
(2εp2
3εp

+ εp1 ),

(A.39)

where (σ1 ≥ σ2 , σ3 = 0) are the principal stresses and (εp1 ≥ εp2 ) are the principal plastic
strains. The time rate of change of the stress components are
σ̇1 =

2σ
(2ε̇p1
3εp

+ ε̇p2 ) −

(σ−hεp )
σ1 ε˙p ,
σ εp

σ̇2 =

2σ
(2ε̇p2
3εp

+ ε̇p1 ) −

(σ−hεp )
σ2 ε˙p ,
σ εp

(A.40)
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where h = σ̇/ε̇ is the hardening modulus. Using the rate of work the equivalent plastic
strain rate can be rewritten
p

σ ε̇ = σ1 ε̇1 + σ2 ε̇2 ,

ε̇ = (σ1 ε̇1 + σ2 ε̇2 )/σ.

(A.41)

Combining Eqs. (7), (10), (A.40) and Eq. (A.41), the expressions for the stress rate
jump becomes
[σ̇1 ] =

2σ
(2q̇1 n1
3ε

+ q̇2 n2 ) −

(σ−hε)
(σ1 q̇1 n1
σ2 ε

+ σ2 q̇2 n2 )σ1

[σ̇2 ] =

2σ
(2q̇2 n2
3ε

+ q̇1 n1 ) −

(σ−hε)
(σ1 q̇1 n1
σ2 ε

+ σ2 q̇2 n2 )σ2 .

(A.42)

The purpose is now to determine when a bifurcation is possible and the orientation ni
using the resultant traction rate continuity condition, Eq. (11), and the expressions for
the stress rate jump, Eq. (A.42). If n1 6= 0 and n2 6= 0 then
[σ̇1 ] − σ1 (q̇1 n1 + q̇2 n2 ) = 0,
[σ̇2 ] − σ2 (q̇1 n1 + q̇2 n2 ) = 0,
inserting equations Eq. (A.42),
h 2A − σ (1 + Bσ ) A − σ (1 + Bσ ) ih q̇ n i h 0 i
1
1
1
2
1 1
=
,
A − σ2 (1 + Bσ1 ) 2A − σ2 (1 + Bσ2 )
q̇2 n2
0

(A.43)

(A.44)

where A = 2σ/(3ε) and B = (σ − hε)/(σ 2 ε). The non-trivial solution is
3A2 − 2AB(σ12 − σ1 σ2 + σ22 ) − A(σ1 + σ2 ) =
{z
}
|
σ2

h − 21 (σ1 + σ2 ) = 0.

(A.45)

The corresponding unit vector ni is found by considering that the shear strain jump is
equal to zero and that the loading is proportional,
q̇1 n2 + q̇2 n1 = 0,
then n21 =

ε2
ε1

2σ1 −σ2
3(σ1 −σ2 )

=

q̇2 n2
q̇1 n1

=

2σ2 −σ1
,
2σ1 −σ2

n21 + n22 = 1,

2σ2 −σ1
and n22 = − 3(σ
.
1 −σ2 )

(A.46)

This solution corresponds to the zero extension direction within the sheet and is valid
for loadings at negative strain ratio. The other possible solution of Eq. (11) consists of
two cases,
n n = 1, n = 0,
n n = 0, n = 1,
1
2
1
2
Case 1:
or Case 2:
(A.47)
[σ̇1 ] − σ1 q̇1 = 0
[σ̇2 ] − σ2 q̇2 = 0
which implies that the neck develops in one of the principal directions. Case 1 will give
a smaller threshold value than case 2, Therefore the neck will develop perpendicular to
the major direction. Case 1 gives
4σ (σ − hε) 2
−
σ1 − σ1 = 0.
3ε
σ2ε

(A.48)
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Then the final expression, Eq. (12), is obtained by combining Eqs. (A.45), (A.48) with
the power law hardening function, Eq. (4), provided that σY = σ, i.e. plastic loading
prevails.
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Abstract
Developments of the hot stamping technology have enabled the production of components with differential microstructure composition and mechanical properties. These can
increase the performance of certain crash-relevant automotive structures by combining
high intrusion protection and energy absorption. This paper presents a comprehensive
experimental investigation on the flow and ductile fracture properties of boron-alloyed
steel with a wide range of different microstructure compositions. Three types of dual
phase microstructures at three different volume fractions, and one triple phase grade,
were generated by thermal treatment. Flow curves extending beyond necking and the
equivalent plastic strain to fracture for each grade was determined by tensile testing
using full-field measurements. The influence of phase composition and microstructural
parameters were further investigated by means of a multi-scale modeling approach based
on mean-field homogenization in combination with local fracture criteria. Inter-phase
and intra-phase fracture mechanisms were considered by adopting two separate fracture
criteria formulated in terms of the local average stress field. The micromechanical model
captures with useful accuracy the strong influence of microstructure and processing conditions on the flow and fracture properties, implying promising prospects of mean-field
homogenization for the constitutive modeling of hot stamped components.

1

Introduction

Continuous efforts by automotive manufacturers to reduce vehicle weight is of paramount
importance to meet emissions legislation and reduce fuel consumption, whilst still maintaining or increasing passive safety in crash situations. The increase in crashworthiness to
weight ratio is partially addressed by the application of new advanced materials and manufacturing processes. One such technology is the simultaneous forming and heat treatment of boron alloyed sheet metal components, termed press-hardening or hot-stamping.
During the last decade, much effort has been put in developing the manufacturing process
to enable the production of components with spatially varying microstructure and properties, termed tailored properties (TP) components. Using special tool technology, with
differential in-die cooling rates by heated tool sections and/or reduced thermal conductivity of the tool material, is one approach to obtain the desired microstructure composition
95
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and variation thereof within the final component. Distributed mechanical properties can
be advantageous in terms of crash performance for certain parts of the vehicle structure,
combining high intrusion protection and energy absorption.
To support the current development, a systematic investigation of the relative influence of various microstructural constituents on the overall flow properties and ductility
of quench-hardenable boron alloyed steel is needed. To this end, we have designed processing routes to produce tensile specimens with a comprehensive range of different microstructures. These include dual phase ferritic-martensitic, ferritic-bainitic and bainiticmartensitic compositions, and and a triple phase grade consisting of ferrite, bainite and
martensite. Additionally, the aim of the current work is to explore the possibilities of
a multi-scale modeling approach to ductile fracture prediction. Specifically, if the significant variations in strength and ductility arising from microstructural effects can be
captured with useful accuracy, at a computational expense which permit crashworthiness
predictions of automotive components with tailored properties.
Developments concerning the constitutive modeling of boron alloyed steel that takes
into account the processing history have been proposed by several investigators. These
have typically been formulated with microstructure dependent coefficients in various flow
stress models, see e.g. Bardelcik et al. (2012, 2014), Eller et al. (2014), and Östlund et al.
(2011). Concerning modeling of the press-hardening process, Åkerström and Oldenburg
(2006) modeled the austenite decomposition into daughter phases during continuous
cooling, and developed a constitutive model capable of simulating the complete press
hardening process (Åkerström et al., 2007). An alternative route is to estimate effective
material properties based on the properties of the constituent phases and arrangement
at the microscale. Homogenization schemes are numerical or analytical methods, devised
to estimate macroscopic effective constitutive properties based on the microstructural
behaviour. Belonging to numerical methods, the computational homogenization, or FE2
method, is based on discretized microgeometries for which they aim at fully accounting
for the interactions between phases. Geers et al. (2010) stated that a computational
homogenization scheme is probably one of the most accurate techniques in upscaling the
nonlinear behavior of a well-characterized microstructure. It is however computationally
demanding in a multi-scale analysis since it involves a fully nested boundary/initial value
problem, especially with the small timesteps dictated by the explicit time-integration
schemes commonly used in crashworthiness analysis. Characterization and discretization
of the relevant micro-geometries might also prove to be quite difficult and time-consuming
in many cases.
Mean-field homogenization (MFH) approaches are analytical (semi-analytical in case
of non-linear constituents) where the microfields within each phase are approximated
by their phase averages. Approximations concerning field fluctuations, geometry and
interactions at the microscale render a less computationally demanding scheme. The microgeometry enters the formulation through statistical measures such as volume fractions
and phase topology. They provide estimates of the composite material behaviour and
the average stress and strain fields and histories within each present phase. A survey
on these types of homogenization methods can be found in Zaoui (2002). Fracture mod-

2. Experiments
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els can be formulated in terms of these microscopic average fields in order to estimate
the ductility of the steel with respect to microstructure and process history. Methods
to estimate the effective ductility of heterogeneous metals by a combination of MFH
and various damage and/or fracture models have been proposed in literature. Tekoglu
and Pardoen (2010) integrated a Gurson type damage combined with MFH, where the
damage model was applied to the homogenized material in a multi-step approach. They
considered an elasto-plastic matrix material reinforced with elastic particles with reference to cast aluminium alloys. A systematic study of the influence on flow behaviour
of the microstructural parameters of dual phase steels consisting of ferrite and martensite was presented by Pierman et al. (2014). Preliminary results on fracture were also
included.
Concerning quench-hardenable boron steel, recent experimental investigations have
focused on materials characterization and on the manufacturing of components with distributed mechanical properties, among other aspects. George et al. (2012) developed a
lab-scale TP component using in-die heating and cooling technology, and their results
revealed that martensite, bainite, and ferrite were formed for the various heated die
temperature conditions. Bardelcik et al. (2012) based their constitutive model on experimental data obtained from specimens quenched at five different cooling rates, by forced
air convection, producing microstructures that ranged from bainitic to martensitic, with
intermediate mixed microstructures. In order to produce larger amounts of ferrite, MezaGarcia et al. (2013) used a dual furnace and tool-quenching system. However, a study
on the flow behavior and ductile fracture properties of boron steel with direct reference
to the mechanical properties of the constituents and arrangement at the microscale is,
to the authors knowledge, missing. Such an investigation is relevant in establishing predictive tools for determining performance envelopes of press hardened components with
distributed microstructure composition.
In this work we employ a dual furnace and cartridge-heated plane quenching tool
processing system to produce tensile specimens with an extensive range of microstructure compositions. Fracture data and flow curves extending to large plastic strains are
obtained from tensile tests using full-field deformation measurements. We propose a
multiscale approach to ductile fracture modeling within the framework of mean field homogenization. Two non-interacting fracture criteria are formulated in terms of the local
average stress field, referring to inter-phase and intra-phase fracture mechanisms. The
predicted overall ductility is governed by the weakest constituent or interface present in
the multiphase material.

2

Experiments

The material investigated is the low alloyed boron steel 22MnB5, which is widely used
in industry for hot stamped components. In as delivered condition, 22MnB5 exhibit
homogeneous distribution of pearlite in an equiaxed grain ferritic matrix, the material
is coated with an AlSi layer which protects from oxidation during heat treatment and
corrosion during service life.
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This section is intended to give a general overview of samples used for the study
of fracture in mixed microstructures, the tool used for the heat treatment and sample
production procedure used to obtain different microstructure compositions. The aim of
the experimental study on a larger variety of mixed microstructures is to increase the
understanding of their overall properties.

2.1

Specimens

Five types of sample geometries were cut perpendicular to rolling direction of the sheet
using abrasive water jet cutting. Sheet thickness for all samples is 1.25mm. Schematic
specimen geometries are shown in Fig. 1. Geometry of the specimens was dictated by
the dimensions of the tool used during heat treatment. All specimens have the basic
measurements 240 x 40mm.

40

40

40
15

R30

15

R10

Specimen #1

20

Specimen #2

40
8

Specimen #3

40
5

Specimen #4

Specimen #5

Figure 1: Overview of tensile specimens. Nominal sheet thickness is 1.25 mm. All
dimensions are in millimeters.

2.2

Production process of heat treated specimens

The production process was designed with the purpose to produce tensile test specimens
with distinctly different microstructures and varying amount of phase volume fractions,
and that those microstructures are relevant to those commonly found in hot stamped com-
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ponents. With differential in-die cooling rates, ferritic-bainitic and bainitic-martensitic
microstructures may form depending on the specific cooling rate. Less likely are the
formation of ferritic-martensitic compositions during the forming process, due to the
significant temporal variations in cooling rate required. However, ferritic-martensitic
mixtures may form in the vicinity of welds, especially if welding is performed in fully
martensitic material. To encompass all aforementioned microstructure compositions, we
have chosen an iso-thermal transformation based process.
The equipment used for specimen heat treatment consists of two furnaces, a plane
quenching tool and a water container. In advance to heat treatment all samples were
equipped with three thermocouples and are electrically grounded to data logging equipment in order to avoid interference during sampling. The temperature of the specimen
was continuously monitored throughout the experiment.
All samples were austenitized in the first furnace at 900◦ C for four minutes. Samples
were positioned on a brick in the center of the furnace to achieve even temperature
distribution throughout heating. A second furnace was used to form ferrite, temperature
of this furnace was set to 650◦ C. Formation of bainite or martensite was possible in the
plane quenching tool.
A schematic representation of the plane quenching tool is shown in Fig. 2. The tool
uses two plane surfaces where an area of 200 x 40mm can be controlled in temperature
using cartridge heating. Specimens were cut 40mm longer compared to the temperaturecontrolled tool area for handling purposes. The tool temperature was measured in six
points, 2mm beneath the surface, equally distributed along the tool length. To achieve
even heat transfer between sample and tool a pressure of 20M P a was applied onto
the specimens. Symmetric contact conditions between tool and specimen are desired,
therefore spring supported pins with a length of 2mm are used in both tool halves.
Circumstances which required a heated tool, such as to produce bainitic-martensitic
samples or composites consisting of three phases the tool could not simultaneously be
utilized as quenching device, thus water quenching was applied. Water temperature was
kept at room temperature. A pre-study showed negligible discrepancy in mechanical
properties between tool and water quenched specimens. The production process was
monitored by the real time data logging system, which enabled accurate manual transfers
between production steps.
An advantage of the production process used in this study is the control over transformation time and temperature independent of the specimen geometry. During transfer
between furnace to furnace or furnace and tool the cooling rate may be different along the
sample but the main part of the phase transformation is under temperature controlled
conditions. Using a plane tool provides the advantage of equal pressure distribution on
the specimen and due to this even heat transfer between tool and specimen. Cooling
rates from austenitization or ferrite formation temperatures to bainite transformation is
achieved fast due to efficient heat conduction between sample and tool. Rapid temperature change of the specimen allows short holding times leading to possible production
of samples with smaller amounts of bainite. The production of three phase composites
is possible by controlling temperature of transformation and holding times.
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Upper tool

Thermocouples

Specimen

Lower tool

Tool guide
Thermocouples in tool
Specimen support pins
Tool section point Cartridge heater

Figure 2: Schematic representation of the tool used to produce heat treated samples.
On the test specimen three locations used for continuous temperature measurement are
marked with dots. Insulation and limit stops are excluded for clarity.
Mixed microstructures
Ferritic-bainitic microstructures were produced by air cooling during transfer and holding
at 650◦ C in the second furnace to form ferrite, the remaining austenite is subsequently
transformed into bainite in the heated tool. Samples of this type are in continuation
abbreviated FB. In total three different combinations of ferritic-bainitic samples were
produced. Similarly to the FB specimens, ferritic-martensitic specimens were produced
by ferrite transformation at 650◦ C, but with subsequent tool quenching to room temperature. Forced air convection was applied to prevent heating of the tool during consecutive
production steps. In total three different phase volume fractions are produced and labeled FM in continuation. Samples consisting of bainite and martensite are produced
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with the tool heated to 430◦ C and subsequent quenching in water. The bainite transformation in 22MnB5 is a comparable fast process and therefore short holding times in
the tool are used. Four samples with bainitic-martensitic are produced and in continuation abbreviated BM. A microstructure containing three distinct phases is produced by a
combination of the two previous mentioned routines, ferrite formation at 650◦ C and bainite formation at 430◦ C with subsequent quenching in water to transform the remaining
austenite into martensite, the sample is abbreviated FBM. A schematic representation
of the heat treatment process is shown in Fig. 3, the holding times tf and tb are adjusted
depending on the desired volume fraction of phases. In Tab. 1 the holding times for all
produced samples are given.
1,000

Temperature [◦ C]

800
tf
600
tb

400
200
0

//
Time

Figure 3: Schematic heat treatment cycle.

Single phase microstructures
For the purpose of calibrating the local plasticity model and fracture criteria, see Section
2.4, three single phase microstructures were produced, each consisting of predominantly
ferrite, bainite and martensite, respectively. The term ’single phase’ is used throughout
this study and denotes microstructures consisting of more than 95% of the same type of
phase. Specimens with ferritic and bainitic microstructures were produced by Berglund
(2009), where they were cut after heat treatment from larger blanks. Martensitic specimens were obtained by quenching the pre-cut specimen in the tool to room temperature.
Since these specimens were produced for calibration purposes, all specimen geometries
depicted in Fig. 1 were used. Single phase samples are in continuation abbreviated by
their first letter and ultimate tensile strength, e.g. F730, B1015 and M1660.
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Microstructure characterization

In this work the main characterization technique were SEM/EBSD and SEM imaging
with a subsequent image analysis. The measurements are made at one quarter of the
blank thickness in order to avoid surface specific phenomena and center segregations.
Prior to analysis the samples are wet ground, polished and etched.
For single phase data three microstructures were produced and results are presented
in continuation. The ferritic microstructure is described as ’irregular ferritic’, this means
that the morphology cannot be described as polygonal, but not either as acicular since
no lath structure can be observed. Bainite was characterized as lower bainite, e.g. lath
formed ferrite with fine carbides within the laths. Martensite was mainly found in self
tempered condition, this is typical for martensite that is formed at high temperature.
All mixed microstructures are characterized using SEM imaging except of the ferriticmartensitic samples which were made using EBSD data. For ferrite-martensite samples
the band slope information was used to separate the ferrite from the martensite. Ferrite
found in the samples showed polygonal features but with irregular tendencies. All samples
show small amounts of retained austenite, e.g. austenite that did not transform during
cooling, distributed as small islands in the main phases. In Fig. 4 typical micrographs
of mixed microstructures characterized in the framework of this study are depicted. The
result of the microstructure characterization and a summary of all transformation times
used in the production of samples is presented in Tab. 1.

2.4

Plasticity and fracture

Tensile tests were performed using a servo-hydraulic machine with a cross-head displacement rate of 0.1 mm/s. The digital image correlation and acquisition system Aramis
(GOM GmbH, Braunschweig, Germany) was used to record the displacement field of the
specimen surface during loading. Provided that the specimen surface exhibit a random
pattern the in-plane displacement of any small unique region can be determined by a
cross-correlation procedure of the digital images taken before and after deformation. To
avoid decorrelation due to surface cracking of the AlSi coating, the specimen surface
was sandblasted to remove the coating prior to tensile testing. The sandblasted surface showed enough contrast and pattern which made it unnecessary to spray paint the
specimens. A frame rate of three images per second was used.
The experimentally determined displacement fields and force recordings constitute
the basis for determining the flow curve up to large strains, as well as the stress tensor
components and equivalent plastic strain values at the location and instant of fracture
initiation. Details of this procedure, which is shortly described in the following, can be
found in Eman (2007); Östlund et al. (2014). Using a J2 plasticity model with isotropic
hardening and piecewise linear flow curve representation,
σYn = σYn−1 + H n (εnp − εn−1
),
p

n = 1, 2, 3 ... nf ,

(1)

the stress field can be computed from the measured deformation. In Eq. (1), σY is the
yield strength and H is the plastic modulus, superscript denotes the load step where nf
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(a) Ferritic-martensitic microstructure of sample
FM-1. Brighter areas are martensite, darker areas correspond to ferrite.

(b) Ferritic-bainitic microstructure of sample FB1. Ferrite is gray colored and brighter areas are
bainite. The white dots in the bainite grains is
cementite.

(c) Bainitic-martensitic microstructure of sample
BM-3. Brighter areas are martensite, darker areas with dot pattern correspond to bainite, similar to sample FB-1 the white dots correspond to
cementite.

(d) Three phase microstructure consisting of ferrit, bainite and martensite. The dark gray areas are ferrite, darker areas with dot pattern are
bainitic and light gray areas are martensite.

Figure 4: Examples of microstructures from scanning electron microscope investigation,
magnification 2500x.
is the final step. When the stress field is known, the force acting on any cross-section
(in the current deformed geometry) can be determined, and H is determined iteratively
in each load step n so that the difference between measured and calculated force is
minimized. Provided that the virgin yield strength σY0 is known, the flow curve can be
constructed stepwise through the set of measured deformation fields up to fracture. This
procedure uses solely experimental field data, avoiding detailed finite element analysis of
each test and inverse modelling. We define that the instant of fracture initiation occurs
during the load step directly preceding the first detectable discontinuity in the measured
displacement field, denoted nf . This procedure was used to extract flow and fracture
data from all material compositions.
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Table 1: Phase volume fraction of test samples and holding times for ferrite and bainite
formation. Balance in the phase volume fraction is the amount of retained austenite.
Sample

Ferrite
[vol.%]

Bainite
[vol.%]

Martensite
[vol.%]

Ferrite
formation
time tf [s]

Bainite
formation
time tb [s]

F730
B1015
M1660

95.0
x
x

3.0
97.0
x

x
1.5
98.5

air cooled
air cooled
0

0
0
0

FM-1
FM-2
FM-3

50.8
62.1
74.0

0.8
1.3
0.9

48.8
36.3
23.5

45
60
100

0
0
0

FB-1
FB-2
FB-3

32.5
49.0
57.5

66.1
48.0
37.7

0.9
2.6
4.3

30
45
60

100
100
100

BM-1
BM-2
BM-3
BM-4

x
x
x
x

22.5
37.5
66.2
89.9

77.4
62.3
33.5
10.0

0
0
0
0

8
13
17
25

41.7

36.1

21.1

44

13

FBM-1

3

Modelling

Micromechanical modelling was performed to gain further insight into the deformation
and fracture behaviour of the different microstructure compositions produced. In addition
to this end, systematic investigations of the predictive performance of homogenization
schemes in combination with various local fracture criteria could contribute to the establishment of predictive tools for design and development of press-hardened components
with tailored properties.

3.1

Mean-field homogenization

Within mean field techniques the microscale stress and strain fields within each constituent are expressed through their phase averages h•i(r) ,
Z
Z
1
1
hσi(r) =
σ dΩ, hεi(r) =
ε dΩ
(2)
Ωr Ωr
Ωr Ωr
where Ωr is the subdomain occupied by phase r within the representative volume element
(RVE) domain Ω. The average fields over the entire RVE domain, which correspond to
the applied macroscopic fields, follows as
X
X
hσi =
vr hσi(r) , hεi =
vr hεi(r)
(3)
r

r
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where vr = Ωr /Ω is the volume fraction of phase r. The per-phase average stress and
strain fields are related to the overall fields by the stress and strain concentration tensors
through
hσi(r) = A(r) : hσi, hεi(r) = B(r) : hεi.
(4)
Various mean field homogenization models differs in their expressions for the fourth-order
concentration tensors A(r) and B(r) , however most rely on the solution for the elastic fields
of a single inclusion embedded in an infinite matrix by Eshelby (1957). To account for
collective interactions between inhomogeneities at non-dilute concentrations, Mori and
Tanaka (1973) replaced the macroscopic fields in Eqs. 4 with the average matrix fields,
rendering in the following expression for the average strain within inclusion r,
hεi(r) = B(r) : hεi(m)

(5)

where subscript m denotes the matrix phase and B(r) the concentration tensor for the
single inclusion,

−1
B(r) = I + E : (De(m) )−1 : De(r) − I
.
(6)
Here I is the fourth order identity tensor, E is the Eshelby tensor, De(r) and De(m) Hooke’s
elasticity tensor for inclusion phase r and the matrix phase, respectively. For isotropic
elasticity, the Eshelby tensor depends only on the semi-axes of the elliptic inclusion and
the Poisson’s ratio of the matrix. We consider an idealization of the multi-phase steel
microstructures where we have a combination of non-dilute concentrations of inclusion
phases that are dispersed within a distinct matrix phase to a certain degree, and that
they may also form continuous interwoven networks. Consequently, we employ an homogenization model based on interpolation between the regular Mori-Tanaka (MT) model,
and the inverse Mori-Tanaka where the material properties of the inclusion and matrix
are permuted. This interpolation model was proposed by Lielens et al. (1998) and further
explored by Doghri and Ouaar (2003), where it was derived from Hori and Nemat-Nasser
(1993) and thus referred to as the double inclusion (DI) model. In the form of incremental elasto-plasticity, the average strain rate of inclusion phase r is related to the average
matrix strain rate by
hε̇i(r) = B(r) : hε̇i(m) ,

where

B(r) = [(1 − ξ(vr ))(Bl(r) )−1 + ξ(vr )(Bu(r) )−1 ]−1
h

i−1
Bl(r) = I + E(m) : D−1
,
(m) : D(r) − I

and
(7)



Bu(r) = I + E(r) : D−1
(r) : D(m) − I .
In Eq. (7), ξ(vr ) is a smooth interpolation function, and Bl(r) , Bu(r) are the regular and
inverse MT strain concentration tensors, respectively. Furthermore, D(r) and D(m) are
reference tangent moduli of inclusion phase r and the matrix phase, as computed with
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the average strain rates of that phase, and E(m) , E(r) denote the Eshelby tensor computed
using the matrix or the inclusion reference moduli, respectively. The present homogenization scheme and its implementation is largely based on the work by Doghri and Ouaar
(2003), from which additional details can be found. They studied composites consisting
of an elasto-plastic matrix phase reinforced with elastic inclusions, and found that using
the tangent moduli when computing the Eshelby tensor gave overly stiff predictions in
terms of overall response. To solve this issue it was suggested to use an isotropic projection of the tangent moduli, Diso , to calculate E. In connection to this, Tekoglu and
Pardoen (2010) stated that for the per-phase behaviour, however, depending on the relative properties of the inclusion and the matrix, and on the loading conditions, using Diso
to calculate the Eshelby tensor E leads, in some cases, to an underestimation of the magnitude of stress in the inclusion compared to finite element calculations. Then in turn,
an underestimation of the local average fields might contribute to an over-prediction of
the overall ductility. When both matrix and inclusion phases are elasto-plastic, however,
the homogenization scheme predicts reasonable overall properties as compared to experiments (see Section 4.1). Therefore, we proceed by evaluating the Eshelby tensor using
D numerically using the method proposed by Gavazzi and Lagoudas (1990).

3.2

Properties of constituents

The input data
material grades
are produced is
elasto-plasticity

for the homogenization of composites with varying microstructure are
assumed as single phase microstructures. How the single phase grades
described in section 2. Each constituent phase is assumed to obey J2
with isotropic hardening according to a power law flow stress model
σY (r) = frc σY 0(r) + Kr (εpr )mr

(8)

where σY 0(r) , Kr , mr and εpr are the initial yield stress, strength coefficient and hardening
exponent of phase r. frc is a scaling factor taking microstructural effects in composites
into account. It is further assumed that differences in isotropic elastic properties of the
constituents are negligible, rendering in a homogeneous elastic response.
During diffusive decomposition of austenite into daughter phases, carbon migrates
from the newly formed phase into the remaining austenite. This is true for the formation
of ferrite, it is less true for lower bainite but even for that phase much of the carbon
is partitioned into the austenite rather than precipitating as carbides. If this process is
followed by a quenching transformation the martensite will contain a larger amount of
carbon than the bulk content, thus increasing the martensite yield strength. The carbon
content of the remaining austenite can be estimated from mass balance considerations,
P
C̄ − r vr C(r)
P
(9)
Cγ =
1 − r vr
Speich and Warlimont (1968) suggested a correlation of the initial yield stress and the carbon content for carbon steels. Calculating the carbon content in the remaining austenite
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the scaling factor of the initial yield stress for martensite is
c
fm
=



C̄
Cγ

 12

(10)

Tomita and Okabayashi (1983) found a strengthening effect in microstructures of lower
bainite and martensite. Young and Bhadeshia (1994) provided a quantitative relationship
between the volume fraction and the strength of the mixed microstructure.
fbc = 0.65e−3.3vb + 0.98

(11)

The strengthening effect in this type of mixed microstructure is explained by two major contributions. The first is the increase in the strength of martensite as carbon is
partitioned into austenite during the formation of bainite, the second effect is a plastic
constraint in which the strength of bainite is enhanced. Eq. 11 is calibrated to a steel
with different alloying, no recalibration was performed for this study.

3.3

Ductile fracture

The progressive nucleation, growth and coalescence of micro-voids during plastic loading
ultimately lead to macroscopic crack initiation in ductile metals. This mechanism is
influenced by the microscopical field quantities and the nucleation/growth resistance of
each constituent phase and interfaces present. We consider the nucleation process being
the dominant factor, and assume that this process is mainly controlled by the local
average stress field acting in the microscopic scale. Furthermore, a distinction is made
between two cases. 1: Void nucleation caused by microcracking within grains or interface
decohesion between adjacent grains of the same phase, and 2: Void nucleation caused
by interface decohesion between adjacent grains of different phases. A line of thought
supported by Avramovic-Cingara et al. (2009) who identified decohesion of the ferritemartensite interface as one mechanism of void nucleation and that those voids grow along
ferrite grain boundaries.
It is assumed, for case 1, that the intra-phase strength is governed by a ductile fracture
criterion on the form suggested by Khan and Liu (2012), abbreviated the MSV criterion.
The MSV criterion involves the magnitude of the stress vector, M SV ,
M SV = (σ12 + σ22 + σ32 )1/2 =

1/2

2
3(σ mean )2 + σ 2
3

(12)

as the fracture indicator, where σi , i = 1, 2, 3 are the principal stresses, and the criterion
is given by
M SV = c1 (σ mean )2 + c2 σ mean + c3 ,
(13)
where σ mean is the hydrostatic mean stress and c1 − c3 are model parameters. Khan
and Liu (2012) used two different quadratic expressions for the positive and negative
hydrostatic mean stress regions, respectively. We consider only the positive region as
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being of relevance for thin-walled structures. This criterion is established in terms of the
microscopical average stress acting within each phase, so that Eqs. (12, 13) read
hM SV i(r) =
hM SV i(r) =



3hσ mean i2(r)

+

c1(r) hσ mean i2(r)

2
hσi2(r)
3

1/2

+ c2(r) hσ

(14)
mean

i(r) + c3(r) ,

where hσi(r) , hσ mean i(r) are the local average effective stress and mean hydrostatic stress,
respectively, acting within phase r.
For case 2, the inter-phase strength is governed by a critical maximum principal stress
criterion, given by
max( hσ1 i(r) ) = min( σrcrit ),
(15)
for all phases r present. This means that if the maximum major principal stress of
all phases present, max( hσ1 i(r) ), equals the strength of the weakest interface present,
min( σrcrit ), fracture occurs.
These two criteria are integrated with the mean field homogenization scheme. Whichever
criterion is violated first, either the intra-phase criterion in any of the present phases,
or the inter-phase criterion, determines the fracture initiation limit of the multiphase
material. With this formulation, the weakest link of the composite material governs the
effective ductility.
Microstructural effects on constituent fracture properties
A natural assumption would be that the fracture stress of martensite and bainite increases
with carbon content, as is the case for the flow stress. However, the relationship between
fracture limit stress and carbon content could not be fully investigated in this work, since
only one steel composition, 22MnB5, was used. Therefore, we assume values applicable
to the martensite tested. The fracture criteria of the preceding section are evaluated with
the reduced local average stress tensor components according to
hσij i(r) = hσijdev i(r) frsc + hσ mean i(r) δij , where
frsc =

σY 0(r) +Kr (εpr )mr
.
frc σY 0(r) +Kr (εpr )mr

(16)

Which is essentially the stress tensor without carbon dependent yield stress scaling.
Observe that only the fracture criteria are evaluated using the reduced stress tensor.

3.4

Parameter estimation

Preceding micromechanical simulations, constitutive data including fracture parameters
for each constituent phase, i.e. ferrite, bainite and martensite, are needed. These parameters were obtained from plasticity and fracture experiments as described in Sec. 2.4,
using the specimens consisting of predominantly one constituent phase, see Sec. 2.2.
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Table 2: Material parameters.
Phase
fc
(-)
Ferrite
Bainite
Martensite

Parameter

Flow stress model
σY 0
K
(MPa)
(MPa)

1
Eq.11
Eq.10

203
306
400

724
916
1517

m
(-)

c1
(MPa)−1

0.1820
0.0942
0.0661

1.284e-3
6.564e-4
6.005e-4

Fracture criterion
c2
c3
(-)
(MPa)
0.1093
0.2997
0.1287

755.0
996.4
1545.0

σ crit
(MPa)
1650
∞
∞

Piecewise linear flow curves were determined from the full-field measurements, using
specimen geometries #1, #2 and #5. Then the flow stress model, Eq. (8), was fitted by
least squares to the piecewise linear measured flow curves of those three specimen geometries per constituent phase. The result is shown in Fig. 5a. The parameters for ferrite
and bainite were obtained in an earlier study, see Östlund et al. (2015), parameters for
martensite were determined within the framework of the present study. The parameters
are given in Table 2, followed by short discussion of the parameter estimation of each
constituent phase.
#1
#2
#3
#4
#5

2200
1800

2000

1600

1800

Martensite
M SV
(MPa)

σY (MPa)

1400
1200
1000

800

400
0.2

(a) Flow curves.
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1000

Ferrite

600

0.1

1400
1200

Bainite

800

0

1600

0.3

0.4

0.5 0.6
ε (-)
p

0.7

0.8

0.9

1

600
−100 0

Bainite
Ferrite
100 200 300 400 500 600 700 800 900 1000
σ mean
(MPa)

(b) Fracture limit curves.

Figure 5: Flow and fracture limit curves for each constituent phase. In (a), the power-law
fit and the corresponding points obtained from Eq. (1) are shown. The fracture criterion
is illustrated in (b), where squares, triangles etc. indicate fracture initiation as obtained
from experiments, and the solid lines are the fracture limit curves according to the MSV
criterion. The legend entries in (b) refer to the test specimen number as depicted in Fig.
1, and applies to (a) and (b).
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Numerical aspects
The numerical implementation of the incremental MFH procedure follows to a large
extent the procedure proposed by Doghri and Ouaar (2003). However, we found that the
convergence characteristics were improved by performing a rank one Broyden’s update
of the Jacobian matrix. In the following, we briefly recapitulate the numerical procedure
used to integrate the homogenization model, the local plasticity routine and evaluate the
fracture criterion. Consider a generic time step where the solution is advanced from time
tn to tn+1 , state and history variables are known at tn together with the macroscopic
strain increment ∆ε.
• Initialize local strain increments, hεi(r) ← ∆ε. Calculate Eshelby tensors Er with
tangent moduli’s Dr at time tn . 1 Initialize the Jacobean matrices Jr ← I.
• start of iteration i, time tn+1 (iteration indices omitted where not needed for readability).
1 Determine average strain increment in matrix phase


X
vr h∆εi(r) /vm
h∆εi(m) ←= ∆ε −
r6=m

Calculate the matrix average stress and reference moduli by constitutive update,
using the implicit radial return scheme, from the average matrix strain increment
h∆εi(m) together with state and history variables at tn .
2 Do r = number of inclusion phases
3 Calculate the average stress and reference moduli of inclusion phase r using
the same procedure as for the matrix.
4 Compute strain concentration tensor B(r) using Eqs. (7).
5 Compute local strain increment residual, Rr = B(r) : h∆εi(r) − h∆εi(m)
: Rr and correct the
6 Compute average inclusion strain correction xr = J−1
r
inclusion strain increment h∆εi(r) ← h∆εi(r) + xr
7 Update the Jacobian matrix using Broyden’s formula, Broyden (1965),
Jir = Ji−1
+
r

Rri − Rri−1 − Ji−1
: xr
r
⊗ xr
kxr k2

P
8 P
End do. If | r Rr2 | < tolerance, stop iterations, compute macroscopic stress, σ =
r vr h σi(r) .
9 Check if fracture criterion is violated in any of the present phases
1
The Eshelby tensors are evaluated at time tn to avoid recomputing during the iteration process and
thereby saving computational expense. No noticeable effect on the results where observed. Furthermore,
the Eshelby tensors was computed using the code which was kindly provided by Lagoudas, based on his
paper, Gavazzi and Lagoudas (1990).
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4

Results

4.1

Overall flow behaviour

The experimentally obtained flow curves for all multiphase materials, with phase volume
fractions given in Table (1) and determined using specimen geometry #1, are shown in
Figs. 6a - 6c. These are flow curves that extend beyond the onset of necking, up to
large strains. Also included in Figs. 6a - 6c are the overall flow behaviour of all material
compositions as predicted by the DI model.
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Figure 6: Experimentally obtained and predicted flow curves for the multiphase steels
with different microstructure compositions
As expected, most satisfactory agreement in terms of measurements and predictions
are obtained for ferrite-bainite dual phase steels, since these have the least contrast in
mechanical properties of the constituents. Generally, the initial amount of hardening at
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small plastic strains is overpredicted to various degrees. All in all, the agreement with
respect to experiments are reasonably good, except for the BM-1 specimen. It seems
that the strengthening effect at low bainite fractions of bainite-martensite compositions
could not be captured with Eq. (11), suggesting that this relation should be recalibrated
for the present alloy.

4.2

Overall ductility

The influence of different microstructure compositions on the overall ductility of the
boron alloyed steel is shown in Figs. 7a - 7c, as obtained from specimen geometry #1 .
The ductile fracture criteria formulated in the local average stress space are path independent, however, the stress distribution within a RVE depends on the reference moduli
which are history dependent, thus introducing a slight path dependence on the overall
ductility predictions by the DI model. Furthermore, the objective is to study the influence of microstructure separately from the effect of loading condition on ductile fracture.
Consequently, in the following comparisons, the DI model was integrated along the average of the experimentally measured strain path of the point where fracture initiates, for
each group of tests. Thus, these results are specific to specimen geometry #1. For those
cases where the model overpredicts the overall ductility, the load path was extrapolated
linearly, but with a cutoff value at β = 0.0, where β is the in-plane principal strain rate
ratio. This cutoff value corresponds to a loading state of generalized plastic plane strain.
The measured and calculated overall ductility are illustrated in Figs. 7a - 7c, in the space
of macroscopic equivalent fracture initiation strain, εf , and relative volume content of
constituent phases, and the values are presented in Table (3).
Some general trends can be observed from these results. It seems, for all dual phase
microstructures in this investigation, that the overall ductility limit diminishes for volume fractions of stronger phase exceeding around 30% compared to the ductility of the
stronger phase alone. Concerning the ferrite-bainite dual phase steels, the model indicates intra-phase fracture occurring in the bainitic inclusions, for all volume fractions
reported. The overall ductility of these grades is systematically overpredicted with an
average relative error fraction of approximately 0.2.
The ferrite-martensite dual phase steels shows a remarkable loss of ductility compared
to that of the constituent phases alone. This behavior was observed for several additional
samples with ferritic-martensitic microstructure of boron alloyed steel not included in this
investigation. Commercial steels of this type normally show higher ductility. They differ
in chemical composition and, for the most part, go through a post-quench tempering
process to reduce some of the internal stresses due to phase transformation as well as to
reduce the hardness of the martensite. Ferrite-martensite samples in this study contain
relatively large volume fractions martensite and did not undergo further heat treatment
after quenching.
The low ductility limit of the ferrite-martensite steels was the prime motivation to
include the interface strength model in the present modeling approach. For martensite
volume fractions exceeding about 20%, the interface strength model governs the pre-
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Figure 7: Overall ductility of dual phase microstructures, measurement and prediction.
dicted overall ductility, which is rapidly reduced with increasing martensite content. The
predicted rate of decrease is smaller than what is indicated by the experimental results,
resulting in a large overprediction of the fracture initiation strain of the FM-1 grade. For
the other two, the agreement is surprisingly good. According to the model, vanishingly
small fractions of ferrite embedded within a martensitic structure results in a drastic
reduction of ductility. Additional experimental data is needed to reject or support this
behavior. Also included in Fig. 7b are model predictions with the interface strength
model deactivated, to illustrate the expected ductility limit in the case of infinite ferrite
interface strength.
The third dual phase steel type investigated in this work is the bainite-martensite
microstructure. The model indicates intra-phase fracture occurring in the bainitic phase,
for all volume fractions reported. For martensite fractions lower than approximately
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Table 3: Fracture strain of specimen #1.
Specimen Experiment Prediction Relative error
F730
B1015
M1660

0.8219
0.6453
0.3254

0.7793
0.6262
0.3656

0.0518
0.0295
-0.1234

FB-1
FB-2
FB-3

0.5064
0.4713
0.4424

0.5916
0.5834
0.5215

-0.1683
-0.2378
-0.1788

FM-1
FM-2
FM-3

0.1055
0.1216
0.0763

0.2738
0.1181
0.0716

-1.5956
0.0288
0.0614

BM-1
BM-2
BM-3
BM-4

0.4164
0.3215
0.1870
0.2210

0.3278
0.2685
0.2282
0.2161

0.2127
0.1647
-0.2205
0.0222

FBM-1

0.1864

0.1696

0.0900

50%, the predicted values are conservative.
For the triple-phase steel, the model predicts the fracture initiation strain quite accurately, shown in Table 3, and indicates ferrite interface fracture. A behavior supported
by Zare and Ekrami (2011) who investigated triple-phase ferrite-bainite-martensite steels
and identified interface decohesion as a primary mechanism due to the density of dislocations at interphase boundaries.
To summarize the preceding discussion, it seems that the integrated MFH scheme
and weakest link fracture criterion can to a certain degree explain and provide additional
insight the observed fracture behavior of boron alloyed steel.

4.3

Uncertainties

A major practical difficulty in the use of multi-scale methods is the identification of material properties of the individual constituents. A principal assumption of this work is
that the single phase specimens can be considered homogeneous, and that the measured
properties obtained from macroscopic tensile tests of those specimens can describe the
in-situ response of the constituents at the microscale. This is off course not strictly valid,
since these specimens are heterogeneous to various degrees. How accurately the mechanical properties of the irregular ferrite in specimen F730 corresponds to the properties of
the proeutectoid ferrite phase present in the multiphase microstructures is difficult to
estimate. The same applies to bainite, a phase which can show quite different mechanical properties depending on transformation temperature. Moreover, the simplifications
inherent to the MFH scheme relative to the physics of the problem, such as phase-wise
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constant fields, topological simplifications, strict validity only to small strains etc., in
combination with local fracture criteria, are certainly debatable. The present approach
shows a viable way forward for the microstructure-based modeling of ductile fracture
initiation in press-hardened steels, but more research is needed in order to quantify these
aforementioned uncertainties.
The phase volume fractions were determined from image analysis of SEM micrographs
taken from a small region of the tensile specimens. Within this small region, the variation
of volume fractions was estimated to about ± 2 − 4 %. However, two independent characterizations, both using essentially the same methods as earlier described, have indicated
a higher uncertainty. The processing conditions should ensure an even temperature distribution within the gauge length of the specimen, an assertion supported by hardness
measurements across the gauge length which showed no significant variations.

5

Conclusion

An experimental investigation on the ductile fracture properties of boron steel with eleven
mixed microstructures consisting of different phase compositions, and volume fractions
thereof, was conducted. Tensile test specimens underwent thermal treatment followed by
characterization of mechanical properties using full-field measurements and microstructure characterization using SEM imaging. This enabled mapping of the influence of
constituent phase volume fractions on the overall flow and ductile fracture properties.
Results revealed significant ductility variations depending on microstructure, which motivated the formulation of two independent local fracture criteria in the framework of
a mean-field homogenization scheme. The flow and fracture properties of each constituent was identified experimentally from tensile specimens with what was considered
as single phase microstructures. Certain additional microstructural effects such as the
influence of carbon content on the constituents yield strength were taken into account.
The proposed modeling approach which separates inter-phase and intra-phase fracture
mechanisms could reproduce the experimental observations with useful accuracy. This
confirms to some extent that the different fracture modes observed can be explained by
the model, for the material compositions studied in this work. This also indicates that
a mean-field homogenization approach combined with local fracture criteria can be an
efficient approach to the constitutive and ductile fracture modeling for estimating the
performance envelopes of components with distributed microstructure composition.
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initiation in press-hardened sheet metal structures
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Abstract
The manufacturing of sheet metal components with spatially varying microstucture
composition and mechanical properties using press-hardening technology is now an established practice in the automotive industry. To estimate the performance envelopes of
such components, a multi-scale approach to ductile fracture prediction based on meanfield homogenization is proposed. Two non-interacting fracture criteria are formulated
in terms of the local average stress field, referring to inter-phase and intra-phase fracture
mechanisms. The overall ductility is governed by the weakest constituent or interface
present in the multiphase material. Moreover, instabilities related to the strain localization problem at the macroscale are treated by embedded discontinuities in the element
formulation. These are triggered by a localization criterion derived via bifurcation analysis of the homogenized material. Issues concerning numerical implementation include a
forward Euler scheme for integrating the mean-field equations, suitable for explicit finite
element analysis of heterogeneous materials. Tensile specimens with ten distinctly different microstructure compositions are produced through thermal treatment, for which
useful predictions of the overall force-displacement response and fracture elongations are
demonstrated.

1

Introduction

The growing demands for higher occupant safety and lower energy consumption by reduced vehicle weight is a continuous driving force for the development of advanced materials in the automotive industry. Simultaneous forming and heat treatment of sheet
metal components, termed press-hardening, has shown a steady increase in use for the
manufacturing of automotive body structures. Conventionally, the austenitized blank
is fully quenched during forming, producing a high-strength martensitic microstructure.
However, the manufacturing process can be designed in such a way that the blank is
subjected to differential in-die cooling rates, thus yielding different phase fractions and
spatial variation of phases present within the component. These types of components
with distributed mechanical properties, termed tailored properties (TP) components, can
increase the crash performance in certain applications. One such is the B-pillar, see e.g.
Karbasian and Tekkaya (2010).
Efforts to predict the final material state of press-hardened components has been carried out in several investigations. Among those, Åkerström et al. (2007) used an austen121
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ite decomposition model based on the work of Kirkaldy and Venugopalan (1983) and
Koistinen and Marburger (1959) to conduct thermo-mechanical analysis of the forming
process. This enables predictions of the microstructure composition in terms of phase
volume fractions at each material point in the component from a given set of process
conditions.
Predicting the performance envelopes of TP components poses some modeling challenges due to continuously varying material properties. In addition, fracture is often the
limiting case requiring reliable ductile fracture prediction capabilities. Various aspects
of this issue has been addressed in some recent works: Bardelcik et al. (2012, 2014)
developed a strain rate dependent flow-stress model with microstructure dependent coefficients. Eller et al. (2014) proposed a Vickers hardness dependent constitutive model,
where the composite flow curve were determined by linear interpolation between three
calibrated hardness grades. Moreover, they used the modified Mohr-Coulomb fracture
criterion, see Bai and Wierzbicki (2010), where the equivalent fracture strain was interpolated in a similar fashion in order to estimate the overall ductility at arbitrary volume
fractions of ferrite, bainite and martensite.
An alternative approach to the constitutive modeling of steels with spatially varying
heterogeneity is the mean-field homogenization (MFH) route. In the case of non-linear
constituents, MFH schemes are semi-analytical methods which provide estimates of the
macroscopic response, i.e. homogenization, and predictions of the local average fields
within each phase. For a review on continuum micromechanics and associated homogenization techniques, see Zaoui (2002). MFH schemes has been successfully applied to
predict the macroscopic behaviour of steels based on their constituent properties, see e.g.
Weng (1990).
Concerning fracture prediction, methods to estimate the effective ductility of heterogeneous materials by a combination of MFH and various damage and/or fracture models
have been proposed in literature. Wu et al. (2012) investigated the application of the
Lemaitre-Chaboche damage model to a multiscale analysis of fibre reinforced composites.
The damage model was applied to the elasto-plastic matrix, with a non-local gradient
enhanced formulation to maintain solution uniqueness in the softening regime. Further
developments of the MFH scheme to allow partial elastic unloading of the elastic fibres during matrix softening was done in Wu et al. (2013b,a). Another proposal put
forward by Tekoglu and Pardoen (2010) involved Gurson type damage combined with
MFH, where the damage model was applied to the homogenized material in a multi-step
approach. Further investigations on this subject include Chaboche et al. (2001),Pierman
et al. (2014), Östlund et al. (2013), Adam et al. (2009), among others.
This paper is concerned with the determination of effective material properties and
ductile fracture initiation of multiphase metallic alloys, with special reference to the prediction of performance envelopes of press-hardened components with tailored properties.
We employ an incremental MFH procedure combined with a ductile fracture initiation
criterion formulated in terms of the local average stress field acting on the microscale.
Instabilities related to the strain localization problem at the macroscale are treated by
means of embedded bands. Discontinuities in the strain field are introduced into the
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quadrilateral shell when instability is signalled by a local bifurcation analysis of the
homogenized material. The kinematical enhancements with respect to the localization
problem where developed in Östlund et al. (2015). The embedded band approach within
a multiscale framework has been investigated by Massart et al. (2007) using computational homogenization, however a concept based on MFH is missing. Our aim is to
develop a formulation which can simulate the structural response and predict fracture
initiation of components consisting of a wide range of microstructure compositions, with
useful accuracy and at reasonable computational expense.

2

Modelling

This section summarizes the modelling techniques used in the development of a new
integrated approach for ductile fracture analysis of heterogeneous steel sheets. Particular
attention is directed towards macroscopic sheet stability analysis of the homogenized
material, which is a necessary ingredient in the kinematic enhancement for localization
analysis. Moreover, issues concerning ductile fracture initiation are presented in some
detail. Methods which are applied in a standard fashion, such as the MFH procedure
and the localization enhancements are only briefly described.

2.1

Mean-field homogenization for elasto-plastic metallic alloys

A fundamental approximation of mean-field approaches is that the microscopic stress
and strain fields acting on each phase ensemble within a representative volume element
(RVE) are uniform and given by their volume averages h•i(r) ,
Z
Z
1
1
σ dΩ, hεi(r) =
ε dΩ
(1)
hσi(r) =
Ωr Ωr
Ωr Ωr
where Ωr is the subdomain occupied by phase r within the RVE domain Ω. The average
fields for the RVE follows as
X
X
vr hσi(r) , hεi =
vr hεi(r)
(2)
hσi =
r

r

where vr = Ωr /Ω is the volume fraction of phase r. Considering incremental elastoplasticity, the average stress and strain rates are related to the overall rates by
hσ̇i(r) = A(r) : hσ̇i,

hε̇i(r) = B(r) : hε̇i.

(3)

where A(r) and B(r) are the fourth-order stress and strain concentration tensors, respectively, for phase r. Various homogenization models give different expressions for the
concentration tensors. One such is the double-inclusion (DI) model proposed by Hori
and Nemat-Nasser (1993), from which many homogenization models can be retrieved. In
this work, we employ the DI model as proposed by Doghri and Ouaar (2003), where the
strain concentration tensor is determined from the following interpolation
B(r) = [(1 − ξ(vr ))(Bl(r) )−1 + ξ(vr )(Bu(r) )−1 ]−1 ,

(4)
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where ∀ ξ(vr ) ∈ [0, 1] is a smooth interpolation function. In Eq. (4), Bl(r) and Bu(r) are
concentration tensors corresponding to the regular Mori-Tanaka (MT) model, proposed
by Mori and Tanaka (1973), and the inverse MT model where the material properties of
the inclusion and matrix phase are permuted,
h

i−1
:
D
−
I
Bl(r) = I + E(m) : D−1
,
(r)
(m)

(5)



Bu(r) = I + E(r) : D−1
(r) : D(m) − I .
Here I is the fourth order identity tensor, D(r) and D(m) are reference (algorithmic)
tangent moduli of inclusion phase r and the matrix phase, as computed with the average
strain rates of that phase, and E(m) , E(r) denote the Eshelby tensor computed using the
matrix and the inclusion reference moduli, respectively. A large portion of the MFH
descriptions relies on the solution for the elastic fields of a single inclusion embedded
in an infinite matrix by Eshelby (1957). To summarize, we have the following relations
which defines the multi-scale constitutive relations,
X
X
vr hσi(r)
(6)
vr hε̇i(r) , hε̇i(r) = BDI
hσi =
hε̇i =
(r) : hε̇i,
r

r

and
BDI
(r)

= B(r) :



vm I +

X

vr B(r)

−1

(7)

r6=m

where vm is the volume fraction of matrix phase. The tensors B(r) are computed from
Eqs. (4) and (5), and the homogenization scheme is complete.

2.2

Local constitutive model

Each of the constituent phases, i.e. ferrite, bainite and martensite, are assumed to obey
J2 elasto-plasticity with isotropic hardening according to a power law flow stress model
on the form
σY (r) = frc σY 0(r) + Kr (εpr )mr
(8)
where σY 0(r) , Kr , mr and εpr are the initial yield stress, strength coefficient, hardening
exponent and equivalent plastic strain of phase r, respectively. frc is a factor accounting
for a scaling of the initial yield stress depending on microstructural effects. The influence
of carbon content on the flow strength of martensite is well documented in literature, see
e.g. Krauss (1999). The martensite carbon content can be estimated by a simple mass
balance equation of the carbon content in the remaining austenite prior to quenching,
since the carbon present in austenite prior to transformation is equal to the martensite
carbon content.
P
C̄ − r vr Cr
P
Cγ =
(9)
1 − r vr
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In Eq. (9), Cγ is the carbon concentration in the austenite, vr and Cr the volume fraction
and carbon content other phases formed, and C̄ the carbon content of the bulk material.
In general, ferrite carbon content is less than 0.022wt% (Chen and Cheng, 1989), and
bainitic ferrite contains up to 0.03wt% in solid solution (Bhadeshia and Edmonds, 1983).
Several different expressions for frc have been established by various investigators.
Speich and Warlimont (1968) proposed an equation with two fitting parameters accounting for structural contributions to strength, including austenite grain size or packet size,
lath size and dislocation fine structure. Pierman et al. (2014) applied a different relationship to model the martensite carbon strengthening in ferritic-martensitic microstructures.
Both authors used experimental results to calibrate their scaling equations, where the
major difference between those propositions is a square root dependency of the martensite carbon content used by the first author and a cubic root relationship applied by the
second named author. These differences may be attributed to the different additional
alloying elements used in their respective studies. Due to the lack of experimental data
of martensite strength at different carbon contents for the boron alloyed steel used in
this study, we employ a simple expression according to
  12
Cγ
c
(10)
fm
=
C̄
where subscript m indicates the martensite phase. Young and Bhadeshia (1994) reported
strengthening effects in bainitic-martensitic microstructures for low volume fractions of
bainite, a phenomenon which could not be observed in this work. This could be explained
by volume fractions in present samples, see Section 3, which are probably not small
enough to show a significant effect. Thus, we consider micrustructural strengthening
effects of all other phases except martensite to be negligible, rendering in a scaling factor
equal to unity, fr6c=m = 1.

2.3

Instability and fracture of heterogeneous thin-walled structures

Macroscopic sheet instability in the form of localized necking occurs when the rate of
work hardening is no longer sufficient to balance the rate of thickness decrease of the
sheet, during tensile loading. This causes the deformation to localize into narrow bands,
characterized by a discontinuity in the velocity gradient across the band,
∂
[vi ] = q̇i nj ,
∂xj

[vi ] = vil − vi0 .

(11)

Square brackets denote the difference between a macroscopic field inside and outside the
localized zone. Here, vil and vi0 denote the components of the macroscopic velocity within
the localized zone and outside, respectively. Moreover, n is the unit normal to the band
and the rate vector q̇ represent the deformation mode. Considering that equilibrium
requires continuous resultant traction rate,
[tσ˙ij ]nj = 0,

(12)
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the classical necessary condition for discontinuous bifurcations in the plane of the sheet
is obtained, as given by e.g. Hill (1952); Stören and Rice (1975),
([σ̇ij ] + σij [d33 ])nj = 0,

where [d33 ] = −(q̇1 n1 + q̇2 n2 ),

(13)

and dij are the components of the macroscopic rate of deformation tensor, i.e. the
symmetric part of the velocity gradient, σij are the macroscopic stress tensor components
and t the sheet thickness. Zhu et al. (2001) reduced Eq. (13) to
ñ1 ([σ̇1 ] − σ1 (q̃˙1 ñ1 + q̃˙2 ñ2 )) = 0
ñ2 ([σ̇2 ] − σ2 (q̃˙1 ñ1 + q̃˙2 ñ2 )) = 0,

(14)

˜ denotes components exby considering moment equilibrium, where a superposed (·)
pressed with respect to a basis aligned with the principal stress directions, and σ1 , σ2
are the in-plane principal stresses ordered such that σ1 ≥ σ2 . In order to solve Eq. (14)
for the localization threshold and the orientation vector components ni , we consider a
fictitious reference material, obeying J2 deformation theory of plasticity and having the
flow strength of the actual composite material, undergoing proportional loading. Using
deformation theory, a solution which satisfy Eq. (14) is
If σ1 ≥ 2σ2 ,
"
h − 21 (σ1 + σ2 ) = 0,
else
4σ
3ε

−

(σ−hε) 2
σ1
σ2 ε

− σ1 = 0,

ñ =

2σ1 −σ2
3(σ1 −σ2 )
σ1 −2σ2
3(σ1 −σ2 )

0

#1/2
(15)

" 1 #
ñ = 0 ,
0

where additional details can be found in Östlund et al. (2015). Here, h, σ and ε are the
hardening modulus, Von Mises effective stress and equivalent plastic strain of the reference material, respectively. In order to relate these to the properties of actual composite
material, we make use of the homogenization relations, Eqs. (2) and the flow properties
of each constituent, Eq. (8), then we arrive at the following relations. Let
P
σ = r vr hσi(r) ,

 m1
r
P
hσi(r) −frc σY 0(r)
ε = r vr
,
Kr
(16)

 mmr −1
r
c
P
hσi(r) −fr σY 0(r)
h = r vr mr Kr
,
Kr
then, Eqs. (15) together with Eqs. (16) define an instability criterion only dependent on
the per-phase local average effective stress hσi(r) , the macroscopic principal stresses σ1
and σ2 , and the flow properties of each constituent phase.
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Fracture model

Macroscopic crack initiation in ductile metals is preceded by three consecutive and overlapping microscopical mechanisms, the nucleation, growth and coalescence of voids. We
consider the nucleation process being the dominant factor, and assume that this process is mainly controlled by the local average stress field. Furthermore, two different
mechanisms are considered: 1. Void nucleation caused by microcracking within grains or
interface decohesion between adjacent grains of the same phase, and 2: Void nucleation
caused by interface decohesion between adjacent grains of different phases. For case 1,
the intra-phase strength is modeled by the ductile fracture criterion suggested by Khan
and Liu (2012), established in terms of the local average stress within each phase,
hM SV i(r) = c1(r) hσ mean i2(r) + c2(r) hσ mean i(r) + c3(r) ,

(17)

where the fracture indicator M SV is defined by
2
hM SV i(r) = (hσ1 i2(r) + hσ2 i2(r) + hσ3 i2(r) )1/2 = (3hσ mean i2(r) + hσi2(r) )1/2
3

(18)

and c1 − c3 are model parameters and hσi(r) , hσ mean i(r) are the local average effective
stress and mean hydrostatic stress acting within phase r.
For case 2, the inter-phase strength is governed by a critical maximum principal stress
criterion, given by
max( hσ1 i(r) ) = min( σrcrit ),
(19)
for all phases r present. This means that the maximum major principal stress of all
phases present, max( hσ1 i(r) ), cannot exceed the strength of the weakest interface present,
min( σrcrit ), without fracture occurring. This criterion is mainly motivated by the fracture behavior observed in microstructures containing ferrite and martensite. AvramovicCingara et al. (2009) identified decohesion of the ferrite-martensite interface as one mechanism of void nucelation and that those voids grow along ferrite grain boundaries, ultimately leading to macroscopic fracture.
To summarize, whenever fracture is indicated by either Eq. (17), for anyone of the
phases present, or by Eq. (19), fracture initiation occurs, so that in this formulation the
weakest link dictates the overall ductility of the material.
Carbon effect on martensite strength
The influence of carbon content on the fracture properties of martensite is not as wellinvestigated as the influence on yield strength. This work centres around one bulk chemical composition, prohibiting a study on the separate influence of martensite carbon
content from that of martensite volume fraction. Therefore, we consider the following
approach. The fracture criteria of Sec. 2.3 are evaluated with the reduced stress tensor
according to
hσij i(r) = hσijdev i(r) frsc + hσ mean i(r) δij , where
(20)
σ
+Kr (εpr )mr
frsc = f c σYY0(r)
p mr .
0(r) +Kr (εr )
r
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where σijdev is the deviatoric stress tensor components. This is essentially the stress tensor
without carbon dependent yield stress scaling. Observe that only the fracture criteria
are evaluated using the reduced stress tensor.

2.4

Embedded discontinuity shell element

For ductile metals, localization of deformation acts as a precursor to fracture in tensiondominated loadings. Associated with the analysis of rate-independent elasto-plastic
structures, loaded beyond their stability limit, is that the deformation localizes to a
set of measure zero resulting in vanishing energy dissipation. This in turn causes mesh
dependent numerical solutions, since the mesh size effectively sets the with of the localized
zone. Kinematic enhancements with respect to the localization problem, often termed
the weak discontinuity approach (see e.g. Ortiz et al., 1987; Belytschko et al., 1988; Sluys
and Berends, 1998), is an attractive method considering the increased coarse-mesh accuracy and reduced mesh-dependency regarding the localization problem. We employ the
Belytschko-Lin-Tsay shell element (Belytschko et al., 1984) with the addition of discontinuous modes as described in Östlund et al. (2015). In this shell element, a corotational
basis of orthogonal unit vectors (e1 ,e2 ,e3 ) is defined as a reference frame. The velocity
components are given by
(21)
v̂i = (ν̂iI + zij3 θ̂jI )NI
where ν̂iI and θ̂jI are the nodal velocities and nodal angular velocities, respectively. z is
the thickness coordinate in the e3 direction. Repeated subscripts I denote summation
over all nodes. A superposed hat indicates that the components are expressed with
respect to the basis ei . NI are the conventional four-node finite element bilinear shape
functions, and ijk is the permutation operator. The in-plane components of the velocity
gradient are given by
∂v̂α
= (ν̂αI + zαk3 θ̂kI )bβI + ~ q̂˙α n̂β ,
∂ x̂β

α = 1, 2,

β = 1, 2.

Where the second term represents the additional discontinuous mode, and


1
ŷ2 − ŷ4 ŷ3 − ŷ1 ŷ4 − ŷ2 ŷ1 − ŷ3
,α = 1
bαI =
, α = 2.
2Ω x̂4 − x̂2 x̂1 − x̂3 x̂2 − x̂4 x̂3 − x̂1
Moreover, ~ is given by
~=

n Ω0 /Ωl ∀ x̂ ∈ Ωl
i
−1
∀ x̂i ∈ Ω0 ,

(22)

(23)

(24)

where Ωl , Ω0 is the area of the localized and non-localized part of the element, and Ω is the
total element area. Ωl is determined from the width of the band, w, which is considered
a material parameter, together with the angle under which the band is superimposed,
and the element dimensions. Resultant traction continuity is enforced,
(tl σ̂ijl − t0 σ̂ij0 )n̂j = 0

(25)
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where σ̂ijl and σ̂ij0 are the macroscopic stress components of the localized and non-localized
zone, respectively, and tl , t0 denote the respective thicknessess. The traction continuity
˙ such that together
requirement dictates the amplitude and form of the mode vector q̂,
with the coefficient ~, the additional mode make no contribution to the element deformations. The rate of deformation tensor components dˆij follows from the symmetric part of
the velocity gradient, Eq. (22), where the transverse shear components dˆ13 and dˆ23 are
not affected by the additional mode since only in-plane discontinuities are considered.
The internal element nodal forces are developed from the principle of virtual power, with
additive contributions from the localized volume and non-localized volume of the element.
Additional details of the present implementation of the weak discontinuity approach can
be found in Östlund et al. (2015), and more on these types of formulations can be found
in de Borst et al. (2001).

2.5

Numerical implementation

To illustrate some important issues concerning numerical implementation, consider a
time interval (Tn , Tn+1 ), where the solution is advanced from Tn to Tn + ∆T = Tn+1 .
Foremost, the finite element equations of motion are integrated with the explicit central
difference method, providing the nodal velocities at Tn+1 . Now, two major issues can
be identified, pertaining to the Gauss-point level: Performing an efficient constitutive
update using the mean-field equations and, if the localization criteria has been violated,
determining the corotational components of the jump vector, q̂˙α .
Constitutive update
Due to the small time-steps required for maintaining stability of the central difference
method, we have found that the mean-field equations can be integrated efficiently and
accurately using a forward Euler scheme. This means that the per-phase average strain
increments are determined based on the concentration tensors at time Tn . However,
if plastic loading prevailed in the previous time step, and elastic unloading takes place
during the current time interval, the forward Euler scheme may result in erroneous results.
This is due to the fact that the unloading effect is not reflected by BDI
(r) since it was
calculated at time Tn . To remedy this issue, we propose a two step predictor-corrector
scheme explained in the following:
• Initialize 0 B(r) ← I.
For time interval (Tn , Tn+1 ),
1 Do r = 1, number of inclusion phases
2 Assume elastic (iso-strain) step, h∆εi(r) ← ∆ε, where ∆εij = dˆij ∆T are the
macroscopic strain increment components.
3 Calculate the local average trial stress, hσit(r) = hσin(r) + De : h∆εi(r) , where
De is the homogeneous elastic modulus (equal for all phases).
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4 Evaluate the local yield condition,
If hσit(r) < σYn (r) then
t
update the local average stress, hσin+1
(r) ← hσi(r) , and the tangent modulus,
n+1
D(r) ← De .

Else,
recompute the average strain increment, h∆εi(r) = n BDI
(r) : ∆ε, where
n

BDI
(r)

n

= B(r)


−1
X
n
: vm I +
vr B(r)
r6=m

is the strain concentration tensor for phase r at time Tn . Calculate the
local average stress and reference algorithmic tangent moduli, Dn+1
(r) , using the implicit radial return scheme, from the average inclusion strain
increment h∆εi(r) together with state and history variables at Tn .
5 Determine the average strain increment in matrix phase


X
h∆εi(m) = ∆ε −
vr h∆εi(r) /vm
r6=m

6 Calculate the local average trial stress for the matrix phase, hσit(m) = hσin(m) + De :
h∆εi(m) . If the local yield condition is violated, calculate the local average matrix
stress and reference moduli, Dn+1
(m) , using the implicit radial return scheme.
7 If plastic loading was indicated in any of the present phases,
n+1
8 Compute the Eshelby tensor1 for the matrix, E(m)
, using Dn+1
(m) if the matrix
e
experienced plastic loading, D otherwise.

9 Do r = 1, number of inclusion phases
n+1
Compute the inclusion Eshelby tensor1 , E(r)
, using Dn+1
(r) .
Compute MT and inverse MT concentration tensor,
h

i−1
n+1
n+1
n+1 l
−1
B(r) = I + E(m)
: (Dn+1
)
:
D
−
I
,
(m)
(r)
n+1



n+1
−1
Bu(r) = I + E(r)
: (Dn+1
: Dn+1
(r) )
(m) − I .

and update B(r) for the next step,
n+1 l
Bn+1
B(r) )−1 + ξ(vr ) (n+1 Bu(r) )−1 ]−1 .
(r) = [(1 − ξ(vr )) (

The Eshelby tensors was computed using the code which was kindly provided by Lagoudas, based
on his paper, Gavazzi and Lagoudas (1990).
1
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P
n+1
10 Compute macroscopic stress, σ n+1 =
r vr hσi(r) , and the macroscopic tangent
modulus,

 

X
X
n+1
n+1
n+1
n+1
n+1
D
= vm D(m) +
vr D(r) : B(r) : vm I +
vr B(r) .
r6=m

r6=m

In this scheme, the concentration tensors are only updated if plastic loading prevails
during the current time step. This ensures that, if plastic reloading takes place, the
concentration tensors are the same as they where last time the loading was plastic. One
problem remain however, which is that of the first initial yielding. During those time steps
where initial yield takes place in each respective phase, the strain increment partition will
not be correct. However, the impact on the accuracy of the overall properties, considering
the small strain increments as dictated by the central difference scheme, were found to
be negligible. In light of the significant computational cost save compared to a backward
Euler scheme, the proposed integration scheme is an attractive method for the explicit
finite element analysis of heterogeneous components.
Resultant traction continuity
A dual set of field quantities are defined for each material point, defining the localized
and non-localized behaviour. Preceding instability, they are identical. If the localization
criteria has been violated during this time interval, (Tn , Tn+1 ), the problem consists of
determining q̂˙α such that resultant traction continuity between localized and non-localized
fields are satisfied. This is done iteratively, however iteration indices are omitted for
clarity in the following. The resultant traction continuity condition, Eq (25), is rewritten
in residual form,
l
0
f res = R : (tl σn+1
− t0 σn+1
)
(26)
where R is the transformation operator between the corotational element coordinate system and a coordinate system aligned with the normal vector n, and tl , t0 denote the
thicknesses of the localized and non-localized zones, respectively. The localized stresses,
l
σn+1
, are obtained through constitutive update as described previously, with the macroscopic strain increment components of the localized zone given by ∆εlij = dˆlij ∆T .
In the non-localized zone, partial elastic unloading is enforced. Since the material is
elastically homogeneous, the non-localized stresses are determined simply from
0
= σn0 + De : ∆ε0 ,
σn+1

(27)

without recourse to the homogenization scheme. The non-localized strain increment
components are given by ∆ε0ij = dˆ0ij ∆T , and dˆlij , dˆ0ij are determined from the symmetric
part of the velocity gradient, Eq. (22), with the appropriate values for ~.
The resultant traction residual, Eq. (26), is minimized iteratively with a new correction obtained trough
m ← m − f res /

∂f res
,
∂ q̂˙

where m = R : q̂˙

(28)
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Table 1: Material parameters.
Phase
fc
(-)
Ferrite
Bainite
Martensite

Flow stress model
σY 0
K
(MPa)
(MPa)

1
1
Eq.10

203
306
400

724
916
1517

Parameter
m
(-)

c1
(MPa)−1

0.1820
0.0942
0.0661

1.284e-3
6.564e-4
6.005e-4

Fracture criterion
c2
c3
(-)
(MPa)
0.1093
0.2997
0.1287

755.0
996.4
1545.0

σ crit
(MPa)
1650
∞
∞

and the Jacobian is given by
∂f res
=R:
∂ q̂˙



Ω0
t0 e
D
+
D
Ωl
tl



: RT .

(29)

Once the norm of f res is sufficiently small, convergence is achieved. Then, the internal
force vector is assembled, including the hourglass control force, followed by a transformation to the global coordinate system and the solution is advanced to the next time
step.

2.6

Model calibration

Preceding numerical simulations, the initial yield stress, strength coefficient and hardening exponent together with the inter-phase fracture model parameters c1 - c3 , for each
constituent phase, need to be identified. These were obtained from plasticity and fracture experiments of notched tensile and inplane shear samples, with a microstructure
consisting of predominantly one single phase, in an earlier work, (Östlund et al., 2015).
The experimental procedure relies on full-field measurements to estimate the flow curve
up to large strains, as well as the stress tensor components and equivalent plastic strain
at the location and instant of fracture initiation. In addition to previously obtained data,
characterization of a material with fully martensitic microstructure was performed using
the same method.
Additionally, the interface strength parameter, σrcrit , is needed, which is more difficult
to obtain. Here, we consider only the interface between ferrite and any second phase
having a finite strength, and calibrated the ferrite interface strength to obtain a best fit
with respect to experimental results.
Finally, the localization band with parameter, w. Here, we have ignored any eventual
microstructure dependence on w and simply chosen a constant value for all material
compositions, w = 0.75 mm.

2.7

Preliminary analysis

Before presenting validating examples in Section 4, preliminary analyses are performed
in order to convey some of the features and capabilities associated to the integrated
DI-ductile fracture model. To this end, two dual phase systems are chosen to illustrate
the influence of loading condition and phase composition on the localization and fracture
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initiation limit in terms of of macroscopic equivalent plastic strain, εp . The first consists of
bainite-martensite and the second of ferrite-martensite, at various volume fractions. The
loading condition is characterized by the overall stress triaxiality parameter, η = σ/σ mean ,
where σ is the effective stress, and σ mean the mean hydrostatic stress at the macroscopic
scale. Two cases are are considered: A series of proportional loadings, each at constant
η, for two different phase volume fractions, to illustrate the effect of loading condition.
Secondly, constant loading at η = 0.58, for a number of different phase compositions.
Bainite volume fraction (-)
1

vb = 0.8, vm = 0.2
vb = 0.2, vm = 0.8

1

0.5
η = 0.58

0.4

Fracture limit
Localization limit

0

0.8
0.3
εp (-)

εp (-)

0.6

0.4

0.1

0.2

0

0.2

0

0.2

0.4
η (-)

0.6

0

0

0.5
Martensite volume fraction (-)

Figure 1: Model predictions of the localization and fracture iniation limit for dual phase
bainite-martensite compositions. Here, vb and vm denote the bainite and martensite volume fractions, respectively. Circular marks, both filled an unfilled, denote the localization
limit. Square marks, both filled an unfilled, denote the fracture limit.
Fig. 1 shows the model response for bainite-martensite dual phase compositions.
The intra-phase fracture criterion governs the predicted ductility for all loading paths
and compositions. The localization limit, which is related to the overall flow properties,
shows to be almost constant for all compositions in this case.
The same scenario, but for ferrite-martensite compositions, is shown in Fig. 2. In
this case the fracture behavior is governed by both the intra-phase, at lower triaxialities,
and inter-phase fracture models. The transition between these modes can be seen by the
sharp slope discontinuity, occurring at different triaxiality depending on phase content.
For η = 0.58, and volume fractions of martensite exceeding 0.4, the model predicts
fracture before necking. For higher volume fractions, the ductility is severely reduced.
Brittle behavior ferrite-martensite microstructures under various circumstances have been
reported in literature, one such being if annealing is omitted, see e.g Fang et al. (2003),
or at higher martensite carbon contents (Pierman et al., 2014).
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Ferrite volume fraction (-)
1

vf = 0.8, vm = 0.2
vf = 0.2, vm = 0.8

0.8

0.8

1

0.5
η = 0.58

Fracture limit
Localization limit

0

0.6

εp (-)

εp (-)

0.6
0.4

0.4
0.2

0.2

0

0

0.2

0.4
η (-)

0.6

0

0

0.5
Martensite volume fraction (-)

Figure 2: Model predictions of the localization and fracture iniation limit for dual phase
ferrite-martensite compositions. Here, vf and vm denote the ferrite and martensite volume fractions, respectively. Circular marks, both filled an unfilled, denote the localization
limit. Square marks, both filled an unfilled, denote the fracture limit.

3

Experiments

In order to assess the predictive performance of the suggested modeling approach, experiments which are capable of distinguishing microstructural effects on the overall mechanical properties are needed. In this work, tensile tests performed on specimens with
ten distinctly different microstructure compositions serves as validation examples. This
section is intended to give a brief overview of the production of those specimens.
The process was designed to reproduce microstructures commonly found in presshardened components, but using an isothermal cycle instead of the continuous cooling
process normally used in press-hardening, for increased controllability. The material investigated is the low alloyed boron steel 22MnB5 with an AlSi coating, produced by
ArcelorMittal. In as-delivered condition, the material has a ferritic-pearlitic microstructure.
All specimens were cut in advance of the heat treatment process, perpendicular to the
rolling direction of the blank using abrasive water jet cutting. The specimen dimensions
are shown in Fig. 3a, and nominal blank thickness is 1.25 mm. Then, all specimens
underwent the same austenitization procedure which is heating to 900◦ C and holding for
4 minutes.
To obtain ferrite the samples were allowed to cool to 650◦ C during transfer between
the austenitiztion furnaces and a second furnace. The second furnace was constantly held
at 650◦ C to achieve long enough holding times to form larger amounts of ferrite. Applying
different holding times the amount of ferrite formed was varied. Ferritic-bainitic samples

1
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1,000
Temperature [◦ C]
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tf
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tb

400

40
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(a) Tensile specimen with notch.

//
Time

(b) Schematic heat treatment cycle.

Figure 3: Nominal sheet thickness is 1.25 mm. All dimensions are in millimeters. Position
of three thermocouples marked with dots.
were produced by transferring the specimens from the second furnace into a heated tool
and holding it for two minutes to transform the remaining austenite into bainite.
Ferritic-martensitic microstructures were obtained by ferrite formation as mentioned
before and subsequent quenching, thus transforming the remaining austenite into martensite. Quenching of ferritic-martensitic samples is done in a tool kept at constant room
temperature by forced convection.
Samples consisting of bainite and martensite were produced by inserting the specimen
into the heated tool and holding it prior to quenching in water. A comparison between
tool quenching and water quenching showed no noticeable effect on the mechanical properties of the martensite. A microstructure consisting of three distinct phases is possible
to achieve by combining the afore mentioned routines.
During heat treatment of the specimen, the temperature was measured using three
thermocouples spot welded on the through thickness side, see Fig. 3a for the position
of thermocouples on the specimen. In Fig. 3b a schematic representation of the heat
treatment cycle is presented, holding times tf and tb used for the production are shown
in Tab. 2.
Necessary input data for the homogenization scheme, besides the mechanical properties of the constituents, are the phase volume fractions of phases present. All samples presented underwent a microstructural characterization using SEM/EBSD and SEM
imaging with subsequent image analysis. To avoid surface specific phenomena and center segregations all measurements were performed at one quarter of the blank thickness.
The volume fractions obtained are the mean value taken of ten randomly chosen positions. The position used for characterization is located in an undeformed region at half
of the width of the specimen. All samples showed small amounts of retained austenite
distributed within the main phases. Pearlite was not found in any sample. Martensite
was found to be mainly in self-tempered condition. In Tab. 2 the volume fractions of all
samples is summarized, the balance in the volume fractions is held by retained austenite.
The mechanical response in terms of force-elongation data of all test specimens were
obtained by tensile testing using a servo-hydraulic testing machine. All tests were car-
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Table 2: Phase volume fraction of test samples and holding times for ferrite and bainite
formation. Balance in the phase volume fraction is the amount of retained austenite.
Sample

Ferrite
[vol.%]

Bainite
[vol.%]

Martensite
[vol.%]

Ferrite
formation
time tf [s]

Bainite
formation
time tb [s]

FM-1
FM-2
FM-3

50.8
62.1
74.0

0.8
1.3
0.9

48.8
36.3
23.5

45
60
100

0
0
0

FB-1
FB-2
FB-3

32.5
49.0
57.5

66.1
48.0
37.7

0.9
2.6
4.3

30
45
60

100
100
100

BM-1
BM-2
BM-3

x
x
x

37.5
66.2
89.9

62.3
33.5
10.0

0
0
0

13
17
25

41.7

36.1

21.1

44

13

FBM-1

ried out at constant cross-head velocity of 0.1 mm/s. During testing the force and the
elongation at 50 mm gauge length were recorded.

4

Numerical simulations of tensile tests

This section presents some discriminating numerical simulations of the tensile tests described in Section 3, to review the predictive capacity in terms of overall force-displacement
response and fracture elongations of finite element solutions employing the enhanced
shell element, the DI multi-scale constitutive model, and the local fracture criterion.
All simulations were performed with the commercial finite element program LS-DYNA,
(Hallquist, 2006), utilizing the user-element and user-material interfaces for model implementation. The flow stress and fracture model parameters used are shown in Table 1,
and the phase composition for each tensile specimen is specified in Table 2. Displacement
boundary conditions corresponding to experimental conditions were imposed. The simulations were interrupted when fracture initiation was indicated at any material point in
the mesh. Additionally, the specimen geometry was discretized with two different mesh
sizes, shown in Figs. 4a and 4b, to demonstrate the performance of the embedded band
approach in terms of coarse-mesh accuracy and reduced mesh sensitivity. The predicted
and experimentally measured force-displacement curves are shown in Figs. 5-7, where
vertical dashed lines indicate the predicted fracture elongations, and vertical solid lines
the measured fracture elongations, included for clarity.
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(a) Mesh 1.

(b) Mesh 2.

Figure 4: Finite element meshes of the specimen geometry depicted in Fig. 3a.

5

Discussion

Some general observations concerning the predicted overall properties of all reported
microstructure compositions reported can be made. It seems that the initial amount of
hardening, at small plastic strains, is overpredicted to various degrees, resulting in an initial overshoot of the force compared to experiments. Moreover, the elongation to fracture
is generally overpredicted, mostly pronounced for specimen FM-3. However, considering the uncertainties of the constituents mechanical properties, uncertainties concerning
microstructural characterization of phase contents, and simplifications associated with
mean-field homogenization techniques, the agreements with respect to experiments are
reasonably good.
Concerning ductile fracture prediction, the weakest link approach coupled with intraphase and inter-phase void nucleation mechanisms modeled by two non-interacting criteria, seem to provide a reasonable tradeoff between model complexity and predictive
performance for the material compositions studied in this work. Although additional experiments would be needed to give further confidence in this opinion, especially different
specimen geometries providing fracture data for additional loading paths and microstructure compositions.
A large portion of the computational expense associated with explicit finite element
analysis is spent by the constitutive update routine. Despite the increased efficiency
of the proposed forward Euler rule, the MFH scheme is still quite expensive compared
to conventional plasticity. This means that the proposed methodology of dealing with
a wide range of microstructure compositions is more computationally demanding than
approaches based on interpolating material coefficients, such as the one proposed by
Eller et al. (2014). However, the multiscale approach is richer in terms of describing the
influence of the various constituent phases.
The main focus of this work is the computational aspects related to the integrated
DI-ductile fracture model and embedded band approach, with its potential to predict
performance envelopes of press-hardened components with tailored properties. Therefore, certain details concerning experimental conditions, fracture model formulations and
uncertainties related to model input parameters are only briefly discussed. A more thorough description of these aforementioned items can be found in (Golling et al., Characterization of ductile fracture properties of quench-hardenable boron steel: Influence of
microstructure and processing conditions, in preparation.).
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Figure 5: Force-displacement curves for notched tensile specimens with a dual-phase
microstructure consisting of various volume fractions of ferrite and bainite.
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Figure 6: Force-displacement curves for notched tensile specimens with a dual-phase
microstructure consisting of various volume fractions of ferrite and martensite.
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Figure 7: Force-displacement curves for notched tensile specimens with a dual-phase
microstructure consisting of various volume fractions of bainite and martensite, and in
(d), a triple-phase microstructure consisting of ferrite, bainite and martensite.
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Conclusion

A localization enhanced multi-scale framework based on mean-field homogenization and
ductile fracture modeling was proposed for the failure behavior of sheet metal, with
application to press-hardened components with tailored material properties in mind. A
mean-field approach based on the Double Inclusion model as proposed by Lielens et al.
(1998) and Doghri and Ouaar (2003), in combination with two separate local ductile
fracture criteria, The MSV (Khan and Liu, 2012), and the interface strength criterion,
was employed. Moreover, a localization criterion for the multiphase material was derived,
which was used to trigger the addition of discontinuous modes in the shell element.
The performance of the suggested approach was illustrated by comparison of overall
force-elongation response with experimental results of tensile samples with various phase
contents. These indicated that useful predictions of the overall hardening and ductility for
a wide range of different microstructure compositions can be obtained. With a preceding
thermo-mechanical analysis of the forming process using phase prediction models, to
obtain the necessary input data in terms of phase content for each material point, the
present approach can be used to estimate the performance envelopes of components with
spatially varying microstructure.
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